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EXECUTIVE  SUMMARY 

The  objective  of  the  AFOSR-MURI  High-Cycle  Fatigue  program  has  been  to  characterize  and 
model  the  limiting  damage  states  at  the  onset  of  high-cycle  fatigue  to  facilitate  mechanistic 
understanding  as  a  basis  for  life  prediction.  Efforts  were  focused  on  the  influence  of  foreign 
object  damage  (FOD)  and  fretting  on  a  Ti-6A1-4V  blade  alloy  and  a  polycrystalline  Ni-base  disk 
alloy.  Accomplishments  from  the  program  are  outlined  below: 

•  Worst-case  fatigue  threshold  stress  intensities  have  been  measured  in  STOA  (bimodal)  Ti- 
6A1-4V  using  large  (>  5  mm)  cracks  under  representative  HCF  conditions  ( R  >  0.95,  1000 
Hz).  Values  provide  a  practical,  frequency-independent  (20  -  20,000  Hz)  lower  bound  for 
the  growth  of  naturally-initiated,  physically-small  (>  40  pm)  cracks. 

•  Stress-intensity  solutions  have  been  developed  for  small,  semi-elliptical,  surface  cracks  under 
mixed-mode  loading.  Such  solutions  are  being  used  to  experimentally  measure  (for  the  first 
time)  small-crack,  mixed-mode  thresholds  in  Ti-6A1-4V. 

•  Mixed-mode  thresholds,  at  mixities  of  K\\/K\  ~  0.5  to  8,  for  large,  short  and  (for  the  first  time) 
microstructurally-small  cracks  have  been  measured  in  Ti-6A1-4V,  with  both  bimodal  and 
lamellar  microstructures.  Mixed-mode  short-  and  particularly  small-crack  thresholds  are 
significantly  lower  than  those  for  large  cracks.  Using  a  G-based  approach.  Mode  I  is  found 
to  be  the  worst-case  threshold  condition  in  the  Ti-6A1-4V  alloy. 

•  FOD,  simulated  with  high  velocity  200-300  m/s  steel-shot  impacts,  has  been  found  to 
severely  reduce  the  smooth-bar  fatigue  life  in  Ti-6A1-4V  microstructures.  Whereas  worst- 
case  thresholds  provide  a  lower-bound  for  high-cycle  fatigue  in  the  presence  of  continuum 
cracks,  a  modified  Kitagawa-Takahashi  is  proposed  where  FOD-induced  microstructurally- 
small  cracks  are  formed  in  damaged  regions. 

•  The  local  residual  stress  gradients  surrounding  FOD  regions  have  been  analyzed  using  quasi¬ 
static  and  dynamic  numerical  models;  predictions  have  been  verified  using  synchronous  x- 
ray  micro-diffraction  techniques.  X-ray  studies  have  also  focused  on  the  cycle-dependent 
relaxation  of  such  stress  fields.  Dynamic  finite  element  simulations  of  FOD  damage  have 
also  been  correlated  to  such  measurements.  Evidence  for  relaxation  of  such  stresses  on 
fatigue  cycling  has  been  modeled  and  directly  observed  by  in  situ  x-ray  diffraction 
measurements. 

•  Large-crack  threshold  behavior  in  a  polycrystalline  Ni-base  disk  alloy  has  been  characterized 
at  100  and  1000  Hz  at  25°,  550°  and  650°C,  involving  effects  of  microstructure,  frequency 
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load  ratio  and  temperature.  Values  of  the  measured  fatigue  thresholds  have  been  correlated 
to  the  fracture  surface  roughness. 

•  Theoretical  solutions  for  the  crack-tip  opening  and  crack-shear  displacements  controlling  the 
growth  of  small  fatigue  cracks  have  been  developed. 

•  New  computational  (finite-element)  methods  for  3-D  simulations  of  fretting  fatigue  {Fretting 
Fatigue  Simulator)  have  been  developed  using  a  ring-element  approach. 

•  Through  an  analogy  between  the  asymptotic  fields  at  contact  edges  and  ahead  of  a  crack,  a 
crack-analogue  approach  to  contact  fatigue  {Crack  Analogue)  has  been  developed,  and 
validated  by  experiment  in  A1  and  Ti  alloys. 

•  A  continuum  level  mechanics  model  {Adhesion  Model),  incorporating  interfacial  adhesion, 
material  properties  and  contact  loads,  for  predicting  contact  fatigue  crack  initiation  for  a 
variety  of  loading  states  and  contact  geometry,  has  been  developed.  The  effect  of  roundness 
of  a  nominally  sharp  contact  geometry  on  fretting  fatigue  crack  initiation  was  investigated 
analytically  and  validated  with  experimental  results  on  Ti-6A1-4V. 

•  Palliatives  to  fretting  fatigue  such  as  surface  modifications  through  shot-peening,  laser 
shock-peening  and  coatings  on  fretting  fatigue  damage  are  being  explored. 

•  The  influence  of  contact  and  bulk  stresses,  contact  geometry,  material  microstructure  and 
surface  finish  on  the  fretting  fatigue  behavior  of  Ti-6A1-4V  has  been  investigated  through 
controlled  experiments,  using  the  MURI-developed  fretting  fatigue  device. 

•  A  new  framework  for  understanding  the  fundamentals  of  foreign  object  damage  has  been 
developed  within  the  context  of  dynamic  indentation. 

•  A  new  theoretical  model  for  the  fretting  of  coated  metal  surfaces  has  been  developed  which 
specifically  addresses  the  role  of  plastic  deformation  of  the  metal  substrate. 


RESEARCH  OBJECTIVES 

This  program  was  centered  on  the  definition,  microstructural  characterization  and  mechanism- 
based  modeling  of  the  limiting  states  of  damage  associated  with  the  onset  of  high-cycle  fatigue 
failure  in  Ti  and  Ni-base  alloys  for  propulsion  systems.  Experimental  and  theoretical  studies 
were  aimed  at  three  principal  areas:  high  cycle/low  cycle  fatigue  (HCF/LCF)  interactions,  the 
role  of  notches,  foreign  object  damage  and  fretting.  The  approach  was  to  combine  the 
characterization  of  microstructural  damage  with  detailed  micro-mechanical  evaluation  and 
modeling  of  the  salient  micro-mechanisms  to  facilitate  the  prediction  of  the  effects  of  such 
damage  on  HCF  lifetimes. 

Most  efforts  were  focused  at  ambient  temperatures  on  Ti-6A1-4V,  with  a  bimodal  processed 
blade  microstructure,  and  at  higher  temperatures  on  a  fine-grained  poly-crystalline  Ni-base  disk 
alloy;  additional  studies  were  performed  on  Ti-6A1-4V  with  a  lamellar  microstructure.  Specific 
objectives  included:  (a)  systematic  experimental  studies  to  define  crack  formation  and  lower- 
bound  fatigue  thresholds  for  the  growth  of  “small”  and  “large”  cracks  at  high  load  ratios  and 
high  frequencies,  in  the  presence  of  primary  tensile  and  mixed-mode  loading;  (b)  similar 
definition  of  lower-bound  fatigue  thresholds  for  crack  formation  in  the  presence  of  notches, 
fretting,  or  projectile  damage,  on  surfaces  with  and  without  surface  treatment  (e.g.,  laser  shock 
peened);  (c)  development  of  an  understanding  of  the  nature  of  projectile  (foreign  object)  damage 
and  its  mechanistic  and  mechanical  effect  on  initiating  fatigue-crack  growth  under  high-cycle 
fatigue  conditions;  (d)  development  of  new  three-dimensional  computational  and  analytical 
modeling  tools  and  detailed  parametric  analyses  to  identify  the  key  variables  responsible  for 
fretting  fatigue  damage  and  failure  in  engine  components,  including  the  identification  and 
optimization  of  microstructural  parameters  and  geometrical  factors  and  of  surface  modification 
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conditions  to  promote  enhanced  resistance  to  fretting  fatigue;  (e)  development  of  a  mechanistic 
understanding  for  the  initiation  and  early  growth  of  small  cracks  in  order  to  characterize  their 
role  in  HCF  failure,  with  specific  emphasis  on  initiation  at  microstructural  damage  sites  and  on 
subsequent  interaction  of  the  crack  with  characteristic  microstructural  barriers.  The  ultimate  aim 
of  the  work  was  to  provide  quantitative  physical/mechanism-based  criteria  for  the  evolution  of 
critical  states  of  HCF  damage,  enabling  life-prediction  schemes  to  be  formulated  for  fatigue- 
critical  components  of  the  turbine  engine. 

A.  Lower-Bound  HCF  Thresholds  (Mode  I  and  Mixed-Mode)  in  Ti-6A1-4V  (UCB) 

In  view  of  the  extremely  high  frequencies  (>1  kHz)  involved,  appropriate  design  against  high 
cycle  fatigue  (HCF)  failures  invariably  will  be  based  on  the  concept  of  a  threshold  for  fatigue- 
crack  propagation,  specifically  characterized  for  HCF  conditions,  such  as  high  load  ratios,  high 
frequencies  and  small  crack  sizes.  In  this  study,  the  near-threshold  crack-growth  rate  behavior 
of  large  (>5  mm)  cracks  tested  under  both  constant-/?  and  constant-ATmax  conditions  was 
evaluated  in  the  bimodal  Ti-6A1-4V  microstructure.  Large  crack  behavior  was  compared  to  that 
of  naturally-initiated  small  (-45-1000  pm)  cracks,  and  small  (<500  pm)  surface  cracks  initiated 
from  sites  of  simulated  foreign  object  damage  (FOD).  The  specific  objective  was  to  discern 
whether  “worst-case”  threshold  values,  measured  for  large  cracks,  can  have  any  utility  as  a 
practical  lower  bound  for  the  onset  of  small-crack  growth  under  HCF  conditions.  The  high  load 
ratio,  large-crack  tests  are  designed  to  eliminate  crack  closure  mechanisms,  thereby  simulating 
the  behavior  of  small  cracks  that  are  larger  than  microstructural  dimensions  but  do  not  have  a 
developed  wake,  i.e.,  for  “continuum-sized”  cracks. 

The  alloy  used  for  all  experiments  was  a  6.30A1,  4.17V,  0.19Fe,  0.190,  0.1 3N,  bal.  Ti  (wt%) 
alloy,  supplied  as  20  mm  thick  forged  plates  from  Teledyne  Titanium  after  solution  treating  for  1 
hr  at  925°C  and  vacuum  annealing  for  2  hr  at  700°C.  The  microstructure  consisted  of  a  bimodal 
distribution  of  -60  vol%  primary-a  and  -40  vol%  lamellar  colonies  of  a+P,  with  a  UTS  of  970 
MPa,  a  yield  strength  of  930  MPa  and  a  Young’s  modulus  of  116  GPa.  To  minimize  residual 
machining  stresses,  all  samples  were  low-stress  ground  and  chemically  milled. 

Effect  of  frequency:  A  comparison  of  fatigue-crack  growth  behavior  between  50  Hz  and  20,000 
Hz  in  ambient  air,  shown  in  Fig.  1,  indicates  no  effect  of  frequency  at  near-threshold  levels. 
Such  frequency-independent  growth  rates  in  Ti  alloys  have  also  been  reported  for  0.1-50  Hz;  the 
current  work  extends  this  observation  to  beyond  1000  Hz.  This  result  is  particularly  interesting 
in  light  of  the  significant  accelerating  effect  of  ambient  air  on  fatigue  crack  growth  when 
compared  to  behavior  in  vacuum.  Davidson  et  al.  have  shown  that  growth  rates  in  vacuo  (10'6 
torr)  are  -2  orders  of  magnitude  slower  than  in  air  at  an  equivalent  A K,  although  the  threshold 
remains  roughly  the  same.  This  apparent  discrepancy  is  most  likely  an  indication  that  the  rate- 
limiting  step  of  the  environmental  (air)  effect  goes  to  completion  in  <1  ms. 

Effect  of  load  ratio:  Constant-/?  fatigue  crack  propagation  at  four  load  ratios  (50  Hz)  are 
compared  to  constant-A'max  data  at  four  values:  AT^ax  ~  26.5,  36.5,  46.5,  and  56.5  MPaVm 
(1000  Hz)  in  Fig.  2.  As  expected,  higher  load  ratios  induce  lower  AATth  thresholds  and  faster 
growth  rates  at  a  given  applied  A K.  The  role  of  load  ratio  is  commonly  attributed  to  crack 
closure.  Based  on  compliance  measurements,  no  closure  was  detected  above  R  =  0.5;  however,  at 
/?  =  0.1 -0.3,  Kc\  values  were  roughly  constant  at  -2.0  MPaVm.  The  measured  variation  of  AAu, 
and  Amax.th  values  with  /?  are  compared  in  Figs.  3a,b  and  the  variation  of  AA^  with  /fmax.th  is 
shown  in  Fig.  3c.  The  transition  apparent  in  Figs.  3a-c  is  consistent  with  the  observed  closure 
level  -2  MPaVm. 

Worst-case  threshold  concept:  To  examine  whether  the  very  high  load  ratio  thresholds,  measured 
on  large  cracks  in  the  apparent  absence  of  crack  closure  effects,  can  be  considered  as  “worst- 
case”  thresholds  for  “continuum-sized”  cracks,  the  high  load-ratio  fatigue-crack  propagation  data 
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are  compared  to  fatigue  behavior  from  naturally  initiated  small  cracks  (-45-1000  pm)  and  small 
cracks  (<500  pm)  emanating  from  sites  of  foreign  object  damage;  in  both  cases  crack  growth  is 
not  observed  below  AK  ~  2.9  MPaVm  (Fig.  4).  The  present  results  show  that  with  constant-ATmax 
cycling  at  1  kHz,  a  “worst-case”  threshold  can  be  defined  in  Ti-6A1-4V  at  AATth  =1.9  MPavm  ( R 
~  0.95).  Consequently,  it  is  believed  that  the  “worst-case”  threshold  concept  can  be  used  as  a 
practical  lower  bound  for  the  stress  intensity  required  for  the  onset  of  small-crack  growth  under 
HCF  conditions,  provided  crack  sizes  exceed  microstructural  dimensions. 


STRESS-INTENSITY  RANGE,  AK  (MPa'/m) 


Fig.  1.  Effect  of  frequency  on  fatigue-crack  growth  in 
bimodal  Ti-6A1-4V  in  room  air.  Results  at  50  to  1000  Hz 
at  UCB  are  compared  to  data  on  the  same  material  at  30 
Hz  collected  by  at  TUHH,  at  1 500  Hz  collected  at  SWRI, 
and  at  20,000  Hz  collected  at  BOKU. 


AK  (ksh/jn) 

1  2  3  456789  10 


STRESS-INTENSITY  RANGE,  aK  (MPaVm) 

Fig.  2.  Constant-A^  fatigue-crack  propagation  behavior 
at  four  different  Km ^  values:  K ^  =  26.5,  36.5,  46.5,  and 
56.5  MPaVm  (1000  Hz)  compared  to  constant-/?  data  at  R 
=  0.1  and  0.8  (50-1000  Hz),  in  bimodal  Ti-6A1-4V, 
showing  the  definition  of  worst-case  thresholds. 


Fig.  3.  Combinations  of  (a)  K^-R,  (b)  AK-R,  and  (c)  AK-K^  required  for  “threshold”:  growth  at  10~10  m/cycle.  As 
suggested  by  Schmidt  and  Paris  [9],  the  closure  mechanism  would  cause  a  transition  from  Ar^-invariant  growth  to 
AAT-invariant  growth  at  the  load  ratio  at  which  K ^  =  Kc].  This  transition  is  most  apparent  in  (c)  where  the  threshold 
envelope  changes  from  nearly  vertical  to  nearly  horizontal.  The  continued  downward  slope  of  the  threshold  envelope 
at  high  Rmax  values  is  presumably  independent  of  closure. 
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Fig.  4.  Comparison  of  worst-case  large-crack 
propagation  data  to  fatigue  growth  from  naturally 
initiated  small  cracks  and  small  cracks  originating 
from  sites  of  foreign  object  damage. 


B.  Mixed-Mode  High-Cycle  Fatigue  Thresholds  in  Ti-6AI-4V  (UCB) 

The  effect  of  mixed-mode  (mode  I+II)  loading  on  the  high-cycle  fatigue  thresholds  was  studied 
in  Ti-6A1-4V  primarily  with  a  bimodal  microstructure  (-60%  primary-a,  -40%  lamellar  a+|3). 
Specifically,  the  influence  of  crack  size  on  such  thresholds  was  investigated  for  large  (>  5  mm) 
and  short  (-200  pm)  through-thickness  cracks,  and  microstructurally-small  (<50  pm)  surface 
cracks. 

Large  crack  tests  were  conducted  using  the  asymmetric  four-point  bend  (AFPB)  geometry  [1], 
with  load  ratios,  R  of  0.1  to  0.8  being  investigated  for  mode-mixities  ranging  from  pure  mode  I 
(phase  angle,  /?  =  0°  or  AAji/AAj  =  0)  to  nearly  pure  mode  II  (/?  =82°  or  AKn/AKi  -  7.1). 
Corresponding  short  crack  thresholds  were  obtained  using  identical  techniques,  after  carefully 
machining  out  the  crack  wake  to  within  -200  pm  of  the  crack  tip  [2].  Small  crack  thresholds 
were  determined  using  an  inclined  crack  technique.  A  small,  semi-elliptical  surface  pre-crack 
was  first  obtained  by  standard  mode  I,  three-point  bend  testing  at  R  =  0.1  (50  Hz)  of  wide  (16.3 
mm),  5  mm  thick  rectangular  bars  machined  in  the  L-T  orientation.  Once  a  small  crack  had 
initiated,  a  bend  bar  was  carefully  machined  from  the  original  wide  sample  with  the  small  crack 
inclined  at  the  desired  angle  to  the  axis  of  the  bar,  which  was  then  subjected  to  symmetric  four- 
point  bending  for  the  threshold  determination.  Linear  elastic  solutions  for  the  stress-intensity 
ranges  for  small  semi-elliptical  surface  cracks  in  mode  I  and  mixed-mode  loading  were  obtained 
from  the  Newman-Raju  [3]  and  He-Hutchinson  [4]  solutions,  respectively. 

Large  crack  thresholds:  As  observed  previously  in  many  metallic  alloys  (e.g.,  [5]),  the  fatigue 
threshold  was  seen  to  decrease  with  increasing  load  ratio  (Fig.  5).  In  addition,  a  strong  effect  of 
mode-mixity  was  observed  when  the  thresholds  were  characterized  in  terms  of  a  single 
parameter,  strain-energy  release  rate,  AG  (incorporating  both  mode  I  and  mode  II  contributions 
to  the  crack-driving  force)  (Fig.  6).  Moreover,  the  mode  I  threshold  was  found  to  be  the  worst- 
case  condition,  implying  that  the  presence  of  a  mixed-mode  loading  component  does  not  negate 
the  possibility  of  a  threshold-based  design  methodology.  However,  by  “correcting”  for  crack-tip 
shielding  using  a  compliance-based  technique  developed  as  part  of  this  initiative  [6],  the  marked 
influence  of  mode-mixity  (and  load  ratio)  was  reduced,  implying  that  the  major  influence  of 
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mode-mixity  in  increasing  the  mixed-mode  threshold  is  associated  with  mode  II  shielding  by 
crack-surface  interference,  i.e.,  friction  and  interlock  between  crack-surface  asperities  [6]. 

Short  crack  thresholds:  Short  crack  thresholds  (Fig.  7),  where  the  removal  of  the  crack  wake 
acts  to  markedly  diminish  the  effect  of  crack-tip  shielding,  were  found  to  be  relatively 
independent  of  load  ratio  and  mode-mixity,  consistent  with  this  reduced  role  of  shielding. 
Indeed,  the  values  of  the  short  crack  AG  thresholds  were  similar  to  the  corresponding  “shielding- 
corrected”  large  crack  values. 

Small  crack  thresholds:  AG  thresholds  for  microstructurally-small  surface  cracks  [7]  were  found 
to  be  substantially  lower  than  thresholds  for  large  cracks;  in  fact,  up  to  70-90  times  lower  (Fig. 
8).  In  addition  to  the  role  of  crack-tip  shielding,  biased  sampling  of  “weak-links”  in  the 
microstructure  by  such  small  flaws  becomes  critical  where  their  size  is  comparable  to  the  scale 
of  microstructure. 

C.  Role  of  Foreign-Object  Damage  on  HCF  Thresholds  in  Ti-6A1-4V  (UCB) 

The  objective  of  this  study  was  specifically  to  examine  the  roles  of  residual  stresses  and  foreign- 
object  damage  (FOD)  induced  microcracks  (~2  to  25  pm  in  surface  length)  on  the  earliest  stages 
of  FOD-induced  high-cycle  fatigue  (HCF)  failures  in  the  bimodal  Ti-6A1-4V  alloy, 
a+P  processed  for  typical  turbine  blade  applications.  This  was  achieved  by  defining  the  limiting 
conditions  for  crack  initiation  and  early  fatigue-crack  growth  in  the  presence  of  such 
microcracks,  in  comparison  to  the  fatigue  threshold  behavior  of  naturally-initiated  small  (2c  ~ 
45-1000  pm)  and  large  through-thickness  (>5  mm)  cracks  in  undamaged  material. 

Using  high-velocity  (200-300  m/s)  impact  of  1  or  3.2  mm  steel  spheres  on  the  flat  surface  of 
fatigue  test  specimens  (Fig.  9)  to  simulate  FOD,  it  was  found  that  the  subsequent  resistance  to 
HCF  was  markedly  reduced  due  to  earlier  crack  initiation  [8,9].  Premature  crack  initiation  and 
subsequent  near-threshold  crack  growth  were  primarily  affected  by  the  interplay  of  a  number  of 
factors,  specifically  (i)  the  stress  concentration  due  to  the  FOD  indentation,  (ii)  the  creation  (at 
highest  impact  velocities  only)  of  microcracks  at  the  crater  rim  of  the  damaged  zone  (Fig.  10), 
(iii)  microstructural  damage  from  FOD-induced  plastic  deformation,  and  (iv)  the  localized 
presence  of  tensile  residual  stresses  [10,1 1]  around  the  indent  (Fig.  11). 

Specifically,  the  magnitude  of  the  residual  stresses  in  the  vicinity  of  the  damage  sites  were 
computed  numerically  and  experimentally  measured  using  synchrotron  x-ray  micro-diffraction 
studies.  Prior  to  fatigue  cycling,  peak  tensile  values  of  these  residual  stresses  were  of  the  order 
of  300  MPa  and  were  located  in  the  interior  adjacent  to  the  highly  deformed  region  beneath  the 
indentations  [10,11]  (Fig.  11). 

Two  groups  of  FOD-induced  HCF  failures  could  be  identified.  The  first  group  involved  fatigue 
crack  initiation  directly  at  the  impact  site  and  caused  failures  within  10  to  10  cycles.  The 
proposed  criteria  for  such  failures  was  described  by  a  modified  Kitagawa-Takahashi  approach, 
where  the  limiting  threshold  conditions  are  defined  by  the  stress-concentration  corrected  smooth- 
bar  fatigue  limit  (at  microstructurally-small  crack  sizes)  and  a  “worst-case”  fatigue  crack  growth 
threshold  (at  larger  “continuum-sized”  crack  sizes)  as  shown  in  Fig.  12  [9]. 

The  second  group  of  failures  at  107  to  108  cycles  was  found  to  initiate  at  locations  remote  from 
impact  damage  in  regions  of  high  tensile  residual  stresses  (Fig.  13).  It  was  found  that  simple 
superposition  of  the  initial  tensile  residual  stresses  onto  the  applied  stresses  provided  a 
significant  contribution  to  the  reduction  in  fatigue  strength  by  affecting  the  local  mean  stress  and 
load  ratio.  Accordingly,  the  modified  Kitagawa-Takahashi  approach  proposed  above  was 
corrected  for  the  presence  of  tensile  residual  stresses  to  account  for  such  failures  (also  shown  in 
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Fig.  12).  With  this  correction,  the  approach  provides  a  rational  basis  for  the  effect  of  foreign- 
object  damage  on  high  cycle  fatigue  failures  in  Ti-6A1-4V  [10]. 
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Fig.  5.  Mixed-mode  threshold  envelopes  for  large 
(>  5  mm)  through-thickness  cracks  in  the  bimodal 
microstructure  (schematic  in  inset),  with  the  mode 
II  stress-intensity  range  at  threshold,  as  a  function 
of  the  mode  I  stress-intensity  range  at  threshold. 


Fig.  6.  The  threshold  strain-energy  release  rate, 
AGTH,  and  equivalent  stress-intensity  range, 
AAreq  TH>  are  plotted  as  a  function  of  phase  angle,  ft, 
for  large  cracks  subjected  to  mixed-mode  loading 
at  R  =  0.1, 0.5  and  0.8. 
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Fig.  7.  Variation  in  the  mixed-mode  thresholds, 
AGth,  as  a  function  of  phase  angle,  ft ,  in  the 
bimodal  structure.  Shown  are  results  for  large 
(>  5  mm)  cracks,  before  and  after  “correcting” 
for  crack-tip  shielding,  and  for  short  (-200  pm) 
through-thickness  cracks. 
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Fig.  8.  Variation  in  the  mixed-mode  thresholds, 
AGth,  as  a  function  of  phase  angle,  /?,  for  small  (<  50 
pm)  surface  cracks  in  the  bimodal  microstructure. 
Also  shown  are  results  for  short  (-200  pm)  through¬ 
thickness  cracks  and  for  large  (>  5  mm)  cracks  under 
worst-case ,  high  R  conditions. 
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Fig.  9.  Gauge  section  of  modified  KB  specimens  for 
simulated  FOD  studies  after  high-velocity  300  m/s  impact 
using  1 .0  mm  diameter  steel  sphere  (normal  impact  angle) 


Fig.  10.  SEM  micrograph  of  fatigue  crack  that  formed  at 
FOD-induced  microcrack  (small  inserts).  3.2  mm  steel 
shot,  300  m/s  impact  velocity.  Nominally  applied  o ^  = 
500  MPa,  R  =  0A,N=  29,000  cycles 


Fig.  11.  Residual  stress  distribution  in  plane 
perpendicular  to  longitudinal  axis  of  KB  specimen,  after 
300  m/s  impact  using  1  mm  steel  shot.  After  Chen  and 
Hutchinson.  o-33  =  residual  stress  in  longitudinal  direction, 
cTy  -  yield  stress  (915  MPa) 


Ti-6AMV,  Bi-modal,  Air,  RT 


Fig.  12.  Modified  Kitagawa-Takahashi  diagram  representing  the 
threshold  crack-growth  conditions  (da/dN  =  1041-10‘10  m/cycle)  at  R  = 
0.1  and  0.5  for  FOD-induced  small-cracks  in  bimodal  Ti-6A1-4V  (300 
m/s,  3.2  mm  steel  shots).  Plotted  is  the  threshold  stress  range  as  a 
function  of  surface  crack  length.  Data  points  are  corrected  for  the  stress 
concentration  of  the  FOD  indents. 


Fig.  13.  Lower  stress  fatigue  loading  after  300  m/s 
impact  using  1  mm  diameter  steel  shot  caused  crack 
initiation  away  from  the  indent  site  (marked  by  arrow). 
Omax =  325  MPa, R  =  0.1,  Nf  =  1.3  x  108 cycles. 
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D.  Residual  Stresses  associated  with  FOD-Induced  HCF  Behavior  in  Ti-6A1-4V  (UCB) 

To  better  understand  the  driving  force  for  fatigue-crack  initiation  and  propagation  associated 
with  sites  of  foreign  object  damage,  the  residual  stress  and  strain  gradients  were  assessed  using  a 
synchrotron-based  spatially-resolved  polycrystalline  x-ray  diffraction  technique.  The  spatial 
resolution  of  this  technique  was  300-500  pm,  limited  at  least  in  part  by  the  size  of  the  grains  in 
the  sample.  The  observed  residual  stress  field  was  compared  to  both  numerical  predictions  (by 
Chen  and  Hutchinson  [10])  and  experimental  fatigue  behavior  (by  Peters  and  Ritchie  [8,9]).  In 
all  studies,  foreign-object  damage  was  simulated  by  firing  a  Cr-hardened  steel  sphere  at 
velocities  of  200-300  m/s  onto  the  flat  surface  of  a  Ti-6A1-4V  specimen  in  the  bimodal  (STOA) 
microstructure. 

Residual  stresses  at  damage  sites:  Consistent  with  the  numerical  predictions,  spatially-resolved 
synchrotron  x-ray  diffraction  measurements  indicated  the  presence  of  a  region  of  compression  at 
the  crater  floor,  and  a  region  of  tension  und  at  the  crater  rim,.  While  the  shape  of  the  resulting 
strain  gradients  was  qualitatively  quite  similar  between  the  experimental  observations  and  the 
numerical  predictions,  there  were  some  notable  discrepancies  in  the  magnitude  of  the  stresses 
[11].  Most  specifically,  the  quasi -static  analysis  of  Chen  and  Hutchinson  [10]  was  insufficient 
to  capture  the  observed  residual  stresses  formed  by  dynamic  impact,  especially  at  the  highest 
impact  velocity  of  300  m/s  where  the  discrepancy  was  >500  MPa  at  both  the  floor  and  rim  of  the 
crater.  Modifications  to  the  numerical  model  incorporated  the  dynamic  effects  of  strain-rate 
sensitivity,  the  inertial  effect,  and  elastic  wave  interactions.  The  results  of  the  dynamic  model 
were  very  similar  to  experimental  observations.  Remnant  discrepancy  at  the  crater  rim  of  300 
MPa  may  be  attributable  to  the  presence  of  microcracking  and  inhomogeneous  deformation  that 
were  not  captured  in  the  numerical  model. 

The  spatially-resolved  diffraction  studies  also  revealed  that  the  most  substantial  plasticity  (as 
estimated  by  Bragg  peak  broadening)  was  present  at  the  crater  rim,  and  the  crater  floor  showed  a 
slightly  lower  degree  of  plasticity. 

Stability  of  the  residual  stress  state  during  fatigue  loading:  Using  in  situ  x-ray  diffraction 
studies  during  cyclic  loading,  it  was  found  that  there  was  as  much  as  a  50%  reduction  in  the 
residual  stress  component  along  the  direction  of  loading  during  the  first  cycle  at  the  smooth-bar 
fatigue  limit,  i.e.,  at  amax  =  500  MPa  (Fig.  14).  The  transverse  stresses  perpendicular  to  the  load 
axis  showed  a  -20%  reduction  during  the  first  cycle.  After  the  first  cycle,  there  was  no 
substantial  decay  of  residual  stresses  as  a  function  of  the  logarithm  of  the  number  of  cycles  (out 
to  1000  cycles).  The  threshold  stress  for  first-cycle  relaxation  under  the  current  conditions  was 
between  325  and  500  MPa,  as  there  was  no  observed  relaxation  at  325  MPa.  The  numerical 
model  of  Chen  and  Hutchinson  was  modified  to  incorporate  the  observed  cycle-dependent 
reduction  in  the  yield  strength  during  reversed  loading  (Bauschinger  effect).  This  model  showed 
a  -40%  reduction  in  stresses  at  the  crater  floor  during  the  first  cycle  and  no  subsequent 
relaxation,  largely  consistent  with  the  observed  behavior. 

Relevance  to  impact-induced  fatigue  failures:  In  many  of  the  cases  considered  in  this  study,  the 
initial  residual  stress  state  was  of  little  importance  in  assessing  the  location  of  crack  formation 
due  to  fatigue  loading.  At  high  applied  stresses,  the  initial  residual  stress  state  was  reduced 
substantially  during  fatigue  loading.  But  more  importantly,  the  presence  of  microcracks  at  the 
crater  rim,  as  well  as  the  high  stress  concentration  factor  at  the  crater  floor  were  the  primary 
factors  influencing  the  onset  of  failure.  However,  at  low  applied  fatigue  stresses  (amax:=325 
MPa),  crack  formation  was  often  found  to  occur  at  the  side  of  the  Kb  tensile  specimens  due  to 
the  presence  of  high  tensile  residual  stresses  (determined  both  experimentally  and  by  numerical 
modeling)  and  the  lack  of  crack-mitigating  plasticity. 
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Fig.  14.  Fatigue  loading  can  cause  a  reduction  in  the  residual  stress  state  at  the  rim  and  base  (floor)  of  a  hemispherical  damage 
site  (quasi-static  indentation  loading,  indenter  diameter  =  3.2  mm,  crater  diameter  =  2.05  mm,  crater  depth  =  0.30  mm). 
Longitudinal  stresses  are  along  the  direction  of  loading  and  transverse  stresses  are  perpendicular  to  the  direction  of  loading. 
Based  on  the  four  graphs,  relaxation  occurs  only  at  fatigue  stresses  0^325  MPa,  and  relaxation  occurs  almost  entirely  during 
the  first  cycle. 


As  noted  above,  the  Kitigawa-Takahashi  diagram  proved  to  be  a  useful  approach  to  predict  the 
critical  conditions  for  failure  by  incorporating  both  the  fracture-mechanics  based  fatigue 
threshold  (in  the  worst-case  limit)  and  the  stress-based  fatigue  limit.  This  approach  can  account 
for  the  contributions  of  both  the  stress  concentration  factor  and  the  presence  of  microcracks. 
Moreover,  in  cases  where  residual  stresses  are  significant,  the  alteration  in  stress  ratio  (omin/omax) 
caused  by  the  superposition  of  the  residual  stresses  can  also  be  captured  to  predict  conditions  of 
safe  operation  [10]. 

E.  Theoretical  Modeling  of  High-Cycle  Fatigue  (Harvard) 

Fretting  mechanics:  As  a  step  towards  the  development  of  a  mechanics  of  fretting  damage,  the 
work  focused  on  the  local  plastic  deformation  accompanying  fretting  contact.  Specifically,  the 
study  investigated  plastic  deformation  in  substrates  that  have  been  coated  with  a  thin,  soft  metal 
layer  for  the  purpose  of  reducing  their  fretting  susceptibility.  The  substrate  was  fretted  by  a 
circular,  flat-bottomed  peg  subject  to  a  constant  normal  load  and  a  fully  reversed  cyclic 
tangential  load.  The  tangential  load  was  assumed  to  be  sufficiently  large  to  cause  the  coating  to 
undergo  reversed  yielding  in  shear  in  each  cycle.  Bulk  cyclic  stressing  of  the  substrate  was  not 
considered.  The  role  of  the  coating  in  the  redistribution  of  the  contact  tractions  was  modeled. 
Two  limiting  boundary  conditions  for  the  peg-substrate  interaction,  as  modified  by  the  coating, 
were  proposed  and  analyzed.  It  was  found  that  plasticity  in  the  substrate  is  generally  limited  to 
the  immediate  vicinity  of  the  edge  of  the  peg.  This  made  possible  the  formulation  of  a  small- 
scale  yielding  problem  wherein  the  relevant  load  factors  become  amplitudes  characterizing  the 
elastic  solution  at  the  peg  comer.  The  approach  closely  paralleled  the  small-scale  yielding 
analysis  of  crack-tip  plasticity,  where  the  plastic  zone  is  embedded  within  the  elastic  field  whose 
amplitude  is  the  stress  intensity  factor.  Details  of  the  cyclic  plastic  strain  fields  were  obtained 
and  their  implications  for  initiation  of  fretting  cracks  discussed. 

j Surface  cracks  and  asymmetric  four-point  bend  specimens:  Work  was  completed  and  published 
on  the  problem  of  semi-circular  and  semi-elliptical  surface  cracks  subject  to  arbitrary  loading, 
i.e.,  to  mixed-mode  loading  conditions.  The  study  was  motivated  by  concerns  that  mixed-mode 
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loading  may  adversely  affect  threshold  conditions  for  fatigue  cracks.  The  aim  was  to  provide  a 
compendium  of  usefol  elastic  crack  solutions  for  the  foil  range  of  possible  loads,  thereby 
extending  the  well  known  results  of  Newman  and  Raju  to  mixed-mode  conditions. 

Parallel  studies  on  the  asymmetric  four-point  bend  specimens  was  prompted  by  a  comparison  by 
the  Berkeley  MURI  group  of  published  numerical  solutions  for  the  crack  configuration,  which 
showed  discrepancies  between  the  solutions  as  large  as  25%  within  the  parameter  range  of 
interest.  A  new  fundamental  reference  solution  was  computed  for  an  infinitely  long  cracked 
specimen  subject  to  a  constant  shear  force  and  associated  bending  moment  distribution.  The 
small  corrections  needed  to  apply  this  solution  to  the  finite  four-point  loading  geometry  were 
also  detailed. 

Foreign-object  damage:  As  noted  above,  extensive  modeling  was  performed  on  various  aspects 
of  foreign  object  damage  (FOD)  as  it  relates  to  the  fatigue  life  of  turbine  blades;  this  was 
coordinated  with  the  experimental  Berkeley  effort  described  above  [10,11].  Specific  aspects  of 
the  problem  that  were  investigated  included  (a)  dynamic  effects  in  FOD  determination,  (b) 
specimen  size  effects,  (c)  influence  of  inclined  versus  normal  impacts,  and  (d)  residual  stress 
relaxation  at  FOD  sites  due  to  subsequent  cyclic  stressing. 

Most  of  the  discrepancy  between  the  theoretical  results  for  residual  stress  at  FOD  sites  and  the 
experimental  data  obtained  by  the  Berkeley  group  could  be  accounted  for  by  inclusion  of 
dynamic  effects  (inertia  and  material  strain-rate  sensitivity),  combined  with  a  more  realistic 
representation  of  the  beam-like  geometry  of  the  Berkeley  specimens.  The  major  goal  of  the 
research  of  demonstrating  the  ability  to  predict  indent  geometry  and  residual  stress  due  to 
prescribed  FOD  impacts  was  thus  largely  achieved.  Under  subsequent  cyclic  stressing,  both  the 
stress  concentration  due  to  the  geometry  change  and  the  residual  stresses  influence  fatigue-crack 
growth.  The  theoretical  results  from  the  FOD  analysis  were  used  to  assess  the  effect  of  FOD 
level  on  critical  crack  size  for  threshold  fatigue-crack  growth.  For  sufficiently  deep  indents,  it 
was  shown  that  the  stress  concentration  due  to  FOD  is  the  dominant  factor. 

Another  aspect  where  theory  and  experiment  were  brought  into  agreement  was  in  connection 
with  the  role  of  residual  stress  relaxation  at  the  bottom  of  the  indent  in  the  first  few  cycles  of 
cyclic  stressing  following  FOD.  The  Berkeley  group  obtained  stress-strain  data  for  cyclic 
stressing  which  provided  quantitative  constitutive  input  for  the  numerical  simulation.  The  key  to 
the  relaxation  is  the  Bauschinger  effect  under  reversed  loading.  The  computed  relaxation  results 
were  in  reasonably  good  agreement  with  the  experimental  measurements.  The  effect  is 
significant  because  relaxation  of  the  residual  stress  at  the  FOD  site  changes  the  effective  R-value 
experienced  by  a  putative  fatigue  crack  at  that  location. 

Interactions  associated  with  small  fatigue-crack  growth:  A  study  on  the  interactions  of  fatigue 
cracks  with  elastic  obstacles,  which  grew  out  of  the  visit  to  Harvard  of  Dr.  C.  W.  Wang  of  the 
Aeronautical  Research  Laboratory  of  Australia,  was  completed.  This  work  extends  the  earlier 
work  on  small  cracks  by  Hutchinson  and  Tvergaard  [13]. 

F.  High-Cycle  Fatigue  of  Nickel-Base  Superalloys  (Mich.  Tech.) 

The  objective  of  the  research  at  Michigan  Tech  was  to  study  fatigue  crack  propagation  thresholds 
in  nickel-base  superalloys  at  elevated  temperatures  and  frequencies.  Much  of  the  work  was 
conducted  on  an  MTS  1,000  Hz  servo-hydraulic  machine  (fitted  with  an  induction  heater  for 
elevated  temperature  testing)  on  two  different  microstructures  of  KM4,  a  nickel -base  turbine  disk 
alloy,  were  studied.  One  microstructure  contained  coarse  grains  (on  the  order  of  60  pm),  while 
another  contained  fine  grains  (on  the  order  of  6  pm.)  The  yield  strengths  of  the  two 
microstructures  were  within  10%  of  each  other.  Fatigue-crack  propagation  thresholds  were 
measured  at  100  and  1,000  Hz,  at  room  temperature,  550°C,  and  650°C,  and  at  load  ratios 
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between  0.3  and  0.7.  These  conditions  mimic  those  seen  in  turbine  disks.  An  in  situ  study  was 
also  conducted  on  a  single  crystal  superalloy  at  Southwest  Research  Institute  in  collaboration 
with  D.  L.  Davidson.  This  study  utilized  the  2  kHz  loading  stage  inside  the  SEM. 

It  was  found  that  whereas  in  the  Paris  regime,  the  fatigue-crack  propagation  behavior  at  100  and 
1,000  Hz  was  quite  similar  to  that  observed  by  previous  investigators  at  frequencies  up  to  50  Hz, 
i.e.,  coarser  grains,  lower  load  ratios,  lower  temperatures  and  higher  frequencies  are  generally 
beneficial  to  elevated  temperature  crack-growth  resistance,  the  near-threshold  behavior  in  these 
alloys  was  an  extremely  complex  function  of  frequency,  microstructure,  temperature,  and  load 
ratio.  The  only  consistent  trend  in  threshold  behavior  was  found  to  be  related  to  the  load  ratio,  in 
that  lower  load  ratios  always  resulted  in  higher  thresholds.  Fatigue  crack  closure,  while 
measured  in  some  cases,  was  not  able  to  explain  all  the  variations  in  the  threshold  values. 

Fatigue  crack  closure  in  general,  however,  was  determined  to  have  a  strong  influence  on 
threshold  values,  but  only  in  the  coarse-grain  microstructure,  and  only  at  room  temperature.  A 
new  model  was  developed  to  study  the  Mode  II  offsets  (Fig.  15)  required  to  observe  significant 
closure.  The  model  required  finite  element  analysis  of  crack  opening  displacements  and 
quantitative  3-D  characterization  of  the  fracture  surfaces,  both  of  which  were  accomplished.  The 
model  was  in  excellent  agreement  with  closure  load  measurements,  and  with  Mode  II  offsets 
observed  in  FCP  specimens  which  were  interrupted  at  threshold  and  then  sectioned  and  studied 
in  the  SEM. 


Mode  11  offsets 


-  180  nm 


x 


i  i  i  i  i  i  i  i  ill 

6.0kV  19. 8mm  x  13.0k  SE(L)  10/09/2001 _ 4.00um 


Fig.  10.  Scanning  electron  micrograph  of  a 
crack  tip  in  coarse-grain  KM4  superalloy 
interrupted  at  threshold  showing  Mode  II 
offsets.  1 80  nm  offset  is  in  excellent  agreement 
with  prediction  of  150  nm  from  new  closure 
model. 


Atomic  force  microscopy  and  transmission  electron  microscopy  (Fig.  16)  were  utilized  to  study 
slip  homogeneity  as  a  function  of  temperature,  microstructure,  and  strain  level.  Results  of  these 
techniques  were  compared  to  quantitative  fracture  surface  roughness,  threshold  values,  fatigue- 
crack  propagation  behavior,  and  low-cycle  fatigue  behavior.  The  approach  here  has  been  to 
relate  quantitatively  slip  homogeneity  to  the  fatigue  threshold;  indeed,  this  is  the  first  time  that 
deformation  behavior  has  been  quantitatively  linked  to  fatigue-crack  propagation  behavior  in  a 
superalloy. 

Finally,  AFM  and  TEM  studies  involving  the  planarity  and  homogeneity  of  slip  have  been 
performed  to  provide  fundamental  relationships  between  deformation  and  fatigue  behavior  in 
nickel-base  superalloys. 
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Fig.  16.  Atomic  force  micrographs  of 
surface  deformation  in  coarse  grain  KM4  at 
room  temperature  (left)  and  650°C  (right) 
showing  increase  in  homogeneity  as 
temperature  increases.  Graph  shows 
quantitative  correlation  between  slip  planarity 
and  threshold  as  temperature  increases  from 
20  to  650°C.  5,  which  is  the  height  of  the  slip 
band  shear  offset,  is  inversely  related  to 
homogeneity. 


G.  Modeling  and  Experimental  Studies  of  Fretting  Fatigue  (MIT) 

Through  a  combination  of  analytical  modeling,  numerical  simulations  and  controlled 
experimentation,  the  overall  objective  of  this  part  of  the  program  has  been  to  investigate  fretting 
fatigue,  a  complex  multi-stage,  multi-axial,  fatigue-fracture  phenomenon  involving  fatigue  crack 
initiation,  initial  small  crack  propagation  and  crack  arrest  or  subsequent  long  crack  propagation, 
ultimately  leading  to  structural  failure  due  to  mechanical  overload.  Recognizing  that  fretting 
fatigue  is  strongly  influenced  by  the  contact  conditions  of  which  the  contact  geometry  provides  a 
natural  metric  for  classification,  two  bounds  were  identified  -  the  sharp-edged  contact  and  the 
spherical  contact.  Sharp-edged  contacts  have  been  analyzed  analytically  using  the  crack  analogue 
methodology  [15],  while  the  spherical  contacts  were  modeled  using  finite  elements  [16]  and 
investigated  experimentally  [17-19]  and  modeled  analytically  [20].  A  notch-analogue  model  was 
developed  to  examine  the  influence  of  roundness  of  a  nominally  sharp  contact  geometry  [21]  and 
various  approaches  to  combat  fretting  fatigue  were  investigated  as  well  [22-24], 

“ Crack  analogue”  model  for  contact  fatigue  [15]:  Aspects  of  quantitative  equivalence  between 
contact  mechanics  and  fracture  mechanics  were  identified  via  asymptotic  matching.  An  analogy 
was  invoked  between  the  geometry  of  the  near-tip  regions  of  a  cracked  specimen  and  that  of  the 
sharp-edged  contact  region  between  two  contacting  surfaces.  It  was  demonstrated  that  the 
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asymptotic  elastic  stress  and  strain  fields  around  the  rim  of  the  contact  region,  as  derived  from 
classical  contact  mechanics  analyses,  were  identical  to  those  extracted  from  linear-elastic 
fracture  mechanics  solutions  for  analogous  geometries.  Conditions  for  crack  initiation  in  the 
fretting  fatigue  problem  were  clearly  identified  through  the  application  of  the  fracture  mechanics 
of  the  crack  analogue  model. 

Adhesion  model  for  fretting  fatigue  [19]:  By  extending  the  crack  analogue  model  that  was 
previously  developed  for  sharp  contacts,  the  adhesion  model  presents  a  universal  methodology 
that  enables  analysis  of  a  variety  of  contact  problems  from  those  due  to  fretting  fatigue  in  large- 
scale  structures  to  contact  fatigue  in  micro-scale  devices,  with  adhesive  or  non-adhesive,  sharp  or 
rounded  geometries.  As  the  adhesion-induced,  square-root  singular  stress  fields  are  amenable  for 
analysis  within  the  “crack  analogue”  framework,  the  pre-existing  long  crack  introduced  by  the 
contact  circumvents  “length  scale”  problems  inherent  in  the  modeling  of  crack  initiation  based 
on  conventional  fracture  mechanics,  or  small  crack  growth  based  on  initial  dislocation 
distributions.  Under  conditions  of  small  scale  yielding,  the  effects  of  static  and/or  oscillatory 
bulk  stresses  (i.e.  residual  stresses  induced  by  surface  treatments  such  as  shot-peening  or  laser 
shock-peening,  or  far-field  applied  stresses  acting  parallel  to  the  contact  surface)  on  contact 
fatigue  crack  initiation  can  also  be  analyzed  by  recognizing  that  these  are  analogous  to  the  T- 
stresses  present  in  a  simple  linear  elastic  fatigue-fracture  formulation.  All  previous  analyses 
which  were  based  on  stress-based  approaches  to  fatigue  at  critical  points  (such  as  those  using 
elastic  stress  fields  of  a  sphere  on  a  flat  plane)  in  combination  with  a  variety  of  fatigue  strain- 
based,  multiaxial  criteria  for  endurance  limits,  predict  contact  fatigue  cracking  to  initiate  at  the 
contact  perimeter.  This  prediction  is  contrary  to  many  experimental  results  which  clearly  indicate 
that  cracking  could  initiate  at  either  the  contact  perimeter  or  the  stick-slip  boundary.  The  present 
analysis,  through  an  examination  of  the  work  of  adhesion  vis-a-vis  the  crack  driving  force  arising 
from  the  contact  loads,  leads  to  a  novel  classification  whereby  cases  of  strong  and  weak  adhesion 
are  recognized  unambiguously.  Thus,  the  crack  initiation  location  (contact  perimeter  for  strong 
adhesion  and  the  stick-slip  boundary  for  weak  adhesion)  can  be  predicted  without  uncertainty. 

“ Notch  analogue  "  model  for  fretting  fatigue  [20] :  The  effect  of  roundness  of  a  nominally  sharp 
contact  geometry  on  fretting  fatigue  crack  initiation  was  investigated.  Using  analytical  and 
numerical  finite  element  methods,  the  asymptotic  forms  for  the  stress  fields  in  the  vicinity  of  a 
rounded  punch-on-flat  substrate  were  derived  for  both  normal  and  tangential  contact  loading 
conditions.  By  examining  the  similarities  between  the  asymptotic  stress  fields  for  the  sharply 
rounded  flat  punch  contact  and  those  around  the  tip  of  a  blunt  crack,  a  “notch  analogue”  model 
for  fretting  fatigue  crack  initiation  was  developed.  The  analysis  showed  that  the  maximum 
tensile  stress  that  occurs  at  the  edge  of  the  contact  is  proportional  the  mode  II  stress-intensity 
factor  of  a  sharp  punch  weighted  by  a  geometric  factor  related  to  the  roundness  of  the  punch. 
Conditions  for  crack  initiation  were  then  derived  through  a  comparison  of  the  maximum  tensile 
stress  at  the  edge  of  the  fretting  contact  and  the  plain  fatigue  endurance  limit  of  the  material. 

Fretting  fatigue  experiments  [17-19]:  A  systematic  investigation  of  the  fretting  fatigue  behavior 
of  the  titanium  alloy  Ti-6A1-4V  in  both  the  mill-annealed  and  the  solution  treated  and  overaged 
(STOA)  microstructure,  was  carried  out  using  a  sphere-on-flat  fretting  fatigue  device  [17,18]  that 
facilitated  real-time,  control  and  monitoring  of  all  the  relevant  parameters  such  as  the  contact 
geometry,  contact  (normal  and  tangential)  loads  and  the  bulk  alternating  stress.  While  three  sets 
of  experiments  were  conducted  to  examine  the  influence  of  the  bulk  stress,  the  tangential  load 
and  the  normal  load,  respectively,  on  fretting  fatigue  response,  the  effect  of  microstructure  on 
fretting  fatigue  was  explored  briefly  with  experiments  on  acicular,  Widmanstatten,  and 
martensitic  Ti-6A1-4V. 

Palliatives  for  fretting  fatigue  [21-24]:  Potential  palliatives  of  fretting  fatigue  include  surface 
modification  and  generation  of  compressive  residual  stresses  through  treatments  such  as  shot- 
peening,  laser  shock-peening  or  coatings.  The  optimum  depth  for  surface  treatment  to  effectively 
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combat  fretting  fatigue  was  identified  through  a  comprehensive  simulation  tool,  for  a  variety  of 
materials  from  their  respective  physical  and  mechanical  properties  [21].  The  effect  of  coatings  as 
fretting  fatigue  palliatives  was  investigated  as  well  [22-24]. 

Analysis  of  impact  loading  [25]:  A  new  method  has  been  developed  to  analyze  the  impact  of  a 
sharp  indenter  at  low  impact  velocities.  A  one-dimensional  model  is  developed  by  assuming  that 
the  variation  of  indentation  load  as  a  function  of  depth  under  dynamic  conditions  has  the  same 
parabolic  form  (Kick’s  Law)  as  under  static  conditions.  The  motion  of  the  indenter  as  it  indents 
and  rebounds  from  the  target  is  described.  Predictions  are  made  of  the  peak  indentation  depth, 
residual  indentation  depth,  contact  time,  and  rebound  velocity  as  functions  of  the  impact 
velocity,  indenter  mass  and  target  properties.  Finite  element  simulations  were  carried  out  to 
assess  the  validity  of  the  model  for  elasto-plastic  materials.  For  rate-independent  materials 
agreement  with  the  model  was  good  provided  the  impact  velocity  did  not  exceed  certain  critical 
values.  For  rate-dependent  materials  the  relationship  between  load  and  depth  in  the  impact 
problem  is  no  longer  parabolic  and  the  model  predictions  cannot  be  applied  to  this  case.  The 
rate-dependent  case  can  be  solved  by  incorporating  the  relationship  between  the  motion  of  the 
indenter  and  the  dynamic  properties  of  the  material  into  the  equation  of  motion  for  the  indenter. 
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Abstract — The  phenomenon  of  crack  closure,  which  involves  the  premature  closing  of  fatigue  cracks 
during  the  unloading  portion  of  a  fatigue  cycle  resulting  in  the  development  of  crack-tip  shielding  due  to 
crack  wedging,  has  become  widely  accepted  as  a  critical  mechanism  influencing  many  aspects  of  the 
behaviour  of  fatigue  cracks  in  metallic  materials;  these  include  effects  of  load  ratio,  variable-amplitude 
loading,  crack  size,  microstructure,  environment  and  the  magnitude  of  the  fatigue  threshold.  Recently, 
however,  the  significance  of  crack  closure  has  been  questioned  and  alternative  suggestions  made  for  many 
of  these  phenomena,  e.g.  the  effect  of  the  load  ratio  (i.e.  the  ratio  R  of  the  minimum  to  maximum  loads) 
on  threshold  behaviour.  In  the  light  of  this,  the  present  paper  provides  evidence  to  rebut  the  assertion 
that  crack  closure  is  an  insignificant  process.  Particular  attention  is  given  to  the  effect  of  crack  closure 
on  the  threshold  level  as  a  function  of  load  ratio. 

Keywords — Fatigue-crack  growth;  Crack  closure;  Load  ratio. 


INTRODUCTION 

Since  its  discovery  by  Elber  [1,2]  some  25  years  ago,  crack  closure  has  been  widely  accepted 
as  a  significant  mechanism  affecting  the  crack-growth  behaviour  of  fatigue  cracks,  particularly  in 
metallic  materials,  as  reviewed  in  Ref.  [3].  Closure  involves  the  premature  contact  and  consequent 
wedging  of  the  crack  faces  during  the  unloading  portion  of  a  fatigue  cycle  at  a  load  above  the 
minimum  load,  and  as  such  acts  as  a  crack-tip  (contact)  shielding  mechanism  [4]  by  reducing  the 
local  (near-tip)  driving  force  for  crack  extension.  From  a  continuum  viewpoint,  it  is  considered  to 
result  from  cyclic  plasticity  which  leaves  a  band  of  stretched  material  in  the  crack  wake,  a  process 
which  is  promoted  under  plane-stress  conditions.  Mechanistic  studies  [5,6],  however,  have  revealed 
other  mechanisms  of  closure  which  are  active  under  plane-strain  conditions.  Such  mechanisms  are 
illustrated  schematically  in  Fig.  1,  and  most  importantly  are  associated  with  crack  wedging  by 
corrosion  debris  (oxide-induced  closure)  and  especially  crack  surface  asperities  (roughness-induced 
closure).  Crack  closure  can  also  be  associated  with  the  hydrodynamic  action  of  fluids  inside  the 
crack  (viscous  fluid-induced  closure),  and  from  residual  compressive  stresses  resulting  from  the 
dilation  associated  with  an  in  situ  phase  transformation  (transformation-induced  closure)  [6].  The 
major  types  of  closure  are  promoted  at  low  R  values  and  stress-intensity  levels  close  to  the  fatigue 
threshold  where  the  crack-tip  opening  displacements  are  comparable  with  the  dimensions  of  the 
oxides  or  asperity  wedges. 

As  a  shielding  mechanism,  closure  acts  to  increase  the  effective  minimum  stress  intensity  in  a 
fatigue  cycle,  such  that  the  local  (near-tip)  stress-intensity  factor  range  is  decreased  from  the 
nominal  (applied)  value  of  A K  =  Kmax  —  Kmin  to  an  effective  value  AKefT  =  Kmax  —  Kop,  provided 
Kop,  the  stress-intensity  factor  required  to  open  the  crack,  exceeds  K^.  Significant  values  of  Kop 
have  been  estimated  by  a  variety  of  experimental  techniques,  which  include  the  use  of: 

(i)  displacement,  near-crack  tip,  or  back  face  strain  gauges  to  determine  the  deviation  from 
linearity  on  unloading  of  the  elastic  compliance  curve  [1,2].  Kop  values  can  be  as  much  as 
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(a) 


Plasticitv-lnduced 

Closure 


Viscous  Fluid-Induced 
Closure 


Oxide-Induced 

Closure 


Fig.  1.  Schematic  illustration  of  the  various  mechanisms  of  crack  closure  [6]. 


90%  of  Kmax  as  the  threshold  is  approached,  particularly  in  materials,  e.g.  aluminium-lith¬ 
ium  alloys  where  extensive  crack-path  tortuosity  leads  to  very  rough  fracture  surfaces  [7]. 
Load  versus  reduced-displacement  plots  have  been  used  in  a  similar  manner  in  an  effort  to 
determine  the  closure  level  more  accurately,  where  the  reduced  displacement  is  the  difference 
between  the  displacements  of  a  linear  (no-closure)  curve  and  the  actual  load-displacement 
curve  [8]. 

(ii)  replicas  to  determine  the  crack  opening  level  at  the  specimen  surface  [9,10]. 

(iii)  laser  interferometric  gauges  to  determine  the  crack  opening  level  at  the  surface  [11]. 

(iv)  ultrasonics  to  determine  the  crack  opening  level  through  the  specimen  thickness  [12]. 

(v)  acoustic  emission  to  determine  the  crack-opening  level,  again  through  the  specimen  thick¬ 
ness  [13]. 

Other  investigators  have  attempted  to  avoid  the  influences  of  crack  closure  by  testing  at  high 
R  values  or  by  using  specialized  techniques,  e.g.  constant  Kmax-increasing  Kmin  procedures  to 
approach  a  threshold  free  of  closure,  AKeff,th  [14].  (Also  see  Ref.  [15]  for  an  analytical  treatment 
of  roughness-induced  crack  closure.) 

Recently,  Louat  et  al.  [16]  made  use  of  a  dislocation  model  to  investigate  plasticity-induced 
closure  under  plane-strain  conditions,  and  found  the  crack-closure  level  to  be  minimal.  Similarly, 
other  investigators  [17]  have  found  that  under  plane-strain  conditions,  plane-strain  plasticity- 
induced  closure  is  quite  low;  indeed,  the  very  existence  of  this  type  of  closure  in  plane  strain  has 
been  questioned  [18].  However,  Sadananda  et  al.  [19]  have  also  concluded  that  all  forms  of  crack 
closure  are  of  minimal  significance  in  fatigue-crack  growth,  despite  the  wealth  of  experimental 
evidence  to  the  contrary  cited  in  the  Introduction.  It  is  with  this  generalization  that  we  differ. 

Specifically,  Sadananda  et  al.  claim  that  the  actual  magnitude  of  the  closure  effect  is  far  less 
than  typically  measured,  and  offer  alternative  explanations  for  many  of  the  fatigue  phenomena 
which  have  been  attributed  in  whole,  or  in  part,  to  crack  closure;  these  include  the  so-called 
anomalous  growth  of  short  cracks,  overload  effects  and  the  influence  of  the  load  ratio  on  the  rate 
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of  fatigue  crack  growth.  In  particular,  they  question  how  closure  affects  the  value  of  the  fatigue 
threshold,  AKth,  and  the  accompanying  role  of  load  ratio  (ratio  of  minimum  to  maximum  load  in 
a  fatigue  cycle,  R  =  Kmi„/K  max)* 

Figure  2  shows  schematically  how  the  threshold  A Kth  may  vary  with  R.  Vasudevan  and 
Sadananda  [20]  have  identified  four  classifications  of  material  response  for  metals,  which  are 
labelled  I,  II,  III  and  IV.  They  propose  that  the  fatigue-crack  growth  process  is  intrinsically  a  two- 
parameter  process  that  depends  upon  the  material  deformation  characteristics,  i.e.  whether  ductile 
or  brittle,  and  on  the  crack-tip  environment.  The  two  parameters  are  associated  with  two  regions 
of  crack-growth  behaviour;  one  being  identified  as  Kmax  controlled,  and  the  other  as  A K  controlled. 
In  dealing  with  the  threshold  level  for  fatigue-crack  growth,  they  identify  the  two  parameters  as 
Af^max.th  and  AKt*h.  Again,  in  reaching  their  conclusions  they  have  minimized  any  contribution 
that  crack  closure  might  have  on  the  threshold  level.  The  purpose  of  this  paper  is  to  show  that 
crack  closure  does  indeed  make  an  important  contribution  to  the  dependence  of  A Klh  on  R  by 
examining  the  behaviour  for  each  of  Vasudevan  and  Sadananda’s  four  classifications.  Furthermore, 
although  it  is  reasonable  to  consider  the  cyclic  crack-growth  process  in  terms  of  A K  and  KmaX 
controlled  contributions,  it  is  incorrect  to  make  use  of  a  two-parameter  explanation  in  the  absence 
of  closure  to  account  for  the  observed  behaviour. 


ROLE  OF  CRACK  CLOSURE 

The  approach  taken  herein  is  that  the  rate  of  fatigue-crack  growth,  as  well  as  the  threshold  level 
and  its  dependence  on  the  load  ratio,  R,  is  controlled  by  a  single  parameter,  A Keff,  as  proposed 
by  Elber  [1],  This  notion  has  been  substantiated  by  numerous  subsequent  investigators,  most 
recently  in  a  study  by  Henaff  and  Petit  [21].  The  specific  role  of  Kmax,  at  least  at  near-threshold 
levels,  is  considered  to  provide  a  limit  on  the  magnitude  of  the  closure  by  its  effect  on  the  crack- 
tip  opening  displacements,  as  compared  to  the  dimensions  of  the  ‘wedge’,  e.g.  fracture-surface 
asperities  (although  at  high  growth  rates  it  can  become  significant  again  as  Kmax  approaches  the 
instability  condition  and  static  fracture  modes  occur  [22]).  The  basic  quantities  involved,  Kop, 
A K,  A Ke„,  Kma%  and  Kmin,  are  defined  in  Fig.  3. 
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Fig.  3.  Schematic  illustration  of  Classification  Ill-type  behaviour. 


Classifications  /  and  III 

We  consider  the  case  where  the  crack-opening  level,  Kop,  is  taken  to  be  independent  of  R 
[Fig.  3(a)],  This  is  naturally  an  approximation;  although  at  near-threshold  levels,  i.e.  typically  for 
growth  rates  less  than  10-9  m/cycle,  where  roughness-induced  crack  closure  is  the  dominant 
mechanism  (except  in  severe  oxidizing  environments),  experimental  measurements  in  many  mate¬ 
rials  have  verified  this  behaviour  [23].  This  information,  with  the  assumption  of  constant  Kop 
level,  is  expressed  in  terms  of  a  A K  versus  Kmax  plot  in  Fig.  3(b).  The  variation  in  A Klh  with  R  is 
shown  in  Fig.  3(c);  this  figure  indicates  that  between  R  =  0  and  R  =  Kop/Kmax,  the  magnitude  of 
AKth  varies  as 

AKtb  =  AKth0(l-R)  (1) 

where  AKtb0  is  the  threshold  value  at  R  =  0.  For  the  R  values  between  Kop/Kmax  and  ( 1  -  A Ke(r/Kc), 
AKth  is  independent  of  R;  this  corresponds  to  Vasudevan  and  Sadananda’s  [20]  Classification  III, 
and  has  been  reported  for  many  structural  alloys,  e.g.  in  7090-T6  aluminium  [23].  where  the 
opening  stress  intensity  at  the  threshold,  Kopth,  was  measured  as  1.8  MPaVm  at  both  R  =  0.05 
and  R  =  0.5.  Note  that  the  critical  value  of  R  at  which  the  break  occurs  in  Fig.  3(c)  is  a  function 
of  the  level  of  crack  closure.  Indeed,  to  the  first  order,  the  critical  value  is  achieved  when  Kop  = 
Kmi„,  if  one  assumes,  as  did  Schmidt  and  Paris  [24],  that  the  effective  stress  intensity  at  the 
threshold,  AKcfT  tb,  is  a  constant  and  Kop  is  independent  of  R.  Thus,  as  the  level  of  crack  closure 
decreases,  the  break  point  moves  to  lower  R  values  to  approach  R  =  0  in  the  limit;  this  condition 
constitutes  Vasudevan  and  Sadananda’s  [20]  Classification  I  in  Fig.  2,  as,  e.g.  seen  in  the  IN9021 
alloy  [23]. 

Vasudevan  and  co-workers  [25,26]  proposed  that  Classification  I  behaviour  is  obtained  in 
vacuum  and  provide  data  from  the  literature  to  support  the  view  [27,28].  This  would  indicate 
that  the  different  behaviour  observed  in  air  is  therefore  due  to  an  environmental  effect.  However, 
they  also  present  A Kth  data  as  a  function  of  R  for  316  stainless  obtained  in  air  and  in  vacuum  by 
Usami  et  al.  [29],  These  results  clearly  show  behaviour  much  closer  to  Classification  III  behaviour 
than  Classification  I  for  both  air  and  vacuum.  In  addition,  in  a  recent  study  of  the  behaviour  of 
three  aluminium  alloys  tested  in  vacuum  and  air  at  R  =  0.05  and  0.5,  Classification  II-  (see  below) 
or  Ill-type  behaviour  has  been  seen,  as  indicated  in  Fig.  4  [30],  We  also  note  that  for  a  9Cr-2Mo 
steel  tested  in  vacuum  at  538  °C,  no  R  effect  was  found,  whereas  there  was  one  at  20  °C  [31].  In 
this  case,  the  absence  of  an  R  effect  at  elevated  temperature  was  ascribed  to  a  loss  of  crack  closure 
due  to  the  compressive  creep  and  flattening  of  asperities  on  unloading.  It  is  possible  that  effects 
of  a  similar  nature  may  have  occurred  at  room  temperature  in  vacuum  in  those  cases  where  no  R 
effect  was  observed,  although  precise  explanation  at  this  time  is  uncertain. 
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Fig.  4.  Effect  of  R  on  A Klh  for  three  aluminium  alloys  tested  in  air  and  vacuum  [30]. 


Classification  II 

Next,  we  consider  the  case  where  the  crack-opening  level  increases  with  an  increase  in  R 
[Fig.  5(a)],  a  situation  which  could  occur  as  the  result  of  a  greater  amount  of  wear  of  contacting 
asperities  at  the  smaller  crack-tip  opening  displacements  associated  with  low  load  ratios  compared 
to  high.  Figure  5(b)  and  (c)  depicts  the  effect  of  this  type  of  closure  on  plots  similar  to  those  shown 
in  Fig.  3(a)  and  (b);  such  behaviour  complies  with  Vasudevan  and  Sadananda’s  Classification  II. 

Classification  IV 

Classification  IV  is  characterized  by  a  decrease  in  Kop  and  Kmax  with  an  increase  in  A K,  as 
indicated  in  Fig.  6.  It  is  noted  that  Vasudevan  and  Sadananda  [20]  have  shown  that  at  the 
threshold  level,  the  behaviour  of  a  ductile  aluminium  matrix  composite  tested  by  Shang  and  Ritchie 
[32]  is  of  the  type  shown  in  Fig.  6(b). 

It  might  be  expected  that  this  type  of  behaviour  would  occur  in  high-strength  steels  where  oxide- 
induced  closure  is  predominant.  In  such  steels  tested  in  moist  air  environments,  fretting  oxidation 
can  markedly  promote  the  formation  of  oxide  debris  at  near-threshold  stress  intensities  [33-35]. 
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Fig.  6.  Schematic  illustration  of  Classification  IV-type  behaviour. 


Since  this  process  only  occurs  at  low  load  ratios  where  the  crack  faces  come  in  contact,  the  crack¬ 
opening  level  decreases  with  an  increase  in  R.  These  excess  oxide  products,  which  constitute  the 
crack  wedge,  can  be  up  to  40  times  thicker  at  R  —  0.1  than  at  R  =  0.75,  where  the  oxide  forms  as 
a  natural  limiting  thickness.  However,  the  Km&x  threshold  is  fairly  constant  with  A K  threshold 
decreasing  with  an  increase  in  R  (Fig.  7);  with  Kop  constant,  this  corresponds  to  Classification  III 
rather  than  Classification  IV  behaviour. 

In  a  more  oxidizing  environment,  e.g.  distilled  water,  the  growth  of  the  oxide  film  is  thermally 
induced  at  all  R  values.  Since  the  crack  wedge  thickness  is  now  comparable  at  R  =  0.1  and  0.75, 


Fig.  7.  Variation  of  alternating  and  maximum  stress  intensities  at  threshold  (A Kth  and  /Clh  max,  respectively) 
and  the  maximum  excess  oxide  thickness  {d^)  with  load  ratio  R  for  ASTM  A542  Class  3  steel  tested  in 
ambient  temperature  environments  of  moist  air,  dry  gaseous  hydrogen  and  distilled  water  at  50  Hz  [35]. 
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the  crack-opening  load  is  essentially  independent  of  R  (Classification  III  behaviour),  yet  the 
resulting  dependence  of  A Xth  on  R  conforms  to  Classification  II  (but  with  the  break  at  a  very 
high  R  value  [35]).  These  examples  serve  to  illustrate  that  it  may  be  difficult  to  assign  an 
appropriate  classification  a  priori. 

Finally,  it  should  also  be  noted  that  the  linear  dependence  of  the  crack-opening  level  on  R  is  a 
simplifying  assumption.  Any  deviation  from  linearity  would  of  course  have  a  corresponding  effect 
on  the  shape  of  the  plots  described  above. 

DISCUSSION 

The  conclusion  to  be  drawn  from  this  brief  review  is  that  in  terms  of  the  crack-advance  process, 
there  is  no  difference  in  the  crack-growth  controlling  parameters  above  and  below  the  break  shown 
in  Fig.  2.  There  is  only  one  control  parameter,  i.e.  A Keff,  as  has  recently  been  demonstrated  by 
Pippan  [36],  who  showed  that  in  the  absence  of  crack  closure  the  crack-growth  rate  was  indepen¬ 
dent  of  R,  over  the  range  -2.0  to  0.1,  and  depended  solely  on  A Kefr. 

Thus,  in  the  absence  of  the  static  modes  of  rupture  that  may  occur  at  high  growth  rates 
approaching  instability,  the  role  of  A K t.u~  is  to  advance  the  crack,  and  the  corresponding  role  of 
Kmsix  is  in  limiting  the  extent  of  crack  closure  behind  the  crack  tip,  as  shown  schematically  in 
Fig!  8(a).  These  distinct  contributions  to  the  fatigue  process  are  consistent  with  the  crack  growth 
rate  (d a/dN)  stress  intensity  relationship  generally  found  in  metals,  where  with  a  modified 
Paris-type  relationship  [37]: 

da/dN  «(A Kett)n(Kmaxy  (2) 

most  ductile  metallic  materials  are  found  to  display  a  far  higher  dependency  on  AXeff  than  on 


Extrinsic  Processes  Intrinsic  Processes 


Fig.  8.  Schematic  illustrations  of  intrinsic  and  extrinsic  mechanisms  involved  in  cyclic  fatigue  crack 
growth  in  (a)  metals  and  (b)  ceramics,  showing  the  relative  dependencies  of  growth  rates,  da/dN,  on  the 
alternating,  A K,  and  the  maximum  K ^  stress  intensities  [37]. 
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Kmax,  e.g.  for  a  Ni-base  superalloy,  n  =  3.0,  p  =  0.4.  This  is  in  stark  contrast  to  brittle  materials, 
e.g^ceramics,  where  the  crack-advance  process  is  Kmax  controlled  and  p»n  [Fig.  8(b)]  [37,38]. 


CONCLUSIONS 


Whereas  the  role  of  plasticity-induced  crack  closure  in  plane  strain  may  be  quite  low,  other 
forms  of  closure,  e.g.  roughness  induced,  can  play  a  major  role  in  influencing  fatigue-crack 
propagation  in  ductile  materials. 

The  crack-growth  controlling  parameters  do  not  change  with  load  ratio.  Except  at  high  growth 
rates  where  static  fracture  modes  occur  as  Kmax  approaches  instability,  there  is  only  one  parameter, 
A Kc[[,  controlling  the  rate  of  growth  of  fatigue  cracks  in  ductile  materials. 
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Abstract 

The  characterization  of  critical  levels  of  microstructural  damage  that  can  lead  to  fatigue-crack  propagation  under  high-cycle 
fatigue  loading  conditions  is  a  major  concern  for  the  aircraft  industry  with  respect  to  the  structural  integrity  of  turbine  engine 
components.  The  extremely  high  cyclic  frequencies  characteristic  of  in-flight  loading  spectra  necessitate  that  a  damage-tolerant 
design  approach  be  based  on  a  crack-propagation  threshold,  A£XH.  The  present  study  identifies  a  practical  lower-bound  large-crack 
threshold  under  high-cycle  fatigue  conditions  in  a  Ti-6A1-4V  blade  alloy  (with  -60%  primary  a  in  a  matrix  of  lamellar  a+P). 
Lower-bound  thresholds  are  measured  by  modifying  standard  large-crack  propagation  tests  to  simulate  small-crack  behavior.  These 
techniques  include  high  load-ratio  testing  under  both  constant-/?  and  constant-#™*  conditions,  performed  at  cyclic  loading  fre¬ 
quencies  up  to  1  kHz  and  /^-ratios  up  to  0.92.  The  results  of  these  tests  are  compared  to  the  near-threshold  behavior  of  naturally- 
initiated  small  cracks,  and  to  the  crack  initiation  and  early  growth  behavior  of  small  cracks  emanating  from  sites  of  simulated 
foreign  object  damage.  ©  1999  Elsevier  Science  Ltd.  All  rights  reserved. 

Keywords:  Fatigue;  Threshold;  Titanium;  High-cycle  fatigue  small  cracks;  Foreign  object  damage 


1.  Introduction 

A  1992  study  conducted  by  the  Scientific  Advisory 
Board  of  the  US  Air  Force  targeted  high-cycle  fatigue 
(HCF)  as  the  single  biggest  cause  of  turbine  engine  fail¬ 
ures  in  military  aircraft  [1].  HCF  results  in  rapid,  essen¬ 
tially  unpredictable  failures  due  to  fatigue-crack  propa¬ 
gation  under  ultrahigh  frequency  loading.  Furthermore, 
cracking  often  initiates  ffom  small  defects  which  are 
associated  with  damage  caused  by  a  variety  of  drivers, 
including  fretting  and  impacts  by  foreign  objects  [2].  To 
prevent  HCF  failures,  design  methodologies  are  required 
that  identify  the  critical  levels  of  precursoiy  microstruc¬ 
tural  damage  which  can  lead  to  such  failure.  The  current 
study,  which  is  part  of  the  US  Air  Force’s  Multidiscipli¬ 
nary  University  Research  Initiative  on  ‘High  Cycle  Fati¬ 
gue,’  is  targeted  at  identifying  these  critical  levels  of 
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damage  and  characterizing  fatigue  behavior  under  rep¬ 
resentative  operating  conditions  in  a  Ti-6A1~4V  alloy. 
The  Ti-6A1-4V  alloy,  typically  used  in  the  front,  low- 
temperature,  stages  of  the  engine,  was  chosen  as  a  proto¬ 
typical  material  for  study  by  the  joint  military-industry- 
academia  HCF  program. 

While  the  exact  forcing  functions  which  cause  HCF 
failure  remain  unknown,  it  has  been  established  that 
engine  components  experience  high  frequency  (>  1  kHz) 
vibrational  loading  due  to  transient  airflow  dynamics  [2, 
3].  This  vibratory  loading  is  often  superimposed  on  a 
high  mean  stress.  Because  of  the  very  high  frequency  of 
loading,  even  cracks  growing  at  slow  per-cycle  velocities 
(i.e.  10“ 10  to  10“9  m/cycle)  propagate  to  failure  in  a 
short  period  of  time.  For  example,  a  crack  growing  at  a 
constant  velocity  of  10~10  m/cycle  would  cause  failure 
in  a  20  mm  thick  turbine  component  in  approximately 
30  h  of  operation  (at  1  kHz).  In  contrast,  this  same  crack 
velocity  in  a  20  mm  automobile  piston  rod  would  give 
2000  h  of  continuous  operation  due  to  the  low  frequency 
of  loading  (~50  Hz).  For  this  reason,  it  is  necessary  to 
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operate  HCF-critical  turbine  components  below  the 
fatigue-crack  propagation  threshold  (AKjh)  such  that 
crack  propagation  cannot  occur  (within  ~109  cycles). 

Whereas  an  extensive  database  [4,5]  exists  for  fatigue- 
crack  propagation  thresholds  in  metallic  alloys,  it  has 
been  largely  derived  from  standard  test  geometries  con¬ 
taining  large  (>few  mm)  through-thickness  cracks;  such 
data  are  not  necessarily  relevant  to  the  HCF  problem 
where  the  flaws  that  cause  failure  are  likely  to  be  in  the 
range  of  tens  to  hundred  of  micrometers  [6].  Indeed, 
cracks  with  dimensions  comparable  to  either  character¬ 
istic  microstructural  size  scales  or  to  the  crack-tip  plas¬ 
tic-zone  size  can  grow  at  velocities  far  faster  than  corre¬ 
sponding  large  cracks  at  the  same  applied  driving  force; 
and  they  can  propagate  at  applied  stress-intensity  levels 
below  the  large-crack  threshold,  Ai^  (Fig.  1).  For  this 
reason,  design  against  HCF  failure  must  be  based  on  the 
notion  of  a  small-crack  threshold,  measured  under  the 
representative  conditions  of  high  frequencies  and  high 
mean  loads  [7]. 

There  are  several  reasons  why  small  cracks  can 
behave  differently  from  large-cracks.  Of  these,  the  most 
important  are  associated  with  cracks  of  a  size  compara¬ 
ble  to  [8]: 

•  microstructural  size  scales,  where  biased  statistical 
sampling  of  the  microstructure  leads  to  accelerated 
crack  advance  along  ‘weak’  paths,  i.e.,  microstruc¬ 
tural  features  oriented  for  easy  crack  growth  (a  con¬ 
tinuum  or  homogeneity  limitation), 

•  the  extent  of  local  plasticity  ahead  of  the  crack  tip, 
where  the  assumption  of  small-scale  yielding  implicit 
in  the  use  of  the  stress  intensity  K  is  not  strictly  valid 
(a  linear-elastic  fracture  mechanics  limitation), 

•  the  extent  of  crack-tip  shielding  (e.g.  crack  wedging 


Fig.  1 .  A  schematic  comparison  of  typical  growth-rate  behavior  for 
small  cracks  and  large  cracks.  Small  cracks  are  observed  to  grow 
below  the  large-crack  threshold  and  at  velocities  greater  than  equival¬ 
ently  driven  large  cracks. 


by  crack  closure)  behind  the  crack  tip,  where  the 
reduced  role  of  shielding  leads  to  a  higher  local  driv¬ 
ing  force  than  the  corresponding  large  crack  at  the 
same  K  levels  (a  similitude  limitation). 

Because  of  the  experimental  difficulties  associated  with 
conducting  small-crack  tests,  one  approach  used  in  the 
present  work  is  to  develop,  through  a  consideration  of 
the  mechanisms  listed  above,  large-crack  tests  that  simu¬ 
late  the  behavior  of  small  cracks,  thereby  yielding  lower- 
bound  threshold  values.  As  small-scale  yielding  con¬ 
ditions,  in  terms  of  near-threshold  cyclic  plastic-zone 
sizes  (-0.2-1  pm),  clearly  apply,  the  methods  of 
determining  lower-bound  thresholds  used  in  this  study 
are  focused  on  the  similitude  limitation,  and  are  thus 
based  on  assuring  that  (i)  minimal  crack  closure  exists 
behind  the  crack  tip,  and  (ii)  minimal  microstructural 
damage  exists  ahead  of  the  tip.  We  recognize  that  such 
lower-bound  large-crack  techniques  cannot  also  simulate 
the  continuum  limitation;  however,  the  extent  to  which 
they  do  simulate  true  small-crack  behavior  will  give 
some  insight  into  the  importance  of  this  factor. 

The  techniques  being  employed  are: 

•  conventional  load-shedding  to  approach  the  threshold 
under  high  and  constant  load-ratio  conditions  [Fig. 
2(a)],  where  the  load  ratio  R  is  the  ratio  of  minimum 
to  maximum  loads;  this  tends  to  minimize  the  role 
of  crack  closure  by  ensuring  that  crack-tip  opening 
displacements  (CTODs)  are  large  enough  to  limit  any 
premature  contact  of  the  crack  surfaces  on  unloading 
(i.e.  the  minimum  CTOD  in  the  cycle  is  larger  than 
the  dimensions  of  the  fracture  surface  asperities), 

•  load-shedding  under  variable  R  conditions,  specifi¬ 
cally  involving  a  constant  ^Tmax/increasing  Kmin 
sequence  to  approach  the  threshold  [9,10]  [Fig.  2(b)], 
which  ensures  that  the  highest  R  values  possible,  and 
hence  minimal  closure  loads,  are  achieved  at  A^th, 

•  pre-cracking  in  far-field  compression  to  minimize 
microstructural  damage  ahead  of  the  crack  tip 
[6,11,12],  followed  by  machining  to  remove  the 
crack  wake, 

•  ‘razor  micro-notching’,  where  polishing  with  a  razor 
blade  at  the  root  of  a  notch  is  used  to  produce  a 
machined  slot  (i.e.  with  no  crack  closure  and  little 
damage  ahead  of  the  tip)  with  a  root  radius  smaller 
than  the  characteristic  microstructural  dimensions 
(~10  pm). 

The  current  paper  describes  results  using  the  first  two 
techniques.  In  addition,  as  many  engine  components  see 
the  high  frequency/high  load-ratio  (vibratory)  cycling 
interrupted  by  large  periodic  unloading/loading  (stop- 
start)  cycles,  we  take  a  preliminary  look  at  this  effect  of 
high-cycle/low-cycle  fatigue  (HCF/LCF)  interactions  on 
such  thresholds.  A  secondary  objective  is  to  investigate 
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(a)  (b) 

Fig.  2.  Schematics  illustrating  the  use  of  (a)  high  load  ratio  and  (b)  constant  Kmax  cycling  to  minimize  closure  effects,  thereby  yielding  lower- 
bound  thresholds. 


the  effect  of  frequency  on  crack-growth  behavior  in  Ti- 
6A1-4V;  as  many  of  the  HCF  data  are  measured  at  1 
kHz,  comparisons  are  made  with  results  at  ‘conven¬ 
tional’  frequencies  (e.g.  50  Hz).  Finally,  since  foreign 
object  damage  represents  a  prime  source  of  HCF  fail¬ 
ures,  we  also  examine  the  fatigue-crack  growth  behavior 
of  small  cracks  originating  from  foreign  object  damage 
sites  that  have  been  simulated  by  firing  high-velocity 
hardened  steel  spheres  onto  the  surface  of  test  samples. 


2.  Experimental  procedures 

2.1.  Material  and  microstructure 

The  Ti-6A1-4V  alloy  investigated  in  this  study  was 
supplied  in  a  condition  which  has  been  termed  ‘solution- 
treated  and  overaged’  (STOA),  from  a  set  of  forgings 
produced  specifically  for  the  joint  military-industry-aca¬ 
demia  HCF  program.  The  chemical  composition  (in 
wt%)  was  6.30%  Al,  4.17%  V,  0.19%  Fe,  0.19%  O, 
0.013%  N,  bal.  Ti.  The  bar-stock,  originating  from  Tele¬ 
dyne  Titanium,  was  forged  into  40x15x2  cm  plates  and 
subsequently  solution- treated  at  925°C  (1  h)  and  vacuum 
annealed  at  700°C  (2  h)  for  stabilization.  The  resulting 
microstructure  consisted  of  a  bimodal  distribution  of -60 
vol%  primary-a  and  -40  vol%  lamellar  colonies  of  a+P 
(Fig.  3).  Studies  of  a  separate  forging  from  the  same  lot 
revealed  a  tensile  strength  of  970  MPa,  a  yield  strength 
of  926-935  MPa  and  a  Young’s  modulus  of  1 16  GPa, 
based  on  tensile  tests  conducted  along  the  longitudinal 
axis  at  a  strain  rate  of  5xl0"4  s“!  [13]. 

2.2.  Fatigue-crack  propagation  testing 

Large-crack  propagation  studies  were  conducted  on 
compact-tension  C(T)  specimens  machined  in  the  L-T 
orientation  (with  8  mm  thickness  and  25  mm  width)  at 
R  ratios  (ratio  of  minimum  to  maximum  loads)  varying 
from  0.1  to  0.92  in  a  lab  air  environment  (22°C,  -45% 
relative  humidity).  Crack  lengths  were  monitored  in  situ 
using  the  back-face  strain  compliance  technique,  and 
were  verified  using  periodic  optical  inspection.  Crack 
closure  was  also  monitored  using  back-face  strain  com¬ 
pliance;  specifically,  the  closure  stress  intensity,  Kch  was 


Fig.  3.  Optical  micrograph  of  the  micro  structure  of  the  Ti-6A1-4V 
studied.  The  microstructure  consists  of  approximately  60%  primary  a 
and  40%  lamellar  a+P  colonies.  The  grains  were  slightly  elongated  in 
along  the  L  forging  axis.  All  fatigue  specimens  were  extracted  in  the 
L-T  orientation  (such  that  the  crack  surface  was  in  the  S-T  plane  and 
the  crack  propagated  in  the  T  direction).  (Etched  in  Kroll’s  solution). 

determined  from  the  closure  load,  Pch  measured  at  the 
point  of  first  deviation  from  linearity  in  the  elastic  com¬ 
pliance  curve  upon  unloading  [14]. 

Fatigue  tests  were  conducted  largely  in  accordance 
with  ASTM  Standard  E-647.  For  crack-growth  threshold 
determination  using  constant  R  testing,  loads  were  shed 
such  that  A^=z\A^initiaIexp[C(a“ainitial)],  with  the  nor¬ 
malized  ^-gradient,  C,  set  to  -0.08  mm”1,  as  suggested 
in  ASTM  E-647  (AK  is  the  stress-intensity  range  and  a 
is  the  crack  length).1  At  50-200  Hz,  the  fatigue  thresh¬ 
olds,  AATth  and  KmaxTH,  were  defined  as  the  minimum 
values  of  these  parameters  yielding  a  propagation  rate 


1  Proprietary  studies  by  industrial  participants  have  found  that 
gradients  as  high  as  C=-0.8  mm  1  could  be  employed  for  this  alloy 
without  inducing  observable  effects  on  the  measurement  of  the  thres¬ 
hold. 
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of  10” 10  m/cycle;  at  1  kHz,  thresholds  could  be  defined 
at  a  propagation  rate  of  10“ 11  m/cycle. 

Tests  at  50-200  Hz  (sine  wave)  were  conducted  on 
conventional  MTS  servo-hydraulic  testing  machines 
operating  under  automated  closed-loop  K  control.  Corre¬ 
sponding  fatigue  tests  at  1  kHz  were  performed  under 
load  control  on  a  newly  developed  MTS  servohydraulic 
test  frame  using  a  voice-coil  servovalve;  details  of  this 
instrument  are  described  elsewhere  [15]. 

Results  are  presented  in  the  form  of  the  crack  growth 
increment  per  cycle,  da/dN,  plotted  as  a  function  of  the 
applied  stress-intensity  range,  &K=Kmax-Kmin;  after 
allowing  for  the  effect  of  closure,  growth  rates  are  plot¬ 
ted  as  a  function  of  the  effective  (near-tip)  stress-inten¬ 
sity  range,  &Kc{f=Kmax-Kcl. 

2.3.  Simulation  of  foreign  object  damage 

Foreign  object  damage  (FOD)  was  simulated  by  firing 
chrome-hardened  steel  spheres  onto  a  flat  specimen  sur¬ 
face  using  compressed  gas.  The  specimen  geometry 
chosen  for  this  study  has  a  rectangular  gauge  section 
with  cylindrical  buttonhead  grip  sections  (Fig.  4),  and  is 
nearly  identical  to  the  Kb  specimen  used  by  GE  Aircraft 
Engines  for  its  similarity  to  the  blade  loading  configur¬ 
ation  [16].  To  provide  a  consistent,  nominally  stress-free 
surface,  gauge  sections  were  prepared  by  standard  stress 
relief  and  chemical-milling  procedures.  In  this  study,  3.2 
mm  diameter  spheres  were  impacted  onto  the  flat  surface 
of  a  tensile  specimen  at  velocities  of  ~200,  250,  and 
300  m/s.  These  velocities  were  chosen  because  (i)  they 
represented  typical  in-service  impact  velocities  on 
blades,  and  (ii)  they  provided  different  levels  of  damage 
(see  below).  All  shots  were  fired  at  90°  to  the  specimen 
surface.  After  impacting,  the  tensile  specimens  were  sub¬ 
sequently  cycled  at  20  Hz  (sine  wave)  with  a  maximum 
nominal  stress  of  500  MPa  at  a  load  ratio  of  7?=0.1. 
Periodically,  the  specimen  was  removed  from  the  test 
frame  and  examined  in  a  scanning  electron  microscope 
(SEM)  to  detect  crack  initiation.  Once  a  crack  had 
initiated,  subsequent  crack  growth  was  similarly  moni¬ 
tored  using  periodic  SEM  observations.  As  a  preliminary 
assessment,  residual  stresses  surrounding  the  indentation 
were  ignored  and  the  fatigue  cracks  were  modeled  as 
semi-elliptical  surface  cracks  initiating  at  the  bottom  or 
rim  of  the  impact  crater.  Stress  intensities  were  com- 


Fig.  4.  Modified  Kb  geometry  used  for  FOD  studies.  Gauge  section 
is  3  mm  x  5  mm.  The  specimen  is  based  on  a  geometry  used  by 
General  Electric  to  closely  approximate  the  loading  configuration  of 
actual  turbine  blades.  The  FOD  shot  was  fired  at  the  5  mm  wide  surface 
and  created  impact  sites  that  were  2-2.6  mm  in  diameter. 


puted  from  the  Newman-Raju  semi-elliptical  surface 
crack  solution  [17],  assuming  a  half-surface  length  to 
depth  ratio  (c/a)  of  0.9  (based  on  fractographic 
observations). 


3.  Results  and  discussion 

3.1.  Effect  of  load  ratio 

The  effect  of  load  ratio  (R- 0. 1-0.8)  on  the  fatigue- 
crack  propagation  rates  of  large  (>5  mm)  cracks  in  the 
STOA  Ti-6AMV  at  low  frequencies  (50  Hz)  is  shown 
in  Fig.  5.  As  expected,  higher  load  ratios  induce  lower 
AKm  thresholds  and  faster  growth  rates  at  a  given 
applied  level.  Threshold  stress-intensity  ranges  were 
measured  as  4.6,  2.9,  and  2.6  MPaVm  ati?=0.1,  0.5  and 
0.8,  respectively.  A  two-parameter  fit  of  the  Paris  regime 
for  the  three  load  ratios  yields  a  growth  law  of  (units: 
m/cycle,  MPaVm): 

^=5.2X10-'2A^2^  (1) 

dN 

While  this  law  appears  to  work  well  at  both  of  the 
higher  load  ratios,  at  R= 0. 1  there  is  clearly  a  slight  tran¬ 
sition  in  slope  at  AAT-10  MPaVm  that  cannot  be  captured 
in  Eq.  (1).  This  transition  has  been  observed  in  similar 
Ti-6A1-4V  alloys  and  has  been  attributed  to  a  change  in 
the  crystallographic  morphology  of  crack  growth,  from  a 
‘stage-I  like’  fracture  where  all  facets  lie  on  the  basal 
plane  (0002)  to  a  typical  stage-II  transgranular  fracture 
resulting  from  slip  alternating  on  nearly  symmetrical  slip 
systems  [18]. 

The  observed  effect  of  load  ratio  is  commonly  attri- 
aK  (ksiVin) 


8  9  1  2  34567B  910  2  345 


891  2  3  45678  910  2  3  456 


STRESS-INTENSITY  RANGE,  aK  (MPaVm) 

Fig.  5.  Fatigue  crack  propagation  data  for  /?=0.1,  0.5,  and  0.8  with 
thresholds  at  AA:TH=4.6,  2.9,  and  2.6  MPaVm,  respectively.  Thresholds 
are  compared  to  theoretical  intrinsic  thresholds  based  on  analysis  by 
Weertman  [29],  and  Sadananda  and  Shahinian  [28],  as  discussed  in 
the  text. 
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buted  to  the  role  of  crack  closure,  which  in  Ti  alloys  is 
generally  observed  to  be  roughness  induced  (i.e.  arising 
from  the  wedging  of  crack-surface  asperities)  [19-21]. 
To  examine  this,  closure  stress  intensity  values,  Kch  were 
measured  at  each  load  ratio.  No  detectable  closure  was 
observed  at  #=0.5  and  0.8.  However,  at  #=0.1,  KcX  values 
were  observed  to  be  roughly  constant  at  ~2.0  MPaVm 
[Fig.  6(a)].  In  Fig.  6(b),  the  results  of  Fig.  5  are  replotted 
in  terms  of  the  effective  stress-intensity  range,  after 
accounting  for  crack  closure.  It  is  apparent  that,  similar 
to  previous  studies  in  Ti-6A1-4V  [22],  characterizing 
growth  rates  in  terms  of  A#eff  reduces  the  disparity  in 
crack-growth  behavior  between  the  three  R  ratios;  this 
result  is  consistent  with  crack  closure  as  a  mechanism 
for  the  load  ratio  (or  #max)  effect. 


(°)  Ak  (ksi^n) 

4  6  0  10  12 


2  3  456789  10  2 

STRESS  INTENSITY  RANGE,  AKand  AKeff  (MPaVm) 

Fig.  6.  (a)  Crack  closure,  measured  by  unloading  compliance,  stays 

approximately  constant  at  Xcl~ 2  MPaVm.  (b)  When  crack  closure  is 
considered  in  AXcfr  (-Xmax-Xcl),  the  load  ratio  effect  between  /?=0.1 
and  /?=0.5  is  negligible.  At  low  growth  rates,  the  apparent  discrepancy 
is  most  likely  due  to  imprecision  in  measuring  the  closure  level. 


The  measured  variation  with  load  ratio  of  the  thres¬ 
hold  AATth  and  #max,rH  values,  plotted  in  Fig.  7,  can  be 
compared  with  the  simple  closure  model  of  Schmidt  and 
Paris  [24].  This  model  is  based  on  the  notion  that  Kc] 
and  the  effective  A K  threshold,  A#eff>TH,  are  constant  and 
independent  of  R;  it  predicts  that  measured  A KTU  and 
^max,TH  thresholds  will  be  load-ratio  independent, 
respectively  above  and  below  a  transition  R  at  which 
point  Kmin=Kcl.  Although  clearly  there  are  insufficient 
data  to  verify  this  simplified  analysis,  the  present  results 


Fig.  7.  Variation  of  XmaxTH  and  AX'™  with  load  ratio  appears  to  fol¬ 
low  the  Schmidt  and  Paris  closure  model  [23].  Although  more  data 
are  required  to  clearly  establish  a  transition,  the  data  presented  here 
show  a  change  in  slope  at  X^O.5,  consistent  with  Kc]= 2-3  MPaVm 
as  observed. 
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are  consistent  with  this  model,  and  the  transition  R, 
above  which  closure  is  ineffective  (Kmin  >  ATcl),  is 
observed  at  Kmin=Kcl  -2-3  MPaVm.  Such  an  estimate 
of  Kci  is  consistent  with  the  experimentally  measured 
values  [Fig.  6(a)],  determined  from  back-face  strain 
compliance. 

3.2.  Effect  of  frequency 

The  role  of  cyclic  frequency  is  shown  in  Fig.  8  where 
the  growth  rates  at  50  Hz  are  compared  with  data  col¬ 
lected  at  1  kHz.  It  is  clear  that  results  at  1  kHz  are  not 
statistically  distinguishable  from  the  conventional  fre¬ 
quency  data.  Cursory  experiments  performed  at  200  Hz 
exhibited  a  similar  result.  This  lack  of  a  frequency  effect 
on  ambient-temperature  growth-rate  behavior  in  STOA 
Ti-6A1-4V  is  consistent  with  preliminary  results  at  2 
kHz  on  the  same  material  system  [25].  In  contrast, 
stress/life  (S/N)  fatigue  tests  conducted  in  another  Ti- 
6A1-4V  microstructure  (consisting  almost  entirely  of 
primary  a)  [26]  showed  an  increase  in  fatigue  strength 
(defined  as  the  stress  for  failure  within  107  cycles)  as 
the  frequency  increased  from  70  to  400  to  1800  Hz. 
These  results  suggest  that  the  role  of  high  frequencies 
on  the  fatigue  of  Ti-6A1-4V  at  ambient  temperatures 
may  be  largely  associated  with  crack  initiation,  rather 
than  the  propagation  life  per  se. 

Testing  at  1  kHz  permits  thresholds  to  be  readily 
obtained  at  much  lower  growth  rates.  Using  the  ASTM 
standard  ^-gradient  of  0.08  mm"1,  measurements  down 
to  10" 11  m/cycle  require  several  weeks  at  50  Hz, 
whereas  these  same  measurements  can  be  obtained  in  a 
single  day  at  1  kHz.  In  the  present  study,  thresholds  mea¬ 
sured  at  10" 11  m/cycle  (at  1  kHz)  were  found  to  be  ~0.1 
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Fig.  8.  Comparison  of  fatigue-crack  propagation  at  50  Hz  and  1  kHz 
showing  no  statistically  significant  deviation  in  behavior.  High  fre¬ 
quency  testing  also  enables  collection  of  very  low  growth  rate  data 
(down  to  10“ 11  m/cycle)  in  a  relatively  short  amount  of  time  (~1  day). 


MPaVm  lower  than  the  10  10  m/cycle  thresholds 
(measured  at  either  frequency). 

3.3.  Constant  KmcJvariable  R  testing 

Results  at  1  kHz  from  the  variable  R ,  constant- 
i^max/increasing-A:min  tests,  which  minimize  the  effect  of 
crack  closure,  are  shown  in  Fig.  9.  Here,  for  a  constant 
K ^  of  26.5  MPaVm,  a  final  load  ratio  of  A=0.92  was 
achieved,  yielding  a  threshold  of  2.2  MPaVm,  compared 
to  a  AATyH  value  of  2.4  MPaVm  for  constant  R=0.8  test¬ 
ing.  These  high  load  ratios  result  in  an  extremely  large 
minimum  crack-tip  opening  displacements2 
(CTODmin~0.7  pm  and  4.3  pm  for  A=0.8  and  0.92, 
respectively)  superimposed  on  a  relatively  small  cyclic 
crack-tip  opening  displacement  (ACTOD  —20  nm  for 
both  i?=0.8  and  0.92).  With  such  large  crack-tip  opening 
displacements,  crack  closure  from  fracture-surface 
asperity  wedging  would  be  expected  to  be  essentially 
non-existent,  as  the  asperity  sizes  would  need  to  exceed 
the  CTODmin  of  several  micrometers. 

The  AA^h  threshold  value  of  2.2  MPaVm  measured 
under  constant-ATmax/increasing  Kmin  cycling  at  R= 0.92  is 
considered  to  represent  a  practical  lower-bound  thres¬ 
hold  for  large  cracks  measured  to  date  in  STOA  Ti-6A1- 
4V.  It  should  be  compared  with  measurements  on  nat¬ 
urally-initiated  small  cracks  in  the  same  microstructure, 
where  small-crack  growth  (a~45-1000  pm)  was  not 
observed  below  a  A K  of  2.9  MPaVm  (#=0.1)  [28]. 


Fig.  9.  A  constant  Kmxx  test  at  1000  Hz  was  used  to  achieve  R- 0.92 
resulting  in  a  lower-bound  threshold  of  2.2  MPaVm.  Results  are  com¬ 
pared  with  constant  R  data  at  both  50  and  1000  Hz. 


2  Crack-tip  opening  displacements,  5,  were  calculated  in  terms  of 
the  yield  stress,  ay,  and  appropriate  Young’s  modulus,  E\  from 
b^p (l&OyE’).  The  constant  p  is  a  function  of  the  yield  strain,  cfE', 
the  strain-hardening  coefficient  and  whether  plane-stress  or  plane- 
strain  conditions  are  assumed;  a  value  of  0.8  was  used  for  Ti-6AI- 
4V,  based  on  the  numerical  calculations  of  Shih  [27]. 
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3.4.  Intrinsic  thresholds 

Since  threshold  values  are  experimentally  measured  at 
such  high  load  ratios  in  the  apparent  total  absence  of  an 
influence  of  crack  closure,  their  magnitude  should 
approach  that  of  the  so-called  intrinsic  threshold.  Several 
estimates  of  this  parameter  have  been  theoretically  cal¬ 
culated  to  represent  the  absolute  lower-bound  stress 
intensity  for  fatigue-crack  growth. 

The  simplest  approach  to  estimate  the  intrinsic  thres¬ 
hold  is  to  extrapolate  the  Paris  law  regime  down  to  the 
point  where  the  crack  increment  per  cycle  is  on  the  order 
of  a  lattice  spacing  per  cycle.  In  Ti-6A1-4V,  this  gives 
lower-bound  AA^h  thresholds  of  ~ 4.6  3.0,  and  2.8 
MPaVm  at  R  values  of  0.1,  0.5,  and  0.8,  respectively. 
Clearly,  this  approach  is  overly  simplistic  because  near¬ 
threshold  crack  advance  does  not  occur  uniformly  across 
the  entire  crack  front;  the  measured  da/dN  values  do  not 
describe  growth  locally,  but  rather  an  average  growth 
occurring  over  the  entire  crack  front. 

A  more  sound  approach  is  to  model  the  intrinsic  thres¬ 
hold  in  terms  of  the  applied  driving  force  below  which 
dislocations  can  no  longer  be  emitted  from  the  crack  tip 
[29,  30].  In  this  regard,  the  approach  of  Sadananda  and 
Shahinian  [29]  considers  the  total  energy  required  to 
drive  a  dislocation  from  a  crack  tip  as  the  sum  of  four 
components:  the  ‘self  energy  of  the  dislocation,  Us ,  the 
surface  energy  created  by  the  slip  step  at  the  crack  tip, 
UT  the  lattice  frictional  energy  required  to  move  a  dislo¬ 
cation,  Ufy  and  the  energy  from  an  image  force,  Uh 
imparted  by  the  presence  of  the  nearby  free  surface 
(crack  wake).  This  total  energy  UT  is  then  converted  into 
a  required  shear  stress  and  stress  intensity: 

UT=  Us+  Uy+  Vt+  U\ — TxyZ>2  (2) 

Kb2  (  0  .  0  3  e\ 

=n=H  cos-sm-cos— 

jFTp\  2  2  2  / 

where  b  is  the  Burgers  vector,  p  is  the  distance  between 
the  dislocation  and  the  crack  tip  (taken  here  to  equal 
b ),  0  is  the  angle  between  the  actual  crack  propagation 
direction  and  the  pure  Mode-I  direction,  xxy  is  the  shear 
stress  required  to  drive  the  dislocation,  and  K  is  the  cor¬ 
responding  stress  intensity.  The  analysis  predicts  the 
threshold  to  occur  when  Kmax  is  no  longer  sufficient  to 
emit  a  dislocation,  i.e.  when: 

^rnax,  TH0C^xy(^)2  (3) 

For  Ti-6A1-4V,  the  predicted  intrinsic  threshold 
^max,TH  is  4.3  MPaVm  for  all  R  values.  This  compares 
well  to  the  experimentally  measured  values  at  R=0.\ 
where  ATmax  TH=5.1  MPaVm;  however,  at  R= 0.92  where 
^max/rH  is  held  at  26.5  MPaVm,  the  prediction  is  clearly 
questionable,  possibly  because  the  analysis  is  essentially 
based  on  static  (monotonic)  loading  and  makes  no  allow¬ 


ance  for  reversed  plasticity  and  enhanced  crack-tip 
blunting  at  high  R  values. 

The  corresponding  approach  of  Weertman  [30]  is  also 
based  on  the  limiting  conditions  for  dislocation  emission 
from  an  atomically  sharp  crack,  in  this  case  using  the 
perfectly  brittle  Griffith  solution  modified  by  a  para¬ 
meter,  g ,  which  describes  the  degree  of  ductility: 


AKru~2g 


2  Ey 
1-v2 


2 


(4) 


Here  E  is  the  Young’s  modulus,  v  is  Poisson’s  ratio, 
and  y  is  the  true  surface  energy  of  the  solid.  The  mod¬ 
ifying  parameter,  g,  is  a  function  of  the  theoretical  tensile 
strength  normalized  by  the  theoretical  shear  strength 
(typical  values  are  taken  between  0.6  and  1,  with  unity 
representing  the  perfectly  brittle  case).  Using  this 
approach,  the  intrinsic  threshold  for  Ti-6A1-4V  is  pre¬ 
dicted  to  be  on  the  order  of  1  MPaVm.  Whereas  this 
represents  a  better  estimate  of  a  theoretical  lower  bound 
for  the  fatigue  threshold,  it  is  a  factor  of  2  smaller  than 
experimentally  measured  lower-bound  values,  possibly 
because  the  approach  also  does  not  taken  into  account 
cyclic  plasticity,  both  in  the  form  of  crack-tip  blunting 
and  dislocation  shielding  arising  from  the  presence  of 
the  plastic  zone  at  the  crack  tip. 


3.5.  Effect  of  foreign  object  damage 

As  foreign  object  damage  can  be  a  prime  source  of 
cracks  initiated  in  HCF,  the  role  of  simulated  FOD  on 
thresholds  and  early  crack  growth  was  examined  using 
specimens  previously  impacted  by  steel  shot  at  velocities 
between  200  and  300  m/s.  An  SEM  micrograph  of  a 
typical  impact  site  at  300  m/s  is  presented  in  Fig.  10 
with  a  schematic  illustration  of  the  relevant  features  in 
the  crater  profile.  While  at  300  and  250  m/s,  shear  bands 
were  seen  emanating  from  the  surface  of  the  crater,  such 
shear  bands  were  not  observed  for  200  m/s  impacts.  In 
addition,  the  300  m/s  impact  caused  a  piling-up  of 
material  along  the  crater  rim;  this  feature  was  not  seen 
for  the  lower  velocity  impacts. 

The  effect  of  these  impact  damage  sites  was  to  reduce 
the  fatigue  life  markedly  compared  to  that  obtained  with 
an  un-impacted  smooth-bar  sample.  At  a  maximum 
applied  stress  of  500  MPa  (2?— 0.1),  single  fatigue  cracks 
in  the  200  m/s  impacted  samples  were  initiated  near  the 
bottom  of  the  crater  within  ~4.3xl04  cycles,  whereas  in 
the  300  m/s  FOD  site,  the  crack  initiated  at  the  crater 
rim  within  ~~2.9xl04  cycles.  In  terms  of  total  life,  the 
200  m/s  impacted  sample  also  resulted  in  a  longer  over¬ 
all  fatigue  life  of  7.5xl04  cycles,  compared  to  4.6xl04 
cycles  from  the  300  m/s  impacted  sample.  These  lives 
are  to  be  compared  with  corresponding  behavior  in  a 
smooth  bar,  where  initiation  and  total  lives  at  this  stress 
exceed  107  cycles  (i.e.  500  MPa  is  below  the  107-cycle 
fatigue  limit  for  this  material). 


660 


R.O.  Ritchie  et  al.  /International  Journal  of  Fatigue  21  (1999)  653-662 


Ak  (ksi^in) 


1CT 


10" 


10" 


10" 


10" 


i 


(  original 


(b) 


Fig.  10.  (a)  SEM  micrograph  of  simulated  foreign  object  damage 

resulting  from  an  impact  by  a  hardened  steel  sphere  with  an  incident 
velocity  of  300  m/s  and  (b)  corresponding  schematic  illustrating  fea¬ 
tures  present  at  300  and  250  m/s.  At  200  m/s  neither  the  shear  bands 
nor  the  ‘pile  up’  were  observed. 


Consistent  with  previous  low-cycle  fatigue  results 
[31],  the  presence  of  the  shear  bands  did  not  appear  to 
play  a  significant  role  in  the  overall  fatigue  life,  e.g.  the 
initiation  of  the  fatigue  cracks  at  damage  sites  did  not 
appear  to  be  directly  associated  with  them.  It  is  possible, 
though,  that  shear  banding  will  have  an  effect  on  fatigue 
behavior  at  lower  applied  stresses  when  lives  exceed 
-106  cycles. 

The  growth  rates  of  the  small  cracks  originating  from 
such  impact  sites  are  compared  in  Fig.  1 1  with  growth- 
rate  data  for  large  (>5  mm)  and  naturally-initiated  small 
(-45-1000  fim)  cracks  in  this  microstructure.  Both  the 
naturally-initiated  and  FOD-initiated  small-crack  velo¬ 
cities  were  within  the  same  scatter  band,  initially  up  to 
an  order  of  magnitude  faster  than  corresponding  large- 
crack  results  (although  small-crack  data  tended  to  merge 
with  large-crack  results  above  AK  =  -10  MPaVm  as  the 
crack  size  increased).  However,  in  the  limited  data  col¬ 
lected  to  date,  no  FOD-initiated  cracks  have  been 
observed  in  the  STOA  Ti-6A1^1V  material  below  a  AK 
of  -2.9  MPaVm;  i.e.  no  FOD-initiated  cracking  was 
observed  below  the  lower-bound  (large-crack)  thres¬ 
hold,  AAyj-j. 


Fig.  1 1 .  Fatigue  crack  propagation  rates  of  naturally-initiated  small 
(45-1000  pm)  cracks  (dashed  line)  and  small  cracks  emanating  from 
a  variety  of  FOD  impact  sites  (closed  symbols).  These  small  crack 
results  obtained  at  fl=0.1  are  compared  to  large  cracks  at  0. 1  and 
/?=0. 8-0.92  (open  symbols). 

4.  Summary 

The  problem  of  turbine  engine  high-cycle  fatigue 
requires  that  design  must  be  based  on  the  notion  of  a 
threshold  stress  intensity  for  no  crack  growth  under  the 
appropriate  conditions  of  high  mean  loads,  ultrahigh  fre¬ 
quency  (vibratory)  loading,  and  small  crack  sizes.  Since 
the  measurement  of  small-crack  thresholds  is  experimen¬ 
tally  tedious  and  complex,  the  approach  used  in  the  cur¬ 
rent  work  has  been  to  simulate  such  thresholds  with 
lower-bound  large-crack  measurements.  Our  preliminary 
results  in  Ti-6A1^1V  show  that  using  constant 
ATmax/increasing  Kmin  cycling,  a  AA^h  threshold  for  large 
(>5  mm)  cracks  can  be  measured  at  very  high  load 
ratios  (A-0.92)  and  frequencies  (1  kHz)  which  is  a  lower 
bound  compared  to  that  of  naturally-initiated  small  (45- 
1 000  |im)  cracks  and  small  cracks  emanating  from  sites 
of  foreign  object  damage. 


5.  Conclusions 

Based  on  a  preliminary  investigation  into  the  high- 
cycle  fatigue  of  a  solution  treated  and  overaged  Ti-6A1- 
4V  turbine  engine  alloy,  the  following  conclusions  can 
be  made: 

1 .  Ambient-temperature  fatigue-crack  propagation  (over 
the  range  -10~n  to  10“6  m/cycle)  and  threshold 
AA^xh  values  were  found  to  be  independent  of  test 
frequency  (50-1000  Hz)  for  large  (>5  mm)  through¬ 
thickness  cracks. 

2.  A  lower-bound  threshold,  measured  for  large  cracks 
at  A=0.92  under  constant-ATmax/increasing-A^min  con- 
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ditions,  was  found  to  be  2.2  MPaVm  for  this  alloy. 
This  should  be  compared  with  measurements  on  nat¬ 
urally-initiated  small  cracks  and  FOD-initiated  small 
cracks  in  the  same  microstructure,  where  small-crack 
growth  was  not  reported  below  a  A K  of  2.9  MPaVm. 

3.  Foreign  object  damage,  simulated  by  hardened  steel 
spheres  impacted  at  200-300  m/s  on  a  flat  surface, 
provide  sites  for  the  initiation  of  small  fatigue  cracks. 
At  applied  stresses  some  10%  below  the  smooth-bar, 
107-cycles  fatigue  strength,  crack-initiation  lives  were 
less  than  4xl04  cycles,  many  orders  of  magnitude 
shorter  than  in  un-impacted  samples.  Subsequent 
small-crack  growth  from  the  damage  sites  was  found 
to  occur  at  rates  considerably  faster  than  large  cracks 
subjected  to  the  same  applied  A K  level.  No  crack 
growth  from  FOD  sites  has  been  observed  to  date  at 
AJ£  values  less  than  2.9  MPaVm;  i.e.  no  FOD-initiated 
cracking  was  seen  below  the  lower-bound  Ai£TH. 
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ABSTRACT  The  definition  of  the  critical  levels  of  microstmctural  damage  that  can  lead  to  the 
propagation  of  fatigue  cracks  under  high-cycle  fatigue  loading  conditions  is  a  major 
concern  with  respect  to  the  structural  integrity  of  turbine-engine  components  in  military 
aircraft.  The  extremely  high  cyclic  frequencies  characteristic  of  in-flight  loading  spectra, 
coupled  with  the  presence  of  small  cracks  resulting  from  fretting  or  foreign  object 
damage  (FOD),  necessitate  that  a  defect-tolerant  design  approach  be  based  on  a  crack- 
propagation  threshold.  The  present  study  is  focused  on  characterizing  such  near¬ 
threshold  fatigue-crack  propagation  behaviour  in  a  Ti-6A1-4V  blade  alloy  (with  ^60% 
primary  a  in  a  matrix  of  lamellar  a  +  |3),  at  high  frequencies  (20-1500  Hz)  and  load 
ratios  (0.1-0.95)  in  both  ambient  temperature  air  and  vacuum  environments.  Results 
indicate  that  ‘worst-case’  thresholds,  measured  on  large  cracks,  may  be  used  as  a 
practical  lower  bound  to  describe  the  onset  of  naturally  initiated  small-crack  growth 
and  the  initiation  and  early  growth  of  small  cracks  emanating  from  sites  of  simulated 
FOD. 

Keywords  high-cycle  fatigue;  crack  propagation;  foreign  object  damage;  fatigue 
thresholds;  small  cracks;  titanium  alloys. 


INTRODUCTION 

High-cycle  fatigue  (HCF)  has  been  identified  as  one  of 
the  prime  causes  of  turbine-engine  failure  in  military 
aircraft.1  It  can  result  in  essentially  unpredictable  failures 
due  to  the  propagation  of  fatigue  cracks  in  blade  and 
disk  components  under  ultrahigh-frequency  loading, 
where  the  cracking  initiates  from  small  defects  often 
associated  with  microstmctural  damage  caused  by  fret¬ 
ting  or  foreign  object  impacts.2  To  prevent  HCF  failures, 
design  methodologies  are  required  that  identify  the 
critical  levels  of  microstmctural  damage  which  can  lead 
to  such  failures.  The  current  study  is  focused  on  ident¬ 
ifying  these  critical  levels  of  damage  and  in  characterizing 
fatigue  behaviour  under  representative  operating  con¬ 
ditions  in  a  Ti-6AMV  alloy,  typically  used  in  the  front, 
low- temperature  stages  of  the  engine. 

During  HCF,  engine  components  experience  high- 
frequency  (~  1-2  kHz)  vibrational  loads  due  to  resonant 
airflow  dynamics,  often  superimposed  on  a  high  mean 
stress,2,3  although  the  exact  source  and  magnitude  of  the 
stresses  remains  uncertain.  Because  of  the  high  frequen¬ 
cies,  even  cracks  growing  at  slow  per-cycle  velocities  (i.e. 
~10  IO-10  9  m/cycle)  propagate  to  failure  in  a  short 
period  of  time;  consequently,  HCF-critical  turbine  com¬ 


ponents  must  be  operated  below  the  fatigue-crack  propa¬ 
gation  threshold  (AAfyn)  such  that  crack  propagation 
cannot  occur  (within  ~  109  cycles).  An  extensive  database 
(e.g.  Refs  [4,5])  exists  for  such  thresholds;  however,  it 
has  been  largely  derived  from  standard  test  geometries 
containing  large  ( >  few  mm)  through-thickness  cracks, 
often  under  loading  conditions  that  may  not  be  represen¬ 
tative  of  turbine-engine  HCF.  Furthermore,  except 
under  specific  loading  conditions,  e.g.  at  high  mean 
loads,  as  discussed  below,  such  tests  are  not  necessarily 
relevant  to  the  HCF  problem,  where  the  critical  flaw 
sizes  are  much  smaller,  i.e.  <  500  pm.6  Because  small 
cracks  can  grow  at  velocities  faster  than  corresponding 
large  cracks  (at  the  same  applied  driving  force)  and  can 
propagate  below  the  large-crack  AKxh  threshold,  design 
against  HCF  failure  must  be  based  on  the  notion  of  a 
practical  small-crack  threshold,  measured  under  the  rep¬ 
resentative  conditions.7 

The  principal  reasons  why  small  cracks  behave  differ¬ 
ently  from  large  cracks  are  associated  with  crack  sizes 
becoming  comparable  to:  (i)  microstmctural  size  scales, 
where  biased  sampling  of  the  microstructure  leads  to 
accelerated  crack  advance  along  ‘weak5  paths  (a  con¬ 
tinuum  limitation);  (ii)  the  extent  of  local  plasticity  ahead 
of  the  crack  tip,  where  the  assumption  of  small-scale 
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yielding  implicit  in  the  use  of  the  stress  intensity,  K,  is 
not  strictly  valid  (a  linear-elastic  fracture  mechanics 
limitation);  and  (iii)  the  extent  of  crack-tip  shielding  (e.g. 
by  crack  closure)  behind  the  crack  tip,  where  the  reduced 
role  of  shielding  leads  to  a  higher  local  driving  force 
than  the  corresponding  large  crack  at  the  same  applied 
Aj K  (a  similitude  limitation).8 

Of  these  three  classes  of  small  cracks,  we  believe  that 
the  latter  (the  physically  small  crack)  is  most  important 
in  the  present  case,  as  cyclic  plastic-zone  sizes  will 
generally  not  exceed  a  few  micrometres,  and  the  crack 
sizes  relevant  to  the  aircraft  HCF  problem  are  invariably 
much  larger  than  the  characteristic  microstructural 
dimensions.  However,  as  it  would  be  difficult  to  design 
engine  components  on  the  basis  of  small-crack  results, 
simulating  such  results  using  a  reproducible  large-crack 
technique  would  appear  to  offer  a  feasible  and  practical 
solution.  The  philosophy  here  is  that  as  the  relevant 
crack  sizes  in  HCF  are  not  small  compared  to  micro- 
structural  size-scales  or  the  dimensions  of  local  inelas¬ 
ticity,  then  the  principal  difference  between  large  and 
small  cracks  lies  in  the  degree  of  crack-tip  shielding 
present  in  the  crack  wake.  Thus,  by  performing  large- 
crack  tests  where  the  extent  of  crack  closure  behind  the 
crack  tip  is  minimized,  it  is  reasoned  that  a  worse-case 
large-crack  threshold  can  be  measured  which  would 
reflect  the  behaviour  of  physically  small  cracks.  It 
should  be  emphasized  that  such  procedures  will  not 
work  where  crack  sizes  become  small  compared  to 
microstructural  dimensions. 

Accordingly,  in  the  present  work,  we  compare  fatigue 
threshold  values  and  the  near-threshold  crack  growth 
rate  behaviour  of  large  (>5mm)  through-thickness 
cracks,  naturally  initiated  small  (~  45-1 000  pm)  cracks, 
and  small  (<500  pm)  surface  cracks  initiated  from  arti¬ 
ficially  induced  notches  and  from  sites  of  simulated 
foreign  object  damage  (FOD),  in  a  single  microstructure 
of  Ti-6A1-4V,  tested  at  high  frequencies  (~  50-1500  Hz) 
and  load  ratios  (R  ~  0.1-0.95)  in  both  room  air  and 
vacuum  environments.  In  addition  to  seeking  insight 
into  the  mechanisms  of  crack  growth  under  these  con¬ 
ditions,  we  examine  whether  ‘worst-case’  threshold 
values,  measured  for  the  large  cracks  using  standard  test 
geometries  subject  to  special  loading  conditions,  can 
have  any  utility  as  a  practical  lower  bound  for  the  onset 
of  small-crack  growth  under  HCF  conditions. 

EXPERIMENTAL  PROCEDURES 

Material  and  microstructure 

A  Ti-6A1^1V  alloy,  with  a  composition  (in  wt%)  of 
6.30A1,  4.17V,  0.1 9Fe,  0.190,  0.013N,  bal.  Ti,  was 
supplied  from  a  set  of  forgings  produced  specifically  for 


Fig.  1  Optical  micrograph  of  the  microstructure  of  the  solution- 
treated  and  overaged  Ti-6A1-4V  studied.  The  microstructure 
consists  of  %60%  primary  a  and  40%  lamellar  ex  +  0  colonies.  The 
grains  were  slightly  elongated  along  the  L  forging  axis.  All  fatigue 
specimens  were  extracted  in  the  L-T  orientation  (such  that  the 
crack  surface  was  in  the  S-T  plane  and  the  crack  propagated  in  the 
T  direction).  (Etched  in  KrolPs  solution.) 

the  US  Air  Force  sponsored  program  on  HCF.  The  bar- 
stock,  originating  from  Teledyne  Titanium,  was  forged 
into  400  x  150  x  20  mm  plates  and  subsequently  solu¬ 
tion-treated  at  925  °C  (1  h)  and  vacuum-annealed  at 
700  °C  (2  h)  for  stabilization.  The  microstructure  con¬ 
sisted  of  a  bimodal  distribution  of  ~60  vol.%  primary-a 
and  ~ 40  vol.%  lamellar  colonies  of  a  4-  P  (Fig.  1),  with 
a  tensile  strength  of  970  MPa,  a  yield  strength  of  926- 
935  MPa  and  a  Young’s  modulus  of  116  GPa  (based  on 
tensile  tests  conducted  along  the  longitudinal  axis  at  a 
strain  rate  of  5  x  10_4s“!).9 

To  minimize  residual  stresses  in  this  material,  all 
small-crack  test  samples  were  machined  using  low-stress 
procedures,  and  chemically  milled  or  electropolished  to 
remove  ~  30-1 00  pm  of  material. 

Fatigue-crack  propagation  testing 

Large-crack  testing 

Large-crack  propagation  studies  were  conducted  in 
ambient  temperature  air  on  compact-tension  C(T)  speci¬ 
mens  machined  in  the  L-T  orientation  (8  mm  thick, 
25  mm  wide)  at  R  ratios  (ratio  of  minimum  to  maximum 
loads)  varying  from  0.10  to  0.95  in  a  lab  air  environment 
(22  °C,  ~45%  relative  humidity).  Crack  lengths  were 
monitored  in  situ  using  the  back-face  strain  compliance 
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technique,  and  were  verified  periodically  by  optical 
inspection.  Macroscopic  levels  of  crack  closure  were  also 
monitored  using  back-face  strain  compliance;  specifically, 
the  (global)  closure  stress  intensity,  Kc i,  was  approxi¬ 
mated  from  the  closure  load,  measured  at  the  point  of 
first  deviation  from  linearity  in  the  elastic  compliance 
curve  upon  unloading.10 

To  approach  the  threshold,  both  constant  and  variable 
^-testing  was  employed.  Under  both  conditions,  loads 
were  shed  such  that  AK=  AKmitia\  exp[C(tf  —  ^initial)], 
with  the  normalized  ^-gradient,  C,  set  to  —0.08  mm-1, 
as  suggested  in  ASTM  Standard  E-647  ( AK  is  the  stress- 
intensity  range  and  a  is  the  crack  length).  With  variable 
R-testing,  the  threshold  was  approached  under  constant 
J^max/increasing  Km-m  conditions  to  minimize  the  effect 
of  crack  closure.11,12  At  50-200  Hz  (sine  wave),  tests 
were  conducted  on  conventional  MTS  servo-hydraulic 
testing  machines  operating  under  automated  closed-loop 
K  control,  with  the  fatigue  thresholds,  AKTH  and 
J£max,TH>  defined  as  the  minimum  values  of  these  param¬ 
eters  yielding  a  propagation  rate  of  10“ 10  m/cycle. 
Corresponding  fatigue  tests  at  1 000  Hz  were  performed 
under  K  control  on  a  newly  developed  MTS  servo- 
hydraulic  test  frame  using  a  voice-coil  servovalve;  details 
of  this  instrument  are  described  elsewhere.13  At  the 
higher  frequencies,  thresholds  could  be  readily  defined 
at  a  lower  propagation  rate  of  10“ 11  m/cycle. 

Results  are  presented  in  the  form  of  the  crack  growth 
increment  per  cycle,  da/dN ,  plotted  as  a  function  of  the 
applied  stress-intensity  range,  AK  =  Km ax  —  i£min .  Where 
the  effect  of  closure  is  considered,  growth  rates  are 
alternatively  plotted  in  terms  of  the  effective  (near-tip) 
stress-intensity  range,  A Kcff  —  Kmax  —  Kd. 

Small-crack  testing 

Specifically  to  investigate  the  mechanistic  aspects  of 
HCF  cracking  in  this  alloy,  small  (<750  pm)  surface 
crack  tests  were  performed  in  vacuo  (~10“6torr)  on 
tensile  samples  (44  mm  long  with  a  12.5  x  3.2  mm  rec¬ 
tangular  cross-section)  at  ~  1 .5  kHz  with  load  ratios 
between  0.20  and  0.85  in  a  specially  designed  magneto- 
strictive  loading  stage  for  the  scanning  electron  micro¬ 
scope  (SEM).  Cracks  were  initiated  in  three-point 
bending  at  artificial  notches,  generated  either  using 
electro-discharge  machining  (~250  pm  in  diameter, 
250  pm  deep)  or  focused  ion  beam  milling  (~30pm 
long,  5  pm  wide,  30  pm  deep). 

In  addition,  the  growth  rates  of  small  surface  cracks 
initiated  from  sites  of  simulated  FOD  were  examined  at 
an  applied  maximum  stress  of  500  MPa  (at  R  =  0.1  with 
a  frequency  of  20  Hz)  using  cylindrical  (buttonhead) 
tensile  specimens  containing  a  rectangular  gauge  section. 
The  damage  was  obtained  by  firing  3.2-mm-diameter, 


chrome-hardened  steel  spheres,  using  compressed  gas, 
onto  the  flat  specimen  surface,  which  had  previously 
been  stress  relieved  and  chemically  milled  to  give  a 
nominally  stress-free  surface.  In  this  study,  normal 
impacts  (i.e.  incident  path  orthogonal  to  the  sample 
surface)  were  performed  at  velocities  between  ~200  and 
300  m/s,  representing  typical  in-service  impact  velocities 
on  blades. 

The  initiation  and  growth  of  such  small  cracks  was 
measured  in  the  SEM,  either  in  situ  with  the  notched 
tensile  specimens  or  periodically  with  the  simulated 
FOD  specimens.  Stress  intensities  characterizing  such 
crack  growth  were  computed  from  the  Newman-Raju 
semielliptical  surface  crack  solution,14  assuming  a  half¬ 
surface  length  to  depth  ratio  of  0.9-1  (based  on  fracto- 
graphic  observations). 

RESULTS  AND  DISCUSSION 

Large -crack  behaviour 

Effect  of  load  ratio 

The  effect  of  load  ratio  (R  —  0.1 -0.8)  on  the  fatigue- 
crack  propagation  rates  of  large  (>5  mm)  cracks,  shown 
in  Fig.  2  for  Ti-6A1-4V  at  50  Hz,  indicates  (as  expected) 
that  higher  load  ratios  induce  lower  A KTH  thresholds 
and  faster  growth  rates  at  a  given  applied  AK  level. 
Threshold  stress  intensity  ranges  varied  from 
4.6  MPa Vm  at  R  =  0A  to  2.6  MPa  Vm  at  R  =  0.8.  A 
two-parameter  fit  of  the  Paris  regime  yields  a  growth 


AK  (ksiVin) 


Fig.  2  Fatigue-crack  propagation  behaviour  (large-crack),  in  the 
form  of  growth  rates,  da/dN,  as  a  function  of  the  applied  stress 
intensity  range,  AX,  for  a  solution -treated  and  overaged  Ti-6A1-4V 
in  room  air  at  R  =  0.1, 0.3,  0.5  and  0.8  (at  50  Hz  frequency).  A hfTH 
fatigue  thresholds,  measured  at  growth  rates  of  10“ 10  m/cycle, 
were  4.6,  3.6,  2.9  and  2.6  MPaVui,  respectively. 
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law  of  (units:  m/cycle,  MPaVm): 

^  =  5.2x10-”  A K2  *K™  (1) 

The  observed  effect  of  load  ratio  is  commonly  attri¬ 
buted  to  the  role  of  crack  closure,  which  in  Ti  alloys  is 
primarily  associated  with  the  roughness-induced  mech¬ 
anism  (i.e.  arising  from  the  wedging  of  crack-surface 
asperities,  e.g.  Refs  [15-17]).  To  examine  this,  closure 
stress  intensity  values,  Kc j,  were  measured  globally  at 
each  load  ratio  using  back-face  strain  compliance.  No 
detectable  (global)  closure  was  observed  at  R  =  0.5  and 
0.8;  however,  at  R  =  0.1,  K d  values  were  observed  to 
be  roughly  constant  at  ~ 2.0  MPaVm  [Fig.  3(a)].  In 
Fig.  3(b),  the  results  of  Fig.  2  are  replotted  in  terms  of 


AK  (ksiVin) 


STRESS-INTENSITY  RANGE,  AK  (MPaVm) 


A K  and  A Kefr  {ksiVin) 


STRESS-INTENSITY  RANGE,  AK  and  AK^  (MPaVm) 


Fig.  3  Crack  closure  considerations:  (a)  closure,  measured  by 
unloading  compliance,  stays  approximately  constant  at  ~ 

2  MPa  Vm;  (b)  crack  growth  rates  in  terms  of  A Kcff  ( =  Kmax~Kd) 
showing  the  effect  of  load  ratio  between  R  -  0.1  and  0.5  is  far  less 
pronounced. 


the  effective  stress-intensity  range,  after  accounting  for 
such  closure.  It  is  apparent  that,  similar  to  previous 
studies  in  this  alloy,18  characterizing  growth  rates  in 
terms  of  A Kc{(  reduces  the  disparity  in  crack-growth 
behaviour  between  the  four  R  ratios,  implying  that  an 
important  origin  of  the  load  ratio  effect  is  indeed  crack 
closure.  However,  above  i?  —  0.5  where  the  role  of 
closure  is  presumed  to  be  minimal,  near-threshold  crack- 
growth  rates  continue  to  increase  somewhat,  and  AKth 
thresholds  continue  to  decrease,  with  increasing  R  (see 
also  Fig.  6).  This  indicates  that  there  may  be  additional 
mechanisms,  independent  of  global  closure  and  appar¬ 
ently  both  7£max  and  AK  related,  which  are  responsible 
for  the  load  ratio  effect  at  very  high  R-values. 
Alternatively,  the  effect  may  be  due  to  the  presence  of 
local  (near-tip)  crack  closure  which  cannot  be  detected 
using  global  methods,  e.g.  back-face  strain  compliance. 
Indeed,  such  local  closure  has  been  detected  in 
microscopy  studies,  as  described  below. 

The  measured  variation  with  load  ratio  of  the  thresh¬ 
old  AKth  and  KmAXtTH  values,  plotted  in  Fig.  4,  can  be 
compared  with  the  simple  closure  model  of  Schmidt  and 
Paris.19  This  model  is  based  on  the  notion  that  KcX  and 
the  effective  AK  threshold,  AKeffTH>  are  constant  and 
independent  of  R;  it  predicts  that  measured  AKth 


to  follow  the  Schmidt  and  Paris  closure  model.19  Although  more 
data  are  required  to  clearly  establish  a  transition,  the  results 
presented  here  show  a  change  in  slope  at  Rzz  0.5,  consistent  with  a 
Kci  value  of  2-3  MPaVm,  similar  to  that  measured  directly  from 
test  samples  using  unloading  compliance  techniques. 
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and  £maXj th  thresholds  will  be  load  ratio  independent, 
respectively,  above  and  below  a  transition  R  at  which 
point  Kmin  =  £ci  •  Although  clearly  there  are  insufficient 
data  to  verify  this  analysis,  the  present  constant-i?  results 
are  consistent  with  this  model,  and  the  transition  Ry 
above  which  closure  is  ineffective  (Kmin  >  Kd),  is 
observed  at  Kmin  =  Kc\  &  2-3  MPaVm.  Such  an  estimate 
of  Kc\  is  consistent  with  the  experimentally  measured 
values  [Fig.  3(a)]  determined  from  back-face  strain 
compliance. 

Effect  of  frequency 

The  role  of  cyclic  frequency  is  shown  in  Fig.  5,  where 
the  growth  rates  at  50  Hz  are  compared  with  data 
collected  at  1000  Hz  (at  UCB)  and  1100-1 500  Hz  (at 
SWRI).  It  is  clear  that  the  high-frequency  results  are 
not  statistically  distinguishable  from  the  conventional 
frequency  data.  Additional  limited  experiments  at  200  Hz 
(performed  on  a  conventional  servohydraulic  machine) 
and  20000  Hz  (performed  by  Bathias  and  co-workers20 
using  ultrasonic  fatigue  testing  on  a  similar  microstruc¬ 
ture)  confirmed  this  lack  of  a  frequency  effect  on  ambient 
temperature  growth  rate  behaviour  in  Ti-6A1-4V.  The 
absence  of  frequency-dependent  growth  rates  for 
titanium  alloys  tested  in  air  over  the  range  0.1-50  Hz 
has  been  reported  previously  in  the  literature;21,22  the 
current  work  extends  this  observation  for  Ti-6A1-4V  to 
beyond  1000  Hz. 

Testing  at  high  frequencies  permits  thresholds  to  be 
defined  at  lower  growth  rates.  Using  the  ASTM  standard 
^-gradient  of  0.08  mm-1,  measurements  down  to  10” 11 


m/cycle  may  require  several  weeks  at  50  Hz,  whereas 
these  same  measurements  can  be  obtained  in  a  single 
day  at  1000  Hz  and  within  a  few  hours  at  20000  Hz. 
In  the  present  study,  thresholds  measured  at 
— 10-”11— 10  — 12  m/cycle  (at  1000  Hz  or  above)  were 
found  to  be  ~ 0. 1-0.2  MPa Vm  lower  than  the  10“10 
m/cycle  thresholds  measured  at  any  frequency. 

Effect  of  loading  sequence 

In  an  attempt  to  measure  ‘lower-bound’  thresholds,  i.e. 
at  very  high  R-v alues  where  the  effect  of  crack  closure 
is  minimized,  additional  variable  R  testing  was  performed 
at  1000  Hz  using  constant  fCmax /increasing  Kmm  loading 
sequences  (Fig.  6).  Here,  at  a  constant  Kmzx  of 
26.5  MPa  Vm,  a  final  load  ratio  of  R  =  0.92  was  achieved, 
yielding  a  threshold  of  2.2  MPaVm;  with  a  constant 
i£max  of  36.5  MPa  Vm,  a  threshold  of  A#th  = 
1.9  MPaVm  was  achieved  with  a  final  load  ratio  of  R  = 
0.95.  These  values  should  be  compared  to  a  A KTH  value 
of  2.6  MPaVm  for  constant  R  =  0.8  testing.  It  should  be 
noted  that  the  effect  of  closure  is  expected  to  be  minimal 
here  as  the  high  load  ratios  result  in  an  extremely 
large  minimum  crack-dp  opening  displacement 
(CTODmin « 0.6  and  8.0  pm  for  R  —  0.8  and  0.95, 
respectively),  as  computed  from  the  numerical  analysis 
ofShih.23 

The  AKTH  threshold  value  of  1.9  MPaVm  measured 
under  constant  f£max/increasing  ^min  cycling  at  R  =  0.95 
is  considered  to  represent  the  lowest  threshold  for  large 
cracks  measured  to  date  in  Ti-6A1-4V.  It  should  be 
compared  with  measurements  on  naturally  initiated  small 
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STRESS-INTENSITY  RANGE,  AK  (MPaVm) 
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Fig.  5  Effect  of  test  frequency  on  fatigue-crack  propagation  in 
Ti-6A1-4V  in  room  air.  Results  from  (large-crack)  compact-tension 
tests  at  50,  200  and  1000  Hz,  notched  tensile  tests  at  1500  Hz,  and 
ultrasonic  fatigue  tests20  at  20000  Hz,  show  no  statistically 
significant  deviation  in  near-threshold  behaviour. 


Fig.  6  Large-crack  constant  /Cmax/increasing  Kmin  testing  at 
1000  Hz  in  room  air  on  the  solution-treated  and  overaged 
Ti-6A1-4V  alloy  was  used  to  achieve  R  =  0.95,  resulting  in  a  lower- 
bound  threshold  of  1.9  MPaVni.  Results  are  compared  with 
constant  R  data  at  both  50  and  1000  Hz. 
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cracks  in  the  same  microstructure  (see  below),  where 
small-crack  growth  was  not  observed  below  a  A K  of 
2.9  MPa  VS  (tf  =  0.1).24 


Small-crack  behaviour 

Naturally  initiated  small-crack  growth  (a  ~  45-1000  pm) 
behaviour  has  been  measured  in  this  microstructure  by 
Lutjering  and  co-workers  using  cylindrical  tensile 
samples.24  Results  at  R  =  0.1  (with  an  applied  maximum 
stress  of  550  MPa  and  a  frequency  of  85  Hz)  are  com¬ 
pared  in  Fig.  7  with  the  present  large-crack  data  at  R  = 
0.1  and  0.8-0.95.  Although  the  growth  rates  of  the  small 
cracks  generally  exceed  those  of  the  large  cracks  at  the 
same  applied  A K  level,  no  small-crack  growth  has  been 
reported  to  date  below  AK~  2.9  MPa  Vm.  This  value  is 
45%  larger  than  the  ‘worst-case’  A K-jh  value  of 
1.9  MPa  Vm,  measured  with  large  cracks  in  this  alloy  at 
R  =  0.95  using  constant  Kmzx/ increasing  Kmin  cycling. 

Small-crack  growth  from  simulated  foreign  object 
damage  sites  was  also  examined.  A  SEM  micrograph  of 
a  typical  impact  site  at  300  m/s  is  shown  in  Fig.  8  with 
a  schematic  illustration  of  the  relevant  features  in  the 
crater  profile  (for  a  more  complete  characterization  of 
the  damage,  see  Ref.  [25]).  The  effect  of  the  damage  was 
to  markedly  reduce  the  fatigue  life  from  that  obtained 
with  an  undamaged  sample,  as  shown  in  Table  1. 
Specifically,  fatigue  lives  were  reduced  by  over  two  orders 
of  magnitude  following  200  and  300  m/s  impacts,  with 
cracks  tending  to  initiate  at  the  bottom  of  the  indent  for 
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Fig.  7  Fatigue-crack  propagation  results  for  naturally  initiated 
small  (~45-1000  pm)  surface  cracks  at  R  =  0.1  (line)24  and  for 
small  cracks  emanating  from  a  variety  of  FOD  impact  sites  (closed 
symbols)  in  the  solution-treated  and  overaged  Ti-6A1-4V  alloy,  as 
compared  to  through-thickness,  large  cracks  (>  5  mm)  at  R  =  0.1 
and  0.8-0.95.  All  measurements  were  made  in  room  air. 


(b) 

Fig.  8  Characteristics  of  surface  damage  due  to  impact:  (a)  SEM 
micrograph  of  simulated  foreign  object  damage  resulting  from  90° 
impact  by  a  hardened  steel  sphere  with  an  incident  velocity  of 
300  m/s;  and  (b)  corresponding  schematic  illustrating  features 
present  at  both  300  and  250  m/s.  At  200  m/s,  neither  the  shear 
bands  nor  the  ‘pile  up’  were  observed. 


Table  1  Summary  of  fatigue  lives  following  simulated  foreign 
object  damage  (ffmax  =  500  MPa,  R  =  0.1,  20  Hz  frequency) 


After 

After 

Smooth-bar 

200  m/s 

300  m/s 

undamaged 

FOD 

FOD 

sample 

Initiation  life 

4.3  x  10" 

2.9  x  104 

_ 

Total  life 

7.5  x  104 

4.6  x  104 

>107 

the  lower  velocity  impacts  and  at  the  crater  rim  for  the 
higher  velocity  impacts. 

The  growth  rates  of  the  small  cracks  originating  from 
such  impact  sites  are  also  compared  in  Fig.  7  with  growth 
rate  data  for  large  ( >  5  mm)  and  naturally  initiated  small 
(~  45-1 000  pm)  cracks  in  this  microstructure.  Both  the 
naturally  initiated  and  FOD-initiated  small-crack  velocit¬ 
ies  were  within  the  same  scatter  band,  initially  up  to  an 
order  of  magnitude  faster  than  corresponding  large- 
crack  results  (although  small-crack  data  tended  to  merge 
with  large-crack  results  above  AK  ^10  MPa  Vtn  as  crack 
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sizes  increased).  However,  in  the  limited  data  collected 
to  date,  no  FOD -initiated  cracks  have  been  observed  in 
the  Ti-6A1-4V  below  a  A K  of  ~2.9MPa\/m;  i.e.  at  a 
stress-intensity  range  above  that  of  the  ‘worst-case’, 
large-crack  A  Km  threshold.  It  should  be  noted,  how¬ 
ever,  that  the  residual  stresses  locally  surrounding  the 
FOD  sites  were  not  taken  into  account  in  plotting  the 
FOD-initiated  small-crack  results.  Such  residual  stresses 
are  currently  being  analysed  using  synchrotron  X-ray 
microdiffraction  techniques. 

Effect  of  environment 

A  comparison  of  fatigue-crack  growth  in  Ti-6A1^1V  at 
high  frequencies  (1-1 .5  kHz)  in  ambient  temperature  air 
and  vacuum  (~  10-6  torr)  is  shown  in  Fig.  9  at  R  ratios 
between  0.6  and  0.8.  Although  the  threshold  values  are 
essentially  unchanged  (AXTH  ~  2.6  MPaVni  in  air 
versus  2.7  MPaVm  in  vacuo),  crack  growth  rates  are 
some  three  orders  of  magnitude  faster  in  air  than  in  vacuo . 
In  view  of  the  observed  absence  of  a  frequency  effect  on 
growth  rates  between  50  and  20000  Hz,  the  magnitude 
of  the  disparity  in  growth  rates  in  air  and  vacuum  is 
quite  surprising.  The  origin  of  the  apparent  environmen¬ 
tal  contribution  to  crack  growth  is  unclear  at  this  time, 
but  it  may  be  associated  with  embrittlement  due  to 
hydrogen  released  by  the  reaction  of  the  Ti  with  water 
vapour  in  the  air,26-28  or  more  probably  with  the  role  of 
oxygen  in  delocalizing  plastic  deformation,  specifically 
by  limiting  the  degree  of  slip  reversibility  at  the  crack 
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Fig.  9  Comparison  of  rates  of  fatigue-crack  propagation  in  the 
solution-treated  and  overaged  T1-6AMV  alloy  at  R  =  0.6-0.8  and 
1-1.5  kHz  frequency  in  room  air  and  vacuum  (~  10-6  torr).  Note 
that  although  AXTH  threshold  values  are  essentially  unchanged, 
growth  rates  in  vacuo  are  some  three  orders  of  magnitude  slower 
than  in  air. 


tip.29  The  latter  explanation  is  consistent  with  the 
rougher  (macroscale)  morphology  of  fatigue  fracture 
surfaces  in  vacuum,  as  discussed  below.  However,  as 
there  is  no  effect  of  frequency  on  crack  growth  rates  in 
air  (between  ~20  and  20000  Hz),  the  environmental 
mechanism  responsible  for  faster  growth  rates  in  air 
compared  to  vacuum  must  be  extremely  rapid.  Along 
these  lines,  Gao  et  al.2S  have  demonstrated  that  the  rate 
of  oxidation  of  Ti-5Al-2.5Sn  in  the  presence  of  small 
amounts  of  water  vapour  (10-6  torr)  is  extremely  rapid. 
Applying  the  derived  oxidation  reaction  kinetics  to  the 
equilibrium  partial  pressure  of  water  vapour  at  25  °C 
(pwater  —  23.75  torr),  a  clean  surface  of  Ti-5Al-2.5Sn 
would  be  ~90%  covered  in  oxide  in  2.6  x  10-7  s.  Thus, 
if  slip-step  oxidation  was  responsible  for  the  observed 
dependence  of  fatigue-crack  growth  rates  on  the  environ¬ 
ment,  one  would  not  expect  to  see  an  effect  of  cyclic 
loading  frequency  on  crack-propagation  rates  in  air  for 
all  frequencies  less  than  ~  3.9  MHz,  consistent  with  the 
current  experimental  results.  However,  given  the  fast 
nature  of  the  oxidation  process,  it  is  likely  that  the 
surface  reaction  with  H20  is  not  the  rate-limiting  step. 
In  fact,  Gao  et  al.2S  suggest  that  the  transport  of  the  gas 
phase  to  the  crack  tip  is  rate  limiting.  Thus,  a  more 
realistic  estimate  of  the  critical  frequency,  above  which 
slip-step  oxidation  will  be  suppressed  in  ambient  air, 
requires  a  more  detailed  knowledge  of  the  rate  of  water 
vapour  transport  to  the  crack  tip. 

Mechanisms 

There  has  been  very  little,  if  any,  investigation  of  fatigue 
cracks  growing  below  10~9  m/cycle  and  at  high  load 
ratios.  Therefore,  fatigue-crack  growth  at  rates  in  the 
range  of  10-IO-10~12  m/cycle  were  observed  in  situ 
using  a  1.5 -kHz  loading  stage  for  a  scanning  electron 
microscope.  Cracks  were  cycled  in  increments  of 
between  200000  cycles  and  1  million  cycles  between 
measurements  of  crack  length,  depending  on  the  loading 
variables. 

At  these  low  rates  of  propagation,  fatigue  cracks  did 
not  grow  during  every  cycle,  but  rather  would  alternate 
between  propagation  and  local  arrest.  With  decreasing 
applied  load,  propagation  became  more  intermittent 
until  finally  ceasing  at  the  threshold.  The  criteria  used 
for  establishing  this  threshold  was  no  growth  at  either 
end  of  a  surface  crack  in  5  million  cycles.  When  the 
fraction  of  increments  in  which  growth  was  measured 
was  correlated  to  A K,  it  was  found  that  there  was  a 
transition  period  between  a  condition  of  no  growth, 
presumably  below  AK^h,  and  growth  on  each  cyclic 
increment,  which  may  be  termed  A Kss.  A  fairly  careful 
study  of  crack  growth  at  two  load  ratios  indicated  that 
at  R  —  0.85,  the  transition  period  was  over  a  small  range 
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Fig.  10  (a)  Crack-tip  micromechanics  are 
examined  in  a  photograph  of  a  crack 
growing  at  R  =  0.85  at  a  rate  of  ~  10“ 11 
m/cycle  with  displacements  measured 
between  minimum  and  maximum  cyclic 
loads,  (b)  Crack-opening  displacements 
(COD)  in  mode  I  and  II  measured  from  (a) 
(where  the  displacement  interval  is  1  pm 
and  the  displacements  are  magnified  15 
times),  as  a  function  of  the  square  root  of 
the  distance,  d ,  behind  the  crack  tip. 

(c)  Maximum  shear  strain  distribution  in  the 
region  covered  by  the  displacements.  Strain 
is  a  maximum  at  the  crack  tip  and  the 
estimated  size  of  the  plastic  zone  is  2  pm. 


of  A Ky  while  at  R  =  0.5,  the  range  in  AK  over  which 
growth  was  intermittent  was  larger. 

The  existence  of  a  transition  in  AK  between  no  growth 
and  growth  on  each  cyclic  increment  is  similar  to  the 
change  in  slope  of  the  da/dN-AK  curve  as  AKis  increased 
above  AKTH.  At  AKxh>  the  slope  of  the  curve  is  very 
steep.  With  increasing  A K,  the  slope  slightly  decreases, 
and  when  AKSS  is  reached,  the  curve  assumes  the  slope 
of  the  Paris  region,  or  the  steady-state  crack  growth 
region. 

Crack-tip  micromechanics  measurements  were  made 
for  cracks  growing  at  the  low  growth  rates  being  studied. 
Only  cracks  growing  in  vacuo  are  discussed  here  because 
of  the  very  large  influence  of  an  air  environment  on 
crack  growth  kinetics,  and  therefore  on  the  mechanisms 
of  crack  growth. 

Fatigue  cracks  were  consistently  found  to  be  closed  at 
the  tip  at  the  minimum  cyclic  load,  although  this  closure 
in  some  of  the  observations  extended  only  a  few  tens  of 
micrometres.  Crack-opening  loads  were  found  to  be 
approximately  half  the  cyclic  load,  even  at  R  =  0.85. 
These  observations  are  apparently  inconsistent  with  the 
compliance-based  closure  measurements  on  large  cracks 
in  compact-tension  samples,  where  no  closure  was 
detected  above  an  i?-ratio  of  ~0.5.  However,  compliance 
measurements  are  macroscopic  and  yield  a  global  meas¬ 
ure  of  crack-surface  contact;  it  is  unlikely  that  they 


would  detect  such  local  closure  within  10  pm  or  so  of 
the  crack  tip. 

Photographs  made  at  the  minimum  and  maximum 
cyclic  loads  were  analysed  to  determine  the  crack-open¬ 
ing  displacement  (COD)  and  crack-tip  strain  levels  using 
the  automated  stereoimaging  technique.  An  example  of 
these  measurements  is  shown  in  Fig.  10.  This  figure 
shows  a  photograph  of  the  crack-tip  region  with  the 
displacements  overlayed.  COD  is  shown  in  the  upper 
right  of  the  figure  as  a  function  of  the  square  root  of  d, 
the  distance  behind  the  crack  tip.  From  this  relationship, 
the  crack-tip  opening  displacement  (CTOD)  may  be 
defined  at  1  pm  behind  the  tip. 

The  distribution  of  strain  for  crack  tips  at  this  high  R 
does  not  seem  to  be  much  affected  by  the  grain  structure, 
although  this  point  has  not  been  extensively  investigated. 
The  plastic-zone  size  was  determined  by  subtracting  the 
elastic  strain  (twice  the  yield  stress/modulus)  from  the 
total  strain.  The  plastic-zone  size  for  the  crack  tip  shown 
in  Fig.  10  extends  %2  pm  ahead  of  the  crack  tip.  Plastic- 
zone  sizes  are  of  the  order  of  the  a  particle  size.  Strains 
near  the  crack  tip  did  not  appear  to  be  affected  by  the 
presence  of  ot/a  or  a/p  boundaries. 

The  correlation  between  CTOD  (defined  at  1  pm 
behind  the  crack  tip)  and  crack-tip  strain  that  has  been 
found  at  lower  R  ratio30  continues  for  high  R,  as  shown 
in  Fig.  1 1 .  The  magnitude  of  the  crack-tip  strains  under 
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Fig.  1 1  Correlations  between  micromechanics  and  loading 
parameters  are  shown  in  the  results  obtained  under  HCF 
conditions  ( R  =  0.85);  these  are  compared  with  those  previously 
obtained  at  low  R.i0  (a)  Maximum  shear  strain  at  the  crack  tip 
correlated  with  CTOD.  (b)  CTOD  correlated  with  (AA^-AK^xh). 
(c)  Maximum  crack-tip  shear  strain  correlated  with  (AA-AAXH). 


these  conditions  was  not  always  found  to  be  above  the 
elastic  limit.  This  condition  probably  resulted  ffom  the 
fact  that  cracks  were  not  growing  during  some 
increments  of  cycling.  Also  shown  in  Fig.  1 1  are  the 
correlations  between  crack-tip  strain  and  CTOD  and 
the  term  (AK—  AiCpjj). 

Fractography 

Investigations  of  the  fracture  surfaces  in  the  tensile 
fatigue  samples  indicated  that  the  surface-crack  profiles 
were  approximately  semicircular  (cl a  ~  1),  meaning  that 
crack  growth  rates  on  the  surface  and  interiors  of  the 
material  were  approximately  the  same.  The  surface  top¬ 
ography  produced  at  the  very  low  crack  growth  rates 
investigated  was  examined  using  a  field  emission  SEM. 
The  high  resolution  and  low  beam  voltage  of  the  field 
emission  SEM  was  necessary  to  reveal  the  very  low  level 
of  topography  existent  on  individual  primary  a  grains 
and  within  individual  lamellar  colonies  present  at  the 
fracture  surfaces  produced  in  vacuo ;  however,  on  a  more 
macroscale,  fracture  surfaces  in  vacuum  were  distinctly 
rougher.  Using  this  technique,  some  evidence  of  an 
incremental  mechanism  of  fatigue-crack  growth  (stri- 
ations)  was  found  on  the  a  grains.  At  a  growth  rate  of 
10” 12  m/cycles,  the  average  striation  spacing  on  the 
surfaces  of  a  particles  was  «50nm,  or  there  were  20 
striations  in  1  pm  of  growth.  This  means  that  under 
vacuum  conditions,  it  required  an  average  of  40000 
cycles  to  produce  one  striation.  Clearly,  in  vacuo ,  the 
crack  is  not  making  one  striation  per  loading  cycle. 

With  a  plastic-zone  size  of  pm  (~  100  times  larger 
than  the  observed  striation  spacing),  ~2  x  106  cycles 
were  needed  for  the  crack  to  traverse  the  plastic  zone 
when  the  average  crack  growth  rate  was  10” 12  m/cycle. 
The  volume  of  material  in  the  plastic  zone  would 
therefore  experience  «2  x  106  cycles  of  loading,  and  it 
is  likely  that  dislocation  subcells  would  be  formed  during 
this  large  number  of  cycles  near  the  crack  plane,  as  has 
previously  been  found  at  higher  AK  in  these  alloys. 

Worst-case  threshold  concept 

The  problem  of  turbine-engine  high-cycle  fatigue 
requires  that  design  must  be  based  on  the  notion  of  a 
threshold  stress  intensity  for  no  crack  growth  under  the 
appropriate  conditions  of  high  mean  loads,  ultrahigh 
frequency  (vibratory)  loading,  and  small-crack  sizes. 
Because  the  measurement  of  small-crack  thresholds  is 
experimentally  tedious  and  complex,  one  approach  used 
in  the  current  work  has  been  to  simulate  the  mechanistic 
origins  of  the  small-crack  effect  using  ‘worst-case’  large- 
cracks,  i.e.  the  measurement  of  thresholds  under  con¬ 
ditions  which  simulate  the  similitude  limitation  of  small 
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cracks  by  minimizing  crack  closure  in  the  wake.  Whereas 
this  approach  to  simulate  small-crack  behaviour  with 
large  cracks  might  not  be  appropriate  for  truly  micro- 
structurally  small  cracks,  where  essentially  any  con¬ 
tinuum  measure  of  behaviour  would  be  questionable,  the 
crack  sizes  relevant  to  the  Air  Force  HCF  problem  are 
expected  to  be  somewhat  larger,  of  the  order  of 
50-100  pm  and  above.  As  described  above,  using  con¬ 
stant  Amax/increasing  Kmin  cycling,  the  present  results 
show  the  ‘worst-case'  threshold  in  Ti-6A1-4V,  measured 
with  large  (>5mm)  cracks  at  very  high  load  ratios 
(R  ~  0.95)  and  representative  frequencies  (1  kHz),  to 
be  =  1.9  MPaVm.  AAXH  thresholds  tend  to 

approach  zero  as  !?-►  l;31  however,  as  the  current  value 
at  A  =  0.95  is  defined  as  Amax-+AIc,  in  the  apparent 
absence  of  global  closure  and  below  the  stress  inten¬ 
sities  for  the  growth  of  naturally  initiated  small 
45-1 000  pm)  cracks  and  small  cracks  emanating  from 
sites  of  foreign  object  damage,  it  is  believed  that  the 
‘worst-case'  threshold  concept  can  be  used  as  a  practical 
lower-bound  threshold  for  the  stress  intensity  required 
for  the  onset  of  small-crack  growth  under  HCF 
conditions. 

CONCLUSIONS 

Based  on  a  preliminary  investigation  into  the  high-cycle 
fatigue  of  a  solution-treated  and  overaged  Ti-6A1-4V 
turbine-engine  alloy  tested  in  ambient  temperature  air 
and  vacuum,  the  following  conclusions  can  be  made. 

1  Ambient  temperature  fatigue-crack  propagation  (over 
the  range  ~10~I2-10”1 2 3 * * 6  m/cycle)  and  threshold 
AA^th  values  were  found  to  be  independent  of  test 
frequency  over  the  range  50-1500  Hz,  based  on  tests 
on  servohydraulic  and  in  situ  SEM  testing  machines. 
Moreover,  comparisons  to  the  published  results  on  a 
similar  microstructure  in  Ti-6A1-4V  strongly  suggest 
that  the  frequency-independent  behaviour  extends  out 
to  20000  Hz,  at  least  at  near-threshold  levels. 

2  A  ‘worst-case’  fatigue  threshold,  measured  for  large 
cracks  at  R  =  0.95  under  constant  Amax/increasing 
A^min  conditions  was  found  to  be  1.9  MPa  Vm  for  this 
alloy.  This  should  be  compared  with  measurements 
on  naturally  initiated  small  cracks  and  FOD-initiated 
small  cracks  in  the  same  microstructure,  where  small- 
crack  growth  was  not  reported  below  a  A K  value  of 
2.9  MPa  Vm. 

3  Foreign  object  damage,  simulated  by  hardened  steel 

spheres  impacted  at  200-300  m/s  on  a  flat  surface, 

provides  sites  for  the  initiation  of  small  fatigue  cracks. 

At  applied  stresses  some  10%  below  the  smooth-bar, 

fatigue  strength  (at  107  cycles),  crack-initiation  lives 

were  less  than  4  x  104  cycles,  many  orders  of  magni¬ 


tude  shorter  than  in  unimpacted  samples.  Subsequent 
small-crack  growth  from  the  damage  sites  was  found 
to  occur  at  rates  considerably  faster  than  large  cracks 
subjected  to  the  same  applied  A K  level.  No  crack 
growth  from  FOD  sites  has  been  observed  to  date  at 
A K  values  less  than  2.9  MPa  Vm. 

4  Fatigue-crack  growth  rates  in  vacuo ,  over  the  range 
~10  I2-10~*9  m/cycle,  were  found  to  be  approxi¬ 
mately  three  orders  of  magnitude  slower  than  corre¬ 
sponding  rates  in  room  air;  AKru  threshold  values, 
conversely,  were  essentially  unchanged. 

5  Fractographically,  fatigue-crack  growth  at 
~10  n-10~12  m/cycle  was  found  to  be  clearly  inter¬ 
mittent,  with  evidence  of  near-tip  crack-surface  con¬ 
tact  (i.e.  within  ~  10  pm  or  so  of  the  crack  tip)  at  load 
ratios  as  high  as  0.85.  Measured  crack-dp  strain  distri¬ 
butions  were  essentially  unaffected  by  the  microstruc¬ 
ture  (e.g.  by  the  grain  structure  and  a/a  and  o/p 
boundaries). 

6  The  ‘worst-case’  fatigue  threshold  of  1.9  MPa  Vm, 
measured  for  large  cracks  at  R  -  0.95,  was  found  to 
provide  a  practical  lower  bound  to  describe  the  onset 
of  growth  of  small  cracks  (a  ~  45-1 000  pm),  initiated 
naturally  or  from  sites  of  foreign  object  damage,  under 
HCF  conditions  in  this  alloy. 
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Abstract 

There  has  been  a  renewed  interest  of  late  in  the  mechanisms  responsible  for  the  influence  of  the  load  ratio,  R ,  and  the 
maximum  stress  intensity,  Kmax,  on  the  threshold  for  fatigue-crack  growth,  AATth.  While  mechanistic  explanations  in  the 
past  have  largely  focused  on  the  role  of  crack  closure,  it  is  certainly  not  the  only  mechanism  by  which  Km.dX  influences 
AATth.  In  this  work,  we  examine  the  effect  of  a  wide  range  of  loading  frequencies  (v  =  50-1000  Hz)  and  load  ratios 
(R  =  0.10-0.95)  on  fatigue-crack  propagation  and  threshold  behavior  in  a  Ti-6A1-4V  turbine  blade  alloy  consisting  of 
~60  vol%  primary-a  and  ~40  vol%  lamellar  a  +  p.  The  data  presented  in  this  paper  indicate  that  at  Kmax  values  above  6 
MPa^/m  ( R  >  0.5),  where  macroscopic  crack  closure  is  no  longer  detected  in  this  alloy,  AATth  decreases  approximately 
linearly  with  increasing  Kmax.  This  result  is  discussed  in  terms  of  possible  mechanistic  explanations,  including  sustained- 
load  cracking,  microscopic  near-tip  closure,  and  static  fracture  modes,  based  on  considerations  of  experimental  evi¬ 
dence  from  both  the  current  study  and  the  literature.  ©  2000  Published  by  Elsevier  Science  Ltd. 


Keywords :  Titanium  alloys;  Ti-6A1-4V;  Fatigue  threshold;  Load  ratio;  Crack  closure;  Sustained-load  cracking 


1.  Introduction 

The  influence  of  load  ratio,  1  R,  on  fatigue-crack  propagation  rates  has  been  widely  studied  from  both 
experimental  (e.g.  Refs.  [1-6])  and  analytical  (e.g.  Refs.  [7,8])  viewpoints.  Almost  without  exception,  an 
increase  in  load  ratio  results  in  an  increase  in  fatigue-crack  propagation  rate  at  a  given  applied  cyclic  stress- 
intensity,  A K.  Equivalently,  the  observed  threshold  stress-intensity  range  for  fatigue-crack  propagation, 
AKxh,  decreases  as  the  (positive)  load  ratio  is  increased.  Mechanistic  explanations  for  such  behavior  have 
focused  on  (a)  the  presence  of  crack  closure  at  low  values  of  the  minimum  stress  intensity,  ATmin  [1]  or  (b)  the 
presence  of  static  fracture  modes  as  the  maximum  stress  intensity,  J^max,  approaches  the  fracture  toughness, 
Kic  [9]. 
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1  Load  ratio,  R,  is  defined  under  fatigue  loading  conditions  as  the  minimum  applied  load  divided  by  the  maximum  applied  load  for 
any  given  loading  cycle. 
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Fig.  1.  (a)  A  “classic”  representation  of  the  influence  of  the  load  ratio,  R ,  on  the  fatigue  threshold,  AK&.  (b)  A  transformation  into 
coordinates  of  (Amax,  AK&).  (c)  Many  data  sets,  however,  exhibit  decreasing  threshold  even  beyond  the  transition,  R  >  Rc .  (d)  The 
variation  of  AA^  with  Kmax  is  shown  here  as  approximately  linear  with  slope,  a. 


A  common  conception  of  the  variation  in  the  fatigue  threshold  with  load  ratio  is  shown  in  Fig.  la. 
Schmidt  and  Paris  [1]  rationalized  this  behavior  solely  on  the  basis  of  the  crack  closure  concept.  Assuming 
that  both  the  closure-corrected  effective  fatigue  threshold,  A7£efr,th  and  the  closure  stress  intensity,  Kc j,  are 
not  affected  by  load  ratio,  then  there  exists  some  critical  load  ratio,  Rc  at  which  =  Kc\,  such  that: 

a  rr  _  j  -^rnax.th  Kc]  <  if  R  <  Rc  (^min,th  <  -^cl))  /i\ 

efIl'h  “  \  *ma*,.h  -  =  A Klh,  if  R  >  Rc  (K^ n,th  >  Kd).  ^  ’ 

Under  these  conditions,  the  maximum  stress  intensity  at  threshold,  /^max,th?  is  independent  of  R  below  R c 
and  the  threshold  stress-intensity  range,  AATth,  is  independent  of  R  above  R c.  Plotted  as  ATmax,th  versus  AKth, 
this  transition  manifests  itself  as  a  distinct  ‘ L ’  shape,  as  shown  in  Fig.  lb,  highlighting  that  the  value  of  A^h 
is  independent  of  A"max  when  R  >  Rc  where  global  closure  is  no  longer  effective.  As  a  first  approximation,  the 
Schmidt  and  Paris  analysis  seems  to  work  moderately  well,  with  many  data  sets  showing  this  transition  at 
load  ratios  similar  to  the  critical  load  ratio  condition,  Rc,  at  which  point  n  =  Kc\. 

This  behavior,  however,  is  not  universal,  as  shown  by  the  compilation  of  data  presented  in  Fig.  2.  In 
most  cases,  the  value  of  AATth  is  not  invariant  at  R  >  Rc,  but  rather  AATth  decreases  with  increasing  R  (Fig.  lc 
and  d),  implying  that  either  the  Schmidt  and  Paris  model  is  not  properly  described  at  R  >  Rc ,  or  that  there 
are  additional  mechanisms  acting  in  concert .  It  is  this  variation  in  AAfth  with  increasing  R  >  Rc ,  that  is 
apparently  independent  of  crack  closure,  which  is  the  focus  of  the  current  work.  We  examine  this  behavior 
in  a  Ti-6A1-4V  alloy  processed  for  turbine  blade  applications,  and  consider  possible  mechanistic  expla¬ 
nations. 


2.  Background 

The  progressive  downward  trend  of  the  threshold  A^Tth  with  increasing  load  ratio  at  R  >  Rc  was  noted  by 
Doker  [12]  based  on  the  fatigue  study  of  Huthmann  and  Gossmann  [13]  on  a  high -temperature  steel  at 
550°C.  Doker  chose  to  characterize  this  behavior  with  an  empirical  relationship,  which  varied  linearly  with 

•^max  • 
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Fig.  2.  A  representative  sampling  of  large  data  sets  on  the  influence  of  load  ratio  on  the  fatigue  threshold,  AA^.  Rather  arbitrary  lines 
are  drawn  through  the  data  as  a  guide  to  interpretation.  The  only  consistent  trend  among  the  various  curves  is  that  all  slopes  tend  to  be 
<  0.  The  slopes  continue  to  be  ^  0  even  at  high  load  ratios,  where  closure  has  presumably  been  eliminated.  These  data  sets  are  taken 
from  (clockwise  from  upper  left):  this  study.  Refs.  [1],  [10,11],  [13-17]. 


AK&  —  AATth?o  +  &£max,  if  R  >  Rc,  (2) 

where  AATth(0  is  the  AA^-intercept  extrapolated  to  Kmax  =  0  and  a  is  the  slope  of  the  decrease  in  threshold 
with  increasing  Kmax.  The  work  of  Bray  and  Donald  [14]  on  A1  alloys  also  noted  a  decrease  in  AKth  which  is 
apparently  independent  of  crack  closure,  although  in  this  case  the  behavior  was  parameterized  by  a  power- 
law  relationship: 

A Ktb  =  c(£max)d,  if  R  >  Rc.  (3) 

Whereas  only  a  few  studies  have  parameterized  (or  even  noted)  this  behavior,  many  published  data  sets 
exhibit  a  similar  trend  (for  examples,  see  Refs.  [1,1 1,13-19]),  most  notably  the  actual  data  of  Schmidt  and 
Paris  (Fig.  2e).  To  examine  this  effect  further,  a  literature  survey  was  conducted  to  identify  published  data 
sets  on  steels,  aluminum  and  titanium  alloys  that  contain  high  load-ratio  threshold  data.  Data  sets  con¬ 
taining  at  least  three  threshold  conditions  where  Amax  ^  10  MPay'm  were  regressed  according  to  a  normal 
linear  model.  To  exclude  the  effects  of  crack  closure,  the  regression  was  only  performed  on  those  data 
points  where  ATmax  ^  10  MPayfai.  The  results  of  this  analysis  are  presented  in  Table  1. 

In  Table  1,  all  titanium  alloys  have  a  negative  value  for  a  in  the  range  of  -0.01  to  -0.07  (this  excludes 
the  value  of  a  of  —0.386  that  is  presumably  skewed  due  to  the  small  number  of  data  points  and  has  a 
large  standard  deviation  of  0.239).  Furthermore,  for  eight  of  the  10  titanium  data  sets,  a  hypothesis  that 
a  =  0  is  rejected  based  on  a  99%  confidence  interval.  This  is  not  the  case  for  all  of  the  steel  data  sets  and 
two  of  the  three  aluminum  data  sets,  where  the  hypothesis  that  a  =  0  is  not  rejected  based  on  a  99% 
confidence  interval.  This  indicates  that  in  the  case  of  aluminum  or  steels,  there  is  not  enough  statistical 
evidence  to  determine  that  the  threshold  changes  with  increasing  Afmax.  However,  in  the  case  of  the  ti¬ 
tanium  data  sets,  the  decrease  in  threshold  with  increasing  Af^  is  statistically  significant.  Such  behavior  is 
inconsistent  with  the  notion  that  (global)  crack  closure  is  the  only  mechanism  responsible  for  the  R  and 
ATmax  effects  on  AKxh. 
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Table  1 

Values  for  the  slope,  a,  of  AA\h  versus  KmAX  when  Kmax  ^  10  MPa^/m 


Materia! 

Temp.  (°C) 

Method 

ir 

Kma*  range 
(MPav/m) 

a 

SD(ct)b 

References 

Steels: 

High-temp  steel 

550°C 

Const-7? 

4 

10-21 

-0.141 

0.091 

[13] 

Const -Ama* 

4 

11-30 

-0.044 

0.029 

[13] 

Steel  42CrMo4 

RTC 

Const-Ximj 

8 

13-50 

-0.005 

0.007 

[16] 

Jump  IIId 

21 

12-35 

-0.001 

0.006 

[16] 

Aluminum  Alloys: 

AI  2024  T3 

RTC 

Const-7? 

3 

15-31 

-0.016 

0.010 

[1] 

A1  6013-T651 

RTC 

Const-ATmax 

6 

10-38 

-0.013 

0.006 

[14] 

Al  7075-T7351 

RTC 

Const-Xmax 

10 

12-21 

+0.017 

0.019 

[17] 

Titanium  Alloys: 

Ti  Alloy  A 

RTC 

Const-7? 

12 

10-32 

-0.063 

0.027 

[18] 

Const-A^ax 

17 

12-40 

-0.043 

0.012 

[18] 

Ti  Alloy  B 

RTC 

ConSt-A^max 

11 

10-24 

-0.062 

0.023 

[18] 

Ti-6AI-4V  STA 

RTC 

Const-7? 

4 

10-14 

-0.386 

0.239 

[17] 

ConSt-T^niax 

18 

10-32 

-0.024 

0.009 

[17] 

Ti-6AMV 

RTC 

Const- Amax 

3 

13-25 

-0.050 

0.025 

[16] 

Jump  IIId 

3 

13-25 

-0.069 

0.035 

[16] 

Jump  IV  d 

3 

13-25 

-0.063 

0.032 

[16] 

Ti-6AMV 

RTC 

C  onst-T^jjjax 

4 

10-25 

-0.011 

0.007 

[19] 

Ti-6A1-4V  STOA 

RTC 

Const-7?,  A:max 

5 

13-57 

-0.013 

0.006 

This  study 

a  Number  of  data  points  used  for  regression. 
b  Standard  deviation  of  the  slope  parameter,  a. 
cRoom  temperature. 

dFor  an  explanation  of  these  “jump-in”  threshold-determination  methods,  see  Ref.  [16]. 


In  the  absence  of  closure,  possible  alternative  mechanisms  for  this  behavior  include  the  presence  of 
sustained-load  cracking  (SLC)  mechanisms,  such  as  creep  or  hydride-assisted  cracking,  or  the  occurrence  of 
the  so-called  “Marci  effect”,  as  described  below.  Both  of  these  phenomena  have  been  observed  in  titanium 
alloys  at  ambient  temperatures. 

Sustained-load  cracking:  It  is  well  established  that  many  titanium  alloys  exhibit  stable  crack  growth 
under  monotonic  loading  when  the  applied  K  exceeds  a  sustained-load  cracking  (SLC)  threshold  yet  is  less 
than  K\c  (for  a  review,  see  Ref.  [20]).  In  Ti-6AMV,  it  has  been  noted  that  such  SLC  rates  increase  with 
increasing  internal  hydrogen  content.  Furthermore,  SLC  rates  have  been  found  to  vary  with  temperature. 
For  an  alloy  containing  50-70  ppm  H,  crack  velocities  were  at  a  maximum  at  ~0°C  (< da/dt  ^5x  10“10  m/s) 
whereas  below  — 10°C  or  above  25°C,  crack  velocities  were  much  slower  (da/dt  <  1  x  10“n  m/s)  [21].  The 
occurrence  of  such  mechanisms  during  near-threshold  fatigue-crack  growth  would  impart  an  influence  of 
T^max  on  the  threshold  and  growth-rate  behavior  as  they  are  primarily  controlled  by  the  static,  rather  than 
cyclic,  loads. 

The  Marci  effect:  Some  titanium  alloys  exhibit  the  so-called  “Marci  effect”  at  very  high  Kmax  levels.  In 
these  instances,  the  fatigue  threshold  ceases  to  exist  and  at  all  applied  A K  levels  (including  static  loading, 
where  AK  =  0),  the  crack  advances  with  a  substantial  velocity,  typically  >10“8  m/cycle  (Fig.  3).  This  be¬ 
havior  has  been  observed  by  Marci  on  Ti-6Al-6V-2Sn,  IMI  834,  IMI  685  [22,23],  and  by  Lang  on  Ti-6A1- 
2Sn— 4Zr-6Mo  [24],  and  is  likely  associated  with  SLC.  It  is  possible  that  this  effect  is  a  more  aggressive 
example  of  the  current  observations,  although  there  is  no  evidence  to  date  that  conclusively  connects  these 
two  phenomena. 
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Fig.  3.  Fatigue-crack  growth  behavior  typical  of  the  “Marci”  effect  in  Ti-6AI-2Sn-4Zr-6Mo.  In  some  titanium  alloys,  when  K ^  is 
greater  than  some  critical  value  (21  MPa^m  in  this  particular  alloy),  the  fatigue  threshold  ceases  to  exist  and  all  applied  A K  values  lead 
to  an  appreciable  growth  rates  >10* 10  m/cycle  (after  Ref.  [24]). 


3.  Experimental  procedures 

3.1.  Material 

The  material  under  investigation  was  a  Ti-6A1-4V  alloy  with  a  composition  (in  wt.%)  of  6.30A1,  4.17V, 
0.19Fe,  0.190,  0.01 3N,  0.0035H,  balance  Ti.  It  was  received  as  20  mm  thick  forged  plates  from  Teledyne 
Titanium  after  solution  treating  1  h  at  925°C  and  vacuum  annealing  for  2  h  at  700°C.  This  alloy,  which  has 
been  chosen  as  the  basis  of  a  comprehensive  military/industry/university  program  on  High  Cycle  Fatigue , 
has  a  microstructure  consisting  of  a  bimodal  distribution  of  ~60  vol%  primary-a  and  ~40  vol%  lamellar 
colonies  of  a  +  p  (Fig.  4).  2  This  microstructure  displays  room  temperature  yield  and  tensile  strengths  of 
930  and  970  MPa,  respectively,  and  a  Young’s  modulus  of  1 16  GPa  [25].  The  fracture  toughness,  Ku,  was 
measured  to  be  ~67  MPa^m. 


3.2.  Crack-propagation  testing 
3.2.1.  Cyclic  fatigue 

Fatigue-crack  propagation  studies  were  conducted  on  large  (>10  mm)  through-thickness  cracks  in 
compact-tension  C(T)  specimens  ( L—T  orientation;  8  mm  thick,  25  mm  wide)  cycled  at  load  ratios  varying 
from  0.10  to  0.95  in  a  laboratory  air  environment  (22-32°C,  3  ~45%  relative  humidity).  To  approach  the 
threshold,  both  constant-i?  and  constant- Km*x  loading  regimens  were  employed.  Under  both  conditions,  the 
cyclic  stress  intensity  was  varied  according  to  the  relationship: 


2  In  the  context  of  the  Air  Force  High  Cycle  Fatigue  program,  this  microstructure  in  Ti-6AMV  has  been  referred  to  as  “solution 
treated  and  overaged”  (STOA). 

For  fatigue  testing  at  1000  Hz,  the  average  temperature  of  the  sample  rises  ~10°C  over  ambient  conditions. 


134 


B.L.  Boyce,  R.O.  Ritchie  /  Engineering  Fracture  Mechanics  68  ( 2001 )  129-147 


Fig.  4.  Ti-6AF4V  in  the  “STOA”  microstructure  consisting  of  a  bimodal  distribution  of  ~60  vol%  primary-a  and  ~40  vol%  lamellar 
a  +  p.  This  microstructure  was  chosen  as  the  basis  for  a  joint  military/industry/university  program  on  high  cycle  fatigue. 


—  AA^initial  CXp  [C(i2  ^initial)]  ?  (4) 

where  initial  and  a  are  the  initial  and  current  values  of  the  crack  length,  respectively,  AATinitiai  is  the  initial 
value  of  A K,  and  C  is  the  normalized  A>gradient,  set  to  a  value  of  C  =  —0.08  mm-1  (as  suggested  in  ASTM 
Standard  E-647).  Constant-ATmax  tests  were  employed  to  achieve  threshold  values  at  very  high  load  ratios, 
i.e.,  R  >  0.8,  thereby  minimizing  the  effects  of  crack  closure  and  representing  worst-case  in-service  load 
ratios  [26,27].  Loading  frequencies  were  varied  between  50  and  1000  Hz  (sine  wave).  At  50-200  Hz,  testing 
was  conducted  on  conventional  servo-hydraulic  testing  machines  operating  under  automated  closed-loop  K 
control;  corresponding  tests  at  1000  Hz  were  performed  under  K  control  on  newly  developed  MTS  servo- 
hydraulic  test  frames  using  voice-coil  servovalves.  The  values  of  the  fatigue  thresholds,  AAfth  and  ATmaXtth, 
were  defined  as  the  minimum  values  of  these  parameters  yielding  a  propagation  rate  of  10“ 10  m/cycle.  Crack 
lengths  were  monitored  in  situ  using  back-face  strain  compliance  techniques,  with  measurements  verified 
periodically  by  optical  inspection.  Crack  closure  was  also  monitored  using  back-face  strain  compliance; 
specifically,  the  global  closure  stress  intensity,  Kci,  was  obtained  from  the  closure  load,  Pc\,  which  was 
approximated  as  the  point  of  first  deviation  from  linearity  in  the  elastic  compliance  curve  upon  unloading 
[28],  similar  to  the  method  described  by  Elber  [29].  Based  on  such  measurements,  an  effective  (near-tip) 
stress-intensity  range,  AJ£efr  =  A^max  —  was  estimated. 


3.2.2.  Sustained-load  cracking 

SLC  experiments  were  conducted  using  similar  methodology  to  that  for  fatigue-crack  growth.  A  pre¬ 
crack  was  grown  under  constant-Afmax  fatigue  loading  conditions,  with  the  ATmax  of  the  fatigue  precrack 
chosen  to  equal  the  post-fatigue  sustained-^,  Ks lc-  During  precracking,  AA^  was  shed  according  to  Eq.  (4) 
until  a  threshold  growth  rate  of  ~10-10  m/cycle  was  reached.  The  A K  level  was  then  reduced  to  0.3-0.5 
MPa>/m  while  holding  Kmax  constant.  This  small  AAT-cycle  was  chosen  to  be  considerably  smaller  than  the 
fatigue  threshold  (~2  MPa^/m)  while  retaining  sufficient  amplitude  to  facilitate  “sustained-load”  growth 
monitoring  via  back-face  strain  compliance,  as  had  been  used  in  the  prior  fatigue  loading. 
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4.  Results 

4.1.  Effect  of  loading  frequency 

A  comparison  of  fatigue-crack  propagation  behavior  at  50  and  1000  Hz  is  shown  in  Fig.  5  for  load  ratios 
of  R  =  0.1  and  0.8.  Similar  observations  were  made  under  constant- loading  conditions  at  K^x  =  36.5 
and  56.5  MPa>/m  (R  &  0.9  and  0.95  respectively).  At  all  observed  load  ratios,  a  change  in  frequency  in¬ 
duced  a  negligible  (typically  <0.1  MPayfin)  change  in  the  A K  level  for  a  given  growth  rate,  well  within  the 
experimental  scatter  and  specimen-to  specimen  variation.  Additional  data  obtained  on  the  same  alloy  and 
microstructure  at  ~1700  [30]  and  20,000  Hz  [31]  also  shows  no  significant  frequency  effect  on  the  near¬ 
threshold  fatigue  behavior  (Fig.  6).  Such  frequency-independent  growth  rates  for  titanium  alloys  tested  in 
air  have  also  been  reported  for  the  0.1-50  Hz  range  [33,34];  the  current  work  extends  this  observation 
beyond  1000  Hz. 


4.2.  Effect  of  load  ratio 

Fatigue-crack  propagation  data  collected  under  constant-R  loading  conditions  are  shown  in  Fig.  7  at 
four  load  ratios:  R  —  0.1,  0.3,  0.5,  and  0.8  (50  Hz).  These  results  are  compared  to  constant-^max  fatigue- 
crack  propagation  at  four  Kmax  values:  ATmax  =  26.5,  36.5,  46.5,  and  56.5  MPa^/m  (1000  Hz)  in  Fig.  8.  As 
expected,  higher  load  ratios  result  in  lower  AA^  thresholds  and  faster  growth  rates  at  a  given  applied  A K 
value.  Furthermore,  this  particular  alloy  does  not  exhibit  the  “Marci”  effect  as  described  previously.  In 
Table  2,  a  comparison  is  given  of  the  AAT  levels  required  to  achieve  a  growth  rate  (d a/dN)  of  10~9  and  10“10 
m/cycle  (the  latter  representing  the  threshold  AA'th)  for  all  eight  loading  conditions.  These  results  are 
compiled  in  Fig.  9a  and  b  where  the  measured  variation  of  the  AA^th  and  A^^h  thresholds  with  positive  R 
are  compared. 

The  role  of  load  ratio  at  near-threshold  levels  is  generally  attributed  to  crack  closure,  which  is  typically 
associated  with  the  roughness-induced  mechanism  in  titanium  alloys  [35-37].  In  the  current  experiments. 
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Fig.  5.  Fatigue  crack  growth  behavior  of  bimodal  Ti-6A1-4V  at  two  load  ratios  {R  =  0.1  and  0.8)  and  two  frequencies  (v  =  50  and  1000 
Hz)  suggesting  that  there  is  negligible  influence  of  frequency  in  near-threshold  growth  behavior.  Similar  observations  were  made  under 
constant-Ama*  loading  conditions  of  A:max  =  36.5  and  56.5  MPa^/m. 
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Fig.  6.  Fatigue  crack  growth  behavior  of  bimodal  Ti-6A1~4V  in  the  frequency  range  of  50-20,000  Hz  indicating  no  obvious  frequency 
effect  in  the  near-threshold  regime.  Data  at  1 700  Hz  were  collected  using  a  magnetostrictive  fatigue  loading  stage  by  Davidson  [30]. 
Data  at  20,000  Hz  were  collected  using  ultrasonic  fatigue  by  Mayer  and  Stanzl-Tschegg  [31].  Data  at  30  Hz  was  collected  by  Hines  and 
Liitjering  [32]. 


Fig.  7.  Effect  of  load  ratio,  /?,  on  fatigue  crack  propagation  under  constant-/?  loading.  As  the  load  ratio  is  increased,  the  growth  rates  at 
a  given  AK  increase  and  the  fatigue  threshold  decreases. 


closure  was  approximated  from  the  deviation  from  linearity  in  the  unloading  compliance  curve.  At  low  load 
ratios,  R  <  0.5,  closure  values  were  found  to  be  approximately  constant  at  Kc\  ~  2.0  MPay'm,  however,  no 
closure  was  detected  at  R  >  0.5.  This  closure  value  was  essentially  identical  for  R  —  0.1  and  0.3;  moreover, 
the  closure  value  did  not  change  substantially  as  AK  was  shed  towards  threshold.  The  variation  of 
thresholds,  AA'th  and  ^max,th>  with  load  ratio  (Fig.  9a  and  b)  show  an  apparent  transition  at  R  ~  0.5, 
consistent  with  the  Schmidt  and  Paris  [1]  analysis  (Eq.  (1))  which  would  predict  a  transition  at  R  ~  0.3-0. 5 
based  on  the  measured  closure  value  of  2  MPa^/m.  Perhaps  the  most  convincing  representation  of  this 
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Fig.  8.  Fatigue  crack  propagation  data  collected  under  constant-^*  conditions  compared  to  R  -  0.8  data  (squares)  collected  under 
constant-i?  conditions.  As  Kmax  was  increased  such  that  the  load  ratios  exceed  R  =  0.8,  the  value  of  the  fatigue  threshold  continued  to 
decrease.  This  decrease  in  the  fatigue  threshold  with  increasing  Km!LX  is  observed  in  the  apparent  absence  of  crack  closure,  as  detected  by 
back-face  strain  compliance. 


Table  2 

AK  levels  required  for  growth  rates  of  10~9  and  10^!0  m/cycle 


R 

*max  (MPav/m) 

AK  (MPa^/m) 

Growth  rate,  da/dN  =  10~9  m/cycle 

0.1a 

6.47-6.92 

5.82-6.23 

0.3 a 

6.77-6.83 

4.74—4.78 

0.5a 

8.66-9.26 

4.33-4.63 

0.8 a 

18.6-20.2 

3.72-4.03 

0.85 

26.5  a 

3.85 

0.90 

36.5 a 

~3.6 

0.93 

46.5  a 

~3.4 

0.94 

56.5 a 

-3.15 

Growth  rate,  d a/dN  =  10~10  m/cycle 


0.1 a 

4.72-4.78 

4.25^1.30 

0.3 a 

5.16 

3.61 

0.5 a 

5.86 

2.93 

0.8 a 

12.5-13.1 

2.50-2.61 

0.91 

26.5  a 

2.33 

0.94 

36.5 3 

2.11-2.15 

0.955 

46.5 a 

2.09 

0.954 

56.5 a 

-2.04 

a  This  value  was  held  constant  during  the  fatigue  test. 


transition  from  a  closure-affected”  to  a  “closure-free”  threshold  is  shown  in  a  plot  of  AK^  versus  ^max,th  in 
Fig.  9c,  which  is  simply  a  coordinate  transformation  of  Fig.  9a  and  b.  The  distinct  change  in  slope  in  Fig.  9c 
is  surely  associated  with  some  change  in  governing  mechanism,  and  is,  in  this  case,  coincident  with  the 
elimination  of  global  crack  closure. 
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Fig.  9.  Loading  conditions  for  a  threshold  growth  rate  of  10~10  m/cycle  in  bimodal  Ti-6A1-4V  (50  Hz  and  1000  Hz),  (a)  Cyclic  stress 
intensity  at  threshold,  AA*,  as  a  function  of  load  ratio,  R  (b)  the  maximum  stress  intensity  at  threshold,  AmaMb,  as  a  function  of  R.  (c) 
AKih  as  a  function  of  Am^th  (along  with  data  collected  for  a  growth  rate  of  10“9  m/cycle).  Of  the  three  parameters,  AK&,  and  Ry 

only  two  are  unique. 


In  the  case  where  crack  closure  is  the  only  mechanism  responsible  for  the  load  ratio  effect,  one  might 
expect  that  a  closure-corrected  stress-intensity  range,  AKe{f ,  would  yield  a  crack-propagation  curve  which  is 
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Fig.  10.  Considering  only  50  Hz,  constant -R  data,  raw  growth  data  (open  symbols)  is  compared  to  closure  corrected  data  (closed 
symbols)  where  closure  is  assessed  by  determining  the  effective  stress  intensity  range:  AATeff  =  ATmax  -  KQ\. 


unaffected  by  load  ratio.  Indeed,  in  the  current  study,  A does  tend  to  normalize  the  low  load  ratio  data 
( R  <  0.5)  onto  a  single  curve  (Fig.  10)  (see  also  Ref.  [5]).  However,  above  R  ~  0.5  where  (global)  closure 
was  not  experimentally  detected,  A Kih  values  continue  to  decrease  with  increasing  R.  This  is  also  apparent 
in  the  plot  of  A Kih  versus  Kmax,th  in  Fig.  9c;  in  the  region  where  threshold  is  ATmax -controlled,  AA^th  is  not 
invariant  and  decreases  approximately  linearly  with  increasing  ATmax.  The  slope  of  this  decrease  can  be 
quantified  in  terms  of  Eq.  (2)  as  a  =  —0.013,  implying  that  an  increase  in  the  Km ax  value  of  10  MPa^/m  is 
associated  with  a  0.13  MPa^/m  decrease  in  A Kth  threshold. 

43.  Fractography  and  crack  profiles 

Fractography  (from  scanning  electron  microscopy)  and  crack  profiles  (from  optical  microscopy)  cor¬ 
responding  to  the  threshold  growth  rate  of  10"10  m/cycle  at  three  load  ratios,  R  =  0.1,  0.5,  and  0.95,  are 
compared  to  the  static  overload  condition  in  Fig.  11.  The  crack  profiles  for  the  three  load  ratios  show  a 
decrease  in  crack-path  tortuosity  as  R  or  Kmax  is  increased.  Nevertheless,  there  are  only  minimal  differences 
in  the  fractography  for  the  three  different  load  ratios,  even  though  they  span  more  than  an  order  of 
magnitude  in  Km&x  and  two  orders  of  magnitude  in  the  plastic-zone  size.  There  is  a  clear  distinction, 
however,  in  the  morphology  of  the  fatigue  surfaces  compared  to  that  of  the  overload  fracture  condition 
where  microvoid  coalescence  can  be  seen.  Thus,  it  can  be  concluded  that,  even  at  R  =  0.95  where 
^max  =  57  MPa>/m  (Kmja/K\c  =  0.85),  there  is  no  clear  evidence  of  static  fracture  modes,  in  this  case  due  to 
micro  void  coalescence,  in  the  fractography  of  fatigue-crack  growth  in  this  alloy. 

4.4 .  Effect  of  internal  hydrogen  content 

To  study  the  effects  of  internal  hydrogen  content,  several  samples  were  heat  treated  in  high  vacuum 
at  700°C  for  24  h  thereby  reducing  the  hydrogen  content  from  an  as-received  value  of  ~35  to  ~5  ppm 
with  no  apparent  microstructural  changes.  The  low-hydrogen  specimens  were  subsequently  tested  under 
fatigue  loading  conditions  at  constant-i?  =  0.5  and  constant-A^  =  28  MPa^/ni.  A  comparison  of  the 
near-threshold  fatigue-crack  growth  behavior  for  the  as-received  and  low  internal  hydrogen  conditions  is 
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Fig.  1 1 .  A  comparison  of  fractography  and  crack  profiles  under  fatigue  (observing  a  threshold  growth  rate  ~10~10  m/cycie  at  three  load 
ratios,  R  —  0.1,  0.5,  and  0.95)  and  static  overload  fracture  condition.  While  microvoid  coalescence  is  apparent  in  the  overload  fracture, 
there  is  no  clear  evidence  of  this  mode  in  the  fatigue  fractographs,  even  at  R  -  0.95  where  ATmax  =  57  MPa^m. 
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Fig.  12.  The  effect  of  internal  hydrogen  on  near-threshold  fatigue-crack  propagation  behavior  in  bimodal  Ti-6AMV.  Although  the 
hydrogen  content  was  reduced  by  a  factor  of  six  or  more,  the  AKth  threshold  is  still  significantly  affected  by  load  ratios  in  excess  of  the 
“closure-free'’  transition,  R  ~  0.5. 


0.08 


1  006 

LU 

o 

z 

£  0.04 

o 
< 

o 

£  0.02 
o 


0.00 

0  200  400  600  800  1000 

TIME  AT  CONSTANT  LOAD  (s) 

Fig.  13.  Transient  SLC  observed  at  K  =  36.5  MPa^m.  The  initial  SLC  growth-rate  of  2  x  10“7  m/s  is  similar  to  the  difference  in  the 
fatigue-crack  growth  rates  between  R  =  0.8  and  Am„  =  36.5  MPa  ,/m  (Fig.  8). 
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presented  in  Fig.  12,  where  it  is  apparent  that  there  is  little  effect  of  hydrogen  content  (~5-35  ppm)  in  this 
alloy.  Most  specifically,  we  see  that  the  threshold  was  still  affected  by  load  ratios  in  excess  of  the  “closure- 
free”  transition  (R  >  0.5),  in  spite  of  the  very  low  hydrogen  content,  and  that  the  extent  of  this  effect 
appears  to  be  independent  of  hydrogen  content  over  this  range. 

4.5.  Sustained-load  cracking 

The  results  of  sustained-load  tests  on  the  Ti-  6A1  4V  alloy  at  a  constant  applied  stress  intensity  of 
K  —  36.5  MPa^/m,  shown  in  Fig.  13,  indicate  approximately  80  pm  of  slow  crack  growth  over  the  first 
1000  s  following  initiation  from  the  fatigue  pre-crack.  The  initial  growth  rate  of  ~2  x  10“7  m/s  was  seen 
to  decay  until  crack  arrest  (<1x10  11  m/cycle)  within  1000  s.  This  transient  behavior  indicates  that  for 
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near-threshold  fatigue-crack  growth  to  be  affected  by  SLC,  then  the  SLC  mechanism  must  be  “restarted’* 
by  each  fatigue  cycle.  Without  “restarting”  on  each  fatigue  cycle,  the  SLC  growth-rate  would  decay  to 
arrest  within  the  first  several  minutes  of  a  constant-A^  fatigue  test,  and  thus  would  have  little  or  no  effect 
on  the  value  of  the  fatigue  threshold. 


5.  Discussion 

Crack  closure  is  generally  considered  to  be  the  primary  reason  for  the  effect  of  load  ratio  on  the  AA^ 
fatigue  threshold  in  metallic  materials.  Indeed,  at  low  load  ratios  such  that  R  <  Rc ,  the  closure-based 
analysis  describes  threshold  behavior  reasonably  well  in  most  cases,  including  the  data  presented  in  this 
paper.  However,  based  on  the  closure  argument,  at  load  ratios  where  K^n  exceeds  Kd,  (i.e.  R  >  Rc )  such 
that  the  influence  of  (global)  closure  is  minimized,  the  value  of  AATth  would  be  expected  to  become  inde¬ 
pendent  of  R .  This  is  the  generally  anticipated  behavior,  however,  in  the  current  Ti-6Al^tV  alloy,  we  have 
observed  a  progressive  reduction  in  AA:th  from  R  =  0.5  (the  “closure-free”  condition)  to  R  =  0.95;  specif¬ 
ically,  a  ~  1  MPa^m  decrease  in  AKih  is  found  as  Km^  increases  from  ~6  MPa^/m  (at  R  =  0.5)  to  57 
MPay^m  (at  A  =  0.95).  Furthermore,  examples  have  been  given  (Table  1)  of  several  other  Ti-alloys  that  also 
exhibit  a  K^x -sensitivity  on  the  threshold  at  high  load  ratios  (R  >  Rc). 

As  noted  previously,  one  possible  explanation  for  this  effect  is  the  occurrence  of  SLC  mechanisms  during 
fatigue-crack  growth  at  high  load  ratios,  where  the  high  values  of  Kmax  exceed  some  SLC  threshold.  This 
being  the  case,  the  measured  fatigue-crack  growth  rates  would  result  from  contributions  from  both  me¬ 
chanical  fatigue  cracking,  (da/djV)fatiguc,  and  that  due  to  SLC  (da/dt)SLc,  as  modeled  using  a  process 
competition  [38]  or,  as  indicated  in  Eq.  (5),  a  superposition  [39]  model:  4 

da  __  da 

d*  totaTdA 

Support  for  this  notion  comes  from  the  observation  that  the  measured  sustained-crack  growth  rate  of 
x  10-7  m/s  at  a  sustained  K  of  36.5  MPa^/m  corresponds  to  a  growth  rate  per  cycle  at  1000  Hz  of 
x  10  10  m/cycle,  which  is  similar  to  the  difference  in  the  fatigue-growth  rates  at  a  given  applied  AK  for 
R  —  0.5  compared  to  0.95.  Two  possible  mechanisms  for  such  SLC  are  described  below: 

(i)  Stress-assisted  hydride  formation.  Several  independent  studies  in  titanium  alloys  have  concluded  that 
under  sufficient  triaxial  stress,  internal  hydrogen  can  precipitate  as  metal  hydrides  at  a//?  [40]  or  a/a  [41] 
interfaces,  or  within  a-grains  [20]  leading  to  brittle  fracture  of  the  hydrides.  This  phenomenon  has  been  used 
to  explain  both  sustained-load  cracking  [20,21,42],  where  crack  advance  is  observed  under  monotonic  load, 
and  accelerated  fatigue-crack  propagation  at  high  load  ratios  [40,43]. 

(ii)  Creep-assisted  crack  growth.  Alternatively,  since  room-temperature  creep  can  occur  in  titanium  al¬ 
loys,  it  has  been  suggested  that  the  role  of  hydrogen  is  to  accelerate  SLC  by  creep  rather  than  through 
hydride  formation.  Williams  [44],  for  example,  observed  in  Ti-6A1-4V  that  the  threshold  stress  intensity  for 
failure  by  SLC,  A:SLC,th,  increased  with  increasing  hydrogen  content,  which  is  apparently  counterintuitive  to 
the  hydride  formation  mechanism.  Furthermore,  second-stage  creep  rate  was  observed  to  decrease  sig¬ 
nificantly  with  increasing  hydrogen  content;  at  95%  of  the  yield  strength,  the  creep  rate  decreased  from 
120  x  10  6  %/h  for  7  ppm  H  to  36  x  10“6  %/h  for  60  ppm  H.  From  these  or  similar  observations,  some 
authors  [44,45]  have  concluded  that  the  role  of  hydrogen  in  sustained  load  crack  stems  from  creep  behavior 
rather  than  the  formation  and  failure  of  brittle  hydrides. 


1  da 
H - ~r~ 

fatigue  V  Qt 


(5) 


4  One  might  argue  that  these  models  may  be  overly  simplistic.  Nevertheless,  the  rather  basic  notion  that  mechanical  fatigue  and  SLC 
should  somehow  act  in  concert  is  what  is  most  important  for  the  ensuing  arguments. 
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Both  of  the  aforementioned  mechanisms  suggest  that  the  degree  and  extent  of  SLC  is  related  to  the 
internal  hydrogen  content,  although  the  exact  role  of  hydrogen  is  still  controversial.  Nevertheless,  if  SLC 
growth  was  a  significant  contribution  to  the  observed  fatigue  crack-growth  rates  at  high  load  ratios,  one 
may  expect  that  the  high-i£  behavior  could  be  altered  by  changing  the  internal  hydrogen  content.  Alter¬ 
natively,  if  hydrogen  could  (hypothetically)  be  entirely  removed,  the  SLC  mechanism  should  be  entirely 
eliminated,  thereby  yielding  an  invariant  AKih  threshold  above  the  “closure-free”  transition  ( R  >  0.5), 
assuming  that  there  are  no  additional  mechanisms  present.  However,  as  illustrated  in  Fig.  12,  a  reduction  in 
the  hydrogen  content  by  more  than  a  factor  of  six  has  essentially  no  effect  on  the  fatigue  thresholds  in  this 
alloy.  Moreover,  the  Km2LX -sensitivity  of  the  fatigue  threshold  at  high  load  ratios  remains  essentially  un¬ 
changed  by  the  reduction  in  internal  hydrogen. 

Furthermore,  setting  the  hydrogen  observations  aside,  it  seems  unlikely  that  any  SLC  mechanism  could 
provide  a  major  contribution  to  fatigue  in  this  alloy  in  light  of  the  observed  frequency  independence 
(v  =  50-1000  Hz)  of  fatigue-crack  propagation  that  is  observed  at  all  load  ratios  (Fig.  6).  Indeed,  the 
observed  frequency  independence  indicates  that  if  a  chemically-  or  electrochemically-controlled  mechanism 
was  related  to  the  observed  high-i?  load  ratio  effect,  then  the  time-dependent  processes  must  go  to  com¬ 
pletion  within  1  ms  (the  time  for  one  cycle  at  1000  Hz). 

Finally,  any  thermally-activated  mechanism  such  as  SLC,  would  be  expected  to  manifest  itself  in  the 
temperature  dependence  of  fatigue  behavior.  Thomas  [46]  has  observed  the  SLC  and  fatigue-crack  growth 
at  three  temperatures  (— 30°C,  22°C  and  140°C)  in  the  same  alloy  and  microstructure  considered  in  this 
study.  He  found  that  the  extent  of  SLC  transient  growth  decreased  with  increasing  temperature,  obeying  an 
Arrhenius  relationship.  At  a  sustained  K  of  60  MPa^m,  there  was  ~500  pm  of  transient  growth  at  — 30°C, 
but  only  ~45  pm  of  such  growth  at  140°C.  Therefore,  for  SLC  to  be  an  important  component  of  this  alloy’s 
fatigue  behavior,  one  may  expect  the  fatigue  behavior  to  also  be  temperature-dependent.  However,  over 
this  same  range  in  temperature,  the  fatigue  behavior  of  this  alloy  remained  invariant  (observed  at  Kmax  — 
60  MPa^m). 

While  there  is  no  doubt  that  SLC  does  occur  in  many  titanium  alloys,  the  observed  lack  of  an  effect  of 
frequency,  temperature,  or  hydrogen  content  on  fatigue  behavior  strongly  suggest  that  SLC  does  not 
contribute  significantly  to  the  ^max-sensitive  fatigue  behavior  at  high  load  ratios  in  this  particular  alloy  and 
microstructure.  However,  since  the  slopes,  a,  of  A Kih  versus  Km2LX  (for  R  >  Rc )  relationship  (Eq.  (1))  vary  by 
a  factor  of  roughly  seven  in  titanium  alloys  and  the  current  alloy/microstructure  is  at  the  shallow  end  of 
this  range,  it  is  conceivable  that  SLC  does  contribute  to  fatigue-crack  growth  behavior  in  certain  other  Ti 
alloy  microstructures,  particularly  those  with  higher  internal  hydrogen  content.  Indeed,  there  is  some 
evidence  in  the  literature  that  SLC  may  be  an  important  component  in  the  high -R  fatigue  behavior  of  other 
titanium  alloys.  For  example,  Pao  et  al.  [40]  studied  the  effect  of  hydrogen  content  on  the  fatigue  threshold 
of  a  titanium  alloy  at  R  =  0.9.  As  might  be  expected  from  a  SLC  contribution,  they  observed  the  fatigue 
threshold  to  decrease  with  increasing  hydrogen  content.  Specifically,  when  the  hydrogen  content  was 
changed  from  40  to  1000  ppm,  the  threshold  was  reduced  from  2.7  to  2.0  MPa  ,/m.  This  is  in  contrast  to 
the  behavior  currently  observed  in  the  a  4-  /?  alloy  in  this  study  where  an  increase  in  hydrogen  content  from 
~5  to  ~35  ppm  did  not  alter  the  threshold  (Fig.  12),  albeit  these  two  observations  were  over  different  ranges 
of  hydrogen  content. 

As  the  observed  lack  of  a  significant  frequency  or  temperature  effect  on  fatigue-crack  propagation  in  this 
alloy  largely  negates  a  major  role  of  environmentally-assisted  mechanisms  in  influencing  the  Kmax  de¬ 
pendence  of  the  A^th  threshold,  other  purely  mechanical  mechanisms  may  be  considered,  as  described 
below. 

(i)  Microscopic  near-tip  closure .  During  in  situ  studies  in  the  scanning  electron  microscope  of  fatigue- 
crack  propagation  behavior  in  the  same  titanium  alloy  and  microstructure  at  >1000  Hz,  Davidson  reported 
that  he  detected  crack  closure  in  the  local  region  (within  ~10  pm)  behind  the  crack  tip,  despite  being  at  R 
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values  of  0.8-0. 9,  i.e.,  well  above  the  (global)  “closure-free”  load  ratio,  Rc  [30].  While  this  near-tip  (or  localj 
closure  is  essentially  undetectable  by  the  macroscopic  techniques  such  as  unloading  compliance,  it  could 
nevertheless  significantly  affect  the  effective  stress  intensity  experienced  at  the  crack  tip.  In  this  way,  closure 
would  exist  at  all  load  ratios;  however,  the  extent  of  the  crack  flank  over  which  it  operates  would  be  a  * 
function  of  the  load  ratio  (or  more  specifically,  the  minimum  stress  intensity).  However,  what  detracts  from 
this  explanation  is  the  marked  transition  at  R  =  0.5.  As  shown  in  Fig.  9c,  there  is  a  distinct  transition  from 
AA>controlled  to  ^max-controlled  thresholds  at  R  =  0.5.  It  is  difficult  to  reconcile  this  observation  with  a 
near-tip  closure  model,  which  would  presumably  manifest  itself  in  a  smooth  transition  from  global-  to  near¬ 
tip  closure  as  the  extent  of  the  closure  wake  grew  smaller. 

(ii)  Static  fracture  modes.  As  Kmax  values  approach  the  point  of  instability,  as  characterized  by  K\Cy 
additional  static  fracture  modes,  specifically  cleavage,  intergranular  fracture  or  void  coalescence,  can  oc¬ 
cur  during  fatigue-crack  growth  and  lead  to  accelerated  growth  rates  and  a  strong  sensitivity  to  both  load 
ratio  and  Kmax  [9].  Such  behavior  is  most  often  observed  at  lower  load  ratios  and  high  growth  rates,  e.g. 
>10“5  m/cycle,  where  the  A K  level  is  large  such  that  — >  Klc;  in  the  present  work  at  high  load  ra¬ 
tios  where  Kmax  is  held  near  Kjc,  static  fracture  modes  could  presumably  occur  even  at  near-threshold 
growth  rates.  The  occurrence  of  such  static  modes  provides  a  very  feasible  explanation  of  the  contin¬ 
ued  Kmax -dependency  of  fatigue  behavior  at  load  ratios  above  the  “closure-free”  condition,  How¬ 
ever,  scanning  electron  micrographs  of  the  fatigue  fracture  surfaces,  shown  in  Fig.  11,  reveal  no 
such  differences  in  the  near-threshold  fracture  morphology  at  R  =  0.5  and  0.95,  despite  the  order  of 
magnitude  increase  in  Kmax  (threshold  values  are  5.9  and  56.5  MPa^m  at  R  =  0.5  and  0.95,  re¬ 
spectively).  Furthermore,  the  mechanism  responsible  for  the  downward  trend  in  A^(h  with  increasing  R  (or 
Kmax)  appears  to  active  at  even  moderate  “closure-free”  load  ratios  (R  —  0.8),  where  ATmax  is  much  less  than 
Klc.  Based  on  the  lack  of  apparent  static  modes  in  the  high-A^  fractography,  and  the  observed  Kmax- 
sensitivity  at  even  moderate  load  ratios,  the  static  mode  argument  can  be  discounted  as  a  potential  ex¬ 
planation  in  this  alloy. 

(iii)  KmSLX-dependence  on  intrinsic  near-threshold  fatigue.  As  noted  above,  the  mechanistic  role  of  R  or 
Kmax  on  fatigue-crack  growth  is  traditionally  associated  with  crack  closure  and/or  the  occurrence  of  ad¬ 
ditional  Kmax -controlled  mechanisms,  such  as  environmentally-assisted  cracking  or  static  modes.  However, 
these  mechanisms  do  not  appear  to  be  the  controlling  factors  in  the  present  alloy  at  R  >  Rc.  Therefore,  we 
must  consider  whether  the  magnitude  of  Kmax  can  also  affect  the  intrinsic  mechanism  of  fatigue-crack 
growth,  particularly  since  between  R  —  0.5  and  0.95  where  the  AATth  threshold  is  reduced  by  ~1  MPay'm, 
the  maximum  plane-strain  plastic-zone  size  varies  by  some  two  orders  of  magnitude,  from  ~2  to  200  pm,  as 
Kmax  increases  from  to  57  MPa^/m.  Based  on  this  significant  change  in  the  local  plasticity,  it  would  seem 
likely  that  there  would  be  an  effect  on  the  fatigue-crack  growth  behavior  and  the  value  of  the  threshold. 
However,  a  majority  of  the  existing  mechanism-based  intrinsic  threshold  models  [47-52],  which  are  most 
often  based  on  the  critical  conditions  for  dislocation  emission  at  the  crack-tip,  do  not  explicitly  describe  the 
mechanistic  nature  of  a  Kmax -dependent  component.  The  evidence  presented  here  strongly  implies  that  Kw 
does  indeed  influence  the  threshold  for  fatigue-crack  growth,  independent  of  crack  closure,  presumably  by 
its  effect  on  intrinsic  crack  growth.  The  precise  mechanism  of  this  Kmax  contribution,  however,  is  presently 
unclear,  although  mechanisms  associated  with  the  spread  of  local  plasticity  would  appear  to  be  influential. 
An  understanding  of  this  mechanism  would  greatly  enhance  our  knowledge  of  the  fundamental  fatigue 
process. 


6.  Conclusions 

A  study  has  been  made  of  the  role  of  the  maximum  stress  intensity  (ATmax)  and  the  load  ratio  (over 
the  range  R  =  0.1-0.95)  in  influencing  fatigue-crack  propagation  and  specifically  threshold  behavior  in  a 
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Ti-6AL4V  alloy,  tested  over  a  range  of  loading  frequencies  (50-1000  Hz)  and  in  room  temperature  air  (22- 
32°C,  45%  relative  humidity).  Based  on  this  work,  which  was  focused  on  an  alloy  with  a  bimodal  (STOA) 
microstructure  (~60  vol%  primary-oc,  ~40  vol%  lamellar  a  +  /?),  the  following  conclusions  can  be  made: 

1.  Room  temperature  fatigue-crack  growth  (~  1 0~ 12— 1 0~6  m/cycle)  and  threshold  AKih  values  were  found 
to  be  independent  of  loading  frequency  over  the  range  50-1000  Hz;  companion  studies  at  20,000  Hz  on  the 
same  alloy/microstructure,  together  with  previous  results  in  the  literature,  suggest  that  such  frequency- 
independent  growth  rate  behavior  at  near-threshold  levels  extends  over  five  orders  of  magnitude  from  0. 1  to 
20,000  Hz. 

2.  The  fatigue  thresholds,  AKth  and  ATmaX(t h,  were  found  to  vary  significantly  with  positive  load  ratio 
( R  =  0.1-0.95).  Consistent  with  the  description  of  Schmidt  and  Paris,  below  a  critical  load  ratio,  R^  (~0.5), 
the  Kmax,t h  threshold  was  seen  to  be  independent  of  R,  and  the  AA^h  decreased  with  increasing  R .  By 
measuring  (global)  crack  closure  loads,  using  unloading  compliance  techniques,  this  behavior  was  found  to 
be  consistent  with  the  traditional  explanation  of  load  ratio  effects  on  the  fatigue  threshold  involving  closure, 
with  Ac  defining  the  condition  at  which  the  closure  stress  intensity,  Kd  =  Kmin. 

3.  At  load  ratios  larger  than  Rc,  i.e.,  R  ~  0.5-0.95,  where  (global)  crack  closure  could  no  longer  be 
detected,  a  different  dependence  of  the  AKth  threshold  on  load  ratio  was  seen,  with  AAth  — ►  0  as  R  — »  1 .  Such 
behavior  is  contrary  to  conventional  explanations  of  the  near-threshold  load-ratio  effect,  which  are  based 
on  crack  closure  and  imply  that  A Kih  is  independent  of  load  ratio  for  R  >  Rc.  The  decrease  in  AK& 
threshold  is  approximately  linear  with  increase  in  Amax,  decaying  at  a  rate  of  -0.013.  A  survey  of  literature 
indicated  that  this  effect  was  seen  by  several  titanium  alloys,  with  slopes  varying  between  —0.01  to  —0.07. 

4.  Explanations  for  this  effect  are  suggested,  based  on  the  occurrence  of  (i)  SLC  due  to  internal  hydrogen, 
(ii)  static  (Kmzx -controlled)  fracture  modes,  (iii)  near-tip  crack  closure,  and  (iv)  an  effect  of  ATmax  on  the 
intrinsic  mechanism  of  fatigue-crack  growth.  In  the  present  alloy/microstructure,  the  effect  could  not  be 
ascribed  to  hydrogen-assisted  SLC,  as  fatigue  thresholds  were  unaffected  by  changes  in  hydrogen  content, 
frequency,  or  temperature.  Nor  was  the  effect  ascribed  to  the  occurrence  of  static  modes,  as  the  morphology 
of  the  near-threshold  fatigue  fracture  surfaces  was  essentially  unchanged  between  load  ratios  of  0.5-0.95. 
While  near-tip  closure  may  be  a  source  for  this  effect,  it  seems  most  likely  that  the  intrinsic  fatigue-crack 
growth  process  is  itself  ATmax  dependent.  The  Amax -sensitivity  should  be  considered  in  developing  mecha¬ 
nistic  intrinsic  threshold  models. 
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Abstract  -  A  selection  of  surface  crack  problems  is  presented  to  provide  insights  into  Stage  1  and  early  Stage  II  fatigue  crack  growth.  Edge  cracks  at 
45°  and  90°  to  the  surface  are  considered  for  cracks  growing  in  single  crystals.  Both  single  crystal  slip  and  conventional  plasticity  are  employed  as 
constitutive  models.  Edge  cracks  at  45°  to  the  surface  are  considered  that  either  (i)  kink  in  the  direction  perpendicular  to  the  surface,  or  (ii)  approach  a 
grain  boundary  across  which  only  elastic  deformations  occur.  ©  2001  Editions  scientifiques  et  medicales  Elsevier  SAS 


1.  Introduction 

For  some  rather  pure  metals,  persistent  slip  bands  (PSBs)  develop  in  single  crystals  when  they  are  subjected 
to  cyclic  loading  (Ma  and  Laird,  1989;  Pedersen,  1990).  In  such  cases  the  development  of  small  fatigue  cracks  is 
observed  at  the  PSBs,  usually  along  one  of  interfaces  between  the  band  and  the  surrounding  crystal.  Nucleation 
of  these  cracks  is  thought  to  be  connected  with  the  build-up  of  local  stress  concentrations,  resulting  from  the 
development  of  extrusions  and  intrusions  where  the  PSB  intersects  the  surface  of  the  crystal.  The  density  of 
these  small  cracks  is  comparable  to  that  of  the  PSBs,  which  may  be  as  large  as  hundreds  per  centimeter  (Ma 
and  Laird,  1989).  Most  of  the  cracks  appear  to  arrest  and  remain  innocuous,  while  a  few  may  grow  large 
enough  to  become  full  fledged  fatigue  cracks.  Structural  polycrystalline  metal  alloys  generally  do  not  form 
PSBs,  nevertheless,  the  early  stage  of  fatigue  crack  initiation  is  thought  to  be  qualitatively  similar  in  that  it  is 
driven  by  highly  localized  irreversible  plasticity.  Thus,  small  cracks  undergo  Stage  I  growth  along  favorably 
oriented  primary  slip  planes  or  microstructural  features  at  approximately  45°  to  the  surface.  Most  of  these  small 
cracks  arrest,  but  a  few  continue  into  Stage  II,  change  growth  direction,  and  become  small  dominantly  mode  I 
cracks  (Miller,  1993;  McDowell,  1996). 

In  a  recent  paper  Hutchinson  and  Tvergaard  (1999)  have  investigated  edge  cracks  in  single  crystals  in  order 
to  study  Stage  I  fatigue  cracks,  where  the  crack  orientation  is  controlled  by  the  slip  direction.  In  that  study  slip 
was  assumed  to  occur  along  planes  inclined  at  45°  to  the  surface,  and  slip  was  modeled  as  elastic-perfectly 
plastic.  In  some  cases  slip  was  limited  to  a  persistent  slip  band  on  one  side  of  the  crack,  while  in  other  cases 
slip  was  not  confined.  Studies  were  carried  out  for  mixed  mode  conditions  of  small  and  large  scale  yielding. 
In  small  scale  yielding,  mixed  mode  elastic  K-field  displacements  were  prescribed  as  boundary  conditions  at 
an  outer  circular  boundary  of  the  region  analyzed,  while  the  full  edge  crack  geometry  was  analyzed  in  large 
scale  yielding.  In  these  studies  the  focus  was  on  crack  tip  opening  and  sliding  displacements,  as  these  measures 
are  likely  to  be  central  in  any  extension  of  fatigue  crack  growth  to  small  cracks  and  to  formulations  more 
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fundamental  than  those  based  on  elastic  stress  intensity  factors.  The  analyses  were  used  to  obtain  a  parametric 
understanding  of  the  effect  of  crack  length  relative  to  PSB  width,  as  well  as  the  effects  of  a  barriers  to  slip. 
Both  monotonic  loading  and  cyclic  loading  were  analyzed.  For  the  case  where  the  assumption  of  small" scale 
yielding  applies  and  where  slip  in  the  crystal  is  not  confined,  a  very  useful,  simple  conversion  from  monotonic 
to  cyclic  loading  results  was  discussed. 

The  present  paper  continues  the  study  initiated  in  the  earlier  paper.  First,  results  are  presented  for  edge  cracks 
in  single  crystal  grains  oriented  at  both  45°  and  90°  to  the  surface  using  constitutive  models  based  on  slip  in 
single  crystals.  The  importance  of  crystal  orientation  is  explored  and  so  is  the  efficacy  of  modeling  the  crystal 
using  isotropic  plasticity.  The  transition  from  Stage  I  to  Stage  II  is  investigated  by  considering  the  kinking  of 
the  45°  crack  in  a  direction  perpendicular  to  the  surface.  The  second  part  of  the  paper  concerns  a  fatigue  crack 
approaching  a  grain  boundary  which  constrains  the  zone  of  plasticity  at  the  tip.  The  focus  is  on  structural  alloys 
where  PSBs  are  not  observed,  but  where  Stage  I  fatigue  cracks  tend  to  initiate  in  surface  grains  with  favorably 
oriented  slip  planes.  A  specimen  under  cyclic  loading  is  analyzed,  with  an  edge  crack  penetrating  into  a  surface 
grain.  This  surface  grain  is  elastic-plastic,  while  the  surrounding  grains  in  the  specimen  are  assumed  to  remain 
elastic.  The  constraint  as  the  crack  tip  approaches  the  grain  boundary  is  thus  likely  to  overestimate  the  effect 
of  misorientation,  but  it  should  nevertheless  indicate  the  effect  such  a  barrier  has  to  small  crack  growth.  The 
surface  grain  slip  is  represented  by  two  sets  of  slip  planes,  each  inclined  at  45°  to  the  surface.  The  grain  contains 
a  single  surface  crack  parallel  to  one  of  the  sets  of  slip  planes.  For  sufficiently  small  cyclic  stress  levels  with  no 
interaction  between  the  plastic  zone  and  the  grain  boundary,  this  model  problem  reduces  to  conditions  of  small 
scale  yielding  analyzed  earlier  (Hutchinson  and  Tvergaard,  1999).  The  main  interest  here  is  in  cases  where  the 
cyclic  stress  levels  are  sufficiently  high,  or  the  crack  tip  is  sufficiently  close  to  the  grain  boundary,  so  that  the 
active  cyclic  plastic  zone  at  the  crack  tip  shows  significant  interaction  with  the  elastic  material  surrounding  the 
grain  at  the  other  side  of  the  grain  boundary. 


2.  Edge  cracks:  sensitivity  to  choice  of  plasticity  model 

In  this  section  a  selection  of  solutions  for  edge  cracks  envisioned  to  be  in  Stage  I  or  early  Stage  II  will  be 
presented.  The  sensitivity  of  the  crack  tip  displacements  to  slip  orientation  and  other  modeling  options  will 
be  illustrated.  The  computations  employ  a  two-dimensional  finite  element  representation  of  the  solid,  which  is 
assumed  to  be  in  a  state  of  plane  strain.  The  first  of  the  edge  crack  geometries  (s ee  figure  1)  consists  of  an  edge 
crack  of  length  a  oriented  at  either  45°  or  90°  to  the  surface  and  stressed  remotely  by  a  tensile  component  a 
acting  parallel  to  the  surface.  The  finite  element  model  employs  a  square  region  with  dimension  which  is  many 
times  the  crack  length  and  the  normal  traction  is  applied  to  the  top  and  bottom  faces  of  this  region. 

Two  elastic-perfectly  plastic  constitutive  laws  are  used  to  characterize  the  solid:  single  crystal  slip  and 
isotropic  plasticity.  Both  versions  assume  isotropic  elasticity  with  Young's  modulus  E  and  Poisson’s  ratio 
v.  For  single  crystal  slip,  a  slip  system  is  assumed  to  be  oriented  at  angle  to  the  free  surface  (sec  figure  7).  In 
small  strain  plasticity,  which  is  assumed  in  this  study,  slip  on  this  one  system  is  equivalent  to  the  existence  of 
two  sets  of  slip  planes,  one  with  the  orientation  (5  and  the  other  perpendicular  to  it  With  xy  as  the  critical  shear 
stress  required  to  cause  yielding  on  the  slip  plane  and  with  r  as  the  resolved  shear  stress  acting  on  the  plane, 
the  constitutive  limitations  on  the  slip  increments  y  for  a  perfectly  plastic  crystal  are: 

Y  —  0  for  |t[  <  xy,  y^O  for  r  =  ry,  y^O  for  r  —  -ry.  (1) 

Calculations  will  also  be  presented  based  on  an  isotropic  plasticity  model  which  uses  the  von  Mises  yield 
surface  normalized  such  that  under  a  pure  shear  stress  r  yield  occurs  when  r  =  Ty  (i.e.  the  tensile  yield  stress 
is  Oy  =  Vlxy). 
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Figure  1.  Edge  cracks  at  a)  —  45°  and  90°  under  remote  stressing.  In  the  case  of  single  crystal  slip,  the  slip  plane  has  orientation  /J  =  0°  and  45°. 

Calculations  for  isotropic  plasticity  are  also  reported. 


As  in  the  earlier  study,  the  emphasis  will  be  on  the  opening  and  tangential  displacements  of  the  crack 
faces  at  the  crack  tip.  These  quantities  seem  to  be  the  most  obvious  quantities  to  measure  the  intensity  of 
deformation  in  the  immediate  vicinity  of  the  crack  tip  and  the  most  promising  candidates  for  extending 
the  current  limitations  of  fatigue  crack  growth  characterization.  Let  (5„,5,)  denote  the  normal  opening  and 
tangential  face  displacements  at  the  tip  under  monotonic  loading  and,  similarly,  let  (A5„,  AS,)  denote  the 
corresponding  displacement  changes  under  cyclic  loading.  The  relative  crack  face  displacements  vary  rather 
steeply  as  the  crack  tip  is  approached,  and  care  must  be  taken  to  ensure  the  computed  results  are  accurate. 
Here,  the  extrapolation  scheme  suggested  by  Hutchinson  and  Tvergaard  (1999)  has  been  used.  With  r  as  the 
distance  to  the  tip  at  a  point  behind  the  tip,  the  equation  for  describing  the  variation  of  either  of  the  relative  face 
displacements  is  taken  as: 

8  =  Ar  —  B(r\nr  —  r)  +  5(0),  (2) 

where  A  and  B  are  constants  to  be  determined.  The  form  (2)  emerged  from  an  analytic  study  of  the  near-tip 
behavior  of  cracks  in  single  crystals  by  Saeedvafa  and  Rice  (1992).  It  also  pertains  to  the  opening  immediately 
behind  the  crack  tip  for  the  Dugdale  model.  While  the  general  applicability  of  (2)  has  not  been  established,  it 
does  reflect  the  steep  rate  of  change  of  the  relative  displacements  found  for  the  present  models.  To  obtain  the 
value  at  the  tip,  5(0),  three  pairs  of  values  of  (r,  5)  from  just  behind  the  tip  from  the  finite  element  calculation 
are  used  in  (2)  to  evaluate  A,  B  and  5(0). 

2.1.  Cracks  under  monotonic  and  cyclic  loads 

Six  cases  are  collected  in  figure  2,  three  for  cracks  at  45°  to  the  surface  and  three  for  cracks  perpendicular  to 
the  surface.  For  each  crack  orientation,  three  constitutive  cases  are  considered:  single  crystal  slip  with  systems 
oriented  with  =  0°  and  45°,  and  isotropic  plasticity.  Moreover,  results  for  both  monotonic  and  cyclic  loading 
have  been  presented.  The  emphasis  in  this  section  is  not  on  large  scale  yielding  effects  (cf.  Hutchinson  and 
Tvergaard,  1999).  The  maximum  stress  applied  under  the  monotonic  history  is  (rmax/(2ry)  =  1/2  such  that  the 
remote  stress  reaches  exactly  one  half  of  the  stress  at  yield  and  the  crack  remains  just  within  the  small  scale 
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Figure  2.  Numerical  results  for  six  cases  -  two  crack  orientations,  each  for  three  constitutive  models. 


yielding  regime.  The  cyclic  history  applied  to  the  specimen  has  the  same  maximum  stress,  crmax/( 2xY)  =  1/2, 
and  zero  minimum  stress,  such  that  Aa/ilty)  =  1  /2.  It  is  important  to  mention  that  crack  closure  effects  have 
not  been  emphasized  in  the  present  study.  Under  the  cyclic  history  considered,  the  crack  faces  remain  open  over 
the  entire  cycle.  Closure  due  to  extrinsic  effects  such  as  crack  face  roughness,  fatigue  debris  or  plastic  stretch 
left  behind  an  advancing  fatigue  crack  tip  would  affect  the  cyclic  crack  tip  displacements. 

For  the  monotonic  cases,  the  crack  tip  displacements  have  been  expressed  as: 


(SH,St)  =  (CH,C,) 


(3) 


where  the  coefficients  (C„,C,)  calculated  for  the  respective  cases  are  included  in  figure  2.  These  are 
independent  of  the  applied  stress  a  within  the  small  scale  yielding  range.  The  corresponding  expression  for 
the  changes  in  the  crack  tip  displacements  over  a  complete  load  cycle  is: 


(A5„,  AS,)  =  (AC„,  AC,) 


(4) 


where  the  (AC„,  AC,)  are  also  included  in  the  figure.  The  behavior  under  the  constant  amplitude  cyclic  loading 
settles  down  to  a  “steady-state”  after  only  several  cycles  in  which  the  stress  and  crack  face  displacements  no 
longer  change  from  cycle  to  cycle  at  any  given  point  in  the  cycle.  Because  the  plastic  zone  size  is  much  smaller 
under  cyclic  amplitude  than  that  of  the  monotonic  crack  loaded  to  the  same  amplitude  (by  about  a  factor  of  four), 
the  cyclic  cases  are  well  within  the  small  scale  yielding  regime  for  the  conditions  under  which  the  calculations 
have  been  carried  out,  i.e.  Aa/(2xy)  =  1/2.  It  can  be  noted  in  figure  2  that  (AC„,  AC,)  are  approximately 
1/2  the  respective  values  of  (C„,  C,).  This  is  a  consequence  of  both  the  cyclic  and  the  monotonic  cases  being 
within  small  scale  yielding.  In  mode  III,  and  also  for  the  Dugdale  model  in  mode  I,  the  cyclic  coefficients 
are  exactly  1/2  their  monotonic  counterparts  in  small  scale  yielding  (Rice,  1967).  In  these  two  problems  the 
cyclic  problem  can  be  put  into  correspondence  with  the  monotonic  problem  by  doubling  the  yield  stress,  ty, 
reflecting  that  fact  that  the  stress  state  traverses  from  one  side  of  the  yield  surface  to  exactly  the  opposite  side  on 
a  trajectory  through  the  stress  space  wherever  cyclic  plastic  deformation  occurs.  In  plane  strain,  the  trajectory 
is  not  expected  to  be  as  simple  and  ratio  should  not  be  precisely  1/2.  Nevertheless,  the  present  results  indicate 
that  this  ratio  is  nearly  1/2,  within  the  accuracy  of  the  numerical  evaluation  of  the  coefficients. 

Several  observations  can  be  made  from  the  results  collected  in  figure  2: 
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Figure  3.  Coefficient  specifying  the  opening  crack  tip  displacements,  8n  and  A &n,  for  a  kinked  edge  crack.  The  tangential  components  of  the  crack  tip 
displacement  are  very  small  compared  to  the  corresponding  opening  components  and  have  not  been  presented. 


(i)  For  cracks  at  90°  to  the  surface,  the  orientation  of  the  slip  system  has  a  large  effect  on  the  crack  tip 
opening.  The  system  aligned  at  0°  (and  therefore  also  at  90°)  is  much  more  favorable  to  slip  near  the  tip  than 
that  aligned  at  45°  (and  also  at  -45°),  and  the  coefficients  C„  and  A  Cn  are  correspondingly  about  twice  as 
large.  The  coefficients  from  the  isotropic  plasticity  model  are  very  close  to  those  for  the  slip  system  at  0°. 

(ii)  For  cracks  at  45°  to  the  surface  there  are  relatively  small  differences  among  the  three  constitutive  models, 
although  the  normal  opening  component  is  about  20%  smaller  for  the  slip  system  oriented  at  0°  than  as  predicted 
for  the  other  two  models. 

(iii)  behavior  at  the  tip  of  the  cracks  at  45°  is  mixed  mode  with  the  opening  component  almost  twice  the 
tangential  component.  Moreover,  the  opening  component  is  nearly  as  laige  as  that  for  the  mode  I  crack  with 
the  unfavorably  oriented  slip  system  (at  45°),  but  it  is  less  than  one  half  the  opening  for  the  other  two  cases. 

The  results  above  are  within  the  small  scale  yielding  range.  They  may  be  re  expressed  in  terms  of  stress 
intensity  factors  using: 

*i=  1.122a -v/rFa,  Kn  =  0, 

for  the  crack  perpendicular  to  the  edge,  and  by: 

Ki  =  0.705a  y/na,  Ku  —  0. 364a  sfna, 
for  the  crack  at  45°  to  the  edge  (Isida,  1979). 

2.2.  A  45°  edge  crack  transitioning  to  a  90°  mode  I  crack 

Stage  I  cracks  inclined  to  the  surface  transition  to  mode  I,  Stage  II  cracks  as  they  grow  longer.  Here,  an 
example  will  be  presented  which  illustrates  some  features  of  this  transition.  The  45°  edge-crack  shown  in  the 
insert  in  figure  3  has  kinked  with  the  segment  at  its  end  oriented  at  90°  to  the  applied  stress.  Now,  the  total 
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penetration  of  the  crack  perpendicular  to  the  surface  is  denoted  by  c,  the  length  of  the  kinked  segment  by  b,  and 
the  length  of  the  inclined  segment  by  a.  Two  cases  are  shown  in  figure  3.  One  has  the  slip  system  oriented  at 
45°  (and  -45°)  to  the  surface  while  the  other  has  the  system  at  0°  (and  90°)  to  the  surface.  Plotted  as  a  function 
of  b/c  in  figure  3  are  the  coefficients  for  the  opening  displacement,  Cn  and  A C„,  now  defined  as: 


The  coefficients  for  the  tangential  crack  face  displacements  are  not  shown  because  they  are  extremely  small 
over  the  entire  range  of  b/c  shown,  except  when  b/c  is  very  small.  Thus,  the  transition  to  mode  I  following 
kinking  takes  place  remarkably  quickly.  This  suggests  that  microstructural  features  may  readily  overcome  the 
small  barrier  to  the  transition  to  Stage  I  cracks.  Included  as  solid  end  points  for  each  of  the  curves  in  figure  3  are 
the  results  for  the  appropriate  limits  from  figure  2.  The  limit  at  b/c  —  1  pertains  to  the  perpendicular  edge-crack 
with  the  corresponding  slip  plane  orientation.  The  limit  when  b/c  =  0  must  coincide  with  results  from  figure  2, 
taking  into  account  that  c  =  a/Jl  when  b  =  0.  The  dashed  segments  of  the  curves  in  figure  3  near  b/c  =  0 
indicate  segments  which  are  not  resolved  numerically. 


3.  An  edge  crack  approaching  a  boundary  surrounded  by  elastic  grains 


Grain  boundaries  can  block  incipient  surface  fatigue  cracks  such  that  their  further  growth  is  arrested, 
rendering  them  impotent.  The  misorientation  of  the  slip  systems  across  the  boundary  impedes  plastic 
deformation  ahead  of  the  advancing  crack.  Here  we  model  the  limit  where  plasticity  is  confined  to  the  grain 
containing  a  45°  edge  crack.  The  slip  system  within  the  grain  is  also  at  45°,  with  one  slip  plane  parallel  to  the 
crack  (and  another  perpendicular  to  the  crack),  providing  the  most  favorable  orientation  for  plasticity  within 
the  grain  whether  induced  by  the  applied  stress  or  by  the  crack.  As  sketched  in  figure  4,  the  surface  grain  is 
half-circular  with  radius  R,  and  the  crack  emerges  from  the  center  point  of  the  grain  at  the  edge,  and  extends 
a  distance  a  into  the  grain.  The  distance  from  the  crack  tip  to  the  boundary  is  b  =  R  —  a.  Elastic  anisotropy 
mismatch  may  also  impede  the  growth  of  a  crack  from  one  grain  into  another,  but  in  this  study  elastic  mismatch 
is  not  considered.  A  common  Young’s  modulus  E  and  Poisson’s  ratio  v  are  assumed. 

Cyclic  stressing  a(r)  is  assumed  to  have  minimum  stress  CTmin  =  0  and  maximum  stress  amax.  The  emphasis 
here  will  be  on  small  scale  yielding  conditions  in  the  sense  that  the  plastic  zone  is  small  compared  to  the  crack 
length,  but  not  necessarily  small  compared  to  the  distance  b  separating  the  tip  from  the  grain  boundary.  While 
there  is  general  interest  in  small  crack  effects  attributed  to  large  scale  yielding,  small  scale  yielding  covers  a 
highly  important  range  of  cyclic  loading.  It  applies,  to  a  good  approximation,  to  stress  amplitudes  satisfying 
0max  ^  2tk  corresponding  to  the  onset  of  general  yielding  in  the  polycrystal  (Hutchinson  and  Tvergaard,  1999). 
At  any  stage  in  the  cycle,  the  mode  I  and  II  elastic  stress  intensity  factors  for  the  crack  are  given  by  (6). 

By  dimensional  analysis,  the  two  components  of  the  crack  tip  displacement  amplitudes  can  be  written  as: 


Here, 


RP  = 


1  /  AKA2 
3jt  V  4rr  ) 


(8) 


(9) 
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Figure  4.  Edge  crack  at  45°  contained  within  an  elastic  perfectly  plastic  grain  surrounded  by  elastic  grains.  The  slip  system  within  the  grain  is  oriented 
parallel  to  the  crack  (i.e.  at  45°  to  the  surface).  Functions  defining  the  crack  tip  displacements  for  the  edge  crack  approaching  the  grain  boundary. 


is  the  reference  length  which  scales  with  the  active  plastic  zone  size  of  the  crack  before  it  interacts  with  the 
boundary.  The  dependence  on  r y/E  is  weak,  and  xY /E  =  0.002  was  used  in  all  the  calculations.  Plots  of  fn  and 
ft  are  given  in  figure  4.  When  the  plastic  zone  does  not  reach  the  boundary  (roughly  b/Rp  >  2),  the  problem 
is  the  same  as  one  addressed  in  Section  3.1.  Then,  by  (7),  /„  =  0.19  and  f,  =  0.31,  strictly  independent  of 
b/Rp  and  ty/E.  These  limits  are  indicated  in  figure  4.  The  region  outside  the  grain  boundary  constrains  plastic 
deformation  when  b/Rp  <  2,  and  the  crack  tip  displacements  are  reduced  relative  to  the  unconstrained  values. 
Two  sets  of  calculations  have  been  carried  out  producing  the  two  sets  of  curves  in  figure  4.  One  was  computed 
with  a/R  fixed  at  0.98  by  varying  Aa/xy,  while  the  other  set  fixed  Ao/xy  at  2.4  and  varied  a/R.  The  small 
differences  between  the  two  sets  of  curves,  which  should  coincide,  reflects  inaccuracy  in  the  numerical  method. 
The  drop  off  in  the  cyclic  crack  tip  displacements  becomes  significant  when  b/Rp  is  reduced  to  1/2.  The 
limiting  behavior  of  /„  and  /,  as  b/Rp  approaches  zero  is  not  entirely  clear.  A  finite  opening  displacement 
should  be  possible  even  with  b  =  0,  since  slip  perpendicular  to  the  tip  is  possible.  However,  the  tangential 
component  of  opening  at  the  tip  is  blocked  by  the  grain  boundary,  and  thus  f,  is  expected  to  approach  zero  as 
b/Rp  approaches  zero.  The  present  numerical  results  are  unable  to  resolve  these  two  limits  more  accurately 
than  displayed  in  figure  4. 


4.  Concluding  remarks 

The  results  in  the  present  paper  provide  trends  in  crack  tip  opening  displacements  for  small  Stage  I  and 
beginning  Stage  n  cracks.  Furthermore,  they  give  some  insight  into  the  sensitivity  of  the  predictions  to  the 
factors  such  as  ciystal  orientation  and  constitutive  modeling  of  the  crystal.  Characterization  of  growth  under 
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cyclic  loading  for  small  cracks  is  likely  to  involve  criteria  making  use  of  the  cyclic  crack  tip  displacements, 
AS„  and  AS,.  Under  mixed  mode  conditions  both  components  will  influence  growth.  For  the  45°  edge-crack 
the  tangential  component  is  approximately  one  half  the  amplitude  of  the  opening  component.  Thus,  while 
the  mode  I  component  is  dominant,  it  seems  likely  that  the  superposition  of  the  mode  II  component  will  be 
important  in  growth  along  a  slip  plane.  In  the  case  of  the  kinked  45°  edge  crack  discussed  in  Section  3.2,  it 
is  remarkable  that  the  crack  tip  is  dominated  by  mode  I  behavior  after  only  an  exceptionally  small  kink  (i.e. 
b/c  =  0.1).  This  suggests  that  it  is  microstructural  features  that  probably  determine  the  transition  from  Stage  I 
to  II.  Finally,  the  45°  edge  crack  approaching  a  grain  boundary  across  which  no  plasticity  occurs  provides 
an  effective  barrier  for  the  termination  of  growth  of  a  small  Stage  I  crack.  Crystal  misorientation  will  have  a 
similar,  albeit  a  somewhat  weaker,  effect. 
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Abstract.  Basic  solutions  are  obtained  for  edge-cracks  lying  along  the  primary  slip  plane  in  a  single  crystal.  The 
study  is  motivated  by  Stage  I  fatigue  crack  growth  wherein  crack  orientation  is  controlled  by  the  slip  direction 
and  continued  growth  is  dependent  on  the  crack  overcoming  barriers  to  slip.  Plasticity  is  assumed  to  occur  as  slip 
along  planes  inclined  at  45°  to  the  surface.  Problems  where  slip  is  limited  to  persistent  slip  bands  are  considered 
side-by-side  with  the  problem  where  slip  is  not  confined.  Results  for  both  monotonic  and  cyclic  loadings  are 
presented,  with  emphasis  on  the  crack  tip  opening  and  sliding  displacements.  Both  small  and  large  scale  yielding 
are  considered.  Preliminary  results  are  given  for  interaction  with  barriers  to  slip,  such  as  a  grain  boundary. 

Key  words:  Edge-cracks,  fatigue,  single  crystals,  large  scale  yielding. 


1.  Introduction 

Under  cyclic  loading,  single  crystals  of  certain  metals  are  observed  to  develop  small  fatigue 
cracks  parallel  to  persistent  slip  bands  (PSBs),  usually  along  one  of  the  boundaries  between  the 
band  and  the  surrounding  crystal  (Ma  and  Laird,  1989).  Cracks  are  nucleated  with  densities 
comparable  to  the  density  of  the  PSBs  (e.g.,  as  many  as  hundreds  per  centimeter  (Ma  and 
Laird,  1989)).  Nucleation  of  these  cracks  is  thought  to  be  connected  with  the  build-up  of  local 
stresses  and  extruded  material  where  the  PSB  intersects  the  surface  of  the  crystal  (see  Repetto 
and  Ortiz  (1997)  for  recent  developments  and  relevant  references).  Under  continuing  cyclic 
loading,  a  few  of  the  cracks  grow  large  enough  to  become  full  fledged  fatigue  cracks,  but 
the  vast  majority  appear  to  arrest  and  remain  innocuous.  In  the  observations  of  the  copper 
single  crystal  by  Ma  and  Laird,  the  width  of  a  PSB  is  on  the  order  of  one  micron,  while 
the  typical  arrested  crack  extends  several  microns  or  more  into  the  crystal  from  the  surface. 
Those  that  become  full  fledged  fatigue  cracks  continue  growing  beyond  this  length.  The  early 
stages  of  cracking  for  crystals  and  for  structural  polycrystalline  metal  alloys  which  do  not 
form  persistent  slip  bands  is  thought  to  be  qualitatively  similar  to  that  just  described.  Small 
cracks  undergo  Stage  I  growth  along  favorably  oriented  primary  slip  planes  at  approximately 
45°  to  the  surface  and  either  arrest  at  some  barrier  or  succeed  in  transitioning  to  Stage  II  and 
become  a  small  mode  I  crack  (Miller,  1993;  McDowell,  1996). 

The  aim  of  the  present  study  is  to  provide  some  basic  results  for  45°  edge-cracks  that 
will  be  useful  in  formulating  a  mechanics  of  Stage  I  fatigue  crack  growth.  Three  situations 
are  depicted  in  Figure  1:  a  crack  lying  along  the  direction  of  the  slip  plane  where  slip  is  not 
confined  in  (a),  and  a  crack  lying  along  one  side  or  the  other  of  a  PSB  in  (b)  and  (c).  The  slip 
planes  and  the  band  are  oriented  at  45°  measured  from  the  surface  of  the  crystal,  corresponding 
to  the  plane  of  maximum  shear  stress  magnitude  for  inplane  stressing  parallel  to  the  edge.  The 
crack  has  length  a.  The  band  width  is  w  for  the  PSB  models.  Two-dimensional,  plane  strain 
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Figure  1.  A  45°  edge-crack  aligned  with  the  slip  plane  in  a  single  crystal  and  subject  to  inplane  tensile  stress  a. 
(a)  Unconfined  slip,  (b)  and  (c)  Slip  confined  to  a  band  of  width  w  above  or  below  the  crack. 


conditions  are  assumed  with  a  remote  tensile  stress  o  acting  parallel  to  the  free  surface  of  the 
crystal.  The  elastic  properties  of  the  crystal  are  taken  to  be  isotropic  with  Young’s  modulus  E 
and  Poisson’s  ratio  v.  The  model  will  be  investigated  under  monotonically  increasing  a  and 
under  tensile  loadings  where  a  is  cycled  between  minimum  and  maximum  values.  In  the  last 
part  of  the  paper,  barriers  to  slip  will  be  modeled  to  assess  their  effect  on  deformation  at  the 
crack  tip. 

When  plasticity  is  completely  suppressed,  the  elastic  stress  intensity  factors  K|  and  K»  for 
an  inclined  edge-crack  have  been  given  by  Isida  ( 1 979).  For  an  edge-crack  of  length  a  at  45° 
to  the  free  edge  of  a  semi-infinite  plane,  slanted  downward  as  in  Figure  1 . 

K\  =  0.705cr  yfixa  and  K\\  =  —0.364 a-Jlta.  (11) 

Thus  the  mode  ratio,  Kn/K\  =  — 1/2,  pertains  approximately  for  this  crack  when  the  stress  is 
such  that  small  scale  yielding  applies. 

Only  slip  on  the  primary  slip  system  is  allowed.  The  mutually  orthogonal  slip  direction 
and  slip  plane  normal  are  designated  by  (t,  n).  The  slip  system  is  modeled  as  elastic-perfectly 
plastic  with  slip  activated  by  a  critical  resolved  shear  stress  ry .  For  the  PSB  problems,  slip  is 
confined  to  a  band,  whereas  in  the  other  case  slip  is  free  to  occur  where  the  resolved  shear 
stress  exceeds  ry.  The  nonzero  plastic  strain  rate  component  is 

gP  -iP  ~  io 

tnt  —  “  2  *  ' 


(1.2) 
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where  the  slip  rate  y  must  be  consistent  with 

y  ^  0  for  o,„  =  ty,  f°r  ant  —  ~  zy,  ar>d 

•  or  ,i  (1.3) 

y  =  0  for  1 07,,  |  <  t y, 

where  0„,  =  0ii0,t/-  ,. 

The  components  of  the  crack  tip  displacement  are  denoted  by  (8,,  <$„),  corresponding  to 

tangential  sliding  and  a  normal  opening  components.  Amplitudes  of  the  changes  in  these 
components  in  steady  cycling  between  0min  and  0max  are  denoted  by  (AS„A$n).  The  range  ot 
the  cyclic  applied  stress  is  assumed  to  be  such  that  crack  closure  does  not  occur.  Crack  tip 
displacements  are  featured  in  this  study.  At  the  level  of  the  continuum  modeling  pursued  here, 
these  measures  of  crack  tip  deformation  are  likely  to  the  most  useful  for  correlating  fatigue 
crack  growth.  The  magnitudes  of  the  two  tip  components  change  relative  to  one  another  as  the 
scale  of  yielding  changes  and  as  the  tip  encounters  obstacles.  It  remains  an  important  open 
task  to  identify  crack  growth  criteria  under  mixed  mode  conditions. 

2.  Numerical  models 

Two  types  of  numerical  models  have  been  employed  to  analyze  the  various  problems  posed  in 
this  paper.  Primary  emphasis  has  been  put  on  obtaining  relationships  between  the  components 
of  crack  tip  displacement  and  the  loading  history.  A  finite  element  model  with  a  grid  specially 
designed  for  single  slip  plasticity  has  served  as  the  primary  numerical  method.  Features  of  the 
solution  brought  out  by  the  finite  element  results  reveal  that  in  some  instances  an  extended 
Dugdale  (1960)  -  Barenblatt  (1959a,  1959b,  1962)  model  can  provide  an  effective  approxim¬ 
ation.  When  applicable,  the  double  slip  zone  model  has  certain  numerical  advantages  over  the 
finite  element  model. 

2.1.  Finite  element  model 

In  the  elastic-plastic  material  with  single  slip  specified  by  (1.3),  the  total  strain  rate  is  taken 
to  be  the  sum  of  an  elastic  part  and  a  plastic  part,  ey  =  efy  +  efj.  The  elastic  part  satisfies 
Hooke’s  law,  a  =  UmKn  where  are  the  elastic  instantaneous  moduli.  The  plastic  part 
satisfies  hi  =  yau  (see  also  (1.2)),  where  au  =  £(*• nj  +  sjn,)  in  terms  of  the  slip  direction 
St  and  the  slip  plane  normal  n,.  Then,  the  elastic-plastic  incremental  constitutive  relation  is  of 

the  form 

0,* j  =  Lijkthki,  Ljjki  =  tijki  —  LtMjjMki  (2.1) 

where  n  =  1  /(amnMmn)  for  plastic  yielding  and  /r  =  0  for  elastic  unloading.  Furthermore, 
M  =  £a,,/(l  +  v),  in  terms  of  Young’s  modulus  E  and  Poisson’s  ratio  v. 

'The  requirement  of  equilibrium  is  specified  in  terms  of  the  incremental  principle  of  virtual 
work  Approximate  solutions  are  obtained  by  the  finite  element  method,  using  the  incremental 
constitutive  relation  (2.1)  in  the  principle  of  virtual  work.  The  element  approximation  of  the 
displacement  components  is  based  on  eight-noded  isoparametric  elements,  and  the  integra¬ 
tions  within  each  element,  needed  to  compute  the  incremental  stiffness  matrix,  are  earned  out 
using  2  x  2-point  Gaussian  quadrature. 

Two  types  of  boundary  conditions  are  used  in  the  present  analyses.  When  conditions  ol 
small  scale  yielding  are  considered,  a  circular  region  is  analyzed  with  displacement  boundary 
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conditions  prescribed  on  the  outer  edge  in  agreement  with  the  mixed-mode  singular  elastic 
crack  tip  fields.  When  an  edge-crack  in  a  specimen  under  uniaxial  plane  strain  tension  is 
considered,  a  rectangular  region  is  analyzed  with  uniform  axial  displacements  and  zero  shear 
stress  prescribed  on  the  ends.  The  lateral  sides  are  traction-free.  The  traction-free  edge-crack 
inclined  to  the  tensile  direction  is  located  at  the  middle  of  one  of  these  traction-free  sides. 

The  grid  near  the  crack  tip  is  particularly  chosen  to  represent  the  characteristic  near-tip 
strain  fields.  There  is  a  tendency  for  plastic  slip  to  concentrate  in  a  narrow  band  along  the 
extended  crack  plane  ahead  of  the  crack  tip.  In  case  of  a  finite  size  specimen,  this  narrow  band 
eventually  develops  into  a  slip  band  which  extends  across  the  specimen.  Some  of  the  present 
computations  have  been  continued  until  this  stage,  where  the  overall  tensile  load  approaches 
the  limit  load  for  the  cracked  crystal.  With  the  deformation  mechanism  allowing  for  single 
slip  in  directions  parallel  to  the  crack  plane  there  is  also  a  tendency  for  concentrated  plastic 
shearing  to  develop  from  the  crack  tip  in  a  direction  perpendicular  to  the  crack  plane  (and  thus 
perpendicular  to  the  slip  planes).  As  discussed  by  Saeedvafa  and  Rice  (1992).  the  slip  system 

(1.2)  allows  concentrated  shearing  along  planes  perpendicular  to  the  slip  plane  (interpretable 
in  dislocation  terms  as  a  kink  band),  as  well  as  in  directions  parallel  to  the  slip  plane.  To 
represent  localized  yielding  in  these  two  characteristic  directions,  the  near  tip  mesh  has  been 
specially  designed  with  narrow  element  bands  of  constant  width  along  these  directions,  as 
seen  in  Figure2.  Comparison  with  analyses  for  a  standard  mesh  at  a  crack  tip.  with  the  mesh 
defined  by  radial  lines  focused  on  the  tip,  has  shown  that  the  narrow  bands  of  uniform  elements 
near  the  crack  tip  in  Figure  2  are  important  for  the  accuracy. 

Examples  of  plastic  zones  are  illustrated  in  Figure  2  in  terms  of  dots  in  deformed  meshes, 
where  a  dot  is  drawn  at  integration  points  currently  undergoing  plastic  yielding.  Figures  2(a) 
and  (b)  are  obtained  for  K\\/K\  —  — 1/2  under  small  scale  yielding  (full  details  of  the  models 
are  given  in  the  next  section),  in  one  case  for  the  PSB  above  the  crack  plane  and  in  the  other 
with  the  band  below.  Figure  2c,  shows  a  portion  of  the  mesh  and  yielded  elements  for  large 
scale  yielding  of  the  full  edge-cracked  geometry,  in  this  instance  for  the  case  where  slip 
can  occur  wherever  the  critical  shear  stress  is  attained  on  a  slip  plane.  Concentrated  plastic 
shearing  on  the  extended  crack  plane  and  perpendicular  to  the  crack  plane  emerging  from 
above  the  tip  is  clearly  seen  in  Figure  2.  The  concentrated  shearing  is  accompanied  by  diffuse 
plastic  shearing,  usually  in  one  of  the  two  directions  but  not  the  other. 

Crack  tip  displacements  (<5f,  5„)  are  sensitive  to  near  tip  mesh  layout.  The  opening  and 
sliding  displacements  behind  the  tip  have  a  fairly  steep  variation  with  distance  r  back  from 
the  tip  (Saeedvafa  and  Rice,  1992),  such  that  the  derivative  of  these  quantities  with  respect  to  r 
can  be  logarithmically  singular  at  the  tip.  To  accurately  compute  (8t,  <$„),  it  is  best  to  use  crack 
face  displacements  at  points  behind  the  tip  and  extrapolate  to  the  tip.  If  d8/dr  —  A  —  B  ln(r), 
then  near  the  tip, 

8  =  Ar  —  B(r  Inr  —  r)  +  8(0),  (2.2) 

where  5(0)  is  the  desired  value  at  the  tip.  One  method  which  has  been  employed  here  is  to  fit 

(2.2)  to  sets  of  values  at  three  points  r  behind  the  tip,  providing  the  extrapolation  for  (St,  5„). 

2.2.  Double  slip  zone  models 

As  evident  in  Figure  2,  much  of  the  plastic  deformation  occurs  by  concentrated  shearing  on 
the  extended  crack  plane  and  on  the  plane  perpendicular  to  it  that  emerges  from  the  crack 
tip.  If  one  is  willing  to  neglect  the  contribution  of  diffuse  plastic  deformation  in  regions  off 
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c) 


Figure  2.  Examples  of  the  near  tip  finite  element  mesh  and  zones  of  plastic  yielding,  as  indicated  by  dots  at 
integration  points  where  the  yield  condition  is  met.  Strips  of  narrow  elements  of  uniform  width  are  incorporated 
in  the  mesh  on  the  extended  crack  plane  and  emerging  from  the  tip  at  90°  to  the  crack  plane.  These  are  required 
to  represent  the  localized  slip  along  the  slip  plane  and  perpendicular  to  it.  Cases  (a)  and  (b)  are  for  small  scale 
yielding  with  slip  confined  to  a  band  either  above  or  below  the  crack  plane.  Case  (c)  is  an  example  of  large  scale 
yielding  where  slip  is  unconfined. 


these  two  planes,  one  can  employ  a  double  slip  zone  model  akin  to  the  Dugdale-Barenblatt 
Model.  In  the  present  plane  strain  model  for  the  single  crystal,  the  tangential  displacement 
is  allowed  to  be  discontinuous  across  the  slip  zone  when  the  resolved  shear  stress  attains 
zy.  One  advantage  of  the  double  slip  zone  approximation  is  there  exist  efficient  numerical 
methods  for  solving  the  integral  equations  for  the  distributions  of  the  ‘dislocations’,  d<5/dr, 
that  become  the  unknowns  in  these  formulations.  Several  such  examples  are  solved  in  this 
paper  for  the  purposes  of  illustrating  the  approach.  Another  advantage  of  these  models  is  that 
the  two  crack  tip  displacements  (<$,,  Sn)  are  readily  expressed  and  computed  in  terms  of  the 
dislocation  distributions.  As  is  standard  in  such  models,  the  extent  of  the  zone  is  determined  by 
the  condition  that  the  stresses  are  bounded  at  the  end  of  the  zone,  assuming  it  is  not  blocked. 


86  John  VK  Hutchinson  and  Viggo  Tvergaard 


r - 1 


l  J  T 
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Figure  3.  Conventions  in  small  scale  yielding.  Slip  is  unconfined  in  (a),  while  it  is  confined  to  a  band  of  width  w 
above  or  below  the  crack  plane  in  (b)  and  (c).  The  slip  planes  are  parallel  to  the  crack  plane. 


3.  Small  scale  yielding 


3.1.  Pure  mode  reference  cases 

Two  small  scale  yielding  results  will  serve  as  useful  references  in  the  present  study.  In  pure 
mode  II  (K\  —  0,  with  monoton ically  increasing  K\\  in  Figure  3)  the  analog  of  the  Dugdale- 
Barenblatt  Model  applies  with  slip  confined  to  the  single  plane  coincident  with  the  exten¬ 
ded  crack  plane  directly  ahead  of  the  tip.  The  normal  component  of  the  crack  tip  opening 
displacement,  <$„,  is  zero  and  the  tangential  component,  is  given  by 


8f  =  (\~v2)K[l 


Ely 


(3.1) 


The  extent  of  the  plastic  slip  zone  ahead  of  the  tip  is  Rt  =  (jr/8)(Arn/ty)2.  If  frictional  effects 
between  the  crack  faces  are  ignored,  the  amplitude  of  the  change  in  <5/  in  each  cycle  under  a 
steady  cyclic  loading  history  with  the  mode  II  stress  intensity  factor  varying  between  ^J110 


and  AT™*  is 
AJ,  =  1(1  - 

Ety 


where  AKtl  =  K^x  —  A'™ 


(3.2) 


When  the  small  scale  yielding  conditions  are  pure  mode  I  (A)i  =  0  in  Figure  3a),  the 
solution  for  monotonically  increasing  K\  has  been  given  by  Saeedvafa  and  Rice  (1992)  for 
the  case  where  slip  on  any  plane  parallel  to  the  crack  is  possible.  The  tangential  sliding 
displacement  is  zero  while  the  opening  displacement  at  the  tip  is 


Sn  =  0.26 


It 

Ely 


(for  v  =  0.3). 


(3.3) 


The  amplitude  of  the  tip  opening  displacement  under  steady  cyclic  loading  between  A)min  and 
K,max  is 


A  S„  =0.13 


A  Kf 
Ezy 


(for  v  =  0.3), 


(3.4) 
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where  AK\  —  /£,niax  —  TCj1110,  assuming  no  contact  occurs  between  the  crack  faces. 
3.2.  Monotonic  loading  with  Ku/K{  —  -1/2 


Under  monotonic  stressing,  the  edge-crack  in  Figure  1  satisfies  small  scale  yielding  for  applied 
stresses  a  up  to  approximately  one  half  of  the  tensile  yield  stress  of  the  uncracked  crystal,  i.e. 
for  o  as  large  as  about  xY .  Under  steady  cyclic  loading,  the  range  of  applicability  of  small 
scale  yielding  is  considerably  larger  (i.e.,  A  a  as  large  as  about  2ty),  as  will  be  discussed  later. 
Thus,  with  reference  to  Figure  3,  consider  the  small  scale  yielding  limits  of  the  three  problems 
of  Figure  1  where  a  semi-infinite  crack  is  remotely  subject  to  a  mixed  mode  elastic  field  with 
amplitudes  (K\,  A'n).  For  monotonic  loading,  the  solution  will  be  presented  in  the  form 

K 2 

—  cn~z  and  8[  ~  ct  —  .  (3.5) 

Exy  Exy 

For  the  problem  in  Figure  3(a)  where  plasticity  is  not  confined  to  a  band,  the  coefficients 
(ctycn)  are  independent  of  the  stress  intensities,  assuming  KX\/K\  is  fixed  at  —1/2.  A  crude 
estimate  of  the  extent  of  the  plastic  zone  perpendicular  to  the  crack  line  is 


Rn  = 


1 

9tt 


(3.6) 


This  quantity  serves  as  a  useful  scaling  length  for  presenting  the  solution.  For  the  two  PSB 
problems  in  Figures  3(b)  and  3(c),  the  coefficients  ( cncn )  will  depend  on  Rn/ w  when  the 
plastic  zone  is  large  enough  such  that  it  reaches  across  the  PSB.  Small  scale  yielding  in  the 
present  context  only  requires  that  the  maximum  extent  of  the  plastic  zone  be  sufficiently  small 
compared  to  the  crack  length.  No  restriction  is  placed  on  its  interaction  with  the  boundaries 
of  the  PSB. 

The  coefficients  in  (3.5)  for  the  problem  in  Figure  3a  where  slip  is  not  confined  are 
cn  =  0.35  and  c,  =  -0.64.  (3.7) 


Comparison  with  the  pure  mode  cases  in  (3.1)  and  (3.3)  reveals  that  the  nonlinear  interaction 
between  the  modes  under  mixed  mode  loading  is  not  exceptionally  strong.  At  comparable 
stress  intensities,  the  opening  displacement  is  increased  by  about  20  percent  in  the  presence 
of  the  mode  II  component,  while  the  tangential  sliding  displacement  is  lowered  by  about  30 
percent  when  coupled  with  the  mode  I  component.  Plots  of  (ctJ  cn)  as  a  function  of  Rn/w  for 
the  two  PSB  crack  problems  are  shown  in  Figure  4,  together  with  the  values  (3.7).  (In  small 
scale  yielding,  the  difference  between  a  crack  located  on  one  side  of  the  PSB  versus  the  other 
can  be  captured  by  changing  the  sign  of  K\\  without  changing  the  location  of  the  crack  relative 
to  the  band.  However,  the  PSB  results  in  Figure  4  all  have  ATn  <  0  with  the  crack  on  top  of 
the  band  in  one  case  and  below  it  in  the  other.) 


3.3.  Cyclic  loading  with  K\\/Kx  =  — 1/2 


The  solution  for  steady  cyclic  loading  between  maximum  and  minimum  stress  intensities 
(with  K\\f  K\  fixed  at  —1/2)  follows  immediately  from  (3.5)  for  the  case  in  Figure  3(a)  where 
slip  is  not  confined  to  lie  within  a  band.  With  A  Kx  =  Kjmax  -  Kfn  and  A  Ku  =  Kfi3*  -  K^in, 


z  Exy 


and 


AS  = 

2  Exy 


(3.8) 
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Figure  4.  The  coefficients  specifying  the  crack  tip  displacement  components  in  (3.5)  for  monotonic  stressing  of 
the  45°  edge-crack  under  small  scale  yielding.  The  length  quantity  Rn  is  defined  in  (3.6),  and  w  is  the  width  of 
the  band  of  confined  slip  in  two  of  the  three  cases  shown.  In  the  third  case,  slip  is  not  confined. 


where  cn  and  ct  have  been  given  (3.7).  The  argument  for  the  validity  of  this  simple  conversion 
of  the  monotonic  solution  to  the  cyclic  solution  is  essentially  the  same  as  that  put  forward 
by  Rice  (1967)  in  his  analysis  of  Mode  III  cracks  in  elastic-perfectly  plastic  solids.  In  small 
scale  yielding,  the  monotonic  solution  necessarily  has  the  property  that  once  slip  starts  at 
any  point  it  continues  with  the  magnitude  of  the  resolved  shear  stress  unchanging  at  zY. 
Yielding  spreads  in  a  self-similar  manner.  When  the  applied  stress  intensity  factors  decrease 
from  their  maximum  values,  the  changes  in  the  stresses,  strains  and  displacements  are  related 
to  the  changes  in  stress  intensities  precisely  by  the  monotonic  solution  (with  due  regard  for 
sign  changes)  if  rY  is  replaced  by  2ty.  Any  point  which  undergoes  reversed  yield  will  have 
experienced  a  change  in  shear  stress  from  ±rY  to  and  the  superposition  of  the  changes 
calculated  with  a  yield  stress  2ty  exactly  represents  the  behavior.  The  portion  of  the  steady 
cycle  wherein  the  stress  intensities  are  reversed  once  more  and  brought  back  to  their  former 
maximum  values  is  again  characterized  by  changes  computed  from  the  monotonic  solution 
with  a  yield  stress  of  2ty.  At  the  top  of  the  cycle,  the  stresses  and  the  crack  tip  displacements 
return  to  the  values  they  had  before  any  load  reversal  occurred. 

The  shape  of  the  active  zone  which  experiences  cyclic  plastic  strains  under  steady  cyclic 
loading  in  small  scale  yielding  is  precisely  the  same  as  that  of  the  zone  under  monotonic 
loading,  but  the  size  scales  with  (AK/2ty)2  rather  than  (Kmax/rY)2.  It  follows  that  the  size 
of  zone  of  cyclic  plastic  strains  is  exactly  (1/4)(A K/Kmax)2  times  the  size  of  the  monotonic 
plastic  zone  at  Kmax.  In  particular,  for  cycling  between  Km2LX  and  /fmjn  =  0,  the  cyclic  zone 
is  one  quarter  the  size  of  the  monotonic  zone,  neglecting  any  possible  effects  of  crack  clos¬ 
ure.  The  relatively  small  size  of  the  cyclic  plastic  zone  has  important  implications  for  the 
relevance  of  the  small  scale  yielding  results.  Even  when  the  maximum  applied  stress  drives 
the  monotonic  problem  well  into  the  large  scale  yielding  range,  the  cyclic  problem  may  still 
satisfy  small  scale  yielding.  Specifically,  cyclic  problems  for  the  finite  edge-crack  geometries 
posed  in  Figure  1  remain  within  the  small  scale  yielding  range  for  cyclic  stress  amplitudes. 
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Aa,  less  than  about  2ty.  Thus,  for  example,  steady  cycling  between  zero  stress  and  a  stress 
level  approaching  overall  yield  at  a  —  2ty  is  still  governed  by  small  scale  yielding.  These 
considerations  highlight  the  importance  of  small  scale  yielding  under  cyclic  loading. 

Conversion  of  the  results  for  monotonic  loading  to  cyclic  loading  somewhat  less  straight 
forward  for  the  PSB  cracks  because  of  the  dependence  on  the  band  width  through  the  para¬ 
meter  Rn/w.  Inspection  of  the  numerical  solution  to  the  monotonic  problem  has  indicated  that 
it  has  the  property  that  points  which  yield  undergo  no  subsequent  elastic  unloading.  This  is 
the  necessary  condition  such  that  the  solution  for  steady  cyclic  loading  between  KnvdX  —  A  K 
and  Kmax  can  be  constructed  by  the  procedure  described  above  using  the  monotonic  solution 
with  r Y  replaced  by  2xY.  The  construction  is  as  follows.  Display  the  dependence  of  cn  and  c, 
on  Rn/w  shown  in  Figure  4  explicitly  by  writing  cn(Rn/w)  and  ct(Rn/w).  Define  a  quantity 
for  the  cyclic  problem  analogous  to  Rn  in  (3.6)  as 


(3.9) 


Then,  the  cyclic  crack  tip  displacements  are  given  by 


AKy 


A  8n  =  2Cf1(A  R„/w)- 

1  Ely 


and  A8t  =  \ct(ARn/w) 


AKu 
Ety  ' 


(3.10) 


where,  as  before,  attention  is  limited  to  AK\\  =  —  AK\/2.  The  condition  that  no  elastic 
unloading  occurs  in  solution  for  monotonic  loading  ensures  that  the  superposition  employed 
in  constructing  the  cyclic  solution  is  valid.  For  single  slip  plasticity  there  are  no  additional 
complexities  associated  with  nonproportional  plastic  deformation. 

It  can  be  seen  from  the  plots  in  Figure  4  that  the  dependence  of  cn  and  cT  on  ARn/w  is 
quite  weak  for  ARn/w  greater  than  about  2.  For  ARn/w  less  than  2.  the  dependence  can 
become  important.  For  example,  in  the  case  where  the  PSB  lies  above  the  crack,  the  fact  that 
cn  decreases  with  increasing  ARn/w  while  ct  increases  in  magnitude  means  that  there  is  a 
range  where  A8n  becomes  larger  than  AS,. 


4.  Edge-crack  in  large  scale  yielding 


The  three  45°  edge-crack  problems  in  Figure  1  are  now  considered  for  monotonically  increas¬ 
ing  a.  The  results  are  presented  as  the  stress  dependent  coefficients  C„  and  C,  in 


~  Cn 


o2a 


EXy 


and 


(4.1) 


For  the  two  PSB  problems  the  coefficients  also  depend  on  vo/a.  Within  the  small  scale  yielding 
range,  coinciding  approximately  with  o /{2xY)  <  1/2,  the  two  sets  of  coefficients  in  (3.5)  and 
(4.1)  are  related  by 


Cn  =  1.561  and  C,  -  0.416c, . 


(4.2) 


The  coefficients  are  plotted  in  Figure  5.  The  small  scale  yielding  limit  as  given  by  (4.2) 
with  (3.7)  is  included  in  Figure  5(a)  for  the  problem  with  no  restrictions  on  the  zone  of 
plastic  yielding  (Cn  =  0.55  and  C,  =  -0.27).  Both  components  of  the  crack  tip  displacement 
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a) 


b) 


c) 


a/2ty  a/2ty  CT/2Ty 

Figure  5.  The  coefficients  specifying  the  crack  tip  displacement  components  in  (4.1)  for  monotonic  stressing  of 
the  45°  edge-crack  under  large  scale  yielding,  (a)  Unconfined  slip,  (b)  Slip  confined  to  a  band  of  width  w  above 
the  crack  plane,  (c)  Slip  confined  to  a  band  of  width  w  below  the  crack  plane. 


experience  large  amplification  due  to  large  scale  yielding,  in  the  range  <y/(2rY)  >  1/2.  The 
PSB  problems  display  some  dependence  on  a/w,  but  surprisingly  little  over  the  range  of 
values  of  a/w  chosen  in  Figure  5.  The  tangential  component  of  the  tip  displacement  follows 
the  behavior  of  the  problem  with  unconstrained  yield.  On  the  other  hand,  the  band  severely 
constrains  the  magnitude  of  the  opening  component  in  the  large  scale  yielding  range  compared 
to  the  case  where  slip  is  not  confined.  An  unexpected  trend  is  noted  in  Figure  5(b)  for  the  case 
where  the  PSB  lies  on  the  upper  side  of  the  crack.  The  normal  component  of  the  crack  tip 
displacement  is  larger  for  the  narrowest  band  ( a/w  =  9)  than  for  the  wider  bands  ( a/w  =  6 
and  3).  This  trend  is  a  consequence  of  the  nonlinear  coupling  between  the  opening  and  tan¬ 
gential  tip  displacements  under  the  mixed  mode  loading.  Note  that  the  tangential  component 
is  diminished  by  the  narrowness  of  the  band.  These  same  trends  can  be  inferred  from  the  small 
scale  yielding  results  in  Figure  4,  although  they  are  obscured  by  the  nondimensional  variables 
used  in  that  figure. 

The  double  slip  zone  model  discussed  in  Section  2.2  can  be  used  to  approximate  the  prob¬ 
lems  in  Figures  1  and  3.  As  mentioned  in  Section  2.2,  well  established  numerical  methods  for 
integral  equations  can  be  employed  to  generate  results,  and  crack  tip  displacement  components 
are  readily  extracted.  A  set  of  results  for  Cn  and  Ct  in  (4.1)  for  the  two  PSB  problems  is  given 
in  Figure  6.  Included  is  the  result  for  8t  for  the  limit  of  a  band  of  zero  width  ( w/a  =  0  such 
that  8n  —  0),  and  results  for  bands  of  small  width,  w/a  =  0.05,  located  on  one  side  of  the 
crack  or  the  other.  These  numerical  results  are  in  reasonable  agreement  with  the  finite  element 
results  for  the  unapproximated  model,  and  the  general  trends  are  in  close  accord. 

As  has  already  been  emphasized,  the  responses  under  steady  cyclic  loading  should  be  well 
characterized  by  the  small  scale  yielding  results  given  in  the  previous  section,  assuming  that 
A o  is  less  that  about  2ry. 


5.  Barriers  to  slip 

To  obtain  some  insight  into  the  effect  of  barriers  to  slip  such  as  a  grain  boundary,  two  vari¬ 
ations  of  the  45°  edge-crack  problem  have  been  analyzed.  The  first  imposes  a  boundary  a 
distance  D  along  the  crack  plane  from  the  edge,  across  which  slip  is  completely  blocked. 
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Figure  6.  The  coefficients  specifying  the  cracr  rip  displacement  components  in  (4.1)  for  monotonic  stressing  of 
the  45r  edge-crack  under  large  scale  yielding  is  computed  using  the  double  slip  zone  model  of  Section  2.2.  Three 
cases  are  shown:  i  single  slip  zone  on  the  trended  crack  plane  for  which  Cn  =  0,  and  double  slip  zones  with 
a/w  —  20  modeling  bands  above  and  below  tie  crack  plane. 


a/2xY  <j/2xy 

a)  b) 

Figure  7.  The  coeftieiems  specilying  the  cnu:c  op  displacement  components  in  (4.1)  for  monotonic  stressing  of 
the  45°  edge-crack  under  large  scale  yielding  uhere  shp  is  blocked  a  distance  D  from  the  edge  in  the  slip  direction. 
Slip  confined  to  a  band  of  width  w  above  the  ;rack  an  (a)  and  below  the  crack  in  (b),  in  both  cases  with  a/w  =  9. 
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Figure  8.  The  coefficients  specifying  the  crack  tip  displacement  components  in  (5.1)  for  monotonic  stressing  of 
the  45°  edge-crack  under  large  scale  yielding  where  slip  is  blocked  a  distance  D  from  the  edge  in  the  slip  direction. 
Slip  confined  to  a  band  of  width  w  above  the  crack  in  (a)  and  below  the  crack  in  (b),  in  both  cases  with  a/w  —  9. 
These  are  the  same  results  shown  in  Figure  7,  but  here  another  normalization  is  employed  to  better  reveal  the 
influence  of  crack  length  at  different  positions  of  the  crack  relative  to  the  slip  barrier 


Only  elastic  deformations  occur  across  the  boundary.  The  second  variation  permits  slip  across 
the  boundary,  activated  by  the  same  critical  shear  stress  rY,  but  on  a  plane  oriented  at  an 
angle  co  relative  to  the  slip  plane  in  the  cracked  crystal.  In  both  instances,  monotonic  loading 
is  considered,  but  the  effects  are  expected  to  carry  over  to  cyclically  loaded  cracks  as  they 
approach  slip  barriers  and  their  plastic  zones  are  restricted. 


5.1.  Blocked  slip 


Plots  of  Cn  and  C,  as  defined  in  (4.1)  are  given  in  Figure  7  for  five  values  of  D/a .  The 
values  for  the  largest  value.  D/a  —  10,  essentially  coincide  with  the  limiting  case  D/a  =  oo 
presented  earlier  in  Figure  5.  For  values  of  o/(2zy)  less  than  1/2,  there  is  no  effect  pf  the 
barrier  even  when  D/a  —  1.25  because  the  plastic  zone  has  not  yet  reached  the  boundary. 
For  larger  applied  stresses,  the  plastic  zone  is  blocked  by  the  boundary,  depending  on  D/a , 
and  the  tangential  component  of  the  tip  displacement,  <$,,  becomes  substantially  reduced.  The 
opening  tip  displacement  is  much  less  affected.  The  magnitude  of  the  opening  displacement 
becomes  comparable  to  the  tangential  component  when  D/a  is  about  1.25. 

The  normalization  (4.1)  used  for  the  tip  displacements  in  Figure  7  is  not  convenient  for 
seeing  the  influence  of  the  boundary  on  an  approaching  crack.  This  same  set  of  numerical 
data  is  replotted  in  Figure  8  using  the  following  normalization  which  employs  the  boundary 
distance  in  the  normalization  rather  than  the  crack  length: 


Sn=k, 


xyd  a  t  ,  tYD 
-  and  oY  —  kt - . 


E 


E 


(4.2) 
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Figure  9.  The  coefficient  kf  in  (5.1)  governing  the  tangential  tip  displacement  as  predicted  by  a  single  dip  zone 
model  with  slip  confined  to  the  plane  ahead  of  the  crack  tip.  Slip  is  blocked  a  distance  D  along  the  plant  from  the 
edge.  The  straight  line  segments  emanating  from  the  origin  correspond  to  the  region  where  the  slip  zoic  has  not 
yet  reached  the  barrier. 


Figure  10.  The  coefficient  k,  in  (5.1)  governing  the  tangential  tip  displacement  as  predicted  by  a  singleslip  zone 
model  with  slip  confined  to  the  plane  ahead  of  the  crack  tip.  Slip  is  partially  blocked  a  distance  D  along  the  plane 
from  the  edge.  Beyond  this  boundary,  the  orientation  of  the  slip  plane  changes.  Tfot  results  were  obtained  with  a 
model  which  permits  slip  only  on  the  single  planes  shown  in  the  insert. 
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In  this  plot  is  evident  that  the  crack  tip  displacements  are  larger  as  the  crack  travels  across  the 
crystal  at  a  given  applied  stress,  but  the  boundary  holds  down  the  magnitudes  at  the  higher 
applied  stress  levels.  In  particular,  the  tangential  tip  displacement  component  peaks  at  a  value 
of  D/a  below  1.25  at  the  higher  applied  stress  levels.  Predictions  for  kt  for  the  tangential  com¬ 
ponent  of  the  tip  displacement  from  a  single  slip  zone  model  with  slip  blocked  at  the  boundary 
are  plotted  in  Figure  9  against  a/ D.  The  straight  line  segments  of  the  curves  emanating  from 
the  origin  within  the  dashed-line  curve  correspond  to  the  regime  where  the  yielding  zone  has 
not  reached  the  boundary.  Beyond  the  dashed-line  curve,  the  boundary  interferes  with  slip, 
and  the  crack  tip  displacement  is  significantly  reduced. 

5.2.  Partially  blocked  slip 

The  model  of  Figure  9  is  modified  by  allowing  slip  to  occur  across  the  boundary,  but  on  a  slip 
system  oriented  at  an  angle  other  than  45°.  The  model  depicted  in  Figure  10  permits  slip  at  a 
critical  stress  rj/,  consistent  with  (1.3),  on  a  single  plane  intersecting  the  primary  45°  slip  plane 
at  an  angle  to.  The  results  in  Figure  10  have  been  obtained  for  a  small  misorientation  of  the  slip 
planes,  to  —  5  .  Comparison  of  Figures  9  and  10,  reveals  that  slip  across  the  boundary  does 
have  some  influence  on  the  tangential  tip  displacement,  but  even  with  a  small  misorientation 
of  the  slip  direction,  the  boundary  serves  as  an  effective  block  to  the  slip  zone  of  the  edge 
crack. 

6.  Concluding  remarks 

The  small  scale  yielding  solution  describes  cyclic  crack  tip  behavior  under  steady  cycling 
for  a  fairly  wide  range  of  stress  because  the  cyclic  plastic  zone  size  is  a  small  fraction  of 
the  monotonic  zone  size.  Under  the  assumption  that  small  scale  yielding  does  apply,  the  45° 
edge-crack  subject  to  steady  cyclic  stressing  between  crmin  and  <7max  experiences  cyclic  tip 
displacements  which  can  be  obtained  from  (1.1),  (3.1)  and  (3.3)  (by  replacing  iy  by  2zy  as 
discussed  in  Section  3.3)  as 

Ao2a  Act2  a 

A  Sn  —  0.275— —  and  AS,  =  0.135 - ,  (6  1) 

tTy  EXy 

where  Act  =  crmax  crmjn.  This  result  applies  to  the  case  where  slip  in  the  crystal  is  unconfined, 
and  there  is  no  crack  face  contact.  When  an  obstacle  or  grain  boundary  is  sufficiently  close  to 
the  crack  tip  such  that  it  interacts  with  the  cyclic  plastic  zone,  that  interaction  must  be  taken 
into  account.  The  solutions  in  the  present  paper  provide  some  insight  into  such  interactions, 
but  further  studies  will  be  needed  to  provide  results  which  are  applicable  under  cyclic  loadings. 
Most  Stage  I  fatigue  cracks  appear  to  be  arrested  by  obstacles  or  barriers  (Miller,  1993),  and 
quantitative  results  for  these  interactions  are  needed  to  understand  condition  under  which 
arrest  occurs. 

Attention  here  has  been  limited  to  applied  stress  levels  such  that  the  crystal  itself  does  not 
experience  overall  yielding.  In  the  range  of  cyclic  stressing  causing  fatigue  in  a  polycrystal,  a 
small  fraction  of  surface  crystals  favorably  oriented  for  slip  are  expected  to  experience  overall 
reversed  plastic  straining  in  each  cycle.  Were  this  not  the  case,  it  is  unlikely  fatigue  crack 
nucleation  would  occur.  Thus,  an  important  extension  of  the  present  study  will  be  to  con¬ 
sider  Stage  I  edge  cracks  lodged  within  favorably  oriented  crystals  which  experience  reversed 
plastic  straining  each  cycle  even  when  no  crack  is  present. 
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Components  of  the  crack  tip  displacements  have  been  featured  in  this  study  under  the 
assumption  that  these  quantities  provide  average  measures  of  crack  tip  deformation  which 
should  provide  a  means  of  correlating  crack  growth  rates.  Further  experimentation  and  more 
fundamental  modeling  are  needed  to  relate  crack  growth  per  cycle  to  the  amplitudes  of  the 
crack  tip  displacements  under  Stage  I,  when  cracks  tend  to  grow  along  the  favorably  ori¬ 
ented  slip  directions.  In  particular,  the  effect  on  the  growth  rate  of  the  ratio  of  the  normal  to 
tangential  tip  displacements  must  be  determined  since  the  relative  amplitude  appears  to  vary 
considerably,  depending  on  the  cyclic  stress  level  and  on  proximity  to  obstacles  to  slip. 
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Damage-tolerant  design  and  life-prediction  methodologies  have  been  practiced  for  metal) ic  structures  for  decades,  although  their  ap¬ 
plication  to  brittle  materials,  such  as  ceramics  and  intermetallic  alloys,  still  poses  particular  problems,  primarily  because  of  their  extreme 
flaw-sensitivity.  Moreover,  like  metals,  they  are  susceptible  to  premature  failure  by  cyclic  fatigue,  which  provides  a  prominent  mechanism 
for  subcritical  crack  growth  that  further  limits  life.  One  specific  problem  involves  the  large  dependency  of  growth  rales  on  the  applied  stress 
intensity,  which  necessitates  that  design  is  based  on  the  concept  of  a  fatigue  threshold,  particularly  in  the  presence  of  small  cracks.  In  this  paper, 
studies  on  the  role  of  small  cracks  in  influencing  thresholds  and  near-threshold  growth  rales  are  described  for  both  brittle  and  ductile  materials' 
Examples  are  given  from  the  military  engine  “High-Cycle  Fatigue”  initiative,  which  represents  an  important  problem  where  information  on  the 
behavior  of  small  fatigue  cracks  is  critical. 
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1.  Introduction 

The  problem  of  small  cracks  remains  one  of  the  most  crit¬ 
ical,  yet  least  understood,  topics  in  fatigue  research,  despite 
the  fact  that  25  years  have  elapsed  since  the  so-called  anoma¬ 
lous  behavior  of  small  fatigue  cracks  was  first  reported  for 
age-hardened  aluminum  alloys  by  Pearson. ])  Since  that  time, 
innumerable  papers,  reviews  and  books  have  been  published 
on  the  subject  [e.g.,  Ref.  2-9)]  indicating  that  the  “small-crack 
effect”  is  associated  with  the  fact  that  the  growth  rates  of  small 
cracks  can  exceed  those  of  large  cracks  at  the  same  applied 
stress-intensity  range  AK,  and  that  small  cracks  can  propa¬ 
gate  at  applied  stress  intensities  less  than  the  fatigue  thresh¬ 
old,  AKjw,  below  which  large-crack  growth  is  presumed  dor¬ 
mant.  In  general,  these  effects  occur  when  crack  sizes  become 
comparable  with  (Fig.  1): 

•  microstructural  size  scales ,  where  biased  statistical  sam¬ 
pling  of  the  microstructure  leads  to  accelerated  crack 
growth  along  “weak  paths”  and  local  retardation  or 
arrest  can  occur  at  microstructural  “barriers”  such  as 
grain  or  phase  boundaries  (a  continuum  or  homogeneity 
1  imi  ta  tion)-m icrostructu rally -small  cracks , 

•  the  extent  of  local  inelasticity,  e.g .,  the  plastic-zone  size, 
ahead  of  the  crack  tip,  where  the  assumption  of  small- 
scale  yielding  implicit  in  the  use  of  the  stress  intensity 
K  is  not  strictly  valid  (a  linear-elastic  fracture  mechanics 
VumizAiony  mechanically -small  cracks , 

•  the  extent  of  crack-tip  shielding,  e.g.,  crack  wedging 
by  crack  closure,  behind  the  crack  tip,  where  the  re¬ 
duced  role  of  shielding  leads  to  a  higher  local  driving 
force  than  the  corresponding  large  crack  at  the  same  ap¬ 
plied  (global)  stress  intensity  (a  similitude  limitation)- 
physically -small  cracks 

Whereas  the  small-crack  effect  has  always  been  of  prime 
importance  since  it  can  result  in  gross  overestimates  of  the 
damage-tolerant  life  of  a  structure,  the  problem  has  come  into 
greater  prominence  of  late  due  to  (i)  the  Aging  A  ircraft  Initia¬ 
tive,  where  the  residual  strength  and  remaining  life  of  many 
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Fig.  1  Schematic  illustration  of  the  three  major  classes  of  small  fatigue 
cracks. 


sections  of  the  fuselage  of  older  aircraft  is  compromised  by 
numerous  small  defects  le.,  multi-site  damage,  (ii)  the  High- 
Cycle  Fatigue  Initiative ,  where  the  failure  of  blades  and  disks 
in  aircraft  gas-turbine  engines  results  from  the  rapid  propa¬ 
gation  of  small  cracks  under  high-frequency  vibratory  load- 
ing,9>11~13)  (iii)  an  increasing  emphasis  on  durability ,  partic¬ 
ularly  for  the  economically  feasible  life  of  aircraft  structures, 
based  on  the  statistical  modeling  of  small  flaw  populations,1^ 
and  (iv)  the  potential  structural  use  of  ceramics  and  inter¬ 
metallic  materials ,  especially  for  engine  and  aerospace  ap¬ 
plications,  where  due  to  their  highly  restricted  growth-rate 
curves,  i.e.y  very  high  Paris-law  exponents,  design  must  be 
based  on  the  concept  of  a  threshold,  ideally  defined  for  small 
cracks.15’ 16) 

Although  the  behavior  of  small  cracks  is  now  quite  well 
documented  for  metallic  materials,  far  less  information  is 
available  for  advanced  materials.  Moreover,  a  major  diffi¬ 
culty  with  small  cracks  has  always  been  the  difficulty  of  ex¬ 
perimentally  determining  small-crack  data,  particularly  for 
design  purposes.  Accordingly,  we  describe  how  in  limited 
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coses  worst-case  large-crack  data  can  be  used  to  estimate 
small-crack  growth  rates  and  threshold  behavior  in  both  tra¬ 
ditional  and  advanced  materials.  However,  this  approach  is 
only  viable  for  cracks  larger  than  the  scale  of  microstmcture 
(“continuum-sized  cracks”);  it  is  not  appropriate  where  cracks 
are  of  a  size  that  they  interact  with  microstructural  features  of 
comparable  dimensions  (microstructurally-small  cracks),  due 
to  biased  “sampling”  of  the  microstructure. 

In  general,  the  behavior  of  small  cracks  is  seen  to  be 
remarkably  similar  in  traditional  and  advanced  materials; 
specifically  the  behavior  of  cracks  of  a  size  comparable  with 
the  extent  of  shielding  can  be  readily  estimated  from  worst- 
case  (shielding-corrected)  large-crack  results.  This  occurs 
despite  the  fact  that  the  salient  shielding  mechanisms  in  the 
fatigue  of  ceramics  and  intermetallics  are  not  simply  crack 
closure  but  additionally  involve  other  mechanisms  includ¬ 
ing  in  situ  phase  transformations  and  mostly  crack-bridging 
processes.15’ 16)  However,  when  cracks  are  small  compared 
to  microstructural  dimensions,  this  approach  cannot  work. 
Moreover,  it  is  shown  that  the  optimal  microstructures  for 
small-crack  resistance  are  rarely  similar  to  those  optimized 
for  large-crack  fracture  toughness  and  fatigue  resistance,  as 
shown  by  recent  results  in  a  +  Pll)  and  /S  titanium  alloys18) 
and  for  y -based  TiAl  alloys.19* 

Finally,  the  problem  of  foreign-object  damage  on  jet  en¬ 
gine  fan  blades9- u'13’20>  is  shown  as  an  engineering  exam¬ 
ple  were  the  critical  conditions  for  fatigue  failure  must  be  de¬ 
fined  in  the  presence  of  microstructurally-small  cracks.  In  this 
example,  simple  worst-case  large-crack  data  cannot  be  used 
to  estimate  small-crack  growth  rates  and  threshold  behav¬ 
ior.  Instead,  a  modified  Kitagawa-Takahashi  approach  is  pre¬ 
sented,  where  the  limiting  conditions  of  fatigue  failure  are  de¬ 
termined  by  the  stress-concentration  corrected  (S-N)  fatigue 
limit  (at  microstructurally-small  crack  sizes)  and  worst-case 
large-crack  fatigue  threshold  (at  larger,  “continuum-sized” 
crack  sizes). 

2.  Traditional  Materials 
2.1  Titanium  alloys 

High-cycle  fatigue  (HCF)  has  been  identified  as  one  of 
the  prime  causes  of  turbine  engine  failure  in  military  air¬ 
craft.  It  can  result  in  essentially  unpredictable  failures  due 
to  the  propagation  of  fatigue  cracks  in  blade  and  disk  compo¬ 
nents  under  ultrahigh  frequency  loading,  with  failure  result¬ 
ing  from  the  rapid  growth  of  small  cracks  often  initiated  at 
microstructural  damage  caused  by  fretting  or  foreign  object 
impacts.1 1-1 3)  To  prevent  HCF  failures,  design  methodologies 
are  required  that  identify  the  critical  levels  of  microstruc¬ 
tural  damage  which  can  lead  to  such  failures.  Since  the 
engine  components  experience  high  frequency  (~l-2kHz) 
vibrational  loads  due  to  resonant  airflow  dynamics,  often  with 
high  mean  stresses,  even  cracks  growing  at  slow  per-cycle  ve¬ 
locities  of  ~10_,°  m/cycle  can  propagate  to  failure  in  a  short 
time  period.  Consequently,  HCF-critical  turbine  components 
must  be  operated  below  a  fatigue  threshold,  appropriate  for 
flaw  sizes  typically  smaller  than  ~500  |xm.  Since  such  small 
cracks  are  known  to  propagate  below  the  large-crack  thresh¬ 
old  (A ATth),  design  against  HCF  failure  must  be  based  on  the 
notion  of  a  practical  small-crack  threshold,  measured  under 


the  representative  HCF  conditions. 

As  small-crack  testing  is  tedious  and  prone  to  excessive 
scatter,  for  design  purposes  one  practical  approach  is  to  esti¬ 
mate  the  physically-small  crack  thresholds  from  “worst-case” 
large-crack  threshold  tests  by  attempting  to  minimize  any 
crack-tip  shielding  in  the  crack  wake.21*  This  approach  was 
evaluated  for  a  TL-6A1-4V  alloy  (Fig.  2),  a  +  p  processed 
(solution  treated  and  overaged,  STOA22*)  for  typical  fan 
blade  application.  Large  through-thickness  cracks  (>  10  mm) 
in  compact-tension  specimens  were  measured  at  high  mean 
stresses  using  at,  above  and  below  the  representative  fre¬ 
quencies  (~1, 000  Hz)  using  constant-/^ maxrincreasing- /fmin 
cycling23*  to  approach  the  threshold  at  extremely  high  load 
ratios,  i.e.,  at  R  ( =Kmin/KmM )  values  approaching  unity.  Re¬ 
sults,  shown  in  Fig.  3  for  both  (a)  constant^  (at  R  =  0.1 
to  0.8)  and  (b)  constant-A^/varying  R  tests,  were  found 
to  be  independent  of  frequency  for  the  Tt-6A1-4V  alloy  in 
question,  over  the  wide  range  of  50  to  20,000  Hz  for  tests 
in  ambient  temperature  air.21*  Moreover,  they  indicate  that 
whereas  constant- R  cycling  at  R  =  0.8  gives  a  A  Km  value 
of  2.6  MPa  Tin  (compared  to  4.6MPav^m  at  R  =  0.1), 
even  lower  values  are  obtained  with  constant-/fmax  cycling, 
a  worst-case  value  of  A  Km  =  1.9  MPa^/iri  being  achieved 
with  Km„  =  36.5  MPa,/m  at  R  =  0.95.  Crack  closure  could 
not  be  detected  above  R  ~  0.5. 

Whereas  even  lower  values  can  probably  be  obtained  by  us¬ 
ing  higher  Km ax  values  approaching  Kic,  the  measured  worst- 
case  value  of  1.9  MPa^m  at  R  =  0.95  was  found  to  provide 
a  lower  bound  to  thresholds  for  the  onset  of  the  growth  of 
naturally-initiated  small  cracks  (n  ~  45-1000  pm),  shown 
in  Fig.  4  for  the  Ti-6A1-4V  material  under  study.  Although 
small-crack  growth  rates  are  ~0.5— 1  orders  of  magnitude 
faster  than  corresponding  large-crack  data,  no  small-crack 
growth  was  reported  below  AK  =  2.9MPa^/m,  i.e..,  well 
above  the  worst-case  large-crack  threshold.21* 

The  higher  growth  rates  of  the  naturally-initiated  small- 
cracks,  compared  to  the  “closure-free”  large  cracks,  are  pre¬ 
sumed  to  be  associated  with  biased  statistical  sampling  of  the 
microstructure.  The  natural  crack  initiation  process  allows  for 
sampling  of  a  very  large  area  of  the  specimen  for  more  favor- 


Fig.  2  Bimodal  (solution  treated  and  overaged,  STOA)  microstructure  of 
Ti-6AI— 4V. 
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Fig.  3  High-cycle  fatigue -crack  growth  behavior  of  through-thickness  large  cracks  (>  10  mm)  in  a  bimodal  (STOA)  Ti-6AMV  alloy  in 
room  air,  showing  (a)  constant-/?  cycling  between  50  and  20,000  Hz  for  R  =  0.1  and  0.8,  and  (b)  constant-/^ rnax^ncreasing-A,min 
cycling  at  1000 Hz  to  achieve  final  R  values  (at  /5Kth)  of  0-92  and  0.95.21) 


Surface  Crack  Length  2c  of  Small  Cracks  (jim) 
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Fig.  4  Fatigue-crack  growth  results  in  bimodal  Ti-6A1^ 4V  for  natu¬ 
rally-initiated  small  (~45- 1000  jim)  surface  cracks, l7)  as  compared  to  the 
large-crack  data  shown  in  Fig.  3(b).2l) 


able  microstructural  orientations  with  respect  to  crack  initia¬ 
tion  and  growth,  compared  to  that  of  the  large  cracks  which 
essentially  sample  an  average  of  all  microstructural  orienta¬ 
tions  [e.g.y  Ref.  9)]. 

High-cycle  fatigue  thus  provides  a  notable  example  of  the 
importance  of  small  cracks  and  thresholds  for  small  cracks 
in  traditional  materials.  Moreover,  the  approach  of  defining 
the  type  of  small  cracks,  le.y  physically-small  cracks  in  the 
example  of  Ti  alloy  turbine  blades,  permits  the  use  of  worst- 
case  large-crack  thresholds  (measured  under  very  high  R  con¬ 
ditions  with  minimal  crack  closure)  as  a  feasible  and  practi¬ 
cal  solution  of  obtaining  estimates  of  the  small-crack  thresh¬ 
olds.  However,  the  use  of  “worst-case”  large-crack  thresholds 
is  only  feasible  in  cases  where  crack  sizes  are  larger  than  the 
characteristic  microstructural  dimensions  (and  cyclic  plastic- 
zone  sizes).  In  the  presence  of  microstructurally-small  cracks, 


alternative  approaches  must  be  sought.  One,  especially  rele¬ 
vant  to  the  high-cycle  fatigue  problem,  involves  the  Kitagawa- 
Takahashi  approach,  as  discussed  in  detail  below. 

3.  Advanced  Materials 

The  importance  of  small  fatigue  cracks  with  advanced  ma¬ 
terials,  such  inter  metal  lies  and  ceramics,  is  caused  principally 
by  the  sensitivity  of  their  crack-growth  rates  to  the  applied 
stress  intensity;  specifically  this  results  in  Paris  power-law 
exponents  (i.e.y  m  in  relationships  derived  from  da/dN  cc 
AKm)  often  well  in  excess  of  10,  compared  to  metallic,  mate¬ 
rials  where  typically  m  ~  2  to  4  (in  the  mid-range  of  growth 
rates)  (Fig.  5)  [e.g.,  Ref.  16)].  Since  the  projected  damage- 
tolerant  life  is  proportional  to  the  reciprocal  of  the  applied 
stress  raised  to  the  power  of  m,  a  factor  of  two  change  in 
this  stress  can  lead  to  life  projections  of  a  ceramic  component 
(where  m  can  be  as  high  as  15-20  or  more)  to  vary  by  more 
than  six  orders  of  magnitude.  Essentially,  because  of  the  high 
exponents,  the  life  spent  in  crack  propagation  in  advanced 
materials  is  extremely  limited;  accordingly,  rather  than  basing 
lifetime  calculations  on  the  integration  of  crack-propagation 
data,  as  is  typically  done  with  metallic  structures,  design  must 
be  based  on  the  concept  of  a  fatigue  threshold,  invariably  de¬ 
fined  for  small  cracks  due  to  the  inherently  low  tolerance  of 
brittle  materials  to  flaws. 

In  light  of  this,  an  appreciation  of  the  small-crack  effect 
and  the  documentation  of  fatigue  thresholds  for  small  cracks 
are,  if  anything,  more  important  for  advanced  materials  than 
for  traditional  alloys.  However,  there  are  only  a  few  published 
results  on  small  fatigue  crack-growth  behavior  in  these  mate¬ 
rials. 

3.1  Ceramic  materials 

Unlike  ductile  materials  where  crack  advance  is  motivated 
by  intrinsic  cyclic  damage  mechanisms  ahead  of  the  tip,  e.g ., 
crack-tip  blunting  and  re-sharpening,  the  cyclic  fatigue  pro¬ 
cess  in  monolithic  ceramics,  e.g.y  Si3N4,  SiC,  involves  the 
cyclically-induced  suppression  of  extrinsic  crack-tip  shield¬ 
ing,  primarily  crack  bridging,  behind  the  crack  tip;  at  ambi- 
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Fig.  5  Schematic  illustration  of  the  typical  variation  in  fatigue-crack 
growth  rates,  daf&Ny  as  a  function  of  the  applied  stress-intensity  range. 
AK ,  in  metallic,  intermetallic  and  ceramic  materials.1 6) 
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Fig.  6  Schematic  illustrations  of  the  intrinsic  and  extrinsic  mechanisms  in¬ 
volved  in  cyclic  fatigue-crack  propagation  in  (a)  metals  and  th)  ceramics, 
showing  the  relative  dependencies  of  growth  rates,  i\a/dN.  on  the  alternat¬ 
ing  AK  and  maximum  Knvix  stress  intensities. l6> 


ent  temperatures,  the  crack-advance  mechanism  itself  is  typ¬ 
ically  identical  to  that  for  crack  growth  under  static  loading 
(Fig.  6).16,24,25*  With  this  approach,  it  is  apparent  that  the 
high  Paris  exponents  m  seen  in  ceramics  result  primarily  from 
an  increased  dependency  upon  the  maximum  stress  intensity, 
/Tmax »  rather  than  on  AK  per  se.  Indeed,  using  a  modified 
form  of  the  Paris  relationship:16,26* 

dfl/dtfaM'C  0) 

where  (n  +  p)  =  m,  the  exponents  n  and  p  are  ~3 6  and  1 .9  in 
a  typical  ceramic,  e.g.,  in  situ  toughened  SiC,  respectively;27* 
this  is  to  be  compared  with  values  of  n  =  0.5  and  p  =  3  for 
metal  fatigue  of  a  nickel-base  superalloy.28* 

Since  there  is  no  apparent  intrinsic  damage  process  unique 
to  cyclic  loading,  fatigue-crack  initiation  always  occurs  at 
pre-existing  defects,  i.e.>  unlike  crack  formation  in  persistent 
slip  bands  in  metals,  natural  crack  initiation  does  not  occur. 
The  exception  to  this  is  ceramics  toughened  by  in  situ  phase 
transformations,  e,g .,  MgO  partially-stabilized  zirconia  (Mg- 
PSZ),  where  natural  initiation  can  occur  and  is  apparently  as¬ 
sociated  with  sites  of  local  transformation.29*  Behavior  in  both 
classes  of  ceramics  is  briefly  described  below. 


3.1.1  Phase-Transforming  ceramics 

The  growth-rate  behavior  of  microstructuraily-small  sur¬ 
face  cracks  (clOOpm),  naturally  initiated  on  the  surface 
of  cantilever  bend  bars  of  Mg-PSZ.  is  compared  to  the 
corresponding  behavior  of  large,  through-ihickness  cracks 
(>3mm)  in  compact-tension  specimens  in  Fig.  1~>]  Small 
cracks  can  be  seen  to  propagate  below  the  long-crack  thresh¬ 
old,  yet  individual  cracks  grow  at  decreasing  growth  rates 
with  increasing  applied  stress  intensity,  sometimes  to  ar¬ 
rest.  Such  behavior  is  similar  to  that  reported  for  physically- 
small  cracks  in  metallic  materials  where  the  primary  shielding 
mechanism  is  crack  closure  [e.g.y  Ref.  3)];  in  PSZ.  however 
the  effect  results  from  shielding  by  transformation  toughen¬ 
ing.30* 

Resistance  to  crack  growth  in  PSZ  is  afforded  by  an  in 
situ  stress-controlled  transformation  of  tetragonal  Zr02  pre¬ 
cipitates  to  the  monoclinic  phase,  which  results  in  a  zone  of 
compressive  material  surrounding  the  crack  wake  due  to  an 
associated  dilation  of  ej  ~  6%  (there  is  also  some  degree 
of  shear).  Analogous  to  crack  closure  in  metals,  the  effec¬ 
tive  (near-tip)  stress  intensity,  AKllVy  for  large  cracks  is  re¬ 
duced  from  the  applied  value  by  shielding  due  to  transforma¬ 
tion  toughening  in  the  crack  wake,  />.,  AKl]{,  =  -  K s. 
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Fig.  7  (a)  Comparison  of  the  growth-rate  behavior  of  naturally-initiated  small  I-I00pm)  surface  cracks  and  through-thickness  large 
(>3  mm)  cracks  in  transformation-toughened  (MS-grade)  Mg-PSZ  ceramic,  as  a  function  of  the  applied  Knux,  Note  how  in  (b)  the 
initial  growth  of  the  small  cracks  occurs  at  stress  intensities  typical  of  unshielded  large  cracks.29* 
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At  steady-state,  the  shielding  stress  intensity  reaches  a  value 
given  approximately  by:31* 

Ks  ~  0.2 E'exf-fh.  (2) 

where  Er  is  the  effective  elastic  modulus  in  plane  stress  or 
plane  strain,  /  is  the  volume  fraction  of  tetragonal  precipi¬ 
tates,  and  h  is  the  transformation-zone  width.  The  steady- 
state  condition  is  reached  once  there  is  a  wake  of  transformed 
material  extending  at  least  five  times  //,  i.e.y  the  crack  has 
penetrated  the  zone  more  than  a  distance  of  5 Since  the 
transformation-zone  size  is  on  the  order  of  tens  to  hundreds 
of  micrometers  (depending  upon  the  heat-treated  condition  of 
the  PSZ),  any  crack  of  a  length  less  than  roughly  five  times 
this  dimension  would  experience  a  diminished  effect  of  the 
shielding;  this  in  turn  results  in  an  enhanced  near-tip  stress  in¬ 
tensity,  compared  to  a  large  crack  at  the  same  applied  Ky  such 
that  the  small  cracks  can  propagate  at  lower  applied  K  val¬ 
ues. 29)  The  decelerating  growth  rates  result  from  the  mutual 
competition  of  the  applied  K ,  which  increases  with  increase 
in  crack  length,  and  the  shielding  K  which  also  increases  until 
a  steady-state  wake  zone  has  been  established.29) 

Consistent  with  this  explanation,  a  “worst-case”  crack- 
growth  relationship  can  be  determined  for  the  small-crack 
data  by  correcting  the  large-crack  results  for  the  maximum  ex¬ 
tent  of  transformation  shielding,  KSy  computed  from  eq.  (2). 
This  is  shown  in  Fig.  7(b),  where  it  is  clear  that  the  large-crack 
da/dN  vs.  AK^p  relationship,  which  can  be  readily  measured 
experimentally,  can  be  utilized  as  a  conservative  representa¬ 
tion  of  small-crack  behavior.29)  However,  this  practical  so¬ 
lution  to  the  physically-small  crack  problem  is  only  feasible 
when  i)  the  prevailing  mechanism  of  shielding  is  known,  and 
ii)  the  magnitude  of  its  influence  can  be  either  measured  or, 
as  in  the  present  case,  computed  theoretically. 

3.1.2  Non  phase-transforming  ceramics 

Although  PSZ  is  perhaps  the  highest  toughness  ceramic, 
the  absence  of  the  transformation  at  elevated  temperatures 
severely  limits  its  use.  For  high  temperature  applications 
at  1000°C  or  above,  silicon  nitride  and  silicon  carbide  are 
currently  the  preferred  ceramics.  Both  materials  can  be 
extrinsically  toughened  above  their  intrinsic  toughness  of 
~2-3  MPa^/m  to  ~8— 10  MPaVm  by  promoting  shielding  by 
interlocking  grain  bridging  in  the  crack  wake  [e.g.,  Ref.  27)]. 
This  is  generally  achieved  by  elongating  the  grain  structure 
and  weakening  the  grain  boundaries  (through  the  presence 
of  the  glassy  grain-boundary  phase)  to  promote  intergranular 
fracture.32^ 

Under  cyclic  loading,  such  grain  bridging  is  degraded  by 
frictional  wear  along  the  boundaries;  indeed,  as  depicted 
schematically  in  Fig.  6(b),  this  is  the  primary  mechanism  for 
fatigue-crack  growth  in  most  ceramics  at  ambient  tempera¬ 
tures.16,24,25)  Since  the  bridging  zones  can  traverse  several 
grains,  there  is  again  a  potential  for  small-crack  effects  where 
crack  sizes  are  comparable  to  the  size  of  this  zone,  i.e.,  on  the 
order  of  the  grain  size. 

To  date,  very  few  studies  [e.g.,  Ref.  33)]  have  focused  on 
the  fatigue  behavior  of  cracks  of  microstructural  dimensions 
in  ceramics.  As  natural  initiation  cannot  occur  in  these  ma¬ 
terials,  hardness  indents  have  generally  been  used  to  initiate 
cracking  such  that  the  typical  small  cracks  studied  generally 
are  larger  than  ^lOOjim  or  so.  Two  examples  are  shown  in 


Figs.  8  and  9,  respectively,  for  small  surface  cracks  initiated 
at  indents  in  cantilever  bend  samples  of  an  in  situ  toughened 
monolithic  SiC34)  and  a  SiC-whisker  reinforced  alumina  com¬ 
posite.26)  As  before,  the  small  cracks  propagate  below  the 
large-crack  threshold  at  decreasing  rates  until  they  arrest  or 
merge  with  the  large-crack  curve.  In  these  cases,  the  decreas¬ 
ing  growth  rates  are  a  result  of  the  crack  growing  out  of  the 
residual  tensile  stress  field  of  the  indent.  In  fact,  by  deter¬ 
mining  an  effective  stress  intensity  by  superposing  the  stress 
intensity  resulting  from  this  residual  field,  Krd,  and  the  glob¬ 
ally  applied  stress  intensity,  the  large  and  small  crack  data  can 
be  brought  into  correspondence.  Similar  results  have  been  re¬ 
ported  for  several  ceramics,  including  ShN4,35)  pyrolytic  car¬ 
bon,36,37)  and  several  other  grades  of  toughened  SiC.34) 

These  examples  for  brittle  ceramics  serve  to  illustrate  that 
for  small  cracks  larger  than  the  scale  of  the  microstructure, 
discrepancies  between  large  and  small  crack  growth  rates  can 
be  reconciled  by  a  worst-case  threshold  approach  by  fully 
accounting  for  the  various  contributions  to  the  local  driving 
force,  namely  from  the  globally  applied  AT,  any  residual  stress 
fields,  and  the  magnitude  of  the  relevant  shielding  in  the  crack 
wake. 

3.2  Ordered  intermetallic  alloys 

Due  to  their  complex  and  ordered  crystal  structures,  inter- 
metallics  (like  ceramics)  generally  display  only  very  limited 
mobile  dislocation  activity  at  low  homologous  temperatures 
(below  their  brittle-to-ductile  transition  temperature),  and  are 


Fig.  8  Comparison  of  the  growth-rate  behavior  of  small  (~ 200-500 pm) 
surface  cracks,  initiated  at  hardness  indents,  and  through-thickness  large 
(5-20  mm)  cracks  in  an  in  sim  toughened  monolithic  SiC  ceramic,  as  a 
function  of  (a)  the  applied  Amax,  and  (b)  the  total  stress  intensity  from  the 
applied  Amax  and  residual  stress  field  surrounding  the  indent  Ard.34) 


Fig.  9  Comparison  of  the  growth-rate  behavior  of  small  (<300 pm)  sur¬ 
face  cracks,  initiated  at  microhardness  indents,  and  through-thickness  large 
(>3  mm)  cracks  in  a  15  vol%  SiC-whisker  reinforced  alumina  composite, 
as  a  function  of  (a)  the  applied  AT  max.  and  (b)  the  total  stress  intensity  from 
the  applied  Amax  and  residual  stress  field  surrounding  the  indent  Ard-26> 
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thus  often  highly  restricted  in  ductility  and  toughness.  How¬ 
ever,  unlike  ceramics,  they  can  be  toughened  both  intrinsi¬ 
cally  and  extrinsically,  although  the  former  is  far  more  diffi¬ 
cult. 38)  Whereas  intrinsic  mechanisms,  such  as  the  activation 
of  additional  slip  systems,  do  not  degrade  under  cyclic  load¬ 
ing,  extrinsic  toughening  mechanisms  such  as  crack  bridg¬ 
ing  can  suffer  severe  cyclic  degradation,  similar  to  behav¬ 
ior  in  ceramics.  A  notable  example  of  this  is  ductile-phase 
reinforced  intermetallic-matrix  composites,  such  as  /3-TiNb- 
reinforced  /-TiAl,  which  due  to  extensive  wake  bridging  by 
the  uncracked  ductile  phase  can  display  significantly  higher 
toughness  (/>.,  by  a  factor  of  3  or  greater)  than  the  constituent 
matrix.39)  However,  the  improvement  in  crack-growth  resis¬ 
tance  is  far  less  obvious  in  fatigue  simply  because  the  ductile 
phase  fails  prematurely  (by  fatigue);  indeed,  the  fatigue-crack 
growth  properties  are  rarely  any  better  than  that  of  the  unre¬ 
inforced  matrix. 

Nevertheless,  as  the  extrinsic  toughening  mechanisms  act 
in  the  crack  wake,  e.g .,  in  TiNb-TiAl  over  a  bridging  zone 
of  several  millimeters,  fatigue  cracks  smaller  than  this  dimen¬ 
sion  will  not  develop  the  full  magnitude  of  shielding  and  as 
such  will  behave  as  physically-small  cracks.  In  addition,  the 
microstructurally-small  crack  problem  is  prevalent  in  certain 
intermetallic  alloys;  as  discussed  below,  coarse  lamellar  mi¬ 
crostructures  in  /-based  TiAl  alloys  are  a  good  example  of 
this  as  colony  and  grain  sizes  in  some  alloys  can  approach 
and  exceed  millimeter  dimensions  40) 

3.2.1  Gamma-based  TiAl  alloys 

Of  the  various  intermetallic  alloys  considered  for  structural 
application,  /-based  TiAl  has  received  by  far  the  most  atten¬ 
tion  as  possible  low-pressure  gas-turbine  blades.  Based  on 
the  composition  (at%)  of  Ti^l7Al  with  small  additions  of  el¬ 
ements  such  as  Nb,  Cr,  V  and  B,  two  microstructures  have 
been  most  studied  (Figs.  10(a),  (b)):  a  duplex  microstructure, 
consisting  of  ~15-40pm  sized  equiaxed  grains  of  /  (TiAl) 
with  small  amounts  of  a2  (Ti3Al),  and  a  lamellar  microstruc¬ 
ture,  consisting  of  lamellar  colonies  (several  hundred  of  mi¬ 
crometers  in  diameter)  containing  alternating  y/y  and  y/a 2 
platelets.40)  In  general,  duplex  structures  display  better  elon¬ 
gation  and  strength,  whereas  lamellar  structures  show  better 
creep  resistance,  toughness  and  (large-crack)  fatigue  proper¬ 
ties. 

It  is  well  documented  that  lamellar  microstructures  possess 
the  far  superior  fracture  toughness  and  R-curve  behavior  [e.g.. 
Refs.  40,  41)].  This  arises  primarily  from  intra-  and  inter- 
lamellar  microcracking  ahead  of  the  crack  tip,  which  results 
in  the  formation  of  uncracked  (shear)  ligament  bridges.41) 
Such  bridging  degrades  somewhat  under  cyclic  loading,42* 
but  is  still  sufficiently  potent  to  give  lamellar  structures  the 
far  superior  fatigue-crack  growth  resistance.42,43*  As  shown 
by  the  results  for  a  Ti-47Al-2Nb-2Cr-0.2B  (at%)  alloy  in 
Fig.  10(c),42*  at  a  given  applied  AK,  growth  rates  are  up  to 
five  orders  of  magnitude  slower,  and  A  Km  thresholds  some 
50%  higher,  than  in  the  duplex  structure.  These  properties  are 
only  realized,  however,  for  large  cracks  of  dimensions  larger 
than  the  bridging  zones.  Corresponding  results  for  small 
surface  cracks,  with  half-surface  lengths  c  ~  25-300  pm, 
shown  for  the  same  microstructures  in  Fig.  10(c),  indicate  that 
growth  rates  in  the  two  structures  are  comparable,  although 
there  is  clearly  more  scatter  in  the  data  for  the  coarser  lamel- 


Fig.  10  Optical  micrographs  of  the  (a)  fully  lamellar  and  (b)  duplex  mi¬ 
crostructures  in  a  Ti^47Al-2Nb-2Cr-().2B  (at%)  titanium  aluminide  in¬ 
termetallic  alloy,  and  (c)  comparison  of  the  growth-rate  behavior  of  small 
(r  ~  25-300[tni)  surface  cracks  and  through-thickness  large  (>5mm) 
cracks  in  these  microstructures,  as  a  function  of  the  applied  AK .19,42) 


lar  structure.19,42*  At  the  same  applied  AK  levels,  the  growth 
rates  of  the  small  cracks  exceed  those  of  corresponding  large 
cracks  by  several  orders  of  magnitude;  moreover,  the  small 
cracks  once  more  propagate  below  the  large-crack  thresholds. 

If  the  small-crack  data  in  Fig.  10(c)  are  compared  with 
the  shielding-corrected  large-crack  results,  where  the  d a/dN 
vs.  AKtlp  relationship  is  derived  by  measuring  the  shield¬ 
ing  contributions  from  both  crack  bridging  (A^br)  (in  lamel¬ 
lar  structures  only)  and  crack  closure  (Kc  1),  /.<?.,  AKe ff  = 
AKX\ p  =  (ATmax  —  Kbr)  —  Kc\ ,  the  large  and  small  crack  data 
come  into  normalization  (Fig.  11),  but  only  for  the  duplex 
microstructure.42*  In  this  much  finer-scale  microstructure,  the 
small  cracks  studied  are  only  comparable  in  size  to  the  wake 
shielding  zones;  thus,  as  for  similar  physically-small  cracks  in 
the  metallic  and  ceramic  materials,  their  behavior  can  be  de¬ 
scribed  by  shielding-corrected  large-crack  data.  In  contrast, 
small  cracks  in  the  coarser  lamellar  microstructure  are  seen 
grow  at  applied  stress  intensities  below  the  large-crack  A  Km 
(Fig.  11(b)),  such  that  a  limited  equilibrium  shielding  zone 
cannot  be  the  sole  cause  of  the  small-crack  effect  in  this  struc¬ 
ture. 19)  In  fact,  cracks  in  this  structure  are  comparable  to  mi- 
crostructural  dimensions  as  average  colony  sizes  (~  145  pm) 
are  on  the  same  order  of  magnitude  as  the  cracks  under  study 
(c  ~  25-300  pm).  The  influence  of  the  coarser  lamellar 
structure  on  small-crack  behavior  is  apparent  in  Fig.  11(b), 
where  the  small-crack  data  are  divided  into  cracks  with  ini¬ 
tial  surface  crack  lengths  smaller  and  larger  then  the  average 
colony  size.19)  From  this  comparison,  it  is  apparent  that  all 
the  small  cracks  that  were  observed  to  propagate  below  the 
“shielding-corrected”  large-crack  threshold  had  initial  crack 
lengths  smaller  than  the  average  colony  size,  while  no  small 
cracks  with  initial  crack  lengths  larger  than  the  average  colony 
size  grew  below  this  threshold.  Although  using  the  colony 
size  as  the  critical  microstructural  dimension  is  somewhat  ar¬ 
bitrary,  it  does  show  that  for  cracks  contained  within  one  or 
two  lamellar  colonies,  the  growth  behavior  is  quite  different 
from  that  observed  when  a  larger  crack  can  “sample”  the  con¬ 
tinuum  microstructure. 

Thus,  duplex  microstructures  may  offer  far  better  HCF 
properties  than  lamellar  microstructures  for  use  in  many  ap¬ 
plications  such  as  turbine  blades,  despite  the  fact  that  the  latter 
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Fig  1 1  Comparison  of  the  growth-rate  behavior  of  small  (c  ~  25-300  (im)  surface  cracks  and  through-thickness  large  (>5  mm)  cracks 
in  (a)  duplex  and  (b)  lamellar  microstructures  in  the  Ti-47Al-2Nb-2Cr-0.2B  (at%)  alloy.  The  large-crack  data  (hatched  areas)  are 
plotted  as  a  function  of  the  applied  AK  and,  after  correcting  for  both  crack  bridging  (Kbr)  and  crack  closure  the  effective 

(near-tip)  stress  intensity,  AKC ff  =  (Km  -  Kbr)  -  Kc].  Error  bars  represent  the  range  of  AK  over  measured  growth  increments.  > 


structure  displays  markedly  higher  toughness  and  large-crack 
growth  resistance.  In  addition  to  having  higher  strength  and 
ductility,  the  definition  of  a  worst-case  (shielding-corrected) 
large-crack  threshold,  for  both  large  and  relevant  small 
cracks,  appears  to  be  feasible  in  the  duplex  structure,  whereas 
such  an  approach  is  far  less  certain  for  lamellar  structures 
where  relevant  crack  sizes  are  microstructurally  small. 

4.  Engineering  Applications 

An  essential  theme  in  this  paper  has  been  the  use  of  worst- 
case  large-crack  thresholds  to  estimate  the  near-threshold  be¬ 
havior  of  “continuum-sized”  small  cracks.  However,  it  has 
also  been  noted  that  this  approach  will  not  work  where  crack 
sizes  approach  microstructural  dimensions,  i.e.y  in  the  pres¬ 
ence  of  microstructurally-small  cracks.  An  excellent  exam¬ 
ple  of  this  is  the  problem  of  foreign-object  damage  (FOD)  in 
inducing  high-cycle  fatigue  (HCF)  failures  of  fan  blades  in 
aircraft  gas-turbine  engines. 

Because  of  an  increasing  number  of  recent  incidents  of 
HCF-related  military  engine  failures,  currently  used  HCF  de¬ 
sign  methodologies,  based  on  stress-life  ( S-N )  curves  and  the 
Goodman  diagram,  are  being  re-evaluated. 11-1 3)  Both  FOD 
and  fretting,  particularly  in  the  blade  dovetail/disk  sections, 
are  identified  as  critical  problems,12,441  which  can  lead  to  pre¬ 
mature  fatigue  crack  initiation  and  growth;  this  in  turn  can 
result  in  seemingly  unpredictable  in  service  failures,  due  to 
the  high-frequency  vibratory  loading  (>lkHz)  involved.121 
In  light  of  this,  design  against  HCF  based  on  the  damage- 
tolerant  concept  of  a  fatigue-crack  growth  threshold  (AKm) 
for  no  crack  growth  would  appear  to  offer  a  preferred  ap¬ 
proach;  however,  such  thresholds  must  reflect  representative 
HCF  conditions  of  small  crack  sizes,  high  frequencies  and 
high  mean  stress  levels  (depending  on  the  blade  span  loca¬ 
tion).1 1 l“13,451 

As  a  basis  for  such  an  approach,  studies  have  been  focused 
on  the  role  of  FOD  in  affecting  the  initiation  and  early  growth 


of  small  surface  fatigue  cracks  in  the  STOA  Ti-6AMV  alloy 
(Fig.  2)  under  HCF  conditions.  The  prime  effect  of  FOD  in 
markedly  lowering  resistance  to  HCF  was  found  to  be  due  to 
earlier  crack  initiation.  Specifically,  premature  crack  initia¬ 
tion  and  subsequent  near-threshold  crack  growth  is  promoted 
by  the  stress  concentration  associated  with  the  FOD  indenta¬ 
tion9,20*4446471  and  the  presence  of  small  (micro)cracks201  in 
the  damaged  zone;  in  addition,  residual  stress  gradients9,20,471 
and  microstructural  changes9,201  due  to  FOD-induced  plastic 
deformation  can  play  an  important  role. 

To  simulate  FOD,  the  flat  surface  of  fatigue  test  specimens 
was  subjected  to  high-velocity  (300  m/s)  impacts  of  3.2  mm 
dia.  hardened  steel  spheres;9,201  a  typical  damage  site  from  a 
normal  (90°)  ballistic  impact  is  shown  in  Fig.  12.  Character¬ 
istic  of  such  damage  in  titanium  alloys,48,491  intense  so-called 
adiabatic  shear  bands  can  be  seen  at  the  surface  of  the  impact 
crater;  moreover,  a  pronounced  pile-up  of  material,  some  of  it 
detached,  is  evident  at  the  crater  rim.  However,  of  particular 
note  is  that  plastic  flow  of  material  at  the  crater  rim  results 
in  multiple  notches  and  the  occurrence  of  microcracks  (insert 
in  Fig.  13).  These  microcracks  are  quite  small,  i.e .,  between 
—2  to  50  pm  in  surface  length,  but  when  favorably  oriented 
with  respect  to  the  subsequently  applied  fatigue  stresses,  they 
clearly  provided  the  prime  sites  for  premature  crack  nucle- 
ation  and  growth  in  high-cycle  fatigue  (Fig.  13). 

Because  of  such  phenomena,  the  S-N  fatigue  life  of  un¬ 
damaged  smooth-bar  specimens  is  significantly  affected  by 
prior  high-velocity  impact  damage  (Fig.  14).  Shown  in  this 
figure  are  the  surface  crack  lengths  of  the  FOD-induced  mi¬ 
crocracks,  which  are  all  comparable  with  microstructural 
size-scales.  Although  the  presence  of  these  small  cracks  rep¬ 
resents  the  primary  feature  responsible  for  the  FOD-induced 
reduction  in  fatigue  resistance,  tensile  residual  stresses  (esti¬ 
mated  in  Ref.  50)),  the  highly  deformed  microstructure  be¬ 
neath  the  indent,9,191  and  the  stress-concentration  factors  as¬ 
sociated  with  the  indent  (kt  ~  1.25)  are  all  contributing  fac¬ 
tors. 
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Fig.  1 2  SEM  micrograph  of  300  m/s  impact  crater. 


Fig.  13  SEM  micrograph  of  FOD-induced  microcracking  at  crater  rim  (in¬ 
sert)  and  subsequent  fatigue-crack  growth  at  such  microcracks  after  29,000 
cycles  (amax  =  500  MPa,  R  =  0.1). 


Thresholds  for  fatigue-crack  growth  and  the  subsequent 
near-threshold  fatigue-crack  growth  rates  for  the  extension 
of  the  small  (micro)cracks  were  measured20)  on  all  FOD- 
damaged  samples;  results  are  compared  in  Fig.  15  with  previ¬ 
ous  results  on  this  alloy  for  the  behavior  of  naturally-initiated 
small  (~45-1000|im)  cracks17)  and  through-thickness  large 
(>5  mm)  cracks213  in  undamaged  material.  The  small  crack 
growth-rate  data  are  shown  as  a  function  of  surface  crack 
length,  2c,  and  of  the  applied  stress-intensity  range.  Approxi¬ 
mate  local  stress  intensities  for  small  cracks  at  the  indentation 


Fig.  14  S-N  data  show  reduced  fatigue  life  due  to  simulated  FOD  as  com¬ 
pared  to  smooth-bar  specimens17’  in  bi modal  Ti-6AI-4V.  2 c\:  Surface 
crack  length  of  FOD-induced  microcracks. 


Surface  Crack  Length  2c  of  Small  Cracks  (urn) 


(Naturally)  5  10  20  50  1 00  200  500  1000  2000 

lit  ill _ I _ I _ I _ 


Stress  Intensity  Range,  A K  (MPa-m1/2) 

Fig.  15  Crack-growth  rates  as  a  function  of  applied  stress-intensity  range 
of  FOD-  and  naturally-initiated  small  cracks  and  through-thickness 
large  cracks  in  bimodal  T1-6A1-4V.  Small-cracks  were  initiated  at 
(Tin ax  =  650  MPa  ( R  —  — 1).17)  Large-crack  growth  data  for  R  <  0.8 
were  derived  from  constant  load-ratio  tests,  whereas  for  R  >  0.8, 
constant- A^max/increasing'/Tmin  testing  was  used.2!) 


rim  were  calculated  from  Lukas’  solution51)  for  small  cracks 
at  notches  (which  includes  indentation  geometry  and  stress 
concentration  effects),  in  terms  of  the  crack  depth  a ,  indenta¬ 
tion  radius  />,  stress  range  Ao  and  elastic  stress-concentration 
factor  kt  —  1.25:523 


AK  = 


0.7*, 

Tfrmm 


Ao+Jixa. 


(3) 


The  factor  of  0.7  is  based  on  the  stress-intensity  boundary 
correction  and  the  crack-shape  correction  factors.533  It  should 
be  noted  that  eq.  (3)  does  not  take  into  account  the  pres¬ 
ence  of  residual  stresses  in  the  vicinity  of  the  indents.  To  the 
first  approximation,  however,  they  do  not  change  the  value  of 
the  stress-intensity  range  (AK);  they  merely  affect  the  mean 
stress  and  hence  alter  the  local  load  ratio.  Moreover,  their  ef- 
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feet  of  may  not  be  that  critical,  as  in  situ  synchronous  X-ray 
micro-diffraction  measurements, 54)  coupled  with  quasi-static 
numerical  modeling, 50)  show  a  significant  relaxation  in  their 
magnitude  on  fatigue  loading,  even  within  a  few  cycles. 

The  FOD-initiated  small-crack  growth  rates  in  Fig.  15  are 
positioned  roughly  between  the  large-crack  data  (as  a  lower 
bound)  and  naturally-initiated  crack  data  (as  an  upper  bound). 
Typical  for  the  small-crack  effect  [<?.£.,  Ref.  7)],  most  small- 
crack  growth  rates  are  roughly  an  order  of  magnitude  faster 
than  corresponding  large-crack  results  at  near-threshold  lev¬ 
els.  Above  a  AK  of  ~10MPaVm.  however,  the  large  and 
small  crack  results  tend  to  merge,  consistent  with  the  devel¬ 
opment  of  a  steady-state  shielding  zone  in  the  wake  of  the 
small  cracks. 

As  discussed  previously,  the  large-crack  results  in  Fig.  15 
were  determined  up  to  the  highest  load  ratios  (R  ~  0. 1-0.95) 
under  conditions  (constant- max /increasing- A^nm)  chosen  to 
minimize  the  effect  of  crack  closure;  the  threshold  of 
~1.9MPaVm  at  R  =  0.95  was  thus  considered  to  be  a 
“worst-case  threshold”  for  large  or  physically-small  cracks 
of  dimensions  large  compared  to  the  scale  of  the  microstruc¬ 
ture,  i.e.t  for  “continuum-sized”  cracks.21)  Of  significance 
in  the  present  results  is  that  the  smallest  FOD-initiated 
cracks  have  dimensions  of  ~2  to  25  jam,  which  are  compa¬ 
rable  with  microstructural  size-scales  in  T1-6A1— 4V.  These 
microstructurally-small  cracks  propagate  at  stress  intensi¬ 
ties  well  below  this  “worst-case”  threshold,  specifically  at 
applied  stress  intensities  as  low  as  AK  ~  1  MPaVm-55) 
The  implication  of  this  result  is  that  although  there  is  a 
definitive  lower-bound  AK^u  threshold  (~1.9MPaVm)  for 
“continuum-sized”  cracks  in  the  STOA  Ti-6A1-4V  alloy, 
when  crack  sizes  approach  microstructural  size-scales,  as  in 
the  case  of  the  FOD-induced  microcracks,  crack  growth  is 
possible  at  applied  stress  intensities  considerably  less  than 
this  threshold,  presumably  due  to  biased  sampling  of  the 
“weak  links”  in  the  microstructure.  However,  by  coupling  the 
notion  of  the  worst-case  threshold  stress  intensity  with  the  fa¬ 
tigue  limit,  as  in  the  Kitagawa-Takahashi  diagram,56)  an  alter¬ 
native  formulation  can  be  developed  for  defining  the  limiting 
conditions  for  HCF  and  FOD-related  damage,  as  described 
below. 

As  an  alternative  HCF-design  approach  against  FOD, 
which  takes  into  account  the  presence  of  microstructurally- 
small  cracks,20)  Fig.  16  shows  the  influence  of  crack  size  on 
the  worst-case  fatigue  thresholds  in  the  form  of  a  modified 
Kitagawa-Takahashi  diagram,56)  where  the  stress  range  for  a 
corresponding  crack-growth  threshold  condition  (d a/dN  = 
10” 11 -10“ 10  m/cycle)  is  plotted  versus  the  crack  length.  Ac¬ 
cording  to  the  Kitagawa-Takahashi  approach  (solid  lines),  the 
stress  range  Aa  for  crack  arrest  is  defined  by  the  107-cycle 
fatigue  limit  (/4<tHcf  =  450  MPa)  with  the  fatigue-crack 
growth  threshold  (A  Km)  measured  on  “continuum-sized” 
cracks.  El  Haddad  et  a/.57)  empirically  quantified  this  ap¬ 
proach  by  introducing  a  constant  (intrinsic)  crack  length  2c0, 
such  that  the  stress  intensity  is  defined  as  Y  Aa  T  2cg), 

where  Y  is  the  geometry  factor  (curved  dashed  line).  The 
present  results,  plotted  in  this  format  in  Fig.  16,  show  that 
the  threshold  conditions  for  crack  growth  from  FOD-induced 
microstructurally-small  cracks  can  be  defined,  in  terms  of 
stress  concentration  corrected  stress  ranges,  from  the  “El 


Fig.  16  Modified  Kitagawa-Takahashi  diagram  representing  the  thresh¬ 
old  crack-growth  conditions  (6a/6N  =  10-1 1 -l  0-,°  m/cycle)  for 

FOD-induced  small-cracks  in  Ti-6A!-4V.  Plotted  is  the  threshold  stress 
range  as  a  function  of  surface  crack  length.  Data  points  are  corrected  for 
the  stress  concentration  of  the  FOD  indents. 


Haddad”  line  in  the  Kitagawa-Takahashi  diagram,  provided 
the  limiting  conditions  are  described  in  terms  of  the  107-cycle 
(smooth-bar)  fatigue  limit  (at  microstructurally-small  crack 
sizes)  and  worst-case  large-crack  fatigue  threshold  (at  larger, 
“continuum-sized”,  crack  sizes). 

5.  Concluding  Remarks 

The  question  of  small  fatigue  cracks  in  metallic  compo¬ 
nents  remains  a  critical  issue  in  the  application  of  dam¬ 
age/fracture  mechanics  to  the  design,  durability  and  damage 
tolerance  of  many  structures,  particularly  for  aircraft  and  gas- 
turbine  applications.  This  has  been  highlighted  for  the  prob¬ 
lem  of  military  engine  high-cycle  fatigue,  especially  in  the 
presence  of  foreign-object  damage.  The  problem  of  small 
fatigue  cracks  is  similar  in  ceramic  and  intermetallic  mate¬ 
rials,  although  the  micro-mechanisms  of  crack-tip  damage 
and  shielding  are  quite  different.  In  all  cases,  failure  to  ad¬ 
dress  this  issue  can  lead  to  severely  non-conservative  lifetime 
predictions.  Due  to  the  difficulty  of  obtaining  small-crack 
data,  particularly  at  crucial  near-threshold  levels,  worst-case 
large-crack  data,  where  the  effect  of  the  predominant  shield¬ 
ing  mechanisms  on  the  local  driving  force  has  been  mini¬ 
mized  or  accounted  for,  can  be  used  to  estimate  small-crack 
growth  rates  and  threshold  values,  provided  the  cracks  are 
small  with  respect  to  the  extent  of  the  wake  shielding,  i.e., 
physically  small.  Whereas  this  approach  is  feasible  for  most 
structural  materials  for  crack  sizes  down  to  ~50-100|im,  it 
will  not  work  where  relevant  crack  sizes  approach  the  charac¬ 
teristic  microstructural  dimensions.  Due  to  their  biased  sam¬ 
pling  of  the  microstructure,  thresholds  for  the  onset  of  crack¬ 
ing  and  the  subsequent  near- thresh  old  crack-growth  rates  for 
such  microstructurally-small  cracks  must  be  determined  as 
a  function  of  crack  size.  In  these  instances,  a  modified 
Kitagawa-Takahashi  approach,  with  the  limiting  conditions  of 
the  S/N  fatigue  limit  at  microstructurally-small  crack  sizes 
and  the  worst-case,  large-crack,  fatigue  threshold  at  larger, 
“continuum-sized”,  crack  sizes,  provides  a  viable  alternative. 
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Influence  of  Microstructure  on  High-Cycle  Fatigue  of 
Ti-6AI-4V:  Bimodal  vs.  Lamellar  Structures 

R.K.  NALLA,  B.L.  BOYCE,  J.P.  CAMPBELL,  J.O.  PETERS,  and  R.O.  RITCHIE 

The  high-cycle  fatigue  (HCF)  of  titanium  alloy  turbine  engine  components  remains  a  principal  cause 
of  failures  in  military  aircraft  engines.  A  recent  initiative  sponsored  by  the  United  States  Air  Force 
has  focused  on  the  major  drivers  for  such  failures  in  Ti-6A1-4V,  a  commonly  used  turbine  blade  alloy, 
specifically  for  fan  and  compressor  blades.  However,  as  most  of  this  research  has  been  directed 
toward  a  single  processing/heat-treated  condition,  the  bimodal  (solution-treated  and  overaged  (STOA)) 
microstructure,  there  have  been  few  studies  to  examine  the  role  of  microstructure.  Accordingly,  the 
present  work  examines  how  the  overall  resistance  to  high-cycle  fatigue  in  Ti-6Al-4 V  compares  between 
the  bimodal  microstructure  and  a  coarser  lamellar  (/3-anneaIed)  microstructure.  Several  aspects  of 
the  HCF  problem  are  examined.  These  include  the  question  of  fatigue  thresholds  for  through-thickness 
large  and  short  cracks;  microstructurally  small,  semi-elliptical  surface  cracks;  and  cracks  subjected 
to  pure  tensile  (mode  I)  and  mixed-mode  (mode  I  +  II)  loading  over  a  range  of  load  ratios  (ratio  of 
minimum  to  maximum  load)  from  0.1  to  0.98,  together  with  the  role  of  prior  damage  due  to  sub- 
ballistic  impacts  (foreign-object  damage  (FOD)).  Although  differences  are  not  large,  it  appears  that 
the  coarse  lamellar  microstructure  has  improved  smooth-bar  stress-life  (S-N)  properties  in  the  HCF 
regime  and  superior  resistance  to  fatigue-crack  propagation  (in  pure  mode  I  loading)  in  the  presence 
of  cracks  that  are  large  compared  to  the  scale  of  the  microstructure;  however,  this  increased  resistance 
to  crack  growth  compared  to  the  bimodal  structure  is  eliminated  at  extremely  high  load  ratios.  Similarly, 
under  mixed-mode  loading,  the  lamellar  microstructure  is  generally  superior.  In  contrast,  in  the 
presence  of  microstructurally  small  cracks,  there  is  little  difference  in  the  HCF  properties  of  the 
two  microstructures.  Similarly,  resistance  to  HCF  failure  following  FOD  is  comparable  in  the  two 
microstructures,  although  a  higher  proportion  of  FOD-induced  microcracks  are  formed  in  the  lamellar 
structure  following  high-velocity  impact  damage. 


I.  INTRODUCTION 

Al992  study  conducted  by  the  Scientific  Advisory  Board 
of  the  United  States  Air  Force  targeted  high-cycle  fatigue 
(HCF)  as  the  single  largest  cause  of  turbine  engine  failures  in 
military  aircraft.111  HCF  can  result  in  essentially  unpredictable 
failures  of  engine  components,  particularly  turbine  blades, 
due  to  the  premature  initiation  of  fatigue  cracks  at  small 
defects  and  their  rapid  propagation  under  high-frequency 
vibratory  loading.  To  address  this  problem,  a  consortium  of 
industrial,  government,  and  academic  programs  was  charged 
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with  the  overall  task  of  modifying  existing  design  methodolo¬ 
gies  for  improved  HCF  reliability.  These  programs  have 
largely  focused  on  a  single  alloy,  Ti-6A1-4V,  in  a  single 
microstructural  condition,  namely,  the  solution-treated  and 
overaged  (STOA)  or  bimodal  condition,  which  is  typically 
used  for  blade  and  disk  applications  in  the  front  (low-temper¬ 
ature)  stages  of  the  engine.  The  current  study  seeks  to  extend 
these  observations  for  the  standard  bimodal  Ti-6A1-4V  micro¬ 
structure  to  a  fully  lamellar  /^-annealed  microstructure  in  the 
same  alloy  and  to  specifically  compare  the  relative  merits  of 
these  two  microstructures  for  HCF  applications. 

II.  BACKGROUND 

The  problem  of  HCF  in  turbine  components  is  typically 
associated  with  a  variety  of  drivers,121  which  vary  with  the 
location  of  interest  (Figure  1).  In  general,  components  such 
as  blades  and  disks  are  subjected  to  HCF  loading  associated 
with  the  high-frequency  (>1  kHz)  vibrations  in  the  engine, 
superimposed  onto  a  low-cycle  fatigue  component  associ¬ 
ated  with  the  start-to-stop  cycles.^2,31  In  the  case  of  blades, 
this  leads  to  a  large  variation  in  load  ratios  (the  ratio  (R)  of 
minimum  to  maximum  loads)  throughout  the  component;  in 
particular,  the  superposition  of  centrifugal  loading  on  the 
HCF  vibrations  can  lead  to  very  high  R-values  which 
approach  unity.  On  the  airfoil  section  of  the  blade,  HCF 
cracks  can  initiate  at  sites  of  foreign-object  damage  (FOD) 
caused  by  the  ingestion  of  debris  into  the  engine; [41  here, 
the  problem  involves  impact-induced  residual  stresses, 
microstructural  distortion,  incipient  microcrack  formation, 
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Fig.  1 — Diagram  illustrating  the  variety  and  range  of  factors  involved  in  HCF  failure. 


and  a  geometric  stress  concentration.  Another  critical  site 
for  crack  initiation  is  in  the  attachment  section  of  the  blade, 
where  contact  between  the  blade  dovetail  and  disk  can  lead 
to  the  formation  of  fretting  fatigue  cracks;151  this  problem 
involves  complex  multiaxial  loading  conditions,  surface 
damage,  and  associated  residual  stresses. 

Current  design  methodologies  for  HCF  utilize  traditional 
stress-life  (S-N)  and  Goodman  diagram  approaches,  often 
applied  with  large  safety  factors  to  account  for  uncertainties 
in  the  understanding  of  the  problem.  However,  because  of 
the  extremely  high  frequencies  involved  (i.e.,  parts  can  expe¬ 
rience  106  cycles  in  much  less  than  1  hour),  once  a  crack 
starts  propagating,  failure  can  ensue  rapidly,  sometimes 
within  a  single  flight.  Consequently,  alternative  fracture- 
mechanics  design  methodologies,  based  on  the  concept  of 
a  threshold  stress  intensity  for  no  crack  growth,  may  offer 
a  preferred  approach,  provided  such  thresholds  are  defined 
under  representative  HCF  conditions  involving  small  defects 
subjected  to  high-frequency,  high-load-ratio  loading. 

Because  of  the  wide  range  of  drivers  associated  with  HCF, 
selection  of  a  HCF-resistant  microstructure  in  Ti-6A1-4V  is 
not  a  straightforward  task.  Indeed,  a  microstructure  that  is 
superior  in  one  region  or  under  one  set  of  HCF  conditions 
may  well  be  deleterious  in  another  region  or  set  of  conditions. 
For  example,  coarse  lamellar  microstructures  in  some  tita¬ 
nium  alloys  often  show  superior  toughness  and  fatigue-crack 
growth  behavior  in  the  presence  of  large  cracks  compared  to 
finer  equiaxed  microstructures,  yet  at  the  same  time  display 
inferior  fatigue  endurance  strengths  and  small-crack  behav¬ 
ior  (e.g.,  Reference  6).  There  is  indeed  extensive  literature 
on  the  role  of  microstructure  in  influencing  the  fatigue-crack 
growth  of  a  +  /3  titanium  alloys  (e.g.,  References  7  through 
17).  For  example,  recent  reviews  by  Ltitjeringl71  and 
Thompson181  summarized  the  effects  of  scale  and  arrange¬ 
ment  of  a  and  /3  phases  on  the  fatigue  properties  of  a  +  f$ 
titanium  alloys. 

Basically,  coarse  grained,  so-called  lamellar  microstruc¬ 
tures  with  large  /3  grains  (— 1  mm)  and  a  lamellar  matrix  of 
alternating  a  and  /Opiates  can  be  produced  by  heat  treatment 
in  the  high-temperature  /3-phase  field  and  subsequent  slow 


cooling  into  the  a  +  /3-phase  field.  The  characteristic  micro- 
structural  feature  of  slow-cooled  lamellar  microstructures  is 
the  a  colony  (—200  to  400  /im),  a  packet  of  aligned  a  plates 
with  the  same  crystallographic  orientation.  Finer-scaled 
microstructures  can  be  processed  by  faster  cooling  rates 
from  the  -phase  field,  resulting  in  a  martensitic  type  of 
microstructure  with  individual  oriented  a  plates  (plate  width 
—  1  yum),  or  by  deformation  and  recrystallization  procedures 
in  the  a  +  /3-phase  field,  where  the  recrystallization  temper¬ 
ature  determines  the  volume  fraction  and  size  of  equiaxed 
primary  a  phase.  So-called  bimodal  microstructures  consist 
of  a  low  volume  fraction  of  primary  a  grains  (—  1 5  to  30  pet, 
—20  yum)  with  a  colony-type  lamellar  matrix  of  alternating  a 
and  p  plates  within  small  (3  grains  (20  to  40  fjm). 

The  most  critical  parameter  to  increase  the  HCF  strength 
(resistance  against  fatigue-crack  nucleation)  is  to  reduce  the 
maximum  dislocation  slip  length  in  the  microstructure. [9] 
Generally,  fatigue  cracks  nucleate  due  to  irreversible  slip 
within  the  longest  crystallographic  slip  bands  (i.e.,  maximum 
slip  length)  available  in  the  microstructure.  Consequently, 
coarse  lamellar  microstructures  with  colonies  of  aligned  a 
and  extended  planar  slip  across  these  colonies  often  have  a 
lower  HCF  strength  as  compared  to  fine-grained  equiaxed 
and  martensitic  ar-plate-type  microstructures  with  concomi¬ 
tant  reduced  effective  slip  lengths.[10,ni 

The  preference  for  propagation  of  naturally  initiated  small 
surface  cracks  along  specific  crystallographic  planes  com¬ 
bined  with  an  aligned  orientation  of  a  plates  into  colonies 
allows  the  crack  to  cross  an  entire  colony  as  if  it  were 
a  single  microstructural  unit.  This  propagation  mechanism 
along  planar  slip  bands  is  very  fast  in  coarse  lamellar  micro¬ 
structures  because  of  the  much  larger  slip  length  as  compared 
to  finer-scaled  microstructures.  Fine-grained  and  martensitic 
microstructures  tend  to  slow  the  propagation  rates  of  small 
cracks  due  to  the  higher  density  of  grain  boundaries  or 
individual  a  plates  acting  as  obstacle  points. 112,13,141 

However,  this  ranking  between  coarse  lamellar  and  fine¬ 
grained  microstructures  is  reversed  with  increasing  crack 
length. 112,14-161  Lamellar  microstructures  in  a  +  /3  titanium 
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Table  I.  Chemical  Composition  of  Ti-6A1-4V  Bar  Stock 
(in  Weight  Percent)[281 


Bar  Location 

Ti 

A1 

V 

Fe 

O 

N 

H 

Top 

bal 

6.27 

4.19 

0.20 

0.18 

0.012 

0.0041 

Bottom 

bal 

6.32 

4.15 

0.18 

0.19 

0.014 

0.0041 

alloys  exhibit  superior  fatigue-crack  growth  resistance  com¬ 
pared  to  fine-grained  microstructures  when  these  properties 
are  measured  using  large  cracks,  which  are  on  the  order  of 
several  millimeters  (or  at  least  many  times  the  microstruc- 
tural  unit  size).  It  is  found  that  crack  growth  into  adjoining, 
but  differently  oriented,  a  colonies  involves  pronounced 
crack  deflection,  crack  bifurcation,  and  secondary  crack  for¬ 
mation,  because  of  the  limited  number  of  slip  systems  avail¬ 
able  within  the  hep  a  phase.  Therefore,  the  superior  crack- 
growth  resistance  in  a  colony-type  lamellar  microstructure 
is  attributed  to  a  crack  path  characterized  by  a  high  degree 
of  crack  deflection,  bifurcation,  and  secondary  cracking  and, 
at  low  load  ratios,  also  by  a  high  degree  of  (roughness- 
induced)  crack  closure.*12,16"181  Indeed,  Yoder  et 
pointed  out  that  lamellar  microstructures  with  reduced  col¬ 
ony  sizes  had  less  resistance  against  crack  propagation.  Also, 
crack  growth  in  fine  equiaxed  microstructures  did  not  cause 
large  crack  deflections  because  of  the  smaller-sized  micro- 
structural  features.112,143 

It  should  be  noted  that  most  of  these  data,  specifically 
for  Ti-6A1-4V,  pertain  to  lower  frequencies  and  large  (>5 
mm),  through-thickness  cracks  ( e.g .,  References  18  through 
26),  which  are  not  necessarily  appropriate  for  the  present 
HCF  scenario,  where  frequencies  are  in  excess  of  1  to  2 
kHz  and  the  relevant  crack  sizes  are  on  the  order  of  fractions 
of  a  millimeter  and  can  grow  at  stress  intensities  well  below 
the  established  large-crack  fatigue  thresholds  for  the  mate¬ 
rial.1271  Consequently,  to  evaluate  the  general  susceptibility 
of  Ti-6A1-4V  alloys  to  HCF,  in  the  present  article,  the  HCF 
properties  of  the  bimodal  and  lamellar  microstructures  are 
compared.  In  view  of  the  complexity  of  the  problem,  many 
facets  of  HCF  behavior  are  examined,  including  the  effect 
of  load  ratio,  mode-mixity,  crack  size,  and  pre-existing 
impact  damage. 

III.  MATERIALS  AND  EXPERIMENTAL 
PROCEDURES 

A.  Materials  and  Micro  structures 

The  Ti-6A1-4V  alloy  used  in  this  study  originated  as  dou¬ 
ble  vacuum-arc  remelted  forging  stock  produced  by  Tele¬ 
dyne  Titanium  (Pittsburgh  PA)  specifically  for  the  joint 
govemment-industry-academia  HCF  program.  The  chemical 
composition  of  this  alloy  is  given  in  Table  I.1281 

1.  Bimodal  microstructure 

The  original  bar  stock  (63.5  mm  in  diameter)  was  sec¬ 
tioned  into  segments  400-mm  long,  preheated  to  940  °C  for 
30  minutes,  and  forged  as  glass-lubricant-coated  bars  at  this 
temperature  into  400  X  150  X20  mm  plates.*281  These  plates 
were  solution  treated  at  925  °C  for  1  hour,  fan  air  cooled, 
and  then  stabilized  at  700  °C  for  2  hours.  The  microstructure 
of  the  STOA  condition  consisted  of  a  bimodal  distribution 
of  interconnected  equiaxed  primary  a  grains  and  lamellar 
a  +  (3  colonies  (transformed  ft)  (Figure  2(a)).  A  careful 


Fig.  2 — Optical  micrographs  of  the  microstructures  of  Ti-6A1-4V:  (a) 
bimodal  (solution  treated  and  overaged,  STOA)  and  ( b )  lamellar  (ft 
annealed).  Etched  for  —10  s  in  5  parts  70  pet  HN03,  10  parts  50  pet  HF, 
and  85  parts  of  H20. 


investigation  of  the  relative  distribution  of  phases  indicated 
an  overall  primary  a  content  of  64  pet.  The  average  grain 
size  obtained  was  M0  /um,  with  a  slight  grain  elongation 
observed  in  the  longitudinal  (L)  direction  of  the  forging. 
Using  differential  thermal  analysis,  the  /3-transus  tempera¬ 
ture  was  measured  to  be  990  °C  to  1005  °C. 

2.  Lamellar  microstructure 

To  compare  with  the  bimodal  Ti-6A1-4V  structure,  a  fully 
lamellar  micro  structure  was  also  examined.  This  microstruc¬ 
ture  (Figure  2(b))  was  obtained  by  solution  treating  in  a 
vacuum  of  10“5  to  10-6  mbar  at  1005  °C  (slightly  above 
the  /?-transus  temperature)  for  10  to  30  minutes  (depending 
on  the  cross  section),  followed  by  a  rapid  quench  (MOO 
°C/min)*  in  high-purity  helium  gas.  The  microstructure  thus 

*This  quench  rate  was  chosen  to  achieve  a  similar  lath  spacing  of  the 
transformed  /?  in  the  two  microstructures. 

obtained  was  stabilized  at  700  °C  for  2  hours  in  vacuo ,  before 
slow  furnace  cooling  to  room  temperature.  The  resulting 
Widmanstatten  microstructure  had  an  average  prior-/?  grain 
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Table  II.  Uniaxial  Tensile  and  Toughness  Properties  of 
Ti-6A!-4V 


Yield 

Ultimate 

Tensile 

Fracture 
Reduction  Toughness 

Strength 

Strength 

in  Area 

K,c 

Microstructure 

(MPa) 

(MPa) 

(Pet) 

(MPa  vm) 

Bimodal 

930 

978 

45 

64 

Lamellar 

975 

1055 

10 

100 

size  of  ~1  mm,  a  colony  size  (parallel-oriented  a-phase 
lamellae)  of  500  pm,  and  an  average  a  lamellae  lath  width 
of  1  to  2  ^m,  similar  to  the  interlamellar  spacing  of  the 
transformed  in  the  bimodal  microstructure. 

B.  Mechanical  Testing 

1 .  Uniaxial  tensile  and  toughness  properties 

Uniaxial  tensile  tests  were  conducted  in  both  microstruc¬ 
tures  in  the  L-orientation  using  strain  rates  of  5  X  10“4  s"1; 
additional  data  for  the  bimodal  microstructure  were  taken 
from  Reference  28.  Results  in  terms  of  the  strength,  ductility, 
and  toughness  are  given  in  Table  II.  The  lamellar  structure 
exhibited  somewhat  higher  strength  levels,  whereas  the 
bimodal  structure  exhibited  over  a  factor-of-4  higher  ductil¬ 
ity,  due  to  its  smaller  grain  size,  which  limited  the  effective 
slip  length.  Despite  its  lower  ductility,  plane-strain  fracture 
toughness  values,  measured  using  25-mm-thick,  precracked 
compact-tension  specimens,  were  over  50  pet  higher  in  the 
lamellar  microstructure;  similar  observations  have  been 
made  in  previous  studies  (e.g.,  Reference  29). 

2.  Smooth-bar  stress-life  (S-N)  fatigue  testing 

To  evaluate  the  smooth-bar  stress-life  (S-N)  fatigue  prop¬ 
erties  of  both  microstructures,  fatigue  tests  were  performed 
in  room-temperature  air  (25  °C,  35  to  45  pet  relative  humid¬ 
ity)  under  load  control  at  positive  load  ratios  of  R  —  0.1 
and  0.5,  on  servohydraulic  testing  machines  cycling  at  25 
Hz  (for  lives  <106  cycles)  and  at  1000  Hz  (for  lives  >  106 
cycles)  on  unnotched  hourglass  specimens  with  threaded 
grip  sections  and  minimum  gage  diameters  of  3.0  mm  (25 
Hz)  and  5.4  mm  (1000  Hz).*  The  specimen  axis  was  aligned 

♦Based  on  a  comparison  of  results  performed  at  frequencies  up  to  1000 
Hz  by  Ritchie  et  alP 01  and  ultrasonic  fatigue-threshold  measurements  by 
Meyer  and  Stanz-Tschegg,  no  effect  of  cyclic  frequency  has  been  found 
in  this  alloy  for  fatigue  tests  between  50  and  20,000  Hz,  conducted  in 
ambient-air  environments.1311 


parallel  to  the  length  of  the  plate  (L-orientation).  For  the 
bimodal  microstructure,  results  were  supplemented  with  85 
Hz  S-N  data  from  Reference  14  on  the  same  material. 

To  achieve  a  nominally  stress-free  surface  prior  to  fatigue 
testing,  samples  in  both  microstructures  were  stress  relieved 
in  vacuo  for  2  hours  at  705  °C  prior  to  chemically  milling 
in  a  solution  of  50  mL  HF,  500  mL  HN03  and  1500  mL 
H20.  Similar  procedures  were  used  for  the  small-crack  and 
FOD  test  samples. 

3.  Fatigue-crack  growth  testing  in  pure  mode  I 

Large-crack  tests:  Mode  I  fatigue-crack  propagation  stud¬ 
ies,  on  through-thickness  cracks  which  were  large  compared 
to  the  scale  of  the  microstructure  (>4  mm),  were  carried 
out  for  both  microstructures  using  8-mm-thick  compact- 
tension  specimens  (of  25.4-mm  width)  machined  in  the  L- 
T  orientation.  To  facilitate  observation  of  crack  propagation, 


after  machining  the  specimen  sides  were  ground  to  a  1200- 
grit  finish  before  chemically  polishing  to  a  finish  of  0.05 
pm.  Samples  were  first  fatigue  precracked  for  a  minimum 
of  —2  mm  from  the  notch  tip  using  initial  A K  levels  of  8 
to  15  MPaVm.  This  was  carried  out  at  the  same  load-shed¬ 
ding  rate  and  load  ratio  as  was  subsequently  used  for  the 
actual  test,  as  described  subsequently. 

Fatigue-crack  growth  testing  was  performed  in  accor¬ 
dance  with  ASTM  Standard  E  647  in  room-temperature  air 
under  load  control,  with  crack  lengths  monitored  in  situ 
using  back-face  strain  (BFS)  compliance  techniques.  Two 
techniques  were  used  to  determine  the  alternating  and  maxi¬ 
mum  stress  intensities  at  the  threshold,  (A KTH  and 
respectively),  which  were  defined  at  a  propagation  rate  of 
10“ 10  to  10“ 11  m/cycle.  Standard  constant-i?  testing  for  load 
ratios  between  0.1  and  0.8  was  performed  by  load  shedding 
toward  the  threshold  using  the  scheme  A K  =  AATinitiai  exp 
(C  (a  -  ^initial))*  the  ^T-gradient  (C)  set  at  -0.08  mm"1 
(A K  and  a  are  the  stress-intensity  range  and  crack  length, 
respectively).  In  addition,  constant-irmax/increasing-ATmin 
testing*  was  performed  to  achieve  load  ratios  approaching 

♦The  constant-AT^/increasing-^min  test  for  threshold  measurements  was 
first  developed  by  Dflker  et  alP2]  It  was  subsequently  used  by  Hertzberg 
and  co-workers  to  provide  a  simulation  of  short-crack  growth  behavior.!331 

unity,  using  Kmax  values  from  26  to  57  MPa^m  for  the 
bimodal  microstructure  and  27  to  87  MPsty/m  for  the  lamellar 
microstructure.  These  procedures,  which  act  to  minimize  the 
effect  of  crack  closure,  gave  thresholds  at  very  high  load 
ratios  between  0.89  and  0.98. 

A  range  of  frequencies  between  50  and  1000  Hz  was 
examined;  additional  ultrasonic  fatigue  tests  at  20,000  Hz[341 
were  performed  on  the  bimodal  microstructure  only.  Tests 
at  50  Hz  were  performed  on  a  standard  MTS  servohydraulic 
testing  machine;  corresponding  tests  at  200  to  1000  Hz  were 
performed  on  a  newly  developed  MTS  servohydraulic  test 
frame  incorporating  a  voice-coil  servovalve.  Thresholds 
were  determined  using  the  same  procedure  described  for  the 
constant-7?  tests.  Data  are  presented  in  terms  of  the  crack 
growth  rate  per  cycle  (da/dN)  as  a  function  of  the  stress- 
intensity  range  (A K  =  Kmax  -  ATmin).* 

♦Note  that  for  simplicity,  the  mode  I  stress  intensity  is  referred  to  as 
AA.  However,  in  sections  relevant  to  the  mixed-mode  behavior,  A Kt  is 
used  to  distinguish  the  mode  I  stress  intensity  from  the  mode  II  stress 
intensity  (AAu). 

The  magnitude  of  crack  closure  was  monitored  using  BFS 
compliance;  specifically,  the  global  closure  stress  intensity 
(KcJ)  was  approximated  from  the  point  of  first  deviation 
from  linearity  in  the  elastic  compliance  curve  on 
unloading.135!  Based  on  such  measurements,  an  effective 
(near-tip)  stress  intensity  ( AATcff  =  Kmax  -  KcI)  was  estimated. 

Small-crack  tests:  Corresponding  mode  I  fatigue-crack- 
propagation  testing  on  microstructurally  small  (~1  to  50 
pm)  surface  cracks  was  performed  by  periodic  scanning 
electron  microscopy  monitoring  of  so-called  KB  tensile  sam¬ 
ples,  where  cracking  was  initiated  at  sites  of  impact  damage, 
as  described  in  Section  III— B— 5.  These  samples  had  a  rectan¬ 
gular  cross  section  of  3.2  by  7.2  mm,  a  gage  length  of  20 
mm,  and  cylindrical  buttonhead  ends  and  were  cycled  at  25 
Hz  (for  lives  <106  cycles)  and  1000  Hz  (for  lives  >106 
cycles)  at  R  =  0.1  and  0.5. 

Approximate  local  stress  intensities  for  small  cracks 
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formed  at  the  base  and  crater  rim  of  the  damaged  sites  were 
calculated  from  the  relationship!36! 


SK  = 


0.7  k, 


71  +  4.5  {alp) 


Scrjira 


(1) 


where  kt  is  the  elastic-stress-concentration  factor,  a  is  the 
crack  depth,  and  p  is  the  indentation  radius.  The  factor  of 
0.7  is  based  on  the  stress-intensity  boundary  correction  and 
the  crack-shape  correction  factor,*373  the  crack  shape  being 
determined  from  fractographic  observations  as  a!2c  —  0.45 
(a  is  the  crack  depth  and  2c  is  the  surface-crack  length).* 


♦The  exact  shape  of  such  small  surface  cracks  and  the  variation  in  this 
aspect  ratio  with  crack  extension  clearly  can  have  an  important  effect  on 
the  crack  driving  force  and,  hence,  the  crack-growth  behavior.138,391  In  the 
current  work,  for  small -crack  threshold  determination,  the  exact  aspect 
ratios  were  obtained  by  postfractographic  observations.  For  crack-growth- 
rate  studies,  a  constant  aspect  ratio  was  assumed,  although  our  crack- 
shape  studies,  described  in  Reference  40,  did  indicate  that  this  was  a 
reasonable  assumption. 

Despite  the  physically  small  size  of  the  cracks,  the  use  of 
the  stress  intensity  was  justified  here,  as  maximum  plastic 
zone  sizes  were  only  —0.2  to  1  pm  for  1  to  \0-pm  sized 
cracks  at  A K  —  1  to  2  MPa^/m  conditions  were,  thus,  close 
to  that  of  small-scale  yielding.  However,  it  should  be  noted 
that  Eq.  [1]  does  not  take  into  account  the  presence  of  the 
impact-induced  residual  stresses,  although  these  stresses  will 
not  change  the  value  of  the  stress-intensity  range.  Moreover, 
recent  X-ray  diffraction  studies1413  have  shown  that  at  the 
higher  applied  stresses,  such  residual  stresses  at  the  base 
and  rim  of  the  damage  site  tend  to  relax  within  the  first  few 
fatigue  cycles. 

4.  Fatigue-crack  growth  testing  under  mixed-mode 
loading 

The  corresponding  fatigue-crack  growth  testing  under 
mixed-mode  conditions  was  performed  using  the  asymmet¬ 
ric  four-point-bend  (AFPB)  sample  ( e.g.,  Reference  42). 
This  specimen  can  achieve  a  range  of  mode-mixities,  essen¬ 
tially  from  pure  mode  I  to  mode  II,  by  changing  the  crack 
offset  from  the  load  line.  Specimens,  11.3-mm  wide  and 
4.5-mm  thick,  were  machined  in  the  L-T  orientation.  For 
comparison,  pure  mode  I  tests  were  conducted  using  sym¬ 
metric  four-point  bending,  with  inner  and  outer  spans  of 
12.7  and  25.4  mm,  respectively.  For  all  samples,  the  surfaces 
required  for  crack-length  observation  were  polished  to  a 
0.05  pm  finish,  whereas  the  sides  to  be  used  to  carry  the 
load-bearing  pins  were  ground  down  to  a  600-grit  finish. 

a.  Large-crack  tests 

Mixed-mode  thresholds  were  determined  on  the  basis  of 
crack  initiation  from  a  carefully  prescribed  precrack,  as 
described  in  detail  elsewhere.143’44  453  Fatigue  precracks  were 
grown  from  2-mm-deep  electro  discharge-machined  notches 
in  symmetric  four-point  bending  at  R  =  0.1;  the  final  pre¬ 
crack  length  was  4.50  ±  0.25  mm,  achieved  at  final  AX^ 
values  of  4.8  ±  0.5  and  6.8  ±  0.5  MPa^/m,  respectively, 
for  the  bimodal  and  lamellar  microstructures.  Using  recently 
developed  solutions1423  for  the  values  of  A Kx  and  A Kn  for 
the  AFPB  geometry,  mixed-mode  tests  for  large  (>4  mm) 
through-thickness  cracks  were  performed  at  load  ratios  from 
0.1  to  0.8  for  mode-mixities  varying  from  pure  mode  I 
(AXi]/\Ki  =  0)  to  nearly  pure  mode  II  (AKu/AKl  =  7.1), 
corresponding  to  phase  angles  (fi  =  tan^AA^/AA^))  of  0 
to  82 


deg,  respectively.  Each  test  involved  cycling  the  precracked 
specimen  at  the  desired  mode-mixity,  if  no  crack  growth  was 
observed  using  an  optical  microscope  after  2  X  1 06  to  5  X 
106  cycles,  either  AX,  or  AXn  was  increased  by  —0.25 
MPa  yin  and  the  same  testing  procedure  was  repeated.  In 
this  way,  a  “growth/no  growth”  condition  bounding  the 
threshold  was  obtained,  with  growth  being  defined  to  be 
crack  extension  on  the  order  of  the  micro  structural  dimension 
(-20  pm  for  a  bimodal  and  —500  pm  for  a  lamellar  micro¬ 
structure).  Estimates  of  the  extent  of  crack-tip  shielding  in 
both  modes  I  and  II  were  made  using  a  compliance-based 
technique;  as  described  in  Reference  44,  this  technique 
involved  determining  the  mode  I  and  mode  II  compliance 
curves  in  situ  using  a  crack-opening  displacement  gage.* 

♦As  described  in  detail  in  Reference  44,  the  distinction  between  the 
contributions  to  shielding  in  modes  I  and  II  is  achieved  by  examining 
separate  load-displacement  curves  using  two  gages  mounted  near  the  crack 
tip;  these  gages  are  used  to  measure  opening  and  shear  displacements. 
Mode  I  shielding,  in  the  form  of  crack  closure,  is  determined  from  the 
compliance  curve  for  the  opening  displacements,  whereas  mode  II  shielding, 
in  the  form  of  asperity  rubbing  and  interlock,  is  determined  in  an  analogous 
fashion  from  the  compliance  curve  for  shear  displacements. 


b.  Short-crack  tests * 

*Short  cracks  are  defined  here  as  being  small  in  all  but  one  dimension, 
compared  to  small  cracks,  which  are  small  in  all  dimensions.  Further  details 
on  the  distinction  between,  and  relevance  of  large,  short,  and  small  cracks 
are  given  in  the  Appendix. 

Corresponding  mixed-mode  thresholds  for  through-thick¬ 
ness  short  (—200  pm)  cracks  were  obtained  in  an  identical 
fashion,  except  that  the  wake  of  the  precrack  was  carefully 
machined  away  to  within  —200  pm  of  the  crack  tip  using 
a  slow-speed  diamond  saw.  The  intent  of  this  procedure  was 
to  minimize  the  extent  of  crack-tip  shielding  by  reducing 
the  degree  of  surface  contact  in  the  crack  wake. 

c.  Small-crack  tests 

Corresponding  mixed-mode  thresholds  tests  for  micro- 
structurally  small  (<50  pm),  semi-elliptical  surface  cracks 
were  performed  using  an  inclined  crack  technique.  A  small, 
semielliptical  surface  precrack  (—10  to  50  pm)  was  first 
obtained  by  standard  mode  I,  three-point  bend  testing  at  R 
=  0.1  (50  Hz)  of  wide  (16.3  mm),  5-mm-thick  rectangular 
bars  machined  in  the  L-T  orientation.  Prior  to  testing,  sam¬ 
ples  were  stress-relieved  for  2  hours  at  675  °C  in  vacuo, 
and  surfaces  necessary  for  observation  were  polished  to  a 
0.05  pm  finish.  Once  a  small  crack  had  initiated,  a  bend 
bar  was  carefully  machined  from  the  original  wide  sample, 
with  the  small  crack  inclined  at  the  desired  angle  to  the  axis 
of  the  bar.  This  bar  was  then  subjected  to  symmetric  four- 
point  bending,  and  the  threshold  for  crack  initiation  from 
the  inclined  crack  was  determined  in  a  similar  manner  to  that 
described  previously  for  mixed-mode  large-crack  testing. 
Linear-elastic  solutions  for  the  stress-intensity  ranges  for 
small  semielliptical  surface  cracks  in  mode  I  and  mixed¬ 
mode  loading  were  obtained  from  References  37  and  46. 
Exact  crack  shapes  (a/2c)  were  determined  following  thresh¬ 
old  determination  by  fractographic  observations. 

5.  Foreign- object  damage 

The  effect  of  FOD  on  the  fatigue  behavior  of  Ti-6A1-4V 
was  examined  using  modified  KB  tensile  specimens.^40,47,481 
The  FOD  was  simulated  by  firing  3.2-mm-diameter 
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Cycles  to  Failure,  N, 


Fig.  3 — Smooth-bar  stress-life  (S-N)  data  at  R  =  0.1  and  0.5  for  the  bimodal 
and  lamellar  microstructures  in  Ti-6A1-4V.  Data  points  refer  to  samples 
following  simulated  FOD  and  clearly  show  a  severely  reduced  fatigue  life 
due  to  such  damage;  numbers  adjacent  to  data  points  indicate  the  surface 
crack  length,  2 ch  of  the  FOD-induced  microcracks. 

chrome-hardened  steel  spheres  at  velocities  between  200 
and  300  m/s  onto  the  flat  surface  of  the  KB  specimens  at  an 
angle  of  90  deg,  using  a  compressed-gas  gun  facility.  These 
velocities  represent  typical  in-service  impact  velocities  on 
aircraft  engine  fan  blades.  The  resulting  damage  craters  are 
also  typical  of  those  seen  in  service,  with  root  radii  similar 
to  those  of  actual  damage  sites.  After  impacting,  specimens 
were  cycled  at  1000  Hz  at  a  stress  range  (Acr)  between  225 
and  500  MPa  (R  —  0.1  and  0.5),  and  results  were  compared 
to  the  unimpacted  smooth-bar  S-N  data.  Throughout  the 
fatigue  testing,  specimens  were  periodically  removed  and 
examined  in  a  high-resolution  field-emission  scanning  elec¬ 
tron  microscope  in  order  to  monitor  crack-initiation  and 
growth  in  the  vicinity  of  the  damage  site.  Resulting  small- 
crack  data  are  presented  in  terms  of  their  growth  rates  as 
a  function  of  both  crack  size  (a)  and  the  stress-intensity 
range  (A#). 

Residual  stresses  surrounding  the  damage  sites  were  both 
numerically  computed  and  experimentally  measured  using 
synchronous  X-ray  diffraction.*493  However,  relaxation  of  a 
significant  portion  of  these  stresses  was  found  (from  in-situ 
X-ray  studies)  at  the  higher  applied  stresses  utilized  for 
these  tests. 

IV.  RESULTS  AND  DISCUSSION 

A.  Smooth-Bar  Stress-Life  Fatigue 

Smooth-bar  S-N  curves  for  the  bimodal  and  lamellar 
microstructures  are  shown  in  Figure  3  for  load  ratios  of  0.1 
and  0.5.  (The  numbers  next  to  individual  data  points  refer 
to  microcrack  sizes  following  FOD,  as  discussed  in  Section 
IV-D).  In  the  high-cycle  regime,  in  this  case  for  lives 
exceeding  ~105  cycles  at  R  =  0.1  and  106  at  R  =  0.5,  the 
lamellar  structure  appears  to  display  the  superior  fatigue 
properties,  with  a  higher  108  cycle  endurance  strength,  par¬ 
ticularly  at  R  -  0.5.  This  is  consistent  with  the  higher  tensile 
strength  of  this  microstructure.  It  should  be  noted,  however, 
that  at  shorter  lifetimes  in  the  low-cycle  fatigue  regime,  it 
is  the  bimodal  micro  structure  that  appears  to  show  the  better 
fatigue  properties,  consistent  with  the  higher  ductility  exhib¬ 
ited  by  this  structure,  although  in  the  present  study  only 
limited  data  were  collected  in  this  regime.  The  fact  that  the 
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Fig.  4 — (a)  Subsurface  fatigue  crack,  initiation  site  (arrow)  in  bimodal  Ti- 
6A1-4V  (R  =  0.1,  CW  =  500  MPa,  and  Nf  =  9.6  X  107  cycles),  showing 
( b )  crack  initiation  and  early  growth  along  planar  slip  bands  leading  to 
facet-type  fracture  surface  (specimen  tilt:  70  deg).  The  EBSD  analysis  of 
fractured  a  grains  1  through  3  revealed  near-basal  orientation  of  fracture 
plane. 


lamellar  structure  appears  to  show  better  S/N  properties  in 
the  HCF  regime  is  somewhat  unusual,  but  may  be  related 
to  the  fact  that  the  bimodal  structure  studied  in  this  work 
has  a  very  high  percentage  (~64  pet)  of  interconnected 
primary  a,  which  leads  to  a  large  effective  slip  length;  typical 
bimodal  microstructures  in  Ti-6AI-4V  usually  consist  of  only 
~30  pet  of  primary  a. 

Crack  initiation,  which  is  generally  the  dominant  stage  in 
smooth-bar  HCF,  was  found  to  occur  both  at  the  surface 
and  subsurface  regions  of  the  specimens.  Although  prior 
studies*143  in  bimodal  and  lamellar  Ti-6A1-4V  under  tension- 
compression  (R  —  -1)  loading  showed  fatigue  cracks  to 
initiate  at  the  surface,  for  the  present  work  at  positive  load 
ratios  (R  —  0.1  and  0.5),  crack  initiation  was  often  seen  in 
regions  close  to  the  surface.  For  example,  crack  initiation 
occurred  at  ~40  to  1 00  /xm  below  the  surface  and  extended 
farther  into  the  interior,  some  ^250  to  450  /x m  for  the 
bimodal  structure  and  as  deep  as  ~  1  to  2  mm  for  the  lamel¬ 
lar  structure. 

Typical  subsurface  initiation  sites  in  the  bimodal  micro¬ 
structure  were  characterized  by  a  faceted  fracture  surface 
(Figure  4),  caused  by  the  cracking  of  suitably  oriented  a 
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Fig.  5 — Subsurface  fatigue  crack  initiation  site  (arrow)  in  lamellar  Ti-6AI- 
4V  ( R  ~  0.5,  =  700  MPa,  and  iV;  =  6.8  X  107  cycles),  showing  ( b ) 

cross-colony  slip  band  crack  initiation  and  early  growth  along  macroscopi- 
cally  planar  facets  of  colony  width  dimensions  (—500  fim). 


grains  and  subsequent  growth  along  planar  slip  bands  within 
interconnected  a  grains  (Figure  4(a)).  Electron  back  scat¬ 
tered  diffraction  (EBSD)  analysis  revealed  that  many  of 
these  a  grains  were  aligned  with  a  near-basal  orientation 
perpendicular  to  the  stress  axis  (Figure  4(b)).  Subsurface 
crack-initiation  sites  in  fully  lamellar  Ti-6A1-4V  were  char¬ 
acterized  by  cross-colony  slip-band  fracture  (Figure  5),  typi¬ 
cally  of  colony-width  dimensions  (—500  fim).  Such  slip 
bands  can  form  across  an  entire  colony  where  the  laths 
are  of  similar  orientation  and  the  surrounding  (3  layers  are 
extremely  thin.[8]  Current  studies  are  focused  on  ciystallo- 
graphic  analysis  of  cross-colony  fracture  facets,  which  are 
also  associated  with  a  near-basal  orientation/50,511  as  shown 
by  the  cracked  a  grains  of  the  bimodal  microstructure. 

Such  subsurface  crack  initiation  is  not  common  in  fatigue, 
but  has  become  increasingly  reported  of  late  for  fatigue 
failures  under  very-long-life  conditions  in  steels  (e.g.,  Refer¬ 
ence  52);  however,  it  is  more  frequently  encountered  in 
titanium  alloys. 151,53-551  Most  traditional  explanations  for  this 
phenomenon  rely  on  the  presence  of  processing-induced, 
surface  compressive  residual  stresses,  i.e.,  due  to  heat  treat¬ 
ment,  case-hardening,  or  shot-peening  procedures.  Other 
explanations  include  the  formation  of  such  compressive 


residual  stresses  due  to  preferential  plastic  deformation  at 
the  surface  under  tension-tension  loading1541  and  the  higher 
probability  of  finding  a  stress-raising  defect  (e.g.,  inclusions 
in  steels)  or  a  weak  microstructural  orientation  or  “hard”  a 
particle  (in  titanium  alloys)  in  the  bulk  of  the  material  com¬ 
pared  to  the  surface.  As  nominally  stress-free  surfaces  were 
employed  in  the  present  study,  it  is  believed  that  the  subsur¬ 
face  initiation  is  the  result  of  the  latter  effect.  In  particular, 
the  high  fatigue  strength  of  lamellar  Ti-6A1-4V  may  be 
due  to  the  coarse  microstructure,  which  has  characteristic 
dimensions  comparable  to  the  size  of  the  hourglass  S-N 
sample  geometry;  this  permits  only  a  small  number  of  colo¬ 
nies  to  be  sampled  for  any  weak  orientation.  Bache  and 
Evans[55]  have  recently  pointed  out  the  significance  of  such 
weak  microstructural  orientations,  and  the  related  stress 
redistribution  between  individual  grains,  in  causing  prema¬ 
ture  crack  initiation  in  titanium  alloys. 

B.  Mode  I  Fatigue-Crack  Propagation 

1 .  Large-crack  behavior 

The  variation  in  (mode  I)  fatigue-crack  growth  rates  for 
large  (>4  mm)  through-thickness  cracks  in  the  bimodal*30,311 
and  lamellar  microstructures  is  shown  in  Figure  6  for  con¬ 
stant-load-ratio  tests  at  R  =  0.1, 0.5,  and  0.8.  Corresponding 
average  threshold  values  are  listed  in  Table  III.  These  results, 
which  were  collected  at  a  frequency  of  50  Hz,  clearly  show 
the  expected  trend  of  faster  crack  growth  rates  and  lower 
A Kth  thresholds  with  increasing  R-v alue.  More  importantly, 
in  the  coarser  lamellar  structure,  growth  rates  were  consis¬ 
tently  lower,  by  roughly  one  order  of  magnitude  at  compara¬ 
ble  A K  levels,  and  thresholds  higher,  by  more  than  20  pet, 
at  comparable  load  ratios,  although  there  was  considerably 
more  scatter  in  the  data  for  the  lamellar  micro  structure. 
Specifically,  between/?  =  0.1  and  0.8,  (mode  I)  AKth  thresh¬ 
olds  varied,  respectively,  from  5.7  to  3.9  MPa^/m  in  the 
lamellar  structure  compared  to  4.6  to  2.6  MPa^m  in  the 
bimodal  structure;  corresponding  two-parameter  fits  of  the 
growth  rates  in  the  Paris  regime  give  (in  units  of  m/cycle, 
MPa  yin)* 

—  5.2  X  10"12AAT25  (bimodal  structure) 

~~  =  1.25  X  10" 14  AX4-5  K^2.  (lamellar  structure) 

dN 

The  variation  in  the  fatigue  thresholds,  plotted  as  the  AKTH 
threshold  as  a  function  of  the  Kmax  TH  threshold,  is  shown  in 
Figure  7  for  a  wider  range  of  7?-ratios  up  to  0.98,  the  latter 
results  being  obtained  using  constant-ATmax  tests  conducted 
at  high  values  of  A^max.  It  is  apparent  that  neither  structure 
showed  evidence  of  the  Marci  effect/561  where  near-thresh¬ 
old  growth  rates  start  to  increase  with  decreasing  A K  levels 
at  very  high  load  ratios,  most  probably  due  to  the  superposit¬ 
ion  of  a  sustained-load  (e.g.,  environmentally  induced) 
cracking  mechanism.  Indeed,  at  these  extremely  high  Kmax 
values,  essentially  as  Kmax  —>  KIc  (R  1),  the  difference  in 
AKth  thresholds  between  the  two  structures  is  lost,  with 
both  microstructural  conditions  showing  a  so-called  “worst- 
case”  A Kth  threshold  of  1.9  MPa^m.* 

*The  worst-case  threshold^0!  is  a  term  given  to  the  lowest  value  of  A KTH 
measured  with  large  cracks  at  load  ratios  that  approach  unity  (specifically, 
where  Km ax  — >  K}c ),  such  that  the  extent  of  crack-tip  shielding,  e.g.,  by 
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Fig.  6 — Mode  I  fatigue-crack  propagation  (large  crack)  behavior  of  (a) 
bi modal  Ti-6A1-4V  in  terms  of  the  crack-growth  rates,  dafdN,  as  a  function 
of  the  applied  stress-intensity  range,  A K,  at  various  load  ratios  {R  =  0.1, 
0.5  and  0.8),  all  at  a  frequency  of  50  Hz.  Fatigue  thresholds  measured  at 
daidN  =  1  X  10“ 10  m/cycle  were  4.6,  3.6,  and  2.9  MPa^/m,  respec- 
tively.[30'3,J  ( b )  For  the  lamellar  microstructure,  fatigue  thresholds  measured 
at  dafdN  =1X1 0“ 10  m/cycle  were  5.7, 4.4,  and  3.9  MPa  Jm,  respectively. 


crack  closure,  is  minimized.  Such  thresholds,  which  are  generally  measured 
under  constant-ATmax/increasing-^,,  cycling,  represent  a  lower-bound 
threshold  for  the  alloy/microstmcture  in  question  in  the  presence  of  “contin¬ 
uum-sized”  cracks,  i.e.,  in  the  presence  of  physically  large  or  small  cracks 
which  have  dimensions  specifically  larger  than  the  characteristic  scale  of 
the  microstructure. 


It  should  be  noted  that  although  the  data  shown  in  Figure 
6  were  collected  at  a  loading  frequency  of  50  Hz,  the  growth- 
rate  behavior  of  the  bimodal  microstructure  over  the  range 
from  50  to  20,000  Hz  and  of  the  lamellar  microstructure 
between  50  and  1000  Hz  was  examined.  In  ambient-tempera- 
ture  air,  no  effect  of  frequency  on  the  (mode  I)  A KTH  thresh¬ 
olds  was  seen  in  either  microstructure.  [30,31,341  Previous 
investigations  have  reported  frequency-independent  growth 
rates  for  titanium  alloys  in  the  0.1  to  50  Hz  range;  [57,581  the 
current  results  significantly  extend  these  observations. 

Thus,  the  lamellar  structure  clearly  provides  superior 


Table  III.  Average  Threshold  Values  for  Ti-6A1-4V 


Bimodal  Micro  structure 

Lamellar  Microstructure 

Load 
Ratio  R 

AA 'th 
(MPa^m) 

Rimx,TH 

(MPa^/m) 

A KTh 
(MPa^m) 

Kmax,TH 

(MPa^m) 

0.10* 

4.3 

4.8 

5.7 

6.3 

0.30* 

3.6 

5.2 

5.0 

7.1 

0.50* 

2.9 

5.9 

4.4 

8.8 

0.80* 

2.5 

12.5 

3.9 

19.5 

0.88** 

— 

— 

3.2 

26.5 

0.91** 

2.3 

26.5 

— 

— 

0.92** 

— 

— 

3.0 

36.5 

0.94** 

2.2 

36.5 

2.8 

46.5 

0.952** 

— 

— 

2.7 

56.5 

0.955** 

2.1 

46.5 

— 

— 

0.965** 

2.0 

56.5 

2.4 

66.5 

0.973** 

— 

— 

2.0 

76.5 

0.978** 

— 

— 

1.9 

86.5 

♦Determined  under  constant  R  conditions. 

♦♦Determined  under  constant  Kmax  conditions. 

mode  I  fatigue-crack-propagation  resistance  to  the  bimodal 
structure  in  the  large-crack  regime ,  an  observation  that  can 
primarily  be  traced  to  the  increased  tortuosity  in  the  crack 
path  and  resulting  crack  closure  in  the  lamellar  structure,  as 
discussed  in  Section  IV-B-3.  However,  this  beneficial  aspect 
of  the  lamellar  structure  is  progressively  diminished  with 
increasing  load  ratio,  again  consistent  with  the  diminishing 
role  of  crack  closure,  such  that  for  R  >  0.8,  A KTH  thresholds 
in  the  two  microstructures  are  essentially  the  same. 

2.  Crack  closure 

Crack-tip  shielding  from  crack  closure  in  titanium  alloys 
has  been  primarily  attributed  to  the  roughness  of  the  crack 
surfaces,  i.e.,  to  the  wedging  of  crack-face  asperities;  indeed, 
load-ratio  effects  in  these  alloys  are  generally  presumed  to 
result  from  such  closure. [59,60,611  In  the  present  study,  signifi¬ 
cant  closure  was  observed  at  the  low  7?-ratios  of  0. 1  and  0.3 
for  both  microstructures;  none  could  be  detected  at  R  >:  0.8. 
The  magnitude  of  such  closure,  in  terms  of  the  variation  in 
Kcl ,  and,  hence  AATeff,  with  A K  is  shown  in  Figure  8.  Unlike 
the  bimodal  structure,  closure  levels  in  the  lamellar  structure 
can  be  seen  to  vary  with  A K  level  at  low  growth  rates, 
consistent  with  previous  studies. [60J  However,  more  impor¬ 
tantly,  the  overall  magnitude  of  the  closure  effect  is  defini¬ 
tively  higher  in  the  coarser  lamellar  structure.  As  discussed 
in  Section  IV-B-3,  this  undoubtedly  results  from  the  increased 
tortuosity  in  the  crack  path  and,  hence,  in  the  fracture-surface 
roughness  associated  with  this  microstructure. 

3.  Crack-path  and  fracture-surface  morphologies 

As  shown  in  Figure  9,  the  coarser  lamellar  microstructure 
displayed  a  more  tortuous  and  deflected  crack  path  than  the 
finer-scale  bimodal  microstructure.  Whereas  the  controlling 
microstructural  unit  in  the  bimodal  structure  is  the  grain 
size,  which  is  ~ 20  pm,  it  is  clearly  the  entire  lamellar  colony 
size  in  the  lamellar  structure,  which  is  more  than  one  order 
of  magnitude  larger;  furthermore,  the  deflection  of  the  crack 
path  across  such  boundaries  in  the  latter  structure  can  be  seen 
to  be  strongly  influenced  by  the  orientation  of  neighboring 
colonies.  Such  increased  crack-path  tortuosity  is  a  major 
contributor  to  the  higher  toughness  of  the  lamellar  micro- 
structureJ8J  Moreover,  as  noted  previously,  the  enhanced 
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Fig.  7 — {a)  The  mode  I  large-crack  A KTH  thresholds  obtained  for  both 
bimodal  and  lamellar  microstructures  are  shown  as  a  function  of  the  load 
ratio,  R.  The  data  include  both  constant-#  and  constant-#™*  test  results. 
At  very  high  #-ratios  (>0.9),  A KTH  thresholds  for  both  microstructures 
tend  to  converge.  ( b )  The  same  data  are  plotted  as  a  function  of  the  #™x 
at  threshold. 


AK  (ksj^n)^ 


00 


L SK  (ksiVin) 

4  6  8  10 


(*) 

Fig.  8 — Crack  closure,  measured  at  R  =  0.1,  using  unloading  compliance 
techniques  on  C(T)  specimens  for  the  (a)  bimodal  and  ( b )  lamellar 
microstructures. 


crack  deflection  and  resulting  roughness-induced  crack  clo¬ 
sure  both  act  to  increase  the  fatigue-crack-growth  resistance 
of  this  structure  in  the  presence  of  large  cracks  and  to 
increase  the  degree  of  scatter  in  the  crack-growth  data 
(Figure  6).  At  high  /^-values,  where  both  microstructures 
show  a  decrease  in  such  tortuosity,  the  difference  between  the 
cyclic  crack-growth  resistance  of  the  two  structures  becomes 
essentially  nonexistent.  The  less-deflected  crack  paths  here 
may  be  associated  with  the  much  larger  maximum  plastic 
zone  sizes  as  Kmax  — >  K]c  (R  — »  1);  this  markedly  increases 
the  number  of  slip  systems  available,  which  can  change 
single-slip  planar  crack  growth  (in  the  form  of  deflected, 
crystallographic,  crack  paths)  to  multiple-slip  crack  growth 
(where  the  crack  path  is  more  straight). 

The  more  tortuous  crack  path  in  the  lamellar  structure 
results  in  a  far-rougher  fracture  surface,  as  shown  by  the 
scanning  electron  micrographs  in  Figures  10  and  11  for  the 


bimodal  and  lamellar  structures,  respectively,  at  load  ratios 
of  0.1,  0.5,  and  >0.9.  The  AK  levels  associated  with  the 
fracture  surfaces  are  —4.3,  2.9,  and  1.9  MFajm,  respec¬ 
tively,  at  R  —  0.1,  0.5,  and  0.96  for  the  bimodal  structure 
(Figure  10)  and  —5.7,  4.4,  and  3.0  MPa^/m,  respectively, 
at  R  =  0.1,  0.5,  and  0.92  for  the  lamellar  microstructure 
(Figure  11).  The  highly  crystallographic  nature  of  the  crack 
paths  in  the  lamellar  structure  is  particularly  evident  in 
Figure  11.  Also  shown  is  the  overload  fracture  region 
for  both  microstructures,  which  occurs  by  microvoid 
coalescence. 

4.  Short-crack  behavior 

(Mode  I)  AXth  thresholds  for  short  cracks,  where  the 
crack  wakes  have  been  machined  away  to  within  —200  pm 
of  the  crack  tip,  are  compared  with  the  large-crack  thresholds 
as  a  function  of  R  in  Figure  12.  Whereas  large-  and  short- 
crack  thresholds  are  essentially  identical  above  approxi¬ 
mately  R  =  0.5,  at  lower  load  ratios  where  crack  closure 
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Fig.  9— A  typical  near-threshold  crack  profile  observed  for  the  (a)  bimodal 
and  ( b )  lamellar  microstmcture  (7?  =  0.1,  and  dafdN  ~  10" 10  m/cycle).  The 
nominal  crack  propagation  direction  is  indicated  by  the  arrow.  The  structure- 
sensitivity  of  fatigue-crack  growth  is  clearly  stronger  for  the  lamellar 
microstructure. 


was  observed,  thresholds  are  much  smaller  for  the  short 
cracks  due  to  the  restricted  role  of  such  closure  for  cracks 
of  limited  wake.  Indeed,  by  correcting  the  large-crack  A KTH 
thresholds  for  closure,  in  the  form  of  AKTHtCff  thresholds, 
threshold  values  for  large  and  short  cracks  are  the  same, 
similar  to  previous  observations  in  Ti-6A1-4V.[623 

5.  Small-crack  behavior 

The  fatigue-crack  propagation  behavior  (at  R  —  0.1)  of 
the  microstructurally  small  surface  cracks,  where  crack  sizes 
were  in  the  range  of  ~1  to  50  fim,  are  plotted  as  a  function 
of  both  A K  and  surface-crack  length,  2c,  for  both  microstruc¬ 
tures  in  Figure  13;  results  are  compared  with  corresponding 
data  for  through-thickness  large  (>4  mm)  cracks  at  both 
R  =  0.1  (from  constant-/?  testing)  and  R  =  0.91  to  0.95  (from 
constant testing).  Several  points  are  worthy  of  note: 

( 1 )  Growth  rates  for  the  microstructurally  small  cracks  were, 
in  general,  far  in  excess  of  those  of  corresponding  large 
cracks  at  equivalent  A K  levels.  In  both  structures,  the 
smallest  cracks,  with  dimensions  in  the  range  ~2  to  20 
jjl. m,  propagated  at  stress  intensities  well  below  the 
worst-case  (“closure-free”)  thresholds  for  large  cracks. 
Indeed,  thresholds  for  such  small  cracks  were  below 


A K  ~  1  MPa^/m,  presumably  due  to  biased  sampling 
by  the  small  flaw  of  the  “weak  links”  in  the 
microstructure. 

(2)  With  increasing  crack  size,  growth  rates  for  the  small 
cracks  merge  first  with  the  high-/?  (closure-free)  large- 
crack  data  (at  2c  ~  50  to  100  /im)  and  eventually  with 
the  low-/?  data  at  larger  crack  sizes. 

(3)  Although  the  lamellar  structure  shows  superior  fatigue- 
crack-growth  properties  in  the  presence  of  large  (“con¬ 
tinuum-sized”)  cracks  (Figure  6),  in  the  presence  of  the 
microstructurally  small  cracks,  the  fatigue-crack-growth 
resistance  of  the  two  structures  is  very  similar,  although 
the  data  are  subject  to  considerably  more  scatter.  This 
implies,  though,  that  a  primary  difference  in  the  fatigue- 
crack-growth  properties  of  the  bimodal  and  lamellar 
microstructures  arises  more  from  the  extrinsic  role  of 
crack-path  tortuosity  and  resultant  crack  closure,  rather 
than  any  distinction  in  their  respective  intrinsic  resist¬ 
ance  to  cyclic  crack  growth.  Similar  effects  have  been 
observed  for  other  material  systems  (e.g..  Reference  63). 

From  the  perspective  of  defining  thresholds  for  HCF, 
however,  the  results  in  Figure  13  clearly  demonstrate  that 
the  concept  of  a  worst-case  threshold  (determined  under 
R  — >  1  conditions  that  minimize  crack  closure)  applies 
strictly  for  continuum-sized  cracks;  such  thresholds  do  not 
provide  a  lower-bound  threshold  stress  intensity  for  cracks 
on  the  scale  of  microstructural  dimensions.  As  discussed  in 
Section  IV-D,  this  is  particularly  pertinent  for  the  early 
stages  of  FOD-induced  fatigue  failures. 

It  is  interesting  to  note  that  the  small-crack  growth  rates 
do  not  vary  that  much  with  micro  structure,  whereas  the  crack 
initiation  mechanisms  are  strongly  influenced  by  microstruc¬ 
ture,  as  noted  previously.  Such  initiation  is  often  controlled 
by  strain  accumulation  at  the  tips  of  the  longest  slip  band, 
which  leads  to  preferential  nucleation  and  initial  growth 
within  the  interconnected  primaiy  a  grains  in  the  bimodal 
microstructure.  In  the  lamellar  microstructure,  cross-colony 
slip-band  crack  initiation  is  observed,  with  subsequent  small- 
crack  growth  generally  occurring  along  the  planar-slip  bands 
into  adjoining,  but  differently  oriented,  colonies.  The  coarser 
microstructure  provides  a  longer  path  for  the  small  crack 
to  propagate  before  it  encounters  a  serious  microstructural 
“barrier”  such  as  differently  oriented  neighboring  colonies. 

Thus,  in  general,  whereas  the  lamellar  structure  offers 
better  resistance  to  large-crack  fatigue-crack  growth  than  the 
bimodal  structure,  there  is  little  difference  in  the  resistance  of 
the  two  microstructures  to  small-crack  growth. 

C.  Mixed-Mode  Fatigue  Thresholds 

1 .  Large-crack  behavior 

Results  for  the  large-crack  threshold  behavior  of  the 
bimodal  and  lamellar  microstructures  under  mode  I  +  II 
loading  are  shown  in  Figure  14  in  the  form  of  mixed-mode 
threshold  envelopes,  where  the  mode  II  threshold  stress- 
intensity  range  (AXnjH)  is  plotted  as  a  function  of  the  corres¬ 
ponding  mode  I  threshold  (/SXl  TH).  Once  more,  several 
points  are  worthy  of  note: 

(1)  Similar  to  the  behavior  in  other  materials, [64_67;|  a  clear 
reduction  in  threshold  values  with  increasing  /?-v alue  is 
evident.  The  slight  increase  in  the  A K\JH  threshold  with 
increasing  mode-mixity  at  low  phase  angles,  observed 
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Fig.  10 — A  comparison  of  the  fractography  and  crack  profiles  (inset)  observed  at  near- threshold  growth  rates  of  ~  1 0-,°  m/cycle  in  the  bimodal  microstructure. 
Whereas  microvoid  coalescence  can  be  seen  in  overload  fracture,  no  such  static  modes  are  evident  in  fatigue,  even  at  R  —  0.96. 


in  the  present  data  at  phase  angles  between  0  and  26 
deg,  has  been  attributed  to  an  effect  of  mode  I/mode  II 
crack-tip  shielding.^43,44!. 

(2)  Although  the  mode  I  threshold  decreases  with  increasing 
mode-mixity,  if  a  more  appropriate  measure  of  the 
mixed-mode  driving  force  is  used,  specifically  the  range 
in  strain-energy  release  rate  (AG  =  (A K}2  +  A Ku2)/E', 
where  E'  -  E  (Young’s  modulus)  in  plane  stress  and 
E/(  1  -  v2)  in  plane  strain  {v being  the  Poisson’s  ratio), 
then  there  is  a  progressive  increase  in  the  mixed-mode 
threshold  (A GTH)  with  increasing  mode-mixity  in  both 
microstructures  for  all  load  ratios  studied  (Figure  15). 
From  the  perspective  of  thresholds  for  high-cycle 
fatigue,  this  implies  that,  in  terms  of  mixed-mode  load¬ 
ing,  the  mode  I  threshold,  defined  in  terms  of  AG,  repre¬ 
sents  a  worst-case  condition.  Naturally,  this  is  also 
evident  when  the  equivalent  stress-intensity  factor  range, 
AX eqTH  -  (AGjy/  £')1/2>  ^  used  to  characterize  the 
threshold  (Figure  15). 


(3)  As  discussed  in  detail  elsewhere,143,44!  the  increase  in 
the  large-crack  mixed-mode  threshold  with  increasing 
mode-mixity  can  be  related  in  these  microstructures  to 
an  increased  role  in  mode  I  and  mode  II  crack-tip 
shielding,  associated  with,  respectively,  crack  closure 
and  sliding-crack  interference  (z.e.,  friction  and  interlock 
of  crack-surface  asperities).  Indeed,  if  such  data  are 
“corrected”  for  this  shielding  by  characterizing  the  driv¬ 
ing  force  in  terms  of  a  mixed-mode  AGeff,[43]  then  the 
effect  of  the  mode-mixity  on  the  threshold  is  greatly 
reduced  (shown  by  the  hatched  regions  in  Figure  16).* 

*The  term  AGcfT  is  defined  as  (AKj  cfT2  +  AATil>efT2)/£',  where  AA']efT  is 
the  effective  stress-intensity  range  in  mode  I,  and  AAT„  cfris  the  corresponding 
effective  stress-intensity  range  in  mode  II.  The  value  of  AJ^i  cfris  determined 
in  the  usual  way,  in  terms  of  Khmax  -  Kc}.  The  value  of  AAT11>cfr,  on  the 
other  hand,  is  equal  to  the  difference  between  the  near-tip  maximum  and 
minimum  mode  II  stress  intensities  in  the  fatigue  cycle.  The  near-tip  mode 
II  stress-intensity  range  differs  from  the  applied  driving  force  due  to  the 
presence  of  shear-induced  fracture-surface  asperity  contact  and  interlock. 
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Fig.  1 1  — A  comparison  of  the  fractography  and  crack  profiles  (inset)  observed  at  near-threshold  growth  rates  of  ~  1 0  10  m/cycle  in  the  lamellar  microstructure. 
The  lamellar  microstructure  generally  exhibits  greater  crack  path  tortuosity  and  fracture  surface  roughness. 


Further  details  on  the  determination  of  AA^l  cfr  and  the  estimation  of  Mr]I>c(r 

using  compliance-based  techniques  can  be  found  in  Reference  44. 

(The  shielding  correction  was  based  on  compliance- 
based  measurements  of  the  mode  I  crack  closure  and 
mode  II  crack-surface  interference  and  is  described  in 
Reference  44).  Similarly,  as  discussed  subsequently  for 
short  and  small  cracks,  where  such  shielding  is  highly 
diminished  due  to  the  restricted  crack  wake,  the  mixed¬ 
mode  threshold  shows  very  little  sensitivity  to  the 
mode-mixity. 

(4)  Akin  to  pure  mode  I  behavior,  in  the  presence  of  large 
cracks,  the  lamellar  structure  displays  superior  mixed¬ 
mode  crack-growth  resistance  to  the  bimodal  structure. 
This  is  attributable  to  the  large  degree  of  crack  deflec¬ 
tion,  bifurcation,  and  secondary  crack  formation  associ¬ 
ated  with  crack  growth  in  the  lamellar  structure,  as 
shown  in  Figure  17;  all  these  factors  result  in  rougher 


fracture  surfaces  which,  under  sliding  conditions  (even 
more  so  than  with  tensile  opening),  can  significantly 
promote  crack-tip  shielding  (by  sliding  crack-surface 
interference)  in  large  cracks.  This  difference  in  crack- 
growth  resistance  between  the  microstructures  is  consid¬ 
erably  reduced  at  phase  angles  approaching  90  deg, 
although  the  reason  for  this  is,  as  yet,  unclear. 

2.  Short-crack  behavior 

The  mixed-mode  thresholds  for  short  (—200  pm)  cracks 
in  the  bimodal  and  lamellar  structures  are  plotted  in  Figure 
16  as  a  function  of  the  phase  angle;  results  are  compared  with 
the  corresponding  thresholds  for  large  cracks  from  Figure  15. 
As  noted  previously,  the  effect  of  crack-tip  shielding  in  the 
crack  wake  is  particularly  significant  in  the  presence  of  shear 
loading,  due  to  crack-surface  friction  and  interlocking  of 
asperities. [44,66~701  Consequently,  due  to  the  minimal  role  of 
crack-tip  shielding  with  cracks  of  limited  wake,  short-crack 
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Fig,  12 — ( a )  and  ( b )  Mode  I  large-crack  A KTH  threshold  values  obtained 
for  the  bimodal  and  lamellar  microstructures  using  symmetric  four-point 
bending  tests  are  shown,  together  with  the  corresponding  values  “corrected” 
for  crack  closure.  Thresholds  for  short  (—200  /on)  through-thickness  cracks 
are  also  shown  for  reference. 


thresholds  can  be  seen  to  be  (1)  far  smaller  than  the  large- 
crack  values,  (2)  relatively  insensitive  to  mode-mixity,  in 
contrast  to  the  large-crack  thresholds,  and  (3)  insensitive 
to  the  load  ratio,  again  in  contrast  to  large-crack  results. 
Moreover,  the  short-crack  threshold  values  were  observed 
to  lie  within  the  scatter  band  for  shielding-corrected  large 
cracks, [43,44}  again  indicating  that,  similar  to  mode  I  condi¬ 
tions,  the  limited  effect  of  shielding  for  short  cracks  is 
responsible  for  their  lower  threshold  values.  It  should  be 
noted  here  that,  in  addition  to  errors  from  varying  precrack 
lengths,  these  tests  (akin  to  large-crack  testsl43])  are  subject 
to  errors  caused  by  small  variations  in  the  offset  of  the  crack 
from  the  load  line  of  the  AFPB  geometry.  The  root-mean- 
square  error  in  this  offset  has  been  determined  to  be  0.081 
mm.f43]  At  a  phase  angle  of  82  deg  and  a  load  ratio  of  0.1, 
this  translates  into  typical  errors  of  ~±2.6  deg  in  ft  and 
~±2  J/m2  in  the  threshold  values;  such  uncertainties  in 
A Gth  values  are  typical  for  the  entire  range  of  R  and  f 
values  studied. 

With  respect  to  microstructural  effects,  the  distinction 
between  the  bimodal  and  lamellar  microstructures  in  terms 
of  the  mixed-mode  crack-growth  resistance  is  substantially 
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Fig.  13 — Fatigue-crack  growth  rates  as  a  function  of  applied  stress-intensity 
range  at  R  =  0.1  for  FOD-induced  small  (—2  to  50  /tm)  surface  cracks 
in  the  bimodal  and  lamellar  microstructures.  Large-crack  growth  data  at 
R  =  0.1  were  obtained  from  constant  load-ratio  tests,  whereas  correspond¬ 
ing  data  at  R  =  0.91  to  0.95  were  obtained  using  constant-ATmax/increasing- 
*mm  testing. 


reduced  for  short  cracks,  compared  to  that  for  large  cracks; 
however,  the  lamellar  structure  still  displays  somewhat 
higher  A Gw  thresholds,  particularly  at  the  lower  J?- values. 

3.  Small-crack  behavior 

The  results  presented  in  Figure  16  show  a  marked  effect 
of  crack  size  on  the  mixed-mode  thresholds,  which  we  have 
attributed  to  a  difference  in  the  magnitude  of  the  crack- 
tip  shielding.  However,  even  lower  mixed-mode  thresholds 
have  been  measured  for  microstructurally  small  (<50  /am) 
surface  cracks,  where  there  is  the  additional  factor  of  the 
biased  sampling  of  the  weak  links  in  the  microstructure  by 
the  small  flaw.  As  shown  in  Figure  18  for  the  bimodal 
structure,  the  large-crack  AGTH  mixed-mode  thresholds  at 
AA^/AA^  =  7.1  ( R  =  0.1)  are  some  70  to  90  times  larger 
than  such  measured  small-crack  thresholds.  As  there  is  little 
to  no  information  in  the  literature  concerning  the  mixed¬ 
mode  behavior  of  such  small  flaws,  this  would  appear  to  be 
an  important  topic  for  further  investigation. 

D.  Thresholds  for  FOD 

High-velocity  impacts  of  hardened  steel  spheres  simulat¬ 
ing  FOD  resulted  in  a  dramatic  reduction  in  the  fatigue  life 
in  both  microstructures,  as  shown  by  the  S-N  data  in  Figure 
3.  Lifetimes  are  reduced  by  a  minimum  of  two  orders  of 
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Fig.  15 — The  threshold  strain-energy  release  rate,  A GTHy  is  plotted  as  a 
function  of  phase  angle,  /?,  for  both  microstructures  for  large  cracks  sub¬ 
jected  to  mixed-mode  loading  at  R  =  0.1,  0.5,  and  0.8.  Equivalent  stress- 
intensity  ranges  at  threshold  for  both  microstructures  are  also  shown.  The 
lamellar  microstructure  generally  displays  superior  resistance  to  fatigue- 
crack  propagation. 


Fig.  14 — Mixed-mode  threshold  envelopes  for  large  (>4  mm)  through¬ 
thickness  cracks  in  the  (a)  bimodal  and  (b)  lamellar  microstructures.  Note 
that  the  lamellar  structure  shows  superior  resistance  to  crack  propagation, 
particularly  at  the  lower  phase  angles. 


magnitude,  and  FOD-induced  failures  can  be  seen  to  occur 
in  as  little  as  2  X  1 04  cycles  at  stresses  below  the  smooth- 
bar  fatigue  limit.  Corresponding  images  of  the  typical  dam¬ 
age  sites,  following  300  m/s  impacts  on  the  flat  surface  of 
the  fatigue  samples,  are  shown  in  Figure  19  for  both 
microstructures. 

As  discussed  in  detail  elsewhere,  [40,471  the  mechanistic 
effect  of  such  FOD  can  be  considered  in  terms  of  (1)  the 
possibility  of  forming  microcracks  in  the  damage  zone,  (2) 
the  stress  concentration  associated  with  the  FOD-induced 
notches,  (3)  microstructural  damage  from  FOD-induced 
plastic  deformation,  and  (4)  the  localized  presence  of  tensile 
residual  hoop  stresses  in  the  vicinity  of  the  impact  site. 
Although  all  these  factors  play  an  important  role,  a  pivotal 
effect  of  FOD  in  reducing  fatigue  life  in  Ti-6A1-4V  appears 


to  be  the  formation,  at  high  impact  velocities,  of  damage- 
induced  microcracks;  on  subsequent  cycling,  these  can  act 
preferred  sites  for  the  premature  initiation  of  fatigue  cracks 
in  the  pileup  of  material  around  the  rim  of  the  impact  crater, 
depending  upon  the  relative  magnitude  of  the  residual 
stresses  in  the  vicinity  of  the  impact.[71l  This  pile-up  of 
material  at  the  crater  rim  can  be  seen  in  Figure  1 9;  within 
this  region,  numerous  microcracks  (~1  to  50  fim  in  size) 
are  formed,  which  (when  favorably  oriented  to  the  applied 
stress  axis)  serve  as  the  starting  point  for  fatigue  cracking 
during  subsequent  cycling.  Moreover,  circumferentially  ori¬ 
ented  intense  shear  bands  are  formed  at  the  higher  impact 
velocities;  these  emanate  from  the  surface  of  the  impact 
crater  and  can  be  seen  as  concentric  rings  on  the  surface  of 
the  crater.  The  development  of  the  pileup  of  material  at  the 
crater  rim  and  the  presence  of  shear  banding  and  microcrack¬ 
ing  was  more  severe  for  the  lamellar  microstructure;  how¬ 
ever,  although  the  microcrack  density  was  increased,  the 
size  of  the  individual  microcracks  (i.e.,  ~ 2  to  50  fim)  was 
comparable  to  that  seen  in  the  bimodal  microstructure.1481 
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Fig.  16 — Variation  in  mixed-mode  thresholds,  A  Gm,  as  a  function  of  phase 
angle,  /?,  in  (a)  and  bimodal  and  ( b )  lamellar  structures.  Shown  are  results 
at  three  load  ratios  for  large  (>4  mm)  cracks,  before  and  after  “correcting” 
for  crack-tip  shielding,  and  for  short  (-200  /zm)  through-thickness  cracks. 


The  growth  rates  of  the  microstructurally  small  cracks 
that  are  initiated  at,  or  near,  such  damage  sites  are  shown 
in  Figure  13.  As  discussed  in  Section  IV-B-5,  there  is 
apparently  little  difference  between  the  early  growth  of  such 
FOD-initiated  cracks  in  the  two  microstructures.  However, 
it  can  be  seen  that  the  growth  of  <5-^m-sized  microcracks 
commences  at  iSX  levels  of  ~  1  MPa  vm;  as  this  is  far  below 
the  worst-case  thresholds  for  continuum-sized  cracks,  an 
alternative  approach  must  be  found  to  describe  the  threshold 
conditions  for  HCF  in  the  presence  of  FOD. 

In  light  of  the  vanishingly  low  thresholds  for  microstruc¬ 
turally  small  cracks  in  Ti-6A1-4V,  an  alternative  approach 
to  describe  the  threshold  conditions  HCF  failures  can  be 
found  using  modified  Kitawaga-Takahashi  diagrams,™ 
where  the  threshold-stress  range  for  fatigue  failure  (Act)  is 
plotted  as  a  function  of  the  surface-crack  size,  2c,  as  shown 
in  Figure  20.  For  the  present  case  of  FOD-initiated  HCF, 
we  have  proposed  coupling  the  worst-case  threshold  stress 
intensity  with  the  107-cycle  smooth-bar  fatigue  limit  to 
describe  the  HCF  failure  envelope,  which  is  plotted  for  the 
bimodal  and  lamellar  microstructures  in  Figures  20(a)  and 
(b)  at  R  =  0.1  and  0.5,  respectively.™ 


Fig.  17 — Fatigue  crack  profiles  are  compared  for  the  (a)  bimodal  (R  - 
0.8,  and  /?  =  26  deg)  and  ( b )  lamellar  (R  =  0. 1 ,  and  /?  =  62  deg)  microstruc¬ 
tures.  Optical  micrographs  show  both  the  mode  I  fatigue  precrack  and  the 
region  of  deflected  crack  growth  following  the  application  of  cyclic  mixed¬ 
mode  loading.  Measured  crack  deflection  angles,  0cxp,  are  compared  with 
those  predicted  by  the  path  of  maximum  tangential  stress,  ^ ms  (References 
43  and  44). 
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Fig.  1 8 — Variation  in  mixed-mode  thresholds,  A  Gw,  as  a  function  of  phase 
angle,  /?,  for  small  (<50  /tm)  surface  cracks  in  the  bimodal  micro  structure. 
Shown  for  comparison  are  results  for  short  (—200  /mi)  through-thickness 
cracks  and  for  large  (>4  mm)  cracks  under  worst-case,  high  R  conditions. 


Results  for  the  bimodal  microstructure  (closed  symbols, 
solid  lines)  show  that  crack  growth  at  both  load  ratios  from 
FOD-induced  microstructurally  small  cracks  can  be  ade¬ 
quately  described  by  the  fatigue  limit,  corrected  for  the  stress 
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Fig.  1 9 — FOD-induced  craters  formed  following  high  velocity  (300  m/s)  impacts  in  the  {a)  bimodal  and  (c)  lamellar  microstructures.  Note  the  extensive 
pileup  observed  at  the  impact  crater  rim,  particularly  for  the  lamellar  microstructure.  Failures  initiated  from  impact-induced  cracks  at  the  crater  rim  (marked 
by  arrows)  in  the  ( b )  bimodal  microstructure  (nominally  applied  =  500  MPa,  R  =  0.1,  and  Nf  ~  65,000  cycles)  and  (< d )  lamellar  microstructure 
(nominally  applied  cr^  -  500  MPa,  R  ~  0.1,  and  NF  =  23,000  cycles). 


concentration  of  the  FOD  indent,  at  small  crack  sizes,  and 
the  worst-case  threshold  stress  intensity  at  larger  continuum¬ 
sized  crack  sizes.*  The  failure  envelopes  in  Figure  20  can 

*An  additional  correction  is  required  for  the  case  of  low  applied  stresses 
(relative  to  the  magnitude  of  residual  tensile  stresses  in  the  vicinity  of  the 
damage  sites  (—300  MPa)).  As  described  in  detail  elsewhere,1711  the  effective 
load  ratio  in  the  Kitagawa-Takahashi  plots  needs  to  be  corrected  by  super¬ 
imposing  the  tensile  residual  stress  as  a  mean  stress.  This  approach  is  often 
unnecessary  for  higher  applied  stresses,  due  to  relaxation  of  the  residual 
stresses  at  the  base  and  rim  of  the  damage  sites  during  initial  fatigue 
cycling.1411 

be  somewhat  better  represented  by  the  El  Haddad  et  al.[13] 
empirical  quantification  of  the  Kitagawa-Takahashi  dia¬ 
gram,  as  shown.  This  approach  introduces  a  constant,  termed 
the  “intrinsic  crack  size.”*  (2 c0),  such  that  the  stress  inten- 

*  Although  called  the  intrinsic  crack  size,  this  term  is  a  fitting  parameter 
and  has  no  physical  significance. 


sity  is  defined  as  A K  =  YAa  (7t(2c  +  2 c0)1/2,  where  Y  is 
the  geometry  factor. 

With  respect  to  the  lamellar  microstructure,  shown  by  the 
open  symbols  and  dashed  lines  in  Figure  20,  the  Kitagawa- 
Takahashi  approach  is  less  suited.  This  structure  does  pos¬ 
sess  significantly  better  resistance  to  large-crack  growth  in 
the  form  of  higher  fatigue  thresholds,  and  it  possesses  higher 
resistance  to  crack  initiation  in  the  form  of  a  higher  smooth- 
bar  fatigue  limit;  however,  it  is  more  prone  to  the  formation 
of  FOD-induced  microcracks,  and  such  microstructurally 
small  cracks  exhibit  a  low  resistance  to  propagation,  even 
at  stress-concentration-corrected  stress  ranges  well  below 
the  fatigue  limit. 

V.  CONCLUDING  REMARKS 

The  selection  of  an  ideal  microstructure  for  optimal  HCF 
properties  in  an  alloy  represents  a  complex  task,  particularly 
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Surface  Crack  Length,  2c  (pm) 
(«) 


Surface  Crack  Length,  2c  (nm) 

(b) 

Pig  20 — Modified  Kitagawa-Takahashi  diagrams  representing  the  thresh¬ 
old  crack-growth  conditions  ( da/dN  =  10“10  to  10-11  m/cycle)  at  ( a )  R  = 
0.1  and  ( b )  R  =  0.5  for  FOD-induced  small  cracks  in  bimodal  and  lamellar 
Ti-6A1-4V.  The  threshold  stress  range  as  a  function  of  the  surface  crack 
length  is  plotted,  with  the  limiting  conditions  of  the  worst-case  thresholds 
stress-intensity  range  at  large  crack  lengths  and  the  stress-concentration 
corrected  107-cycle  smooth-bar  fatigue  limit  at  small  crack  lengths. 


in  view  of  the  conflicting  requirements  of  developing  a  high 
resistance  to  large-crack  growth,  which  is  generally  referred 
to  as  the  damage  tolerance ,  together  with  similar  resistance 
to  crack  initiation  and  small-crack  growth,  which  generally 
determines  the  durability.  Whereas  large-crack  growth  resist¬ 
ance  is  often  controlled  by  extrinsic  factors,  such  as  crack 
closure,  which  generally  are  promoted  by  coarse  microstruc¬ 
tures,  resistance  to  crack  initiation  and  small-crack  growth 
is  more  of  an  intrinsic  property  of  the  microstructure  and  is 
promoted  by  finer-scale  microstructures. 

In  the  present  case  of  Ti-6A1-4V  alloys  for  turbine  engine 
applications,  the  coarse  /^-annealed  lamellar  structure,  which 
has  a  characteristic  microstructural  dimension  over  one  order 
of  magnitude  larger  than  the  equiaxed  bimodal  (STOA) 
structure,  clearly  has  the  better  damage  tolerance.  It  is  a 
higher-strength,  higher-toughness  microstructural  condition 
that  develops  higher  levels  of  crack-tip  shielding  in  both 
mode  I  and  mode  II  from  its  more  deflected  crack  paths 


and  resulting  rougher  fracture  surfaces;  correspondingly,  its 
large-crack  fatigue-crack  growth  properties,  in  terms  of 
mode  I  and  mixed-mode  fatigue  thresholds,  are  definitely 
superior  to  those  for  the  bimodal  microstructure.  However, 
at  high  load  ratios  where  the  effect  of  such  shielding  is 
diminished,  the  finer  bimodal  microstructure  has  comparable 
properties.  Similarly,  for  the  growth  of  microstructurally 
small  cracks,  specifically  following  FOD,  again,  where  the 
role  of  shielding  is  minimized,  the  HCF  resistance  of  the 
two  microstructures  is  comparable.  The  problem  with  the 
lamellar  structure  is  that  it  has  a  factor-of-4  lower  ductility 
and,  thus,  is  more  prone  to  the  formation  of  microcracks 
following  impact  damage.  More  importantly,  cracks  as  large 
as  ~500  fim  (the  average  colony  size)  may  be  considered 
as  microstructurally  small  in  the  lamellar  condition.  As  such 
cracks  are  prone  to  biased  sampling  of  the  microstructure, 
properties  are  subject  to  more  scatter  and  often  do  not  con¬ 
form  to  measurements  from  larger  samples,  which  reflect 
continuum  behavior.  Consequently,  it  may  be  much  more 
difficult  in  practice  to  define  reliable  HCF  threshold  proper¬ 
ties  in  the  lamellar  microstructure  that  will  prevent  the  occur¬ 
rence  of  HCF  failures  in  service.  A  probabilistic  framework 
for  such  modeling  and  predictions  may  be  required  in 
these  instances. 


VI.  CONCLUSIONS 

Based  on  a  comparative  study  of  the  HCF  properties  of 
fine  bimodal  and  coarse  lamellar  microstructures  in  Ti-6A1- 
4V,  involving  S-N  behavior,  mode  I  fatigue-crack  propaga¬ 
tion,  and  threshold  behavior  (as  a  function  of  load  ratio  and 
frequency)  for  large  and  small  cracks,  the  corresponding 
fatigue-threshold  behavior  for  large  and  small  cracks  under 
mixed-mode  loading,  and  the  role  of  FOD,  the  following 
conclusions  can  be  made. 

1 .  Although  the  differences  are  not  large,  the  lamellar  micro¬ 
structure  appears  to  display  superior  smooth-bar  S-N 
cycle  fatigue  properties  for  lifetimes  from  — 105  to  >108 
cycles  at  load  ratios  of  0.1  and  0.5,  due  to  its  roughly 
10  pet  higher  tensile  strength  and  coarser  microstructural 
dimensions  (which  limited  the  number  of  colonies  to  be 
sampled  for  weak  orientations).  In  contrast,  at  shorter 
lifetimes  in  the  low-cycle  regime,  the  bimodal  micro¬ 
structure  exhibits  the  slightly  better  fatigue  properties, 
presumably  because  of  the  much  higher  ductility  of 
this  microstructure. 

2.  Similarly,  the  lamellar  microstructure  displayed  better 
(mode  I)  fatigue-crack-propagation  properties  than  the 
bimodal  microstructure  in  the  presence  of  large  (>4  mm) 
cracks.  This  was  associated  with  the  more  tortuous  crack 
paths  in  the  coarser  microstructure,  which  promoted 
higher  levels  of  crack-tip  shielding  primarily  by 
roughness-induced  crack  closure.  Consequently,  at  high 
load  ratios  where  the  effect  of  such  closure  was  minimal, 
the  HCF  threshold  properties  of  the  two  microstructures 
were  comparable.  Indeed,  worst-case  mode  I  thresholds, 
defined  at  constant-^max/increasing-ATmin  conditions  to 
give  very  high  load  ratios  ( R  >  0.92)  and,  hence,  mini¬ 
mize  the  role  of  closure,  were  found  to  be  1.9  MPa^/m 
in  both  microstructures;  these  values  can  be  regarded 
as  lower-bound  HCF  threshold  values  for  continuum¬ 
sized  cracks. 
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Large  Crack 


3.  In  the  presence  of  microstructurally  small  (~2  to  50 
/zm)  cracks,  as,  for  example,  are  formed  following  high- 
velocity  impact  damage,  thresholds  for  fatigue-crack 
propagation  were  observed  to  be  far  less  than  the  worst- 
case  thresholds  and  approach  —1  MPa^m.  The  behavior 
in  this  regime  was  similar  in  both  microstructures. 

4.  Mixed-mode  large-crack  measurements  for  both  micro¬ 
structures  indicate  that  mixed-mode  thresholds,  charac¬ 
terized  in  terms  of  the  strain-energy  release  rate,  A GTHy 
or  the  equivalent  stress  intensity,  A KeqtTH,  are  increased 
with  increasing  mode-mixity;  correspondingly,  pure 
mode  I  AGTfi  thresholds  can  be  used  as  a  conservative 
worst-case  estimate.  The  larger  threshold  values  with 
increasing  mode-mixity  can  be  attributed  to  an  increased 
role  of  crack-tip  shielding  in  mode  I  (crack  closure)  and 
mode  II  (crack-surface  interference). 

5.  The  lamellar  microstructure  displayed  superior  resistance 
to  mixed-mode  fatigue-crack  propagation  in  the  presence 
of  large  cracks;  at  very  high  mode-mixities,  approaching 
pure  mode  II  conditions  (/?  =  82  deg),  however,  the 
properties  of  the  bimodal  and  lamellar  microstructure 
were  similar. 

6.  Due  to  the  limited  effect  of  such  shielding,  mixed-mode 
thresholds  for  short  (—200  /zm)  through-thickness  and 
small  (2  to  50  /zm)  surface  cracks  were  found  to  be 
substantially  less  than  the  large-crack  values  and  to  be 
essentially  insensitive  to  the  mode-mixity.  Short-crack 
thresholds  were  seen  to  be  comparable  to  the  large- 
crack  threshold  values  after  correcting  for  crack-tip 
shielding.  The  lamellar  microstructure  exhibited  some¬ 
what  higher  short-crack  thresholds  compared  to  the 
bimodal  microstructure. 

7.  The  FOD  simulated  by  high-velocity  impacts  by  hardened 
steel  shot,  was  found  to  markedly  reduce  the  fatigue 
life;  this  effect  was  attributed  to  impact-induced  residual 
stresses,  microstructural  distortion,  geometric  stress  con¬ 
centrations,  and,  most  importantly,  incipient  microcrack 
formation.  Threshold  conditions  for  HCF  failures  follow¬ 
ing  FOD  can  be  described  in  terms  of  a  modified 
Kitagawa-Takahashi  approach,  in  terms  of  the  smooth- 
bar  fatigue  limit,  corrected  for  the  stress  concentration 
of  the  FOD  indent  and  residual  stresses,  at  small  crack 
sizes  and  the  worst-case  threshold-stress  intensity  at 
larger  continuum-sized  crack  sizes.  Resistance  to  FOD- 
induced  HCF  failures  was  comparable  in  the  bimodal 
and  lamellar  microstructures,  although  the  lamellar 
microstructure  was  more  prone  to  the  formation  of  micro¬ 
cracks  following  high-velocity  impact  damage. 
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Fig.  A1 — Schematic  illustrations  highlighting  the  key  distinctions  between 
large,  short,  and  small  fatigue  cracks.  ( a )  Large  cracks  have  length,  a ,  and 
width,  Wy  which  are  large  both  with  respect  to  the  equilibrium  shielding- 
zone  length,  4  (indicated  here  as  a  region  of  debris  in  the  crack  wake  which 
produces  crack  closure),  and  the  characteristic  microstructural  size  scale, 
p,  e.g.y  the  grain  size.  In  contrast  to  this,  (b)  short  fatigue  cracks  are 
characterized  by  a  <  4 ,  but  W^>  p.  The  reduced  crack- wake  length  results 
in  a  lower  level  of  crack-tip  shielding,  (c)  for  small  cracks,  the  fracture 
surface  is  reduced  in  both  dimensions,  with  a  (and  W)  being  small  with 
respect  to  both  4  and  p.  The  fact  that  a  —  p  implies  that  the  crack  front 
samples  only  a  few  microstructural  entities,  leading  to  a  biased  sampling 
of  the  microstructure.  It  should  be  noted  here  that  owing  to  the  coarser 
microstructure  in  the  lamellar  case,  a  crack  belonging  to  class  (c)  for  this 
microstructural  condition  can  be  over  an  order  of  magnitude  larger  than 
similar  cracks  in  the  bimodal  case. 


APPENDIX 

Distinction  between  large,  short,  and  small  cracks 

A  key  component  of  the  present  work  is  a  comparison 
of  the  crack-growth  behavior  for  fatigue  cracks  of  varying 
dimension,  which  are  classified  here  as  large ,  short ,  and 
small  cracks.  For  the  sake  of  clarity,  the  salient  differences 
between  such  cracks  are  briefly  reviewed  here.  Large  fatigue 
cracks  (Figure  A  1(a))  have  fracture  surface  dimensions  that 
are  large  compared  to  the  scale  of  the  microstructure  in  both 
directions.  Therefore,  they  generally  have  a  fully  developed* 


♦For  mixed-mode  loading  conditions,  the  shearing  of  the  fracture  surfaces 
with  respect  to  one  another  can  produce  crack-wake  contact  via  sliding 
interference  over  dimensions  that  are  much  larger  than  for  mode  1  loading, 
perhaps  over  the  entire  wake  of  a  large  fatigue  crack. [68,70]  Thus,  the  notion 
of  a  “fully  developed”  shielding  zone  is  somewhat  unclear  for  mixed-mode 
loading  conditions.  At  the  least,  one  would  expect  the  equilibrium  shielding- 
zone  length  to  be  a  function  of  the  applied  ratio  of  shear  to  tension. 


crack-tip  shielding  zone  and  can  “sample”  the  microstructure 
in  a  statistical  (continuum)  manner.1631  With  respect  to  large 
cracks,  small  cracks  are  generally  described  as  being  compa¬ 
rable  in  size  to  the  following: [74] 
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•  microstructural  dimensions,  where  biased  statistical  sam¬ 
pling  of  the  microstructure  can  lead  to  accelerated  crack 
advance  along  “weak”  paths,  i.e.,  microstructural  features 
oriented  for  easy  crack  growth  (a  continuum  limitation); 

•  the  extent  of  local  inelasticity  ahead  of  the  crack  tip, 
where  the  assumption  of  small-scale  yielding  implicit  in 
the  use  of  the  stress  intensity,  K ,  is  not  strictly  valid  (a 
linear-elastic  fracture  mechanics  limitation);  and 

•  the  extent  of  crack-tip  shielding  (e.g.,  crack  closure) 
behind  the  crack  tip,  where  the  reduced  role  of  shielding 
leads  to  a  higher  local  driving  force  than  the  corresponding 
large  crack  at  the  same  applied  K  level  (a  similitude 
limitation). 

However,  a  further  important  distinction  can  be  made, 
namely,  that  of  a  short  vs.  small  crack,  as  shown  schemati¬ 
cally  in  Figure  Al.  This  distinction  alludes  not  simply  to 
physical  size  but  the  extent  to  which  a  fatigue  crack  is 
subjected  to  the  first  and  third  factors  listed  previously.  Short 
fatigue  cracks  (Figure  A  1(b))  are  physically  short  in  only 
one  dimension,  a  condition  that  is  often  realized  experimen¬ 
tally  by  machining  away  the  wake  of  a  large  crack.  This 
type  of  fatigue  flaw  experiences  limited  crack-tip  shielding 
due  to  its  reduced  length^355  yet  still  samples  the  microstruc¬ 
ture  as  a  continuum  because  of  its  extensive  crack  front.  In 
contrast,  small  fatigue  cracks  (Figure  A  1(c))  are  small  and 
comparable  to  the  microstructural  size  scale  in  all  dimen¬ 
sions,  as  typified  by  the  small,  semielliptical  surface  flaw 
(e.g.,  Reference  74).  With  such  cracks,  crack-tip  shielding 
is  significantly  reduced  (e.g.,  Reference  63),  and,  since  the 
crack  front  samples  only  few  microstructural  entities,  this 
allows  for  a  biased  sampling  of  microstructurally  weak  paths. 
Because  of  this  restriction  in  shielding  and  the  biased  micro- 
structural  sampling,  fatigue-crack  growth  resistance  in  the 
presence  of  small  cracks  tends  to  be  lowest. 
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Abstract 

Mixed-mode,  high-cycle  fatigue-crack  growth  thresholds  are  reported  for  through-thickness  cracks  (large  compared 
to  microstructural  dimensions)  in  a  Ti-6A1-4V  turbine  blade  alloy  with  a  bimodal  microstructure.  Specifically,  the  effect 
of  combined  mode  I  and  mode  II  loading,  over  a  range  of  phase  angles  tan ~l(AKu/AKi)  from  0°  to  82° 
(AKu/AKi  ~  0-7),  is  examined  for  load  ratios  (ratio  of  minimum  to  maximum  loads)  ranging  from  R  =  0.1  to  0.8  at  a 
cyclic  loading  frequency  of  1000  Hz  in  ambient  temperature  air.  Although  the  general  trend  for  the  mode  I  stress- 
intensity  range  at  the  threshold,  A£itTH,  is  to  decrease  with  increasing  mode  mixity,  AKu/AKu  and  load  ratio,  R ,  if  the 
crack-driving  force  is  alternatively  characterized  in  terms  of  the  strain-energy  release  rate,  AG,  incorporating  contri¬ 
butions  from  both  the  applied  tensile  and  shear  loading,  the  threshold  fatigue-crack  growth  resistance  increases  sig¬ 
nificantly  with  the  applied  ratio  of  AKU/AK\.  The  pure  mode  I  threshold,  in  terms  of  AGth,  is  observed  to  be  a  lower 
bound  (worst  case)  with  respect  to  mixed-mode  (I  +  II)  behavior.  These  results  are  compared  with  mixed-mode  fatigue 
thresholds  for  short  cracks,  where  the  precrack  wake  has  been  machined  to  within  ~200  pm  of  the  precrack  tip.  For 
such  short  cracks,  wherein  the  magnitude  of  crack-tip  shielding  which  can  develop  is  greatly  reduced,  the  measured 
mixed-mode  fatigue-crack  growth  thresholds  are  observed  to  be  markedly  lower.  Moreover,  the  dependence  of  the 
mixed-mode  fatigue-crack  growth  resistance  on  the  applied  phase  angle  is  significantly  reduced.  Comparison  of  the 
large-  and  short-crack  data  suggests  that  the  increase  in  the  large-crack  fatigue  threshold,  AGth,  with  an  increasing 
mode  mixity  ( AK\\/AK\ )  is  largely  due  to  shielding  from  shear-induced  crack-surface  contact,  which  reduces  the  local 
crack-driving  force  actually  experienced  at  the  crack  tip.  Quantification  of  such  shielding  is  described  in  Part  II  of  this 
paper.  ©  2000  Elsevier  Science  Ltd.  All  rights  reserved. 
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1.  Introduction 

One  of  the  principal  challenges  currently  associated  with  the  safety  and  readiness  of  military  aircraft 
fleets  is  the  susceptibility  of  turbine  engine  components  to  failure  from  high-cycle  fatigue  (HCF),  i.e.,  the 
rapid  propagation  of  fatigue  cracks  under  high  frequency  vibratory  loading  [1,2].  Such  failures  are  ex¬ 
tremely  costly,  leading  to  severe  engine  damage,  loss  of  aircraft,  and  even  loss  of  human  life.  Multiaxial 
loading  conditions  are  known  to  exist  at  specific  fatigue-critical  locations  within  the  turbine  engine  com¬ 
ponents,  particularly  in  association  with  fretting  fatigue  in  the  blade  dovetail/disk  contact  section  [3].  For 
fatigue-crack  growth  in  such  situations,  the  resultant  crack-driving  force  may  be  a  combination  of  the 
influence  of  a  mode  I  (tensile  opening)  stress-intensity  range,  A K\,  as  well  as  mode  II  (in-plane  shear)  and/or 
mode  III  (anti-plane  shear)  stress-intensity  ranges,  A K\\  and  AATm,  respectively.  While  the  vast  majority  of 
the  published  fatigue-crack  growth  data  is  measured  for  mode  I  loading  only,  it  has  been  observed  that  the 
superposition  of  cyclic  shear  (A^n  or  AA:m  >  0)  to  cyclic  tension  can  lower  the  mode  I  threshold  stress- 
intensity  range,  AJ^i,  below  which  crack  growth  is  presumed  dormant  [4-12].  Recent  studies  in  single  crystal 
Ni-based  superalloys  show  that  this  effect  can  be  severe  [13]. 

For  the  high-cycle  fatigue  of  turbine  engine  alloys,  it  is  clearly  critical  to  quantify  the  effect  of  combined 
tension  and  shear  loading  on  the  fatigue-crack  growth  threshold,  as  the  extremely  high  cyclic  loading 
frequencies  (~l-2  kHz)  and  correspondingly  short  times  to  failure  may  necessitate  a  threshold-based  design 
methodology  [14].  Given  this,  as  well  as  the  knowledge  of  the  existence  of  such  loading  conditions  in  fa¬ 
tigue-critical  components,  the  paucity  of  mixed-mode  fatigue-crack  propagation  data  in  aerospace  titanium 
alloys  [5-7]  is  of  some  concern.  Of  further  concern  is  the  almost  total  lack  of  information  on  mixed-mode 
thresholds  for  cracks  of  limited  dimensions,  i.e.,  compared  to  the  scale  of  microstructure  or  extent  of  crack- 
tip  shielding;  extensive  results  for  behavior  under  nominal  mode  I  loading  indicate  that  the  fatigue 
thresholds  for  the  so-called  small  or  short  cracks  can  be  significantly  smaller  than  those  measured  for 
corresponding  large  cracks  [15-22].  1 

Accordingly,  in  the  present  work,  mixed-mode  fatigue-crack  growth  thresholds  for  combined  mode 
I  +  II  loading  are  examined  in  a  Ti-6A1-4V  alloy  with  a  typical  turbine  blade  microstructure.  The  influence 
of  various  degrees  of  mode-mixity,  ranging  from  Ai^i/AA^  =  0  (mode  I  loading)  to  ~7,  on  the  crack- 
growth  threshold  condition  is  investigated  for  loading  conditions  characteristic  of  turbine  engine  HCF,  i.e. 
high  mean  stresses  (up  to  load  ratios  of  R  =  0.8)  and  high  cyclic  loading  frequencies  (1000  Hz).  Experiments 
are  performed  using  an  asymmetric  bend  geometry  for  both  large  (>4  mm)  and  short  (~  150-250  pm) 
cracks;  the  latter  is  achieved  by  machining  out  the  wake  of  larger  cracks  to  within  ~200  pm  of  the  crack  tip. 
Since  both  types  of  flaws  are  through  thickness  (~5  mm)  and  large  compared  to  microstructural  size  scales 
(i.e.,  the  grain  size)  in  this  dimension,  in  both  cases,  their  crack  fronts  are  able  to  “sample”  many  mi¬ 
crostructural  entities;  such  flaws  may  be  termed  “continuum-sized”  cracks.  However,  the  capacity  for 
crack-tip  shielding  is  significantly  reduced  with  the  short  crack  due  to  the  restricted  crack  wake  in  which 
fracture  surface  contact  mechanisms  can  operate. 

It  is  found  that,  although  the  value  of  the  mode  I  stress-intensity  range  at  threshold,  AATi>th,  can  be 
decreased  for  a  sufficiently  high  ratio  AKn/AKi,  provided  the  mixed-mode  crack -driving  force  is  charac¬ 
terized  in  terms  of  the  strain-energy  release  rate,  AGth,  (incorporating  both  tensile  and  shear  contribu¬ 
tions),  the  (large-crack)  fatigue-crack  growth  threshold  actually  increases  with  increasing  mode-mixity. 
Thus,  the  mode  I  fatigue-crack  growth  threshold,  expressed  in  terms  of  AGVh,  is  the  worst-case  (at  least  for 
continuum-sized  cracks).  This  strong  dependence  of  AGth  on  mode  mixity  is  found  to  be  reduced  for  short 
cracks,  primarily  due  to  a  reduced  role  of  crack-tip  shielding;  moreover,  the  magnitude  of  the  AGth 


1  A  brief  description  of  the  salient  distinctions  between  large,  short  and  small  fatigue  cracks  can  be  found  in  Appendix  A. 
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threshold  for  such  short  cracks  is  found  to  be  lower  than  that  exhibited  by  the  large  cracks  for  all  values  of 
AKu/AKi  studied. 


2.  Materials  and  experimental  methods 

2.7.  Material 

The  material  investigated  was  a  forged  Ti-6A1-4V  turbine  engine  alloy  received  with  a  bimodal  mi¬ 
crostructure  2  consisting  of  nearly  equiaxed  primary  a  and  lamellar  a+  p  colonies  (Fig.  1).  This  alloy  was 
processed  specifically  for  the  joint  military-industry-university  HCF  program  by  Teledyne  Titanium  as 
mill-annealed,  forging  bar-stock  material  (diameter:  63.5  mm);  its  chemical  composition  is  given  in  Table  1. 
The  (3-transus  temperature,  measured  using  differential  thermal  analysis,  ranged  from  990°C  to  1005°C. 

The  bar  stock  was  sectioned  into  400  mm  long  segments,  preheated  to  940°C  (30  min),  and  forged  into 
400  x  150x20  mm3  plates.  The  forged  plates  were  then  solution  treated  at  925°C  (1  h)  in  air,  followed  by  fan 
air  cooling,  and  a  subsequent  stabilization  was  performed  at  700°C  (2  h)  in  vacuo.  Based  on  the  mea¬ 
surements  in  each  of  the  four  random  forging  locations  [24],  the  microstructure  was  found  to  consist  of  64.1 
vol.%  (standard  deviation:  6.6%)  primary  a  with  an  average  grain  diameter  of  ^20  pm  (slightly  elongated  in 
the  longitudinal  (L)  direction)  and  lamellar  a  +  p  colonies  (Fig.  1);  the  lamellar  spacing  (center-to-center 


Fig.  1.  Optical  photomicrograph  of  the  bimodal  (STOA)  Ti-6A1-4V.  The  bimodal  structure  consists  of  nearly  equiaxed  grains  of 
primary  a  phase  (~20  pm  in  diameter)  and  regions  of  lamellar  ot  +  (3.  Etchant:  aqueous  3.5%  HNO3,  and  5%  HF. 


Table  1 

Chemical  composition  of  Ti-6A1-4V  bar  stock  (in  wt.%)  [23] 


Bar  location 

Ti 

A1 

V 

Fe 

O 

N 

H 

Top 

Balance 

6.27 

4.19 

0.20 

0.18 

0.012 

0.0041 

Bottom 

Balance 

6.32 

4.15 

0.18 

0.19 

0.014 

0.0041 

2 


This  microstructural  condition  is  often  referred  to  as  solution  treated  and  overaged  (STOA)  by  the  HCF  community. 
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distance  for  the  (5  phase)  was  measured  from  phase  contrast  (backscattered  electron  imaging)  scanning 
electron  micrographs  to  be  ~1  pm. 

Tensile  tests,  conducted  at  initial  strain  rates  of  5  x  10”4  s”1  in  the  longitudinal  ( L )  orientation  [23], 
indicated  a  yield  strength  of  930  MPa  (range:  926-935  MPa)  and  an  ultimate  tensile  strength  of  978  MPa 
(range:  970-985  MPa). 

2.2.  Experimental  methods 

Thresholds  for  large  fatigue  cracks  were  measured  using  the  asymmetric  four-point  bend  (AFPB) 
specimen  [4,25-27].  For  this  test  geometry,  the  bending  moment,  Af2,  varies  linearly  between  the  inner 
loading  points,  while  the  shear  force,  is  constant  in  this  region  (Fig.  2).  Thus,  a  cracked  sample  may  be 
subjected  to  loading  conditions  ranging  from  pure  mode  II  to  mode  I  dominant  (i.e.,  a  small  value  of 
AKn/AK\)  by  careful  control  of  the  distance  by  which  the  crack  is  offset  from  the  load  line,  s.  Pure  mode  I 
tests  were  conducted  using  standard,  symmetric  four-point  bend.  Inner  and  outer  loading  spans  (from  load 
line  to  loading  point)  of  12.7  and  25.4  mm,  respectively,  were  utilized.  A  high  pressure  MoS2  grease  was 
applied  at  the  loading  points  to  minimize  the  effects  of  friction.  Mixed-mode  loading  conditions  were 
quantified  both  in  terms  of  the  ratio  of  AKu/AKi ,  which  was  varied  from  0  (pure  mode  I)  to  7.1,  and  the 
phase  angle,  /?  =  tan^AA^/AA^),  which  correspondingly  varied  from  0°  to  82°.  Positive  load  ratios 
(A  —  Armin/ATmax)  were  varied  between  0.1  and  0.8. 


Fig.  2.  The  asymmetric,  four-point-bend,  crack-growth  sample  and  the  associated  shear  force,  and  bending  moment,  Mz>  diagrams 
are  shown.  When  the  crack  is  offset  from  the  load  line  by  an  amount  j,  the  value  of  s/  W  (where  W  is  the  beam  height)  dictates  the  ratio 
of  AKn  to  A*,. 
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Fig.  3.  The  first  step  of  fatigue  precracking  for  short-crack  threshold  measurements  was  conducted  in  the  same  manner  as  for  large- 
crack  threshold  measurements,  as  shown  in  (a).  Following  this  procedure,  the  precrack  wake  was  machined  out  using  a  slow  speed 
diamond  saw  (b)  to  within  ~200  pm  of  the  precrack  tip.  Mixed-mode  thresholds  for  short  fatigue  cracks  were  then  measured  by  the 
same  methods  employed  for  large  fatigue  cracks. 


Because  of  the  potentially  strong  influence  on  mixed-mode  crack-growth  behavior  of  precracking 
technique  [9]  and  crack-wake  shielding  effects  [4,28-31],  a  very  specific  fatigue  precracking  regimen  was 
employed  to  ensure  a  standard  and  reproducible  precrack  condition  for  all  the  threshold  measurements. 
Fatigue  precracks  were  grown,  using  computer-automated  stress-intensity  control,  from  a  2  mm  deep 
electrical  discharge  machined  notch  under  mode  I  loading  in  four-point  bending,  with  a  load  ratio, 
R  =  Km\n/Kmax,  of  0.1,  and  a  cyclic  loading  frequency  of  125  Hz  (sine  wave).  Loads  were  shed  at  a  K - 
gradient,  3  C,  of  -0.15  mm"1  such  that  a  final  precrack  length  of  4.50  ±  0.25  mm  was  achieved  at  a  near 
threshold  stress  intensity  range  of  4.8  ±  0.3  MPa>/m. 

To  determine  fatigue  thresholds,  tests  were  performed  on  an  MTS  servo-hydraulic  high-frequency 
testing  machine  incorporating  a  voice-coil  servovalve  [32].  AFPB  samples  were  loaded  with  the  precrack  tip 
offset  from  the  load  line  to  achieve  the  desired  ratio  AKu/AKj.  The  necessary  offset  and  values  of  and 
AA'n  corresponding  to  the  applied  load  amplitude  were  determined  using  a  recently  updated  stress-intensity 
solution  for  the  AFPB  geometry  by  He  and  Hutchinson  [26].  Samples  were  then  subjected  to  two  million 
cycles  at  1000  Hz  (sine  wave).  If  no  crack  growth  was  observed  (via  an  optical  microscope),  A K\  or  AKU  was 
increased  by  approximately  0.25  MPa  y/m  and  the  test  was  repeated.  In  this  way,  the  threshold  for  the  onset 
of  crack  growth  (defined  as  crack  growth  rates  less  than  10“n  m/cycle)  was  measured  as  a  “growth/no 
growth”  set  of  loading  conditions  bounding  the  true  threshold. 

Fatigue  precracks  for  short-crack  threshold  measurements  were  generated  as  described  above.  Following 
this  procedure,  the  precrack  wake  was  machined  out  using  a  slow  speed  diamond  saw  to  within  ~200  pm  of 
the  precrack  tip,  as  illustrated  in  Fig.  3.  This  technique  significantly  restricts  the  degree  of  crack  wake 
contact  during  subsequent  mixed-mode  loading  and,  hence,  markedly  reduces  the  magnitude  of  crack-tip 
shielding.  Mixed-mode  fatigue-crack  growth  thresholds  were  then  measured  by  the  same  methods  em¬ 
ployed  for  large  fatigue  cracks. 


3  The  ^-gradient,  C,  is  defined  by  the  equation  A/To  =  A Ki  exp  { C(ao 
parameter  values. 


a,)),  where  subscripts  “0”  and  indicate  current  and  initial 
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3.  Results  and  discussion 

3.1.  Mixed-mode  threshold  envelopes 

Mixed-mode  fatigue-crack  growth  threshold  envelopes,  plotted  as  the  mode  II  stress-intensity  range 
at  threshold,  AAu,th,  as  a  function  of  the  corresponding  mode  I  threshold,  AKijTH>  are  shown  in  Fig.  4. 
The  thresholds  for  the  onset  of  crack  extension  are  presented  for  AXu/AKj  values  of  0,  0.5,  1.9  and  7.1 
([)  =  0°,  26°,  62°  and  82°,  respectively)  at  load  ratios  of  0.1,  0.5  and  0.8.  Closed  and  open  symbols  rep¬ 
resent  the  loading  conditions  that  produced,  respectively,  no  crack  growth  and  crack  growth;  these 
loading  conditions  bound  the  true  threshold  for  the  onset  of  crack  extension.  An  error  analysis  for  these 
threshold  data  is  presented  in  Appendix  B;  uncertainty  in  the  position  of  the  crack  with  respect  to  the 
mechanical  test  frame  load  line  and  the  associated  uncertainty  in  AATI  Th  and  the  applied  phase  angle  are 
considered. 

Comparison  of  the  three  load  ratios  investigated  reveals  that  the  fatigue-crack  growth  resistance  is 
degraded  by  increasing  R,  as  evidenced  by  a  shifting  of  the  threshold  envelope  towards  lower  values  of 
AATi  th  and  AATh.th-  These  findings  are  consistent  with  the  previous  reports  regarding  the  influence  of  load 
ratio  on  mixed-mode  fatigue-crack  growth  thresholds  in  other  material  systems  [4,10],  Further  discussion  of 
the  influence  of  load  ratio  on  mixed-mode  thresholds  is  presented  below. 
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Fig.  4.  Mixed-mode  fatigue-crack  growth  threshold  envelopes  for  bimodal  Ti-6A1-4V  at  load  ratios,  R ,  of  0.1,  0.5  and  0.8  and  a  cyclic 
loading  frequency  of  1000  Hz  in  ambient  temperature  air.  Closed  and  open  symbols  represent  the  loading  conditions  that  produced, 
respectively,  no  crack  growth  and  crack  growth;  these  loading  conditions  bound  the  true  threshold  for  the  onset  of  crack  extension.  On 
the  upper  and  right-hand  axes,  Atfi(TH  and  A^IltTH  are  normalized  by  the  pure  mode  I  threshold  at  R  =  0.1,  A/lTH,r=o.j* 
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|  PHASE  ANGLE,  p  (°)  f 

Mode  I  Mode  II 

Fig.  5.  For  the  mixed-mode  fatigue-crack  growth  threshold  data  presented  in  Fig.  4,  the  mode  I  stress-intensity  range  at  threshold, 
is  plotted  as  a  function  of  the  applied  phase  angle,  /?  =  tarr^AATjj/A/^).  AA^th  is  observed  to  increase  slightly  as  /?  increases 
from  0°  to  26°  (AKu/AKi  —  0  and  0.5,  respectively)  and  then  decrease  for  =  62°  and  82°  (AKu/AKi  —  1.9  and  7.1). 

While  the  value  of  the  mode  I  threshold,  AA^th,  is  substantially  reduced  at  high  phase  angles,  a  con¬ 
spicuous  feature  of  the  mixed-mode  threshold  envelopes  in  Fig.  4  is  that  the  value  of  A^i)TH  does  not 
necessarily  decrease  monotonically  with  increasing  mode-mixity.  Its  value  is  actually  nominally  unchanged 
(indeed,  it  is  slightly  increased)  as  /?  is  increased  from  0°  to  26°  ( AKu/AKi  =  0  and  0.5,  respectively),  for  all 
load  ratios  investigated.  This  variation  of  AA^th  with  phase  angle,  /?,  (plotted  in  Fig.  5)  gives  rise  to  the 
appearance  of  a  “nose”  in  the  threshold  envelope.  Such  a  feature  in  the  mixed-mode  fatigue-crack  growth 
threshold  envelope  has  not  been  previously  reported  in  the  literature  and  is  contrary  to  the  previous  reports 
of  fatigue-crack  growth  behavior  in  other  material  systems  [5,8,11,33-35],  where  the  mode  I  threshold, 
AA^th,  has  been  reported  to  decrease  monotonically  due  to  the  superposition  of  shear  loading.  Further¬ 
more,  for  the  present  data,  as  j?  is  increased  to  62°  ( AKu/AKi  =  1.9),  the  value  of  AATj>th  does  not  nec¬ 
essarily  decrease  substantially  relative  to  its  value  at  =  0°,  particularly  at  R  =  0.5  and  0.8.  For  /}  =  82° 
(AKu/AKi  =  7.1),  however,  the  mode  I  threshold  stress-intensity  range  does  decrease  substantially.  As 
discussed  in  detail  in  Part  II  [36],  quantification  of  crack-tip  shielding  with  respect  to  the  applied  mode  I 
stress-intensity  range  indicates  that  this  insensitivity  of  AAi/th  to  superimposed  shear  loading  can  be  at¬ 
tributed  largely  to  a  shear-induced  enhancement  of  mode  I  fatigue-crack  closure. 

3.2.  Mixed-mode  crack  path 

Contrary  to  the  previous  reports  of  transient  self-similar  crack  extension  during  mixed-mode  loading  in 
Ti-6A1-4V  [5]  and  other  material  systems  [4,37],  such  coplanar  crack  extension  was  not  observed  in  the 
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Fig.  6.  Measured  crack  deflection  angles,  a,  are  plotted  as  a  function  of  the  applied  phase  angle,  ft,  for  R  =  0.1,  0.5  and  0.8.  These  data 
are  compared  with  the  crack  deflection  angles  predicted  by  the  three  most  prominent  theories  describing  crack  propagation  under 
mixed-mode  loading  conditions:  the  maximum  tangential  stress  criterion  [38],  the  minimum  strain  energy  density  criterion  [39],  and  the 
maximum  strain  energy  release  rate  criterion  [40]. 


present  study.  In  all  cases,  the  onset  of  crack  propagation  was  deflected  with  respect  to  the  precrack  ori¬ 
entation.  In  Fig.  6,  the  measured  crack  deflection  angles,  a,  are  plotted  as  a  function  of  the  applied  phase 
angle,  /?,  for  R  =  0.1,  0.5  and  0.8.  Note  that  the  length  of  the  deflected  cracks  used  to  identify  the  crack 
deflection  angles  were  large  compared  to  the  microstructural  size  scales,  i.e.,  ~25  grain  diameters.  These 
data  are  compared  with  the  crack  deflection  angles  predicted  by  the  three  most  prominent  theories  de¬ 
scribing  crack  propagation  under  mixed-mode  loading  conditions:  the  maximum  tangential  stress  criterion 
[38],  the  minimum  strain  energy  density  criterion  [39],  and  the  maximum  strain  energy  release  rate  criterion 
[40].  Despite  the  experimental  scatter  in  these  data,  the  present  results  are  generally  consistent  with  any  one 
of  these  theories,  although  there  is  a  slight  trend  of  higher  crack  deflection  angles  than  that  predicted  by  the 
theory.  It  has  been  reported  previously  for  BS4360  50D  structural  steel  [10]  that  the  angle  of  crack  de¬ 
flection  due  to  an  applied  mixed-mode  loading  is  not  a  function  of  load  ratio;  the  present  results  do  not 
refute  this  finding. 

33.  Single-parameter  characterization  of  the  mixed-mode  threshold 

While  it  is  instructive  to  examine  the  variation  of  fatigue-crack  growth  threshold  as  a  function  of  mode 
mixity  and  load  ratio  using  the  threshold  envelopes  shown  in  Fig.  4,  additional  information  can  be  obtained 
by  replotting  these  same  data  using  a  single-parameter  characterization  of  the  mixed-mode,  crack-driving 
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force  which  incorporates  both  AK\  and  AAfn.  In  Fig.  7a,  the  mixed-mode  fatigue  thresholds  are  presented  in 
terms  of  the  range  in  strain  energy  release  rate,  AG:  4 

AGth  =  (AKj2th  +  AKfim)/E'.  (1) 

Here,  AA^th  and  AKUjU  are  values  of  these  parameters  applied  to  the  precrack  tip,  E'  =  E  (the  elastic 
modulus)  for  plane  stress,  and  Ef  —  E/(  1  —  v2)  for  plane  strain  (v  is  Poisson’s  ratio).  Alternatively,  the 
results  can  be  plotted  in  terms  of  an  equivalent  stress-intensity  range,  A Afeq  (Fig.  7b),  where  the  equivalent 
(mixed-mode)  stress-intensity  threshold  is  given  by 


AKeq,TH  =  (AGth^)  ^  (2) 

Using  this  single-parameter  characterization  of  the  fatique-crack  growth  resistance  (Fig.  7),  it  is  ap¬ 
parent  that  the  crack-growth  threshold,  AGTH  or  AAfgqjH,  increases  monotonically  with  phase  angle,  /?,  for 
each  load  ratio  investigated.  For  the  highest  phase  angles  investigated  (j?  =  82°  for  R  =  0.1  and  0.5  and 
ft  =  62°  for  R  =  0.8),  AGTh  is  4.4,  7.0  and  4.1  times  the  mode  I  threshold  value,  respectively,  for  R  =  0.1,  0.5 
and  0.8.  From  the  perspective  of  high-cycle  fatigue  in  turbine  engine  components,  the  results  presented  in 
Fig.  7  indicate  that  for  bimodal  Ti-6A1-4V,  the  mode  I  AGth  fatigue  threshold  (measured  at  the  appro¬ 
priate  load  ratio)  represents  the  worst-case  condition  for  all  phase  angles  measured.  Thus,  the  presence  of 
mixed-mode  loading  does  not  preclude  the  application  of  a  threshold-based  design  methodology.  In  fact,  a 
conservative  estimate  of  the  mixed-mode  threshold  can  be  attained  simply  by  expressing  the  pure  mode  I 
threshold  in  terms  of  AG.  Alternatively,  in  terms  of  stress  intensities,  the  lower-bound,  mixed-mode 
threshold  condition  can  be  stated  as  the  equivalent  stress-intensity  range  equal  to  the  mode  I  threshold  A K 
measured  under  pure  mode  I  loading  conditions,  i.e.,  AA^qjH  =  AATith  at  fi  =  0°.  Other  examples  of  the 
crack-growth  resistance  increasing  with  increasing  mode-mixity  have  been  reported  for  monotonic  fracture 
at  interfaces  [41,42],  cyclic-loading  induced  delamination  of  Cu/Sn-Pb  solder  joints  [43],  and  the  fatigue  of 
dual-phase  steels  [11]. 

3.4.  Influence  of  load  ratio 

Although  the  influence  of  load  ratio  has  been  noted  above  with  reference  to  the  mixed-mode  threshold 
envelopes  shown  in  Fig.  4,  the  relationship  between  the  mixed-mode  threshold  and  R  for  each  phase  angle 
investigated  can  be  more  clearly  observed  in  Fig.  8,  where  AGTh  is  plotted  as  a  function  of  R  for  phase 
angles  of  ft  =  0°,  26°,  62°  and  82°  ( AKu/AKi  =  0,  0.5,  1.9  and  7.1,  respectively).  For  each  value  of  ft,  the 
fatigue-crack  growth  threshold  decreases  as  load  ratio  increases.  For  the  case  of  mode  I  loading,  a  tran¬ 
sition  is  observed  between  a  region  where  AGTh  is  relatively  strongly  dependent  on  load  ratio  ( R  <  0.5)  and 
a  region  of  significantly  reduced  load  ratio  dependence  (R  >  0.5);  this  behavior  is  consistent  with  the  model 
developed  by  Schmidt  and  Paris  [44]  to  describe  the  variation  of  the  mode  I  fatigue  threshold  with  load 
ratio.  On  the  assumption  that  the  stress  intensity  for  crack  closure,  Kd,  and  the  effective  (near-tip)  threshold 
stress-intensity  range,  AATeff)THj  are  both  independent  of  R ,  this  model  predicts  that  the  A AfITH  threshold 
should  be  constant  with  R  above  a  critical  load  ratio  where  first  exceeds  Kd  (such  that  closure  effects 
are  minimal).  Indeed,  this  relationship  between  the  mode  I  fatigue-crack  growth  threshold  and  R  has  been 
documented  previously  for  the  same  bimodal  Ti-6A1-4V  investigated  in  this  study  [14,24,25],  and  these 
findings  were  consistent  with  the  current  results. 


4  It  should  be  noted  that  AG  defined  this  way  is  not  exactly  equal  to  Gmax  -  Gmjn,  where  Gmax  and  <7min  are,  respectively,  the  values 
of  G  determined  at  the  maximum  and  minimum  loads  of  the  fatigue  cycle. 
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Fig.  7.  Mixed-mode  fatigue-crack  growth  thresholds  in  bimodal  Ti-6AI-4V  are  plotted  in  terms  of  (a)  the  range  in  strain  energy  release 
rate  at  threshold,  AGTH»  and  (b)  the  equivalent  stress-intensity  range,  AA^  TH  =  (AGth#')1^*  as  a  function  of  the  applied  phase  angle, 
P  =  tan'^A/fjj/AKi),  for  load  ratios  of  0.1,  0.5  and  0.8.  AG™  is  observed  to  increase  substantially  with  p. 
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Fig.  8.  The  threshold  range  in  strain  energy  release  rate,  AGrii,  is  plotted  as  a  function  of  load  ratio,  R,  for  /?  =  0°,  26°,  62°  and  82° 
( AKu/AKi  =  0,  0.5,  1.9  and  7.1,  respectively).  For  each  value  of  /?,  the  fatigue-crack  growth  threshold  decreases  as  load  ratio  increases. 


For  the  mixed-mode  loading  conditions  investigated  (/?  =  26°,  62°,  and  82°),  the  relationship  between 
AGrn  and  R  is  distinctly  different  from  the  behavior  exhibited  for  mode  I  loading  (/?  =  0°).  Specifically,  the 
fatigue  threshold  is  observed  to  decrease  at  a  nearly  constant  rate  with  increasing  load  ratio,  i.e.,  there  is  no 
transition  between  regimes  of  relatively  strong  and  weak  load  ratio  dependence.  Quantification  of  mixed¬ 
mode  crack-tip  shielding  (reported  in  Part  II  [36])  suggests  that  the  absence  of  such  a  transition  may  be 
attributed  to  enhanced  crack-tip  shielding  under  mixed-mode  loading  (where  shielding  is  not  fully  sup¬ 
pressed  even  at  R  =  0.8).  A  constant  rate  of  decrease  of  mixed-mode  fatigue-crack  growth  thresholds  with 
increasing  R  has  previously  been  observed  in  BS4360  SOD  structural  steel  by  Tong  et  al.  [10].  However,  in 
that  study,  the  rate  of  decrease  in  the  threshold  was  reported  to  be  the  same  for  all  phase  angles  investigated 
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and  equal  to  the  initial  slope  of  the  mode  I  threshold  versus  R  data.  Here,  the  slope  of  AGrH  versus  R  for 
/?  =  26°  and  62°  are  similar  to  that  of  the  strongly  ^-dependent  regime  of  the  mode  I  threshold  data,  but 
each  of  these  slopes  is  indeed  slightly  different. 

For  ft  =  82°  (AKn/AKi  =  7.1),  it  appears  that  the  threshold  is  much  more  strongly  dependent  on  load 
ratio  than  for  any  other  phase  angle  investigated.  This  finding  must  be  questioned,  however,  because  for 
fatigue  loading  with  /?  =  82°  and  R  =  0.5,  crack  extension  was  observed  to  occur  by  the  formation  of  a 
branch  crack  which  deflected  off  the  precrack  wake  approximately  275  pm  behind  the  crack  tip  (this  result 
was  reproducible  in  more  than  one  sample).  At  this  point  in  the  crack  wake,  AK\\/AK\  is  not  equal  to  7.1. 
Hence,  the  fatigue-crack  growth  threshold  reported  here  for  /?  =  82°,  R  =  0.5  should  be  viewed  as  a 
conservative  estimate  and  the  dependence  of  the  threshold  on  load  ratio  for  =  82°  may  not  be  as  strong  as 
suggested  in  Fig.  8. 


3.5.  Short-crack  fatigue  thresholds  for  mixed-mode  loading  conditions 

Mixed-mode  fatigue-crack  thresholds  for  short  cracks  in  bimodal  Ti-6AMV  are  compared  with  the 
threshold  data  for  large  cracks  at  R  =  0.1  and  0.8  in  Fig.  9.  Short-crack  threshold  measurements  were 
performed  at  R  =  0.1  and  1000  Hz  cyclic  loading  frequency  in  ambient  temperature  air.  Threshold  data  for 
applied  phase  angles,  fi  =  tan~l  (AKn/AKi),  of  26°,  62°  and  82°  (AKu/AKi  =  0.5,  1.9  and  7.1,  respectively) 
are  presented  in  terms  of  the  threshold  mode  II  stress-intensity  range,  AA^th,  as  a  function  of  the  cor¬ 
responding  mode  I  value,  AA^th,  in  Fig.  9a.  In  Fig.  9b,  the  mixed-mode  threshold,  in  terms  of  AG™,  is 
plotted  as  a  function  of  the  phase  angle,  /?. 

For  each  phase  angle  investigated,  the  short-crack  fatigue  threshold  is  considerably  lower  than  that  of 
the  corresponding  large  crack  at  R  =  0.1.  This  is  particularly  clear  under  shear-dominant  loading  condi¬ 
tions  at  /?  =  62°  and  82°.  The  reduction  in  the  threshold  for  fatigue-crack  growth  with  cracks  of  restricted 
wake  is  believed  to  arise  from  the  limited  extent  of  crack-tip  shielding  that  can  develop  for  short  fatigue 
cracks.  Also,  the  dependence  on  mode-mixity  of  the  AGth  threshold  for  the  short  fatigue  cracks  is  markedly 
reduced  compared  to  the  AGth  dependence  on  /?  for  large  cracks.  Whereas,  the  large-crack  AG™  threshold 
increases  by  as  much  as  a  factor  of  7  with  superimposed  shear,  the  short-crack  threshold  at  R  =  0.1  in¬ 
creases  by  only  a  factor  of  ~2.5.  If  it  is  assumed  that  the  primary  difference  between  the  large  and  short 
fatigue  cracks  is  the  magnitude  of  crack-tip  shielding  [15],  the  present  results  suggest  that  such  shielding 
contributes  significantly  to  the  magnitude  of  the  large-crack  mixed-mode  thresholds,  and  is  largely  re¬ 
sponsible  for  the  elevation  in  the  AG™  threshold  as  ft  is  increased.  Moreover,  the  mixed-mode  fatigue-crack 
growth  resistance  may  be  even  worse  for  incipient  surface  cracks  that  are  of  dimensions  equivalent  or  less 
than  the  microstructural  size  scales.  For  such  microstructurally-small  cracks,  in  addition  to  a  biased 
sampling  of  the  microstructure,  the  magnitude  of  crack-tip  shielding  would  likely  be  even  less  than  that 
which  exists  for  the  short  fatigue  cracks  investigated  here  (where  crack  lengths  are  ~10  times  the  average 
grain  size).  This  point  is  discussed  in  more  detail  in  Section  3.6. 

It  is  noted  that,  as  no  measurement  of  the  pure  mode  I,  short-crack  threshold  was  made,  the  large-crack 
value  of  AGth  at  R  =  0.8  is  used  as  an  estimate  of  this  data  point  in  Fig.  9b  for  purposes  of  illustrating  the 
variation  of  AGth  with  /?  for  short  fatigue  cracks  at  R  =  0.1.  For  mode  I  fatigue-crack  growth  in  the  bi¬ 
modal  Ti-6A1-4V  of  interest  here,  it  has  been  shown  that  (global)  crack-tip  shielding  (i.e.,  crack  closure)  is 
completely  suppressed  at  R  =  0.8  [45].  Thus,  it  is  expected  that  the  large-crack  threshold  measured  at 
R  =  0.8  would  be  comparable  to  a  threshold  measured  from  a  short  fatigue  crack  at  R  =  0.1,  where  closure 
is  now  largely  suppressed  by  the  limited  crack  wake  length.  Although,  in  general,  mean  stress  may  influence 
the  fatigue-crack  growth  threshold  independent  of  crack  closure  [46-48],  this  effect  is  not  significant  in  the 
present  material  for  load  ratios  between  that  necessary  to  fully  suppress  closure  ( R  =  0.5)  and  R  =  0.8; 
specifically,  only  a  0.3  MPa  y/m  reduction  in  AA^™  is  observed  between  these  R  ratios  [45]. 
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(a)  Threshold,  AKITH  and  A KITHeff  (MPaVm) 


Fig.  9.  Mixed-mode  fatigue-crack  growth  thresholds  for  short  cracks  in  bimodal  Ti-6A1-4V  (J?  =  0.1,  1000  Hz  cyclic  loading  fre¬ 
quency)  are  compared  with  threshold  data  for  large  fatigue  cracks  at  R  =  0.1  and  0.8.  Threshold  data  are  presented  both  in  terms  of  (a) 
the  threshold  mode  II  stress-intensity  range,  A#jJiTH,  as  a  function  of  the  corresponding  mode  I  value,  AAT1TH,  and  (b)  the  threshold 
range  in  strain  energy  release  rate,  A(?th>  as  a  function  of  the  applied  phase  angle,  tan^(AKn/AKi).  Also  shown  in  (b)  is  an 
estimate  of  the  mode  I  fatigue-crack  growth  threshold  for  a  microstructurally  small  crack  [49]. 
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3.6 .  Fatigue-crack  growth  thresholds  in  the  presence  of  microstructurally  small  cracks 

While  consideration  has  already  been  given  to  the  manner  in  which  the  mixed-mode  fatigue-crack 
growth  threshold  varies  with  the  applied  ratio  AKn/AK\  in  the  absence  of  crack-tip  shielding,  it  is  im¬ 
portant  to  remember  that  fatigue-crack  growth  resistance  can  also  be  significantly  altered  when  the  crack 
front  samples  a  limited  number  of  microstructural  entities.  In  Fig.  9,  a  mode  I  fatigue-crack  growth 
threshold  (R  =  0.1)  is  presented  for  a  naturally  initiated  small  crack  in  bimodal  Ti-6A1^4V,  which  is  on  the 
order  of  the  grain  size  of  this  material  (~20  pm).  This  data  point,  measured  by  Peters  and  Ritchie  [49], 
indicates  that  fatigue-crack  growth  can  occur  at  applied  driving  forces  as  low  as  A£ijTh  =  1  MPa  0*1 
(AGth  =  9.5  J/m2).  This  microstructurally  small-crack  threshold  illustrates  the  marked  influence  which  the 
biased  microstructural  sampling  can  have  on  the  fatigue-crack  growth  threshold.  Such  behavior  has  been 
well  documented  for  mode  I  fatigue  loading  [16-22],  but  has  never  been  examined  in  terms  of  mixed-mode 
loading.  Comparison  of  this  small-crack  threshold  with  a  crack-tip  shielding  free,  large-crack  threshold 
(R  =  0.8,  AKl}TH  =  3.2  MPa  yjm  and  AGTh  =  79  J/m2)  subjected  to  an  equivalent  phase  angle  (ft  =  0°) 
indicates  that  such  restricted  sampling  of  the  microstructure  can  reduce  the  fatigue-crack  growth  threshold 
by  factors  of  ~3  and  8,  respectively,  in  terms  of  A tfI>TH  and  AGTH.  It  is  also  interesting  to  note  the  full  range 
in  fatigue-crack  growth  threshold  that  can  be  exhibited  in  bimodal  Ti-6A1-4V  due  to  variations  in  applied 
phase  angle,  crack  size,  and  microstructural  sampling.  For  R  =  0.1  and  /?  =  82°  ( AKu/AKi  =  7.1),  the 
measured  large-crack  threshold,  AGth  =  872  J/m2,  is  a  factor  90  times  higher  than  this  mode  I  small  crack 
threshold.  5  Clearly,  further  work  is  needed  to  determine  the  small-crack  thresholds  under  mixed-mode 
loading  conditions  in  order  to  complete  the  understanding  of  mixed-mode  fatigue-crack  growth  resistance. 


4.  Conclusions 

Based  on  a  study  of  the  high-cycle,  fatigue-crack  growth  threshold  for  both  large  (>4  mm)  and  short 
(~200  pm)  cracks  under  combined  mode  I  and  mode  II  loading  (mode-mixities  varying  from  AKu/AKi  =  0 
to  ~7;  phase  angles  from  0°  to  82°)  in  a  Ti-6A1-4V  turbine  blade  alloy  with  a  bimodal  (STOA)  micro¬ 
structure,  tested  in  room  temperature  air  at  a  loading  frequency  of  1000  Hz  (sine  wave),  the  following 
conclusions  are  made: 

(1)  Although  the  large-crack,  mode  I  fatigue  threshold  stress-intensity  range,  A^TiiTh?  is  found  to  decrease 
for  sufficiently  high  mode-mixity  {AK\\/ AK\),  more  appropriate  quantification  of  the  crack  driving  force  in 
terms  of  the  range  in  strain-energy  release  rate  reveals  that  the  mixed-mode  threshold,  AGth,  actually 
increases;  indeed,  for  an  increase  in  mode-mixity  from  AKu/AKi  =  0  to  ~7,  a  sevenfold  increase  in  AGth 
has  been  observed.  Thus,  for  “continuum-sized”  cracks  (i.e.,  large  compared  to  microstructural  dimen¬ 
sions)  in  this  alloy,  the  pure  mode  I  threshold,  defined  in  terms  of  AGth,  may  be  used  as  a  conservative, 
lower-bound  estimate  of  the  mixed-mode  fatigue-crack  growth  threshold. 

(2)  Measurements  of  short-crack  fatigue  thresholds,  where  the  wake  shielding  zone  is  restricted  to  ~200 
pm,  suggest  that  this  significant  increase  in  the  large-crack,  mixed-mode  AGth  threshold  with  increasing 
mode-mixity  is  primarily  due  to  a  shear-induced  enhancement  of  crack-tip  shielding.  For  the  short  fatigue 
cracks,  where  such  shielding  is  minimal,  the  measured  AGth  thresholds  are  significantly  lower  (relative  to 
the  large-crack  threshold)  for  all  values  of  AKn/AKi  investigated.  Moreover,  the  increase  in  AGth  with 
increasing  mode-mixity  is  markedly  reduced. 


5  When  the  thresholds  are  compared  in  terms  of  an  equivalent  stress-intensity  range,  the  mixed-mode  large-crack  threshold 

at  R  =  0.1  and  ft  —  82°  is  still  a  factor  of  ~9.5  higher  than  the  mode  I  small-crack  threshold  (A/l^th  =  10.5  and  1.1  MPa^/m, 
respectively). 
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(3)  For  both  mode  I  and  mixed-mode  loading  conditions,  the  threshold  for  fatigue-crack  growth  de¬ 
creases  with  increasing  positive  load  ratio  (R  =  0.1-0. 8).  For  mode  I  loading,  at  a  critical  load  ratio 
( Rcr  ~  0.5)  above  which  crack  closure  effects  are  minimal  (i.e.,  n  >  Kc i),  a  transition  is  observed  between 
regimes  of  relatively  strong  load-ratio  dependence  (for  R  <  RCI)  and  relatively  weak  load-ratio  dependence 
(for  R  >  Rcr).  Conversely,  for  mixed-mode  loading  conditions,  no  such  transition  is  observed;  the  rate  of 
decrease  in  mixed-mode  AGTh  threshold  with  increasing  R  is  relatively  constant  over  the  range  of  .ft  =  0.1- 
0.8.  Such  behavior  is  reasoned  to  result  from  an  increase  in  crack-tip  shielding  with  increasing  mode-mixity 
due  to  shear-induced  crack-surface  interference. 
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Appendix  A.  Distinction  between  large,  short  and  small  cracks 

A  key  component  of  the  present  work  is  a  comparison  of  the  mixed-mode  crack-growth  behavior  for 
fatigue  cracks  of  varying  dimension,  which  are  classified  here  as  large ,  short  and  small  cracks.  For  the  sake 
of  clarity,  the  salient  differences  between  such  cracks  are  briefly  reviewed  here.  Large  fatigue  cracks  (Fig. 
10a)  have  fracture  surface  dimensions  that  are  large  compared  to  the  scale  of  the  microstructure  in  both 
directions.  They  therefore  generally  have  a  fully  developed  6  crack-tip  shielding  zone  and  can  “sample”  the 
microstructure  in  a  statistical  (continuum)  manner  [21].  With  respect  to  large  cracks,  small  cracks  are 
generally  described  as  being  comparable  in  size  to  [20]: 

(i)  microstructural  dimensions,  where  biased  statistical  sampling  of  the  microstructure  can  lead  to  accel¬ 
erated  crack  advance  along  “weak”  paths,  i.e.,  microstrucutral  features  oriented  for  easy  crack  growth 
(a  continuum  limitation); 

(ii)  the  extent  of  local  inelasticity  ahead  of  the  crack  tip,  where  the  assumption  of  small-scale  yielding 
implicit  in  the  use  of  the  stress  intensity,  K ,  is  not  strictly  valid  (a  linear-elastic  fracture  mechanics  lim¬ 
itation); 

(iii)  the  extent  of  crack-tip  shielding  (e.g.,  crack  closure)  behind  the  crack  tip,  where  the  reduced  role  of 
shielding  leads  to  a  higher  local  driving  force  than  the  corresponding  large  crack  at  the  same  applied  K 
level  (a  similitude  limitation). 

However,  a  further  important  distinction  can  be  made,  namely  that  of  a  short  vs.  small  crack,  as 
schematically  shown  in  Fig.  10.  This  distinction  alludes  not  simply  to  physical  size  but  the  extent  to  which  a 
fatigue  crack  is  subjected  to  the  first  and  third  factors  listed  above.  Short  fatigue  cracks  (Fig.  10b)  are 
physically  short  in  only  one  dimension,  a  condition  that  is  often  realized  experimentally  by  machining  away 
the  wake  of  a  large  crack.  This  type  of  fatigue  flaw  experiences  limited  crack-tip  shielding  due  to  its  reduced 
length  [15],  yet  still  samples  the  microstructure  as  a  continuum  because  of  its  extensive  crack  front.  In 
contrast,  small  fatigue  cracks  (Fig.  10c)  are  small  and  comparable  to  the  microstructural  size  scale  in  all 
dimensions,  as  typified  by  the  small,  semi-elliptical  surface  flaw  [19,20,22].  With  such  cracks,  crack -tip 


6  For  mixed-mode  loading  conditions,  the  shearing  of  the  fracture  surfaces  with  respect  to  one  another  can  produce  crack-wake 
contact  via  sliding  interference  over  dimensions  which  are  much  larger  than  for  mode  I  loading,  perhaps  over  the  entire  wake  of  a  large 
fatigue  crack  [28,50].  Thus,  the  notion  of  a  “fully  developed”  shielding  zone  is  somewhat  unclear  for  mixed-mode  loading  conditions. 
At  the  least,  one  would  expect  the  equilibrium  shielding-zone  length  to  be  a  function  of  the  applied  ratio  of  shear  to  tension. 
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(a) 


(b) 


(c) 


Short  Crack 


Fig.  10.  These  schematic  illustrations  highlight  the  key  distinctions  between  large,  short  and  small  fatigue  cracks.  Large  cracks  (a)  have 
length,  a,  and  width,  W,  which  are  large  both  with  respect  to  the  equilibrium  shielding-zone  length,  ls  (indicated  here  as  a  region  of 
debris  in  the  crack  wake  which  produces  crack  closure),  and  the  characteristic  microstructural  size  scale,  p,  e.g.,  the  grain  size.  In 
contrast  to  this,  short  fatigue  cracks  (b)  are  characterized  by  a  <  /„  but  W  »  p.  The  reduced  crack-wake  length  results  in  a  lower  level 
of  crack-tip  shielding.  For  small  cracks  (c),  the  fracture  surface  is  reduced  in  both  dimensions,  with  a  (and  W)  being  small  with  respect 
to  both  ls  and  p.  The  fact  that  a  ~  p  implies  that  the  crack  front  samples  only  a  few  microstructural  entities,  leading  to  a  biased 
sampling  of  the  microstructure. 


shielding  is  significantly  reduced  [17,21],  and  since  the  crack  front  samples  only  few  microstructural  entities, 
this  allows  a  biased  sampling  of  microstructurally  weak  paths  [18].  Because  of  this  restriction  in  shielding 
and  the  biased  microstructural  sampling,  fatigue-crack  growth  resistance  in  the  presence  of  small  cracks 
tends  to  be  lowest. 


Appendix  B.  Error  analysis 

The  attainment  of  the  desired  phase  angle,  /?  =  tan~l(AKn/AKi),  using  the  asymmetric  four-point  bend 
loading  geometry  (Fig.  2)  [26],  requires  that  the  crack  be  offset  from  the  load  line  of  the  mechanical  testing 
frame  by  a  specific  amount.  Errors  in  the  value  of  this  offset,  s,  can  lead  to  significant  errors  in  /?  and  A K\. 
This  is  particularly  true  when  trying  to  achieve  strongly  shear-dominant  loading  conditions,  as  the  value  of 
AK\\//AK\  approaches  infinity  as  s  0.  As  shown  in  Fig.  2,  for  the  asymmetric  four-point  bend  test,  the 
bending  moment,  Mz,  varies  linearly  between  the  inner  loading  points,  while  the  shear  force,  F^,  is  constant 
in  this  region.  As  a  result,  uncertainty  in  s  leads  to  uncertainty  in  AKi  and,  hence,  in  the  phase  angle;  AKn  is 
unalfected. 

For  the  mixed-mode  fatigue-crack  growth  threshold  measurements  made  in  the  present  study,  the  error 
in  s  was  quantified  by  comparing  the  expected  position  of  the  crack  with  respect  to  the  load  line  (based  on  a 
positioning  of  the  sample  using  a  micrometer)  and  to  the  true  value  of  s  (determined  by  measuring  the 
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Mode  I  Stress-Intensity  Range 
at  Threshold,  A KITH  (MPaVm) 


Fig.  11.  The  root  mean  squared  error  in  the  crack  offset  from  the  load  line,  s ,  was  determined  to  be  0.081  mm.  The  uncertainty  in 
AA'i  th,  which  arises  because  of  this  uncertainty  in  s ,  is  indicated  in  the  mixed-mode  fatigue-crack  growth  threshold  envelopes  by  error 
bars.  These  error  bars  span  the  range  in  AXi(TH  corresponding  to  the  desired  value  of  s±  0.081  mm. 


Table  2 

Uncertainty  in  applied  phase  angle,  /?,  for  bimodal  Ti-6AMV 


Prescribed  phase  angle  p  (deg) 

Actual  range  in  ft  (deg) 

R  —  0.1 

R  ~  0.5 

oo 

© 

II 

0 

0 

0 

0 

26 

25.6-26.6 

25.8-26.9 

26.1-27.1 

62 

59.5-63.6 

59.5-63.6 

59.5-63.6 

82 

79.4-84.6 

79.4-84.7 

- 

distance  from  the  load  line  to  the  crack  tip  using  an  optical  telescope).  The  root  mean  squared  error  in  s  was 
determined  to  be  only  0.081  mm.  The  resultant  uncertainty  in  the  mixed-mode  fatigue-crack  growth 
threshold  data  for  bimodal  Ti-6Al^tV  is  presented  in  Fig.  11,  where  error  bars  indicate  the  range  in  AA^jh 
corresponding  to  ±0.081  mm  with  respect  to  the  desired  value  of  s.  In  accordance  with  the  discussion 
above,  the  uncertainty  in  AAi>TH  is  larger  for  the  higher  phase  angle  loading  conditions.  The  uncertainty  in 
P  is  presented  in  Table  2  in  terms  of  ranges  in  /?  (corresponding  to  the  ranges  in  AAi>Th  shown  in  Fig.  11). 
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PERGAMON 


Abstract 

The  role  of  crack-tip  shielding  in  influencing  mixed-mode  (mode  I  +  II)  fatigue-crack  growth  thresholds  for  large, 
through-thickness  cracks  in  a  Ti-6A1-4V  turbine  blade  alloy  is  examined  under  high-cycle  fatigue  loading  conditions, 
i.e.,  at  a  loading  frequency  of  1000  Hz  in  ambient  temperature  air  for  load  ratios  (K„an/Km ax)  of  7?  =  0. 1-0.8.  Techniques 
are  developed  to  quantify  crack-tip  shielding  with  respect  to  both  the  mode  I  and  mode  II  applied  loading,  enabling  an 
estimation  of  the  shielding-corrected,  crack-driving  forces  actually  experienced  at  the  crack  tip  (AA^TH.efr  and  AKiijn.eff 
or  AGrH,efr)*  In  Part  I,  it  was  shown  that  when  the  crack-driving  force  is  characterized  in  terms  of  the  range  in  strain- 
energy  release  rate,  AG,  which  incorporates  contributions  from  both  the  applied  tensile  and  shear  loading,  the  mixed¬ 
mode  (I  4-  II)  fatigue-crack  growth  resistance  increases  monotonically  with  the  ratio  AK\\/AK\.  When  the  fatigue-crack 
growth  thresholds  are  expressed  in  terms  of  the  near-tip  (shielding-corrected)  crack-driving  force,  this  increase  in  crack- 
growth  resistance  with  increasing  mode  mixity  is  markedly  reduced.  Moreover,  for  all  mode  mixities  investigated,  the 
near-tip  mixed-mode  fatigue  threshold  is  lower  than  the  applied  (global)  value,  with  the  effect  being  particularly 
pronounced  under  shear-dominant  loading  conditions.  These  observations  illustrate  the  prominent  role  of  crack-tip 
shielding  for  the  mixed-mode  loading  of  fatigue  cracks  with  crack -wake  dimensions  large  compared  with  microstruc- 
tural  size  scales;  specifically,  they  indicate  that  the  elevation  of  the  AGt-h  fatigue-crack  growth  threshold  with  increasing 
applied  mode  mixity  is  largely  due  to  a  shear-induced  enhancement  of  crack-tip  shielding.  ©  2000  Elsevier  Science  Ltd. 
All  rights  reserved. 

Keywords:  High-cycle  fatigue;  Fatigue  thresholds;  Mixed  mode;  Crack-tip  shielding 


1.  Introduction 

The  unexpected  failure  of  turbine  engine  components  due  to  high-cycle  fatigue  (HCF)  loading  conditions 
[1,2]  currently  represents  one  of  the  primary  threats  to  the  safety  and  readiness  of  US  military  aircraft  fleets. 
The  occurrence  of  such  failures  is  extremely  costly;  moreover,  attempts  to  control  the  problem  substantially 
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increase  the  cost  associated  with  this  phenomenon,  both  in  terms  of  equipment  “down-time”  and  expenses 
associated  with  component  inspection.  Multiaxial  loading  conditions  are  known  to  exist  at  some  fatigue- 
critical  locations  within  turbine  engine  components,  particularly  in  association  with  fretting  fatigue  in  the 
blade  dovetail/disk  contact  section  [3].  In  the  presence  of  cyclic  multiaxial  loading,  the  resultant  crack¬ 
driving  force  may  be  a  combination  of  the  influence  of  a  mode  I  (tensile  opening)  stress-intensity  range, 
AXi,  as  well  as  mode  II  (in-plane  shear)  and/or  mode  III  (anti -plane  shear)  stress-intensity  ranges,  AATn  and 
AKih,  respectively.  Whereas  most  published  fatigue  thresholds  are  reported  for  (nominally)  pure  mode  I 
loading,  several  studies  have  demonstrated  that  superimposed  cyclic  shear  (AATn  or  MTm  >  0)  can  lower  the 
value  of  AKi  at  threshold  [4-12],  sometimes  markedly  [13]. 

Since  the  high  loading  frequencies  (~l-2  kHz)  and  correspondingly  short  failure  times  associated  with 
HCF  may  necessitate  a  threshold-based  design  methodology  [14],  it  is  important  that  the  effect  of  mode 
mixity  (i.e.,  the  applied  ratio  of  shear  to  tensile  loading)  on  fatigue-crack  growth  resistance  is  characterized 
for  aircraft  engine  materials.  For  the  Ti~6AMV  blade  alloy  of  interest  here,  it  has  been  shown  in  Part  I  of 
this  paper  [15]  that  the  presence  of  mixed-mode  cyclic  loading  conditions  does  not  preclude  the  application 
of  such  a  threshold-based  design  criterion.  Indeed,  the  threshold  fatigue-crack  growth  resistance  is  observed 
to  increase  monotonically  with  the  applied  ratio  of  A K\\  to  AK\,  such  that  the  pure  mode  I  threshold 
(expressed  in  terms  of  the  range  in  strain  energy  release  rate,  AG)  may  be  used  as  a  conservative  estimate  of 
the  mixed-mode  (I  +  II)  fatigue-crack  growth  threshold  for  AKn/AKi  >  0. 

In  the  present  work,  mixed-mode,  fatigue-crack  growth  thresholds  for  combined  mode  I  -f  II  loading  are 
investigated  for  a  Ti-6A1-4V  alloy  in  the  bimodal  (STOA)  microstructural  condition  (a  typical  turbine 
engine  blade  microstructure).  The  influence  of  various  combinations  of  shear  and  tensile  loading,  ranging 
from  AKu/AKi  =  0  (mode  I  loading)  to  ~7  on  the  crack-growth  threshold  condition  is  reported  for  loading 
conditions  characteristic  of  turbine  engine  HCF,  i.e.,  high  mean  stresses  (up  to  R  —  0.8)  and  high  cyclic 
loading  frequencies  (1000  Hz).  The  mechanistic  origins  of  the  measured  increase  in  the  fatigue-crack  growth 
threshold,  AGth>  with  increasing  applied  phase  angle,  ft  (=  tan'^AKn/AAT!)),  described  in  Part  I  [15],  are 
investigated  through  the  development  of  sample-compliance-based  techniques  to  quantify  crack-tip 
shielding  with  respect  to  the  applied  mode  I  and  mode  II  crack-driving  forces,  A^n  and  AKh,  respectively. 
Such  shielding  is  considered  to  occur  by  crack  wedging  (i.e.,  crack  closure)  in  mode  I  and  additionally  by 
sliding  crack-surface  interference  when  mode  II  is  superimposed.  More  specifically,  when  fatigue  fracture 
surfaces  are  sheared  with  respect  to  one  another,  the  transmission  of  the  applied  shear  loading  to  the  crack 
tip  can  be  mitigated  both  by  the  development  of  frictional  stress  in  the  crack  wake  and  by  the  interlocking 
of  fracture  surface  asperities.  Using  the  compliance-based  techniques,  quantitative  estimates  are  made  of 
the  shielding-corrected  crack-driving  forces  actually  experienced  at  the  crack  tip  (AATi)TH,efr  and  A£n  TH,eff  or 
A&TH.efr).  When  the  fatigue  thresholds  are  expressed  in  terms  of  the  near-tip  (shielding-corrected)  driving 
force,  threshold  values  are  decreased  and  the  increase  in  crack-growth  resistance  with  increasing  mode 
mixity  is  markedly  reduced.  This  implies  that  the  elevation  of  the  mixed-mode,  large-crack  threshold  (in 
terms  of  AGTH)  with  increasing  mode  mixity  can  be  attributed  primarily  to  a  shear-induced  enhancement  in 
crack-tip  shielding. 


2.  Experimental  procedures 

2.7.  Material 

The  material  investigated  was  a  forged  Ti-6A1-4V  turbine  engine  alloy  received  in  a  bimodal  micro- 
structural  condition  (nearly  equiaxed  primary  a  with  lamellar  a  +  colonies).  Full  details  of  the  compo¬ 
sition,  processing,  heat  treatment,  section  sizes  and  microstructural  features  are  given  in  Part  I  of  this  paper 
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[15].  In  the  longitudinal  orientation,  the  material  displays  mean  yield  and  tensile  strengths  of  930  and  978 
MPa,  respectively  [16]. 

2.2,  Experimental  methods 

As  described  in  Part  I  of  this  paper  [15],  mixed-mode  thresholds  for  fatigue  cracks,  large  compared 
to  microstructural  dimensions,  were  measured  using  the  asymmetric  four  point  bend  (AFPB)  specimen 
[4,17-19].  Mixed-mode  loading  conditions  (applied  to  a  mode  I  fatigue  pre-crack)  were  quantified  both 
in  terms  of  the  ratio  AKn/AKi,  which  was  varied  from  0  (pure  mode  I)  to  7.1,  and  the  phase  angle,  ft 
(=  tan“l(AATIi/A^i)),  which  correspondingly  varied  from  0°  to  82°.  Positive  load  ratios  (R  =  K^/K^) 
were  varied  between  0.1  and  0.8.  Fatigue  testing  was  performed  at  1000  Hz  (sine  wave)  on  a  MTS  servo- 
hydraulic,  high-frequency  testing  machine  incorporating  a  voice-coil  servovalve  [20].  Procedures  for  de¬ 
termining  the  fatigue  thresholds,  and  for  the  prior  pre-cracking  of  the  AFPB  samples,  can  also  be  found  in 
Part  I  [15]. 

The  extent  of  crack-tip  shielding  caused  by  crack-surface  contact  was  evaluated  using  in  situ  measure¬ 
ments  of  the  mode  I  and  mode  II  compliance  curves  of  the  test  sample  (i.e.,  applied  load  as  a  function  of 
mode  I  and  mode  II  crack-opening  displacement)  during  cyclic  loading  at  the  fatigue-crack  growth 
threshold  condition.  Compliance  curves  were  recorded  using  a  crack-opening  displacement  (COD)  gauge 
mounted  on  the  side  surface  of  the  sample,  approximately  1  mm  behind  the  crack  tip.  For  measurement  of 
the  mode  I  compliance,  the  COD  gauge  was  bonded  directly  to  the  side  of  the  sample,  as  indicated  in  Fig. 
la.  Measurement  of  the  mode  II  compliance  curve  required  that  the  fixture  shown  in  Fig.  lb  be  placed 
between  the  sample  and  the  COD  gauge.  Compliance  curves  were  recorded  at  a  cyclic  loading  frequency  of 
1  Hz  and  applied  values  of  A K\  and  AKn  corresponding  to  the  fatigue-crack  growth  threshold  for  the  load 
ratio  and  phase  angle,  ft,  of  interest.  Such  measurements  were  made  following  the  application  of  1  million 


Fig.  1.  Compliance  curves  were  recorded  using  a  COD  gauge  mounted  on  the  side  surface  of  the  sample  approximately  1  mm  behind 
the  crack  tip.  For  measurement  of  the  mode  I  compliance,  (a)  the  COD  gauge  was  bonded  directly  to  the  side  of  the  sample.  Mea¬ 
surement  of  the  mode  II  compliance  curve  required  that  a  fixture  (b)  be  placed  between  the  sample  and  the  COD  gauge.  The  COD 
gauge  shown  in  (a)  was  then  bonded  to  the  surface  of  this  fixture,  at  the  location  indicated  in  (b). 
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cycles  at  1000  Hz  cyclic  loading  frequency  and  this  same  loading  amplitude.  This  pre-measurement  cycling 
was  intended  to  allow  any  cycle-dependent  degradation  of  crack-wake  contact  due  to  fracture  surface  wear 
and  abrasion  to  occur  and  (presumably)  to  reach  steady  state. 

The  mode  I  closure  stress  intensity,  Kd,  was  estimated  using  the  known  pre-crack  length  and  the  load, 
Pei,  corresponding  to  the  onset  of  fracture  surface  contact  (i.e.,  wedging)  during  unloading.  Pc i  was  taken  at 
the  first  deviation  from  linearity  in  the  mode  I  unloading  compliance  curve  [21,22].  The  effective,  threshold, 
mode  I,  stress-intensity  range  experienced  at  the  crack  tip  was  then  defined  as 

AATi/TH.elT  =  ^I,max  ~  ^cli  (0 

where  ifi,max  is  the  maximum  applied  value  of  the  mode  I  stress  intensity. 

The  technique,  which  was  developed  for  estimating  the  magnitude  of  shielding  with  respect  to  the  ap¬ 
plied  value  of  AKu,  is  considered  to  be  a  significant  result  of  the  present  work.  For  this  reason,  a  detailed 
description  of  this  technique  will  be  deferred  to  the  results  and  discussion  section  of  this  paper.  As  will  be 
shown,  it  was  possible  to  infer  the  maximum  and  minimum  (local)  values  of  Ku  actually  experienced  at  the 
crack  tip,  AffL*  and,  Af,l[pmin  respectively,  using  the  mode  II  loading  and  unloading  compliance  curves.  The 
effective,  threshold,  mode  II,  stress-intensity  range  experienced  at  the  crack  tip  was  then  defined  according 
to  the  following  relationship: 

A^II,TH.e.r  =  <max-<min-  (2) 

Using  the  techniques  described  above,  the  measured  mixed-mode,  fatigue-crack  growth  thresholds  were 
compared  in  terms  of  both  the  applied  crack-driving  force  and  the  near-tip,  shielding-corrected  driving 
force. 


3.  Results  and  discussion 

3.1.  Mixed-mode  fatigue-crack  growth  thresholds 

The  mixed-mode  fatigue-crack  growth  thresholds  for  bimodal  Ti-6A1-4V,  in  terms  of  the  mode  II  stress- 
intensity  range  at  threshold,  A£h,th>  as  a  function  of  the  corresponding  mode  I  threshold,  MTh,th>  are 
shown  in  Fig.  2  for  mode  mixities  of  AKn/AKi  =  0,  0.5,  1.9  and  7.1  (/?  =  0°,  26°,  62°  and  82°,  respectively) 
and  load  ratios  of  0.1,  0.5  and  0.8.  Closed  and  open  symbols  represent  the  loading  conditions  that  pro¬ 
duced,  respectively,  no  crack  growth  and  crack  growth;  these  loading  conditions  bound  the  true  threshold 
for  the  onset  of  crack  extension.  While  these  data  are  in  general  agreement  with  mixed-mode  fatigue-crack 
growth  behavior  reported  in  other  material  systems  [4,8-11,23,24],  as  noted  in  Part  I  [15],  an  interesting 
feature  is  present  which  has  not  been  previously  reported  for  mixed-mode  fatigue  thresholds.  Specifically, 
the  value  of  mode  I  threshold,  AKi  TH,  is  slightly  increased  as  /?  is  increased  from  0°  to  26°,  which  gives  rise 
to  the  appearance  of  a  “nose”  in  the  threshold  envelope.  As  discussed  below,  this  insensitivity  of  A^i)TH  to 
superimposed  shear  loading  at  phase  angles  below  ~60°  can  be  attributed  largely  to  a  shear-induced  en¬ 
hancement  of  the  mode  I  fatigue-crack  closure.  Over  the  wider  range  of  mode  mixities  though,  the  mode  I 
AKijn  threshold  decreases  with  increasing  /?.  However,  as  noted  in  Part  I,  when  threshold  data  are  plotted 
in  terms  of  the  range  in  strain  energy  release  rate,  AG,  or  the  equivalent  stress  intensity,  AKcq  (Fig.  3),  viz, 

AGth  =  (A Klm  +  A KlTH)/E'  =  A K2eqJH/E\  (3) 

the  pure  mode  I  threshold  (j8  =  0°),  in  terms  of  AGTH  or  AA^jh,  is  the  worst  case  [15].  In  Eq.  (3), 
Ef  =  E/{\  -  v2)  in  plane  strain  and  E  in  plane  stress,  where  E  is  Young's  modulus  and  v  is  Poisson’s  ratio. 
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Fig.  2.  Mixed-mode,  fatigue-crack  growth  threshold  envelopes  for  bimodal  Ti-6A1-4V  at  load  ratios,  R ,  of  0.1,  0.5  and  0.8  and  a  cyclic 
loading  frequency  of  1000  Hz  in  ambient  temperature  air.  Closed  and  open  symbols  represent  the  loading  conditions  that  produced, 
respectively,  no  crack  growth  and  crack  growth;  these  loading  conditions  bound  the  true  threshold  for  the  onset  of  crack  extension.  On 
the  upper  and  right-hand  axes,  AA^TH  and  A/Cjjth  are  normalized  by  the  pure  mode  I  threshold  at  R  —  0.1,  AATth^=o.i> 


Fig.  3.  Mixed-mode,  fatigue-crack  growth  thresholds  in  bimodal  Ti-6AMV  are  plotted  in  terms  of  the  range  in  strain  energy  release 
rate  at  threshold,  AGth*  as  a  function  of  the  applied  phase  angle,  /?(=  tan” 1  ( AK n/AKi))y  for  load  ratios  of  0.1,  0.5  and  0.8.  AG^h  is 
observed  to  increase  substantially  with  /?.  Inset:  the  equivalent  stress-intensity  range,  AArcqjH(=  (A GmE')^2),  is  plotted  as  a  function  of 
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3.2.  Mixed-mode  crack-tip  shielding 

The  important  role  of  wake  interference  in  mixed-mode  fatigue-crack  growth  has  been  well  documented 
in  the  literature.  There  have  been  numerous  experimental  observations  about  the  effects  of  crack-wake 
interference  [4,11,24-28]  and  attempts  to  model  this  fracture  surface  interaction  and  the  associated  crack- 
tip  shielding  [25,29-31].  However,  there  does  not  yet  exist  a  simple  experimental  technique  for  quantifying 
crack-tip  shielding  with  respect  to  an  applied  mode  II  loading,  akin  to  the  well  developed  techniques  for 
quantifying  such  crack-wake  effects  during  pure  mode  I  fatigue.  For  mode  I  loading,  crack  closure  is 
routinely  quantified  using  a  rather  simple  in  situ  unloading  compliance  curve  measurement  on  the  fatigue 
test  sample  [22].  Using  the  same  compliance  curve,  it  also  possible  to  quantify  [32,33]  any  crack  bridging 
[34-  36]  which  might  be  present.  In  the  following  paragraphs,  simple  experimental  techniques  (based  upon 
the  measurement  of  sample  compliance  curves)  for  quantifying  crack-tip  shielding  with  respect  to  both 
mode  I  and  mode  II  loading  in  the  presence  of  superimposed  shear  and  tensile  loading  are  described.  Using 
these  techniques,  the  magnitude  of  crack-tip  shielding  is  measured  for  bimodal  Ti-6AMV,  and  these 
shielding  measurements  are  used  to  present  the  mixed-mode  fatigue-crack  growth  threshold  data  shown  in 
Figs.  2  and  3  in  terms  of  the  crack-driving  force  actually  experienced  at  the  crack  tip. 

Fatigue-sample  compliance  curves  (loading  and  unloading)  were  determined  for  both  mode  I  and  mode 
II  displacements,  using  the  near-tip  COD  gauge  described  above.  The  general  form  of  these  curves  is  shown 
schematically  in  Fig.  4.  Note  that  the  mode  I  compliance  curve  measured  during  mixed-mode  loading  (Fig. 
4a)  is  essentially  identical  to  that  measured  for  pure  mode  I  fatigue.  The  form  of  the  mode  II  compliance 
curve  shown  in  Fig.  4b  (actual  experimental  data  are  shown  in  Fig.  4c)  is  a  generalization  which  captures  all 
of  the  essential  features  observed  for  such  curves  at  different  values  of  P  and  R ;  these  features  are  discussed 
below. 

At  this  point,  it  should  be  noted  that  the  measured  compliance  curves  for  a  subordinate  loading  mode  1 
were  not  interpretable  in  the  manner  which  will  be  described  in  the  following  sections.  In  other  words,  the 
features  of  the  compliance  curves  which  are  used  here  to  aid  in  quantification  of  crack-tip  shielding  were 
not  discemable  in  these  compliance  curves.  Thus,  measurements  of  crack-tip  shielding  with  respect  to  the 
applied  mode  II  loading  were  only  made  for  shear-dominant  loading  conditions  (AATn/A K\  >  1),  and  mode 
I  crack-tip  shielding  was  quantified  only  for  tensile  dominant  conditions  ( AKu/AK\  <  1).  The  distortion  of 
the  subordinate  mode  compliance  curves  is  attributed  to  the  large  displacement  imposed  on  the  COD  gauge 
(by  the  dominant  loading  mode)  in  a  direction  orthogonal  to  that  in  which  the  gauge  is  designed  to  make 
measurements.  Such  effects  could  be  magnified  by  any  misalignment  of  the  gauge. 


3.2.1.  Mode  I  crack-tip  shielding 

Mode  I  crack-tip  shielding,  i.e.,  crack  closure,  was  quantified  for  tensile-dominant  mixed-mode  loading 
(AKu/AKi  =  0.5,  p  =  26°)  and  pure  mode  I  loading  (AKu/AKi  =  0,  p  =  0°)  using  the  well  established 
technique  of  defining  the  closure  load,  Pc j,  as  the  load  corresponding  to  the  first  deviation  from  linearity  in 
the  mode  I  unloading  compliance  curve.  The  mode  I  closure  stress  intensity,  Kc\,  was  then  calculated  using 
Pci,  the  known  crack  length,  and  a  mode  I  stress-intensity  solution  for  bending  [37].  Measured  values  of  Kc \ 
are  presented  in  Fig.  5  in  terms  of  Kc]/KlfmSiX  (where  is  the  maximum  mode  I  stress  intensity)  as  a 
function  of  R  for  P  =  0°  and  26°.  Note  that  the  absolute  values  of  K C|  are  indicated  adjacent  to  the  data 
points. 


1  The  term  “subordinate  loading  mode”  is  most  easily  defined  by  the  use  of  the  following  examples.  For  AKn/AKi  -  0.5  (/?  =  26°), 
the  shear  loading  mode  is  subordinate  while  the  tensile  loading  mode  is  dominant,  i.e.,  A K{  >  AA^n.  Conversely,  for  AKu/AKi  =  1.9 
and  7.1  {fi  =  62°  and  82°,  respectively),  the  shear  loading  mode  is  dominant  and  the  tensile  mode  is  subordinate. 
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Mode  I  displacement 
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Fig.  4.  Representation  of  the  general  form  observed  for,  (a)  mode  I  and  (b)  mode  II  compliance  curves  measured  using  a  side-mounted, 
near-tip  COD  gauge.  Actual  experimental  data  for  the  mode  II  compliance  behavior  are  shown  in  (c). 
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Fig.  5.  Measured  values  of  the  mode  I  closure  stress  intensity,  Ka,  (normalized  by  the  maximum  mode  I  stress  intensity,  A^max)  are 
presented  as  a  function  of  load  ratio,  R,  for  fi  =  0°  and  26°.  Note  that  values  of  K cj  (not  normalized  by  K\  m^  are  indicated  adjacent  to 
the  data  points.  While  fatigue  crack  closure  is  observed  to  be  suppressed  by  increasing  load  ratio  for  mode  I  loading  (/?  =  0°),  Kd 
increases  rather  dramatically  with  load  ratio  when  a  small  amount  of  shear  loading  is  superimposed  (p  =  26°,  AKn/AKi  =  0.5).  Ex¬ 
perimental  results  are  compared  with  a  prediction  based  upon  the  model  of  Suresh  and  Ritchie  (“S  and  R”  model  [41]). 


In  Fig.  5,  it  is  apparent  that,  for  mode  I  loading  (/?  =  0°),  crack  closure  is  suppressed  as  load  ratio 
increases.  In  fact,  closure  appears  to  be  completely  eliminated  at  R  =  0.5  and  0.8.  It  should  be  noted  that 
these  values  of  Kd  for  /?  =  0°  are  somewhat  lower  than  previous  reports  of  mode  I  crack  closure  in  this  same 
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material  [38].  This  small  disparity  may  be  due  to  differences  in  the  technique  employed  to  measure  the 
unloading  compliance  curve  (side-mounted,  near-tip  COD  gauge  in  the  current  study;  back-face-strain 
compliance  in  Ref.  [38]). 

In  stark  contrast  to  the  behavior  exhibited  for  ft  =  0°,  the  mode  I  closure  stress  intensity  for  /?  =  26° 
(AK\i/AK\  =  0.5)  is  observed  to  increase  markedly  as  load  ratio  increases  from  0.1  to  0.8.  Measured  values 
of  Kc]  are  1.1,  4.7  and  13.0  MPa  y/m,  respectively,  at  R  =  0.1,  0.5  and  0.8;  corresponding  values  of  ATci /ATiimax 
are  0.19,  0.59  and  0.81.  While  the  assertion  that  crack  closure  is  operative  at  R  =  0.8  may  be  surprising, 
supporting  fractographic  evidence  can  be  seen  in  Fig.  6,  which  shows  scanning  electron  photomicrographs 
of  the  fatigue  surfaces  in  the  near-tip  crack  wake  for  R  =  0.1  and  0.8  at  /?  =  26°.  In  both  images,  evidence  of 
fracture  surface  contact  is  present  in  the  form  of  “wear  scars”  produced  by  the  relative  shear  displacements 
of  the  fracture  surfaces.  These  wear  scars  are  characterized  by  flat  regions  with  parallel  surface  markings 
oriented  exactly  in  the  direction  of  the  relative  shear  displacement  between  the  fracture  surfaces  during 
cyclic  loading.  At  R  =  0.1,  these  markings  tend  to  be  larger  in  size,  occupy  more  area  on  the  fracture 
surface,  and  have  more  wear  debris  surrounding  them  than  at  R  =  0.8.  This  suggests  more  extensive 


Crack  Growth  Direction 


Fig.  6.  Scanning  electron  photomicrographs  of  the  fatigue  fracture  surfaces  in  the  near-tip  crack  wake  are  shown  for  (a)  R  =  0.1  and  (b) 
R  =  0.8  at  /?  =  26°.  In  both  images,  evidence  of  fracture  surface  contact  is  present  in  the  form  of  “wear  scars”  (indicated  by  arrows) 
produced  by  the  relative  shear  displacements  of  the  fracture  surfaces;  these  wear  scars  are  characterized  by  flat  regions  with  parallel 
surface  markings  oriented  exactly  in  the  direction  of  the  relative  shear  displacement  (left  to  right)  between  the  fracture  surfaces  during 
cyclic  loading.  At  R  —  0.1,  considerable  debris  is  observed  around  the  wear  scar. 
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fracture  surface  contact  for  R  =  0.1;  nonetheless,  the  presence  of  these  features  at  R  —  0.8  indicates  that 
fracture  surface  contact  does  occur  at  this  high  value  of  load  ratio. 

The  dramatic  increase  in  Kd  with  increasing  load  ratio  for  p  =  26°  is  believed  to  result  from  a  shear- 
induced  offsetting  of  the  fracture  surface  asperities.  While  it  is  known  that  some  amount  of  mode  II  crack 
opening  generally  occurs  even  for  nominally  mode  I  loading  [39],  clearly  the  amount  of  mode  II  dis¬ 
placement  in  the  crack  wake  is  increased  when  P  >  0°.  An  increase  in  the  level  of  crack  closure  under 
mixed-mode  loading  conditions  has  previously  been  reported  in  a  2024-T3  aluminum  alloy  [40].  Such  shear- 
induced  enhancement  of  mode  I  closure  has  been  modeled  by  Suresh  and  Ritchie  [41],  Using  a  very  simple 
idealization  of  a  rough  fatigue  fracture  surface,  with  asperities  of  high  h  and  width  W,  and  a  geometrical 
consideration  of  crack  surface  contact,  they  derive  an  expression  for  Kc]  as 

JW*.,max  =  {2yx/(l  +  2yx)},/2,  (4) 

where  x  =  uu/ui  is  the  ratio  of  mode  II  to  mode  I  displacements  in  the  crack  wake  and  y  =  h/W,  the  ratio  of 
fracture  surface  asperity  height  to  width.  Characterization  of  the  fatigue  pre-crack  fracture  surfaces  in  the 
present  study  indicates  that  y  =  0.46.  Using  this  value  of  y  and  assuming  that  uu/u\  —  AKu/AKi  =  0.5  for 
P  =  26°,  Eq.  (4)  predicts  Kc]/Kiiinax  —  0.56.  In  contrast  to  the  experimental  data,  this  predicted  value  of 
Kc\ /ATi  max  is  independent  of  load  ratio  (Fig.  5),  a  contradiction  that  is  believed  to  be  an  artifact  of  the 
perfectly  periodic  fracture  surface  modeled  by  Suresh  and  Ritchie.  In  reality,  fracture  surfaces  are  not  so 
regular,  and  it  is  likely  that  the  maximum  height  differential  of  fracture  surface  asperities  which  may  come 
into  contact  during  mode  I  unloading  will  increase  as  the  magnitude  of  shear  offset  of  the  fracture  surfaces 
increases.  This  would  explain  the  observed  increase  in  Kc]/KijjnaK  with  load  ratio.  For  the  measured  fatigue- 
crack  growth  thresholds  at  j 3  =  26°,  the  mean  value  of  Kn  increases  from  ~1.6  to  7.2  MPa  y/m  as  R  in¬ 
creases  from  0.1  to  0.8.  In  addition,  the  assumption  that  wn/wi  —  AKu/AKi  is  questionable,  as  it  is  known 
that  this  relationship  does  not  necessarily  hold  for  mode  I  loading,  where  it  has  been  shown  that  u\\/u\  ^  0 
even  though  AKu/AK\  =  0  [39];  moreover,  models  of  shear-induced  fracture  surface  contact  indicate  that 
this  contact  can  cause  the  near-tip  mode  mixity  to  differ  markedly  from  the  applied  value  of  AKu/AKi  [31], 

Using  the  measured  values  of  K ci,  an  effective,  near-tip,  mode  I,  stress-intensity  range  at  threshold, 
A7^i  TH,e<Tj  can  be  defined  according  to  Eq.  (1).  AA^TH,eff  represents  the  mode  I  crack-driving  force  actually 
experienced  at  the  crack  tip  after  the  effects  of  crack  closure  have  been  “subtracted”  from  the  far-field, 
applied  driving  force.  When  Kd  is  less  than  the  minimum  applied  value  of  K\>  closure  is  not  active  and 
AATI(TH,efr  is  equal  to  the  applied  value  of  AA^TH. 

Consideration  in  this  manner  of  the  influence  of  fatigue-crack  closure  on  the  near-tip  mode  I  crack- 
driving  force  provides  an  explanation  for  the  “nose”  which  is  observed  in  the  mixed-mode  fatigue-crack 
growth  threshold  envelopes  (Fig.  2).  Recall  that  this  nose  is  a  manifestation  of  the  fact  that  the  mode  I 
stress-intensity  range  at  threshold,  AAfitTH,  does  not  decrease  monotonically  as  the  magnitude  of  shear 
loading  (and  hence  phase  angle,  j 3)  increases.  Instead,  the  value  of  AA^th  increases  slightly  (for  R  =  0.1  and 
0.5)  or  remains  constant  (R  ~  0.8)  as  P  increases  from  0°  to  26°  (Fig.  7).  However,  when  the  mode  I  crack¬ 
driving  forces  are  considered  in  terms  of  the  “closure-corrected”  near-tip  values,  AA^TH,efr,  the  increase  in 
the  mode  I  threshold  stress-intensity  range  as  p  increases  from  0°  to  26°  is  no  longer  observed  (or  at  least  is 
significantly  reduced).  This  is  illustrated  in  Fig.  7,  where  AATI)TH,efr  and  AATI(TH  are  compared  as  a  function  of 
the  applied  phase  angle,  p.  While  it  is  important  to  remember  that  the  measured  values  of  Kc]  represent  only 
an  approximate  quantification  of  crack-tip  shielding,  these  data  strongly  suggest  that  the  nose  which  is 
observed  in  the  mixed-mode  fatigue-crack  growth  threshold  envelope  is  largely  a  result  of  a  shear-induced 
enhancement  of  mode  I  crack  closure. 

The  measured  variation  of  K d  with  R  for  P  —  26°  also  provides  some  insight  regarding  the  relationship 
between  AGth  and  R  (Fig.  8),  which  was  previously  discussed  in  Part  I  of  this  paper.  The  transition  between 
a  region  of  relatively  strong  load  ratio  dependence  (for  R  <  0.5)  and  relatively  weak  load  ratio  dependence 
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Fig.  7.  The  mode  I  stress-intensity  range  at  threshold  is  plotted  as  a  function  of  applied  phase  angle,  /?,  both  in  terms  of  the  applied 
A^i,th  and  the  near-tip,  shielding-corrected  AKltTH,ejr.  The  slight  increase  in  A/T1>th,  which  is  observed  when  ft  increases  from  0°  (mode 
I  loading)  to  26°  (AKu/AKi  =  0.5)  is  essentially  eliminated  when  the  effects  of  crack  closure  are  “subtracted”  from  the  near-tip,  crack¬ 
driving  force,  which  is  characterized  by  AAT]tTH]Cff. 


Fig.  8.  The  threshold  range  in  strain  energy  release  rate,  AGth,  is  plotted  as  a  function  of  load  ratio,  R ,  for  p  =  0°,  26°  and  62° 
(AKu/AKi  —  0,  0.5  and  1.9,  respectively).  For  each  value  of  /?,  the  fatigue-crack  growth  threshold  decreases  as  load  ratio  increases. 


(for  R  >  0.5),  which  is  exhibited  by  the  pure  mode  I  threshold  data  (/?  =  0°)  arises  primarily  from  a 
suppression  of  crack  closure  at  higher  load  ratios  [42].  The  lack  of  such  a  transition  for  threshold  data 
measured  at  /?  =  26°  appears  to  result  from  the  fact  that  crack  closure  persists  for  load  ratios  up  to  R  =  0.8. 
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Moreover,  it  is  speculated  that  the  absence  of  a  transition  between  regimes  of  strong  and  weak  load  ratio 
dependence  for  the  shear-dominant  threshold  data  (/?  =  62°)  is  also  due  to  the  fact  that  crack-wake  contact 
mechanisms  are  operative  over  the  entire  range  of  load  ratio  investigated.  As  quantified  below,  crack-wake 
contact  mechanisms  are  found  to  be  operative  for  all  load  ratios  investigated  at  P  —  62°  and  82°. 

5.2.2.  Mode  II  crack-tip  shielding 

Shielding  with  respect  to  the  applied  mode  II  loading  is  believed  to  arise  due  to  both  the  development  of 
frictional  resistance  to  a  relative  shear  displacement  of  the  fatigue  fracture  surfaces,  which  inhibits  but  does 
not  preclude  relative  motion,  and  mechanical  interlock  of  fracture  surface  asperities,  where  any  (local) 
relative  motion  of  the  fracture  surfaces  is  severely  restricted  and  must  be  accompanied  by  elastic  or  plastic 
deformation  of  the  interlocking  asperities.  Such  mode  II  shielding  was  quantified  for  all  load  ratios  at 
P  —  62°  and  82°  (AKu/AKi  =  1.9  and  7.1),  with  the  exception  of  the  loading  condition  R  =  0.8  and  ft  =  82°, 
for  which  the  fatigue-crack  growth  threshold  has  not  been  measured.  To  measure  the  magnitude  of  the 
effective,  near-tip  mode  II  crack-driving  force  at  threshold,  AATn  TH,efr5  the  following  technique,  which  re¬ 
quires  measurement  of  both  the  loading  and  unloading  compliance  curves,  was  developed.  These  compliance 
curves  were  determined  using  a  COD  gauge  mounted  approximately  1  mm  behind  the  crack  tip  (Fig.  1). 

The  COD  gauge  employed  consisted  of  a  “c-section”  of  aluminum  with  strain  gauges  mounted  on  both 
cantilever  arms.  Likewise,  the  fixture  for  measuring  mode  II  crack-wake  displacements  was  machined  from 
aluminum.  Both  the  COD  gauge  and  mode  II  fixture  were  adhesively  bonded  to  the  measurement  surface; 
the  area  of  contact  (both  above  and  below  the  crack)  between  the  gauge  and  sample  and  between  the  mode 
II  fixture  and  sample  were  approximately  1.5  mm  (in  the  direction  of  displacement  measurement)  by  4  mm. 
Prior  to  attachment,  both  the  COD  gauge  and  mode  II  fixture  were  situated  using  a  micrometer-equipped 
alignment  and  positioning  fixture;  this  ensured  precise  placement  of  the  gauge  with  respect  to  the  crack  tip 
and  proper  alignment  with  respect  to  the  desired  direction  of  measurement  (mode  I  or  mode  II  displace¬ 
ments). 

An  idealization  of  the  general  form  of  the  resulting  mode  II  compliance  curve  (applied  load  as  a  function 
of  mode  II  crack -wake  displacement)  is  shown  in  Fig.  9a.  With  respect  to  quantification  of  crack-tip 
shielding,  the  relevant  features  of  this  curve  are  best  illustrated  by  considering  it  to  be  a  composite  of  the 
following  curves.  In  the  absence  of  any  crack-wake  contact  mechanisms,  one  would  expect  the  mode  II 
compliance  curve  to  be  perfectly  linear,  as  shown  in  Fig.  9b.  However,  for  a  fatigue  crack  in  a  polycrys¬ 
talline  material,  the  crack  path  is  generally  somewhat  tortuous,  such  that  the  fatigue  fracture  surfaces  will 
come  into  contact  with  one  another  during  mixed-mode  loading.  This  fracture  surface  contact  can  be 
manifested  as  a  frictional  resistance  to  the  shear  displacement  of  the  fracture  surfaces  with  respect  to  one 
another.  Frictional  resistance  to  mode  II  crack-wake  displacements  will  give  rise  to  a  mode  II  compliance 
curve  characterized  by  hysteresis,  as  shown  in  Fig.  9c.  The  “knees”  which  are  observed  for  the  initial 
portions  of  both  the  loading  and  unloading  curves  (indicated  as  points  a  and  b  in  Fig.  9c)  are  an  indication 
of  frictional  locking  of  the  crack  wake  following  a  reversal  in  loading  direction.  The  form  of  this  curve  has 
previously  been  theorized  by  Smith  and  Smith  [25]. 

In  addition  to  developing  frictional  resistance  to  mode  II  shearing  of  the  fracture  surfaces,  crack-wake 
contact  can  also  result  in  asperity  interlock,  where  asperities  come  into  contact  and,  due  to  mechanical 
interlock,  are  prevented  from  displacing  relative  to  one  another.  When  such  interlock  occurs,  the  contacting 
asperities  will  deform  elastically  or  plastically  under  the  influence  of  the  applied  shear  loading,  and  may 
eventually  fracture.  In  Fig.  10,  a  scanning  electron  photomicrograph  shows  the  crack -wake  profile  (imaged 
at  the  sample  surface)  resulting  from  a  fatigue-crack  growth  threshold  measurement  at  R  =  0.5  and 
P  =  82°.  Interlocking  asperities  (indicated  by  arrows)  show  evidence  of  extensive  deformation  due  to  the 
applied  shear  loading. 

The  occurrence  of  asperity  interlock  will  tend  to  increase  the  apparent  stiffness  of  the  sample  as  the 
locked  portions  of  the  crack  wake  will  behave  like  uncracked  ligaments.  The  experimentally  observed  mode 
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Mode  II  displacement 


Mode  II  displacement  Mode  II  displacement 


Fig.  9.  The  disparity  between  the  general  form  of  the  mode  II  compliance  curve,  shown  in  (a),  and  the  single  linear  loading  and 
unloading  curve  (b),  which  would  be  exhibited  in  the  absence  of  any  crack-wake  contact  mechanisms,  can  be  attributed  to  the  presence 
of  friction  and  asperity  interlock  in  the  fatigue-crack  wake  during  the  application  of  mixed-mode  loading.  For  frictional  resistance  only 
to  the  relative  shear  displacements  in  the  crack  wake,  the  mode  II  compliance  curve  would  appear  as  shown  in  (c).  Here,  the  “knees”  in 
the  loading  and  unloading  curves  (indicated  as  points  a  and  b,  respectively)  are  a  result  of  frictional  locking  in  the  crack  wake  following 
a  reversal  in  loading  direction.  With  significant  asperity  interlock  present  at  the  extremes  of  the  applied  loading  cycle  (but  not  friction), 
the  compliance  curve  will  appear  as  in  (d).  The  observed  loading  and  unloading  mode  II  compliance  curve  (a)  can  be  viewed  as  a 
composite  of  the  curves  shown  in  (b)-(d). 


II  compliance  curves  suggest  that  appreciable  asperity  interlock  is  most  likely  to  develop  near  the  maximum 
and  minimum  applied  load,  where  the  fracture  surface  asperities  are,  respectively,  most  out  of  registry  or 
being  prevented  (by  contact  mechanisms)  from  returning  to  registry  (Fig.  11).  Asperity  interlock  in  the  crack 
wake,  in  the  absence  of  friction,  2  will  produce  a  compliance  curve  of  the  form  shown  in  Fig.  9d.  The 
features  of  the  experimentally  measured  compliance  curve  (Fig.  9a)  should  now  be  recognizable  as  the 
traction-free,  linear  elastic  curve  (Fig.  9b),  modified  by  the  presence  of  crack-wake  friction  and  asperity 
interlock. 

Using  this  rationalization,  the  effective,  near-tip,  mode  II,  crack  driving  force  at  threshold,  AA'njH.efr? 
can  now  be  estimated  by  the  construction  illustrated  in  Fig.  12.  The  following  assumptions  are  made:  (i)  the 
mode  II  crack-tip  opening  displacement  (CTODn),  measured  very  near  to  the  crack  tip  (such  that  ap¬ 
preciable  shielding  cannot  develop  between  the  point  of  measurement  and  the  actual  crack  tip),  is  char¬ 
acteristic  of  the  actual  value  of  K\\  experienced  at  the  crack  tip,  (ii)  the  maximum  and  minimum 
displacements,  measured  by  the  near-tip  COD  gauge,  correspond  to  the  points  in  the  loading  cycle  where 
the  CTODn  is,  respectively,  a  maximum  and  minimum,  and  (iii)  the  single,  straight-line  compliance  curve 
which  sample  loading  and  unloading  would  follow  in  the  absence  of  friction  and  asperity  interlock  (the 
wake-contact-free  compliance)  can  be  approximated  as  the  average  of  the  linear  portions  of  the  measured 


2  The  condition  of  interlock  in  the  absence  of  friction  is  not  likely  to  occur  in  a  real  crack  wake,  as  the  asperity  contact  which  gives 
rise  to  interlock  (a  near  complete  suppression  of  relative  motion  of  the  crack  faces)  is  an  extreme  case  of  that  which  produces  friction 
(inhibition  of  relative  motion).  However,  consideration  of  this  condition  aids  in  the  interpretation  of  the  form  of  the  mode  II 
compliance  curve  without  compromising  the  validity  of  the  theory  being  presented  here. 
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Fig.  10.  A  scanning  electron  photomicrograph  shows  the  crack -wake  profile  (recorded  at  the  sample  surface)  resulting  from  a  fatigue- 
crack  growth  threshold  measurement  at  R  =  0.5  and  p  —  82°.  Interlocking  asperities  (indicated  by  arrows)  show  evidence  of  extensive 
deformation  due  to  impingement  under  the  applied  shear  loading. 


Fig.  11.  This  schematic  illustration  provides  insight  into  the  mechanistic  origin  of  asperity  interlock  at  the  minimum  of  the  applied 
cyclic  loading  waveform.  In  (a),  mating  fracture  surface  asperities  are  shown  prior  to  the  first  application  of  mixed-mode  loading.  In 
(b),  asperity  contact  is  observed  during  the  first  loading  cycle,  as  the  fracture  surfaces  are  both  opened  and  sheared  with  respect  to  one 
another.  At  the  maximum  of  the  loading  cycle  (c),  the  asperities  are  observed  to  be  out  of  registry.  In  (d),  it  is  shown  how,  upon 
unloading,  the  asperities  may  come  into  contact  in  a  manner  which  does  not  allow  the  mating  fracture  surfaces  to  regain  registry  at  the 
minimum  of  the  loading  cycle,  thus  giving  rise  to  asperity  interlock. 


loading  and  unloading  compliance  curve  (Fig.  12);  these  linear  portions  of  the  measured  compliance  curves 
are  observed  to  occur  near  the  mean  load. 

As  shown  in  Fig.  12,  the  loads  corresponding  to  the  maximum  and  minimum  values  of  Ku  experienced  at 
the  crack  tip  are  then  determined  by  the  intersections  of  the  maximum  and  minimum  mode  II  crack -wake 
displacements,  wn,max  and  wn,min>  with  the  wake-contact-free  compliance  curve  (points  a  and  b).  From  the 
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Fig.  12.  The  effective,  near-tip,  mode  II,  crack-driving  force  at  threshold,  Atfu/nuff*  can  be  estimated  by  finding  the  loads,  and 
hirin’  at  which  the  maximum  and  minimum  mode  II  crack  opening  displacements  intersect  the  wake-contact-free  compliance  curve.  P^ 
and  PZ  can  then  be  used  in  conjunction  with  the  known  crack  length  to  calculate  and  The  near-tip,  mode  II,  crack¬ 

driving  force  is  then  estimated  as  A/TnjH.e/r  —  ^nPmax  “ 

second  assumption  above,  these  maximum  and  minimum  displacements  are  representative  of  the  CTODn 
extrema.  The  points  a  and  b  on  the  wake-contact-free  compliance  curve  indicate  the  applied  loads,  and 
P* P,  which  would  be  necessary  to  produce  these  CTODn  extrema  in  the  absence  of  any  crack-wake 
shielding  mechanisms.  Thus,  P^  and  i*?  can  be  used  with  the  known  crack  length  and  the  mode  II  stress- 
intensity  solution  for  asymmetric  four  point  bending  [18]  to  calculate  the  maximum  and  minimum  values  of 
the  mode  II  stress  intensity  experienced  at  the  crack  tip,  A^Jpmax  and  An  effective,  near-tip,  threshold, 

mode  II  stress-intensity  range  (from  which  the  effects  of  crack-tip  shielding  have  been  removed)  can  then  be 
calculated  as 

AA^TH.err  =  ^nfmax  “ 

Table  1  presents  a  comparison  of  the  applied  and  effective,  near-tip  values  of  the  mode  II  stress-intensity 
ranges  at  threshold;  also  shown  is  magnitude  of  the  shielding,  expressed  as  the  reduction  in  AATn(= 
AATiijh  " 

The  data  presented  in  Table  1  illustrate  that  a  significant  portion  of  the  applied  mode  II  driving  force  can 
be  absorbed  by  crack-tip  shielding;  for  example,  for  R  =  0.1  and  /?  =  82°,  only  46%  of  the  applied  mode  II 
stress-intensity  range  is  transmitted  to  the  crack  tip.  Inspection  of  the  data  indicates  that  for  both  ft  =  62° 
and  82°,  the  reduction  in  A Ku  due  to  crack-tip  shielding  decreases  with  increasing  load  ratio.  This  trend  is 
consistent  with  physical  intuition;  as  load  ratio  increases  (for  a  fixed  value  of  /?),  the  fatigue  crack  is  more 
open  during  the  entirety  of  the  loading  cycle  (due  to  the  elevated  magnitudes  of  K{)  and  shear-induced, 


Table  1 


Comparison  of  applied  and  shielding-corrected,  near-tip,  mode  II  stress-intensity  ranges 


Load  ratio,  R 

Phase  angle,  ft  (°) 

AAji)Th  (MPa  y/m) 

AX|jjTH(cfr  (MPa^/m) 

Reduction  in  AKn  (MPa  \/ni)a 

0.1 

62 

6.5 

3.9 

2.6 

82 

10.4 

4.8 

5.6 

0.5 

62 

6.0 

4.6 

1.4 

82 

8.6 

5.3 

3.3 

0.8 

62 

5.6 

5 

0.6 

aThe  reduction  in  A^n  is  equal  to  AAT|J(Th  “  ^u.TH.cfr- 
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crack-wake  contact  will  be  reduced.  Also,  consistent  with  physical  intuition  is  the  observation  that  for  both 
R  =  0.1  and  0.5,  the  reduction  in  AKU  due  to  crack-tip  shielding  increases  with  mode  mixity.  An  increase  in 
phase  angle,  /?,  is  accompanied  by  an  increase  in  the  magnitude  of  the  applied  shear  loading  and  a  decrease 
in  the  magnitude  of  tensile  opening  of  the  crack;  under  these  conditions,  crack-wake  contact  would  be 
expected  to  increase. 

3.3,  Shielding-corrected  mixed-mode  thresholds 

Using  the  measurements  of  mode  I  and  mode  II  crack-tip  shielding  and  the  associated  definitions  of 
the  near-tip  mode  I  and  mode  II  crack-driving  forces  (Eqs.  (1)  and  (2)),  it  is  now  possible  to  rationalize  the 
measured  fatigue  threshold  data  (Figs.  2  and  3)  in  terms  of  the  driving  force  actually  experienced  at  the 
crack  tip.  Although  the  meaning  of  mode  I  “crack  closure”  is  somewhat  altered  for  shear-dominant  loading 
conditions,  where  the  fatigue  fracture  surfaces  are  seemingly  in  contact  during  the  entirety  of  the  loading 
cycle  (as  evidenced  by  the  occurrence  of  asperity  interlock  and  frictional  resistance  to  mode  II  crack-wake 
displacements),  the  notion  of  a  reduction  in  the  applied  AKi  by  a  wedging  open  of  the  crack  continues  to 
apply.  As  discussed  below,  consideration  of  the  shielding-corrected  fatigue  thresholds  gives  considerable 
insight  into  the  mechanism  for  the  increase  in  fatigue-crack  growth  resistance  with  increasing  mode  mixity, 
observed  in  Fig.  3. 

In  Fig.  13,  the  mixed-mode  fatigue-crack  growth  threshold  envelopes  for  R  =  0.1,  0.5  and  0.8  are  pre¬ 
sented  in  terms  of  both  the  applied  and  near-tip  (shielding-corrected)  values  of  A^i  and  AK\\.  For  the  sake 
of  simplicity,  each  threshold  is  presented  simply  as  a  single  data  point  which  is  the  average  of  the  measured 
growth/no  growth  conditions  given  in  Fig.  2.  Applied  values  of  the  mode  I  and  mode  II  driving  forces 
(AXiiTH  and  A^ntTH)  are  plotted  as  filled  symbols  with  a  solid  line  envelope;  corresponding  values  of  the 


Mode  I  Stress-! rrtensity  Range  at  Threshold 
AK,.™  and  A (MPaVm) 

Fig.  13.  Mixed-mode,  fatigue-crack  growth  threshold  envelopes  for  R  =  0.1,  0.5  and  0.8  are  presented  in  terms  of  both  the  applied 
threshold  stress-intensity  ranges,  AKl  JH  and  AJ?u,th  ♦>  ■)  and  the  near-tip,  shielding-corrected  values,  AtfliTH>efr  and  AJ^TH.eff  (A, 
O,  □).  For  shear-dominant  loading  conditions,  the  shielding-correct  fatigue  thresholds  are  considerably  lower  than  those  based  upon 
the  applied  values  of  crack-driving  force. 
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f  PHASE  ANGLE,  p  (°)  | 

Mode  I  Mode  II 

Fig.  14.  Mixed-mode,  fatigue-crack  growth  thresholds  at  R  =  0.1,  0.5  and  0.8  are  presented  in  terms  of  both  the  applied  value  of  AG™ 
(represented  by  ▲,  ♦,  ■)  and  the  shielding-corrected,  near-tip  driving  force,  AGm.efr  (A,  O,  □)  as  a  function  of  the  applied  phase  angle, 
/?.  From  these  data,  it  is  apparent  that  the  dramatic  rise  in  fatigue-crack  growth  resistance  (characterized  by  AGm)  with  increasing  p  is 
largely  due  to  the  development  of  extensive  crack-tip  shielding. 


near-tip  (shielding-corrected)  driving  forces  (A.Ki/n^eff  and  A^n)TH,eff)  are  given  by  open  data  symbols 
bounded  by  a  single  scatter  band.  3  It  is  apparent  that  the  fatigue  thresholds  measured  for  shear-dominant 
loading  conditions  (applied  ft  of  62°  and  82°)  are  well  scaled  at  all  load  ratios  by  plotting  the  data  in  terms 
of  the  near-tip  (shielding-corrected),  crack-driving  forces;  indeed,  near-tip  threshold  data  for  all  load  ratios 
fall  within  a  relatively  narrow  scatter  band.  4  Moreover,  it  is  clear  that  the  magnitude  of  the  mixed-mode 
threshold  is  significantly  reduced  in  the  absence  of  crack-tip  shielding. 

For  the  tensile-dominant  loading  conditions,  e.g.  ft  =  0°  (pure  mode  I),  the  threshold  data  are  not  as  well 
scaled  by  the  application  of  crack-tip  shielding  corrections.  However,  this  finding  is  consistent  with  pre¬ 
vious  reports  of  mode  I  fatigue-crack  growth  behavior  in  this  same  bimodal  Ti-6A1^V  [38],  where  it  was 
noted  that  the  degradation  of  fatigue-crack  growth  resistance  due  to  increasing  load  ratio  cannot  be  ex¬ 
plained  solely  by  a  consideration  of  crack  closure  effects. 

In  Fig.  14,  the  mixed-mode  fatigue-crack  growth  thresholds  are  replotted  in  terms  of  the  range  in  strain 
energy  release  rate  as  a  function  of  the  applied  phase  angle.  Characterization  of  the  thresholds  in  terms  of 
the  applied  value  of  AGth  is  represented  by  closed  data  point  symbols,  while  the  shielding-corrected,  near¬ 
tip  driving  force,  AGrH,efr(=  {^ijH.efr  +  ^n.TH^fr}/^)  is  represented  by  open  data  point  symbols.  This 


3  Since  it  was  not  possible  to  measure  mode  I  Kc]  values  at  ft  —  62°  and  82°,  as  noted  above,  measured  values  of  Kc \  at  p  =  26°  for 
the  respective  load  ratios  were  used  as  estimates  in  order  to  plot  A/TjjH.cff  in  Fig- 13.  Because  K ci  increases  with  the  magnitude  of  shear 
offset  of  the  fracture  surfaces  (Fig.  5),  the  values  of  Kc\  measured  at  p  -  26°  are  believed  to  be  conservative  estimates  of  Kci  at  p  =  62° 
and  82°.  As  no  measurement  was  made  of  AXntTH,e/r  for  p  —  26°,  no  attempt  is  made  to  plot  shielding-corrected  threshold  data  for  this 
phase  angle. 

4  It  is  interesting  to  note  here  that  the  ratio  of  shear  to  tension  (AKu/AKi)  experienced  at  the  crack  tip  is  not  equal  to  the  applied 
value  of  this  parameter;  this  is  indicated  in  Fig.  1 3  by  the  fact  that  the  shielding-corrected  thresholds  do  not  lie  on  the  lines  of  constant 
p ,  which  intersect  the  non- shielding-corrected  data.  This  alteration  of  the  near-tip  phase  angle  by  crack-wake  contact  has  been 
predicted  by  theoretical  modeling  of  the  fracture  surface  interactions  [31]. 
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plot  suggests  that  mode  I  loading  may  continue  to  be  worst  case  for  mixed-mode  thresholds  characterized 
in  terms  of  AGrH.efT,  at  least  for  higher  load  ratios,  e.g.,  R  —  0.5  and  0.8.  However,  while  the  AGth 
thresholds  are  increased  by  a  factor  of  as  /?  increases  from  0°  to  82°,  in  terms  of  the  near-tip 

(shielding-corrected)  AGTH,efr  threshold,  the  increase  is  at  most  a  factor  of  ~2.5.  In  fact,  for  R  =  0.1,  the 
AGrH.efT  threshold  appears  to  be  essentially  independent  of  mode  mixity.  Moreover,  it  is  apparent  that  the 
threshold  values  for  shear-dominant  loading  conditions  are  most  significantly  reduced  when  crack-tip 
shielding  is  “removed”  from  the  applied  crack-driving  force;  the  improvement  in  fatigue-crack  growth 
resistance  associated  with  crack-tip  shielding  (i.e.,  the  disparity  between  the  shielding-corrected  and  un¬ 
corrected  data)  is  progressively  enhanced  with  increasing  mode  mixity. 

These  results  provide  strong  evidence  that  the  enhancement  in  fatigue-crack  growth  resistance,  observed 
with  increase  in  AKu/AKi,  can  be  attributed  largely  to  the  development  of  crack-tip  shielding  due  to 
fracture  surface  contact  mechanisms  in  the  crack  wake.  However,  as  noted  above,  there  continues  to  be  a 
slight  increase  in  crack-growth  resistance  with  increasing  applied  phase  angle,  at  least  for  R  ~  0.5  and  0.8 
(Fig.  14),  even  after  the  effects  of  shielding  have  been  accounted  for  (by  characterizing  in  terms  of  AGxH.efr)- 
This  suggests  that  additional  mechanisms  (aside  from  crack-tip  shielding)  may  also  be  operative.  It  has  been 
shown  in  Ref.  [11]  that  for  equivalent  magnitudes  of  the  stress-intensity  range  (i.e.,  AATh  =  AA^),  the  cyclic 
plastic-zone  size  increases  by  a  factor  of  3.7  when  going  from  mode  I  to  mode  II  loading  conditions. 
Moreover,  in  a  related  study  of  interfacial  toughness  between  an  elastic-plastic  solid  and  a  non-yielding 
elastic  solid,  Tvergaard  and  Hutchinson  [43]  predict  an  increasing  toughness  with  increasing  applied  phase 
angle  due  to  the  development  of  enhanced  crack-tip  plasticity  in  the  elastic-plastic  material.  It  is  thus 
possible  that  the  small  increase  in  AGrH,efr  with  increasing  is  a  result  of  such  shear-loading  enhanced 
plastic  deformation,  and  hence,  increased  shear  displacements  at  the  crack  tip.  Clearly,  additional  work  is 
needed  to  make  any  definitive  statements  in  this  regard. 

It  has  been  shown  that  in  this  Ti-6AMV  alloy,  the  pure  mode  I,  AGth  fatigue-crack  growth  threshold  is 
lower  than  that  measured  for  any  mixed-mode  loading  condition.  This  suggests  that  for  design  against 
HCF,  the  AGth  threshold  determined  in  mode  I  could  be  used  as  a  conservative  estimate  of  the  mixed¬ 
mode,  fatigue-crack  growth  threshold.  It  is  pertinent  to  note,  however,  that  this  conclusion  is  based  on  a 
study  of  cracks  large  compared  to  the  scale  of  the  microstructure  and  which  have  fracture  surface  di¬ 
mensions  on  the  order  of  several  millimeters.  The  marked  decrease  in  mixed-mode,  fatigue-crack  growth 
threshold  values,  when  they  are  “corrected”  for  the  influence  of  crack-tip  shielding,  implies  that  the  mode  I 
AGTh  threshold  may  not  be  as  conservative  in  the  presence  of  small  fatigue  flaws  with  limited  crack  wake. 
While  the  results  in  Fig.  14  and  those  for  short  cracks  in  Part  I  [15]  indicate  that,  even  in  the  “absence”  of 
crack-tip  shielding,  the  AGTH,efr  threshold  may  still  increase  somewhat  with  increasing  applied  phase  angle, 
it  is  still  not  known  whether  such  a  shielding-corrected,  mode  I  threshold  will  remain  the  lower-bound  for 
cracks  that  are  truly  small  compared  to  microstructural  dimensions  or  whether  the  thresholds  for  such 
cracks  will  fall  within  the  scatter  band  of  AGrH,efr  versus  /?  shown  in  Fig.  14. 

3.4.  Comparison  of  short-crack  and  shielding-corrected \  large-crack  fatigue  thresholds 

In  Fig.  15,  mixed-mode,  short-crack,  fatigue  threshold  data  for  bimodal  Ti-6AMV  are  compared  with 
the  scatterband  of  shielding-corrected,  large-crack  threshold  data  for  R  =  0.1  to  0.8;  further  details  re¬ 
garding  the  short-crack  data  are  given  in  Part  I  [15].  The  mixed-mode,  short-crack  threshold  data  are 
generally  in  good  agreement  with  the  shielding-corrected,  large-crack  data,  with  two  of  the  three  measured 
short-crack  thresholds  lying  within  the  shielding-corrected  scatterband.  However,  the  short-crack  fatigue 
thresholds  are  at  the  lower  end  of,  or  even  slightly  below,  the  shielding-corrected,  large-crack  data  scat¬ 
terband. 

This  comparison  between  the  short-crack  and  shielding-corrected,  large-crack  threshold  data  pro¬ 
vides  some  insight  regarding  the  accuracy  of  the  compliance-based  techniques  developed  for  quantifying 


246 


J.P.  Campbell,  R.O.  Ritchie  I  Engineering  Fracture  Mechanics  67  (2000)  229-249 


(a) 


0  12345678 

Mode  I  Stress-Intensity  Range  at 
Threshold,  AKITH  and  A Kw-r  (MPaVm) 


JOOOr 


!  i  [  r- 

Bimodal  71-6AI-4V 
25°C,  air,  1000  Hz 


i — i — i — r 


ir 

|>< 


shielding-corrected 
large  crack 


rV^^short  crack 
R  =  0.1 


20  30  40  50  60  70 

PHASE  ANGLE,  pO 


Fig.  15.  The  short-crack  (R  =  0.1,  [15])  and  large-crack  (/?  =  0.1  and  0.8)  mixed-mode,  fatigue-crack  growth  threshold  data  in  bimodal 
Ti-6A1-4V  are  compared  with  a  scatterband  representing  shielding-corrected,  large-crack  threshold  data  for  R  =  0.1  to  0.8  both  in 
terms  of  (a)  the  mixed-mode  threshold  envelope  and  (b)  the  threshold  range  in  strain  energy  release  rate,  AGth,  as  a  function  of  the 
applied  phase  angle,  /?(=  tan-1(AATu/A/Lj)).  The  short-crack  thresholds  are  observed  to  be  in  reasonably  good  agreement  with  the 
shielding-corrected,  large-crack  data. 


crack-tip  shielding  during  mixed-mode  cyclic  loading.  If  it  is  assumed  that  the  primary  difference  between 
the  crack-growth  behavior  of  large  and  short  fatigue  cracks  is  the  disparity  in  crack-tip  shielding,  the 
observed  correspondence  of  the  current  short-crack  and  large-crack,  shielding-corrected  data  suggests  that 
the  methods  employed  to  estimate  crack-tip  shielding  are  reasonably  accurate.  However,  the  fact  that  the 
scatterband  of  the  shielding-corrected,  large-crack  thresholds  are  shifted  to  slightly  higher  fatigue-crack 
growth  resistance  compared  to  the  short-crack  data  suggests  that  these  compliance-based  techniques  for 
quantification  of  mixed-mode  shielding  may  yield  slightly  non-conservative  results.  Moreover,  it  is  im¬ 
portant  to  remember  that  the  potential  influence  of  crack-wake-contact  mechanisms  has  not  been  com¬ 
pletely  eliminated  for  the  short-fatigue  cracks  due  to  the  ~200  pm  of  crack  wake  which  exists  (~20  times 
the  average  grain  size  for  bimodal  Ti~6AMV);  the  magnitude  of  shielding  which  can  develop  within  200 
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jim  of  crack  wake  is  unclear.  In  the  complete  absence  of  crack-tip  shielding,  it  is  possible  that  the  mixed¬ 
mode,  fatigue-crack  growth  thresholds  will  be  somewhat  lower  than  the  shielding-corrected,  large-crack 
threshold  reported  here;  in  addition,  the  dependence  of  the  fatigue-crack  growth  resistance  (in  terms  of  AG) 
on  the  applied  phase  angle  /?  may  well  be  further  reduced. 


4.  Conclusions 

A  study  has  been  made  of  HCF  crack-growth  thresholds  for  large  (>4  mm)  cracks  subjected  to  high 
frequency  (1000  Hz),  combined  mode  I  and  mode  II  loading  (mode  mixities  varying  from  AKu/AKi  =  0  to 
~7;  phase  angles  from  0°  to  82°)  in  a  Ti-6AMV  turbine  blade  alloy  with  a  bimodal  (STOA)  micro¬ 
structure.  Specifically,  sample-compliance-based  techniques  have  been  employed  to  quantify  the  magnitude 
of  the  mixed-mode,  crack-tip  shielding  with  respect  to  both  the  applied  mode  I  and  mode  II  stress-intensity 
ranges,  AK\  and  AKU,  respectively,  for  load  ratios  ranging  from  R  =  0.1  to  0.8.  Based  on  this  work,  the 
following  conclusions  can  be  made: 

(1)  The  significant  increase  in  the  AGTh  fatigue-crack  growth  threshold  with  increasing  mode  mixity  can 
be  attributed  primarily  to  a  shear-induced  enhancement  of  crack-tip  shielding.  As  the  magnitude  of  applied 
shear  loading  increases,  the  crack  closure  stress  intensity  (which  shields  the  crack  tip  with  respect  to  the 
applied  mode  I  loading)  increases.  Furthermore,  extensive  shear-induced,  crack-wake  contact  develops, 
which  shields  the  crack  tip  with  respect  to  the  applied  mode  II  loading.  Quantitative  estimates  of  the 
magnitude  of  this  shear-induced,  crack-tip  shielding  have  been  made  by  newly  developed,  experimental, 
compliance-based  techniques. 

(2)  The  mode  I  threshold  stress-intensity  range,  AK^th,  is  somewhat  insensitive  to  the  superposition  of 
shear  loading  for  AKU/AK\  =  0  to  1.9  (/?  =  0°  to  62°).  In  fact,  for  R  —  0.1  and  0.5,  A^th  increases  slightly 
as  AKn/AK\  increases  from  0  to  0.5.  This  insensitivity  of  AA^TH  to  the  increasing  magnitude  of  superim¬ 
posed  shear  loading  can  be  attributed  primarily  to  the  above  mentioned  shear-induced  enhancement  of 
mode  I  fatigue-crack  closure.  For  more  strongly  shear-dominant  loading  conditions,  e.g.,  AKn/AKi  =  7.1 
(P  =  82°),  the  value  of  AK\jH  is  significantly  reduced  with  respect  to  its  value  for  pure  mode  I  loading. 

(3)  When  the  AGTh  fatigue-crack  growth  thresholds  are  characterized  in  terms  of  the  near-tip  (shielding- 
corrected),  crack-driving  force,  the  influence  of  mode  mixity  is  significantly  reduced.  Moreover,  the  in¬ 
fluence  of  load  ratio  on  the  fatigue  threshold  is  also  reduced  for  shear-dominant  loading  conditions  (i.e., 
AKu/AKi  >  1),  although  for  tensile-dominant  loading  conditions,  the  thresholds  continue  to  be  load  ratio 
dependent. 

(4)  As  the  AGth  fatigue-crack  growth  threshold  for  pure  mode  I  is  found  to  be  lower  than  that  measured 
for  any  other  mixed-mode  loading  condition,  this  threshold  could  be  considered  as  a  lower-bound  estimate 
of  the  mixed-mode,  fatigue-crack  growth  threshold  under  HCF  conditions.  However,  this  conclusion  has 
been  formulated  for  cracks  of  “continuum-size”  dimensions;  its  accuracy  in  the  presence  of  cracks  with 
microstructural  dimensions  remains  to  be  tested. 
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Mixed-Mode,  High-Cycle  Fatigue-Crack-Growth  Thresholds 
in  Ti-6AI-4V:  Role  of  Bimodal  and  Lamellar  Microstructures 


J.P.  CAMPBELL  and  R.O.  RITCHIE 

Mixed-mode,  high-cycle  fatigue-crack  growth  thresholds  are  reported  for  through-thickness  cracks 
(large  compared  to  microstructural  dimensions)  in  a  Ti-6A1-4V  turbine  blade  alloy  in  both  lamellar 
and  bimodal  microstructural  conditions.  Specifically,  the  effect  of  combined  mode  I  and  mode  II 
loading,  over  a  range  of  phase  angles  (y 3  =  tan-1  (AAji/AA^))  from  0  to  62  deg  (&Ku/hKi  ~  0  to 
1.9),  is  examined  at  a  load  ratio  (ratio  of  minimum  to  maximum  loads)  of  R  =  0.1  and  a  cyclic 
loading  frequency  of  1000  Hz  in  ambient-temperature  air.  When  the  mixed-mode,  crack-driving  force 
is  characterized  in  terms  of  the  strain-energy  release  rate  (AG),  incorporating  contributions  from  both 
the  applied  tensile  and  shear  loading,  the  threshold  for  fatigue-crack  growth  is  observed  to  increase 
significantly  with  the  applied  mode-mixity  (Atfn/A/Q  for  both  microstructures,  an  effect  attributed 
to  enhanced  crack-tip  shielding.  The  pure  mode  I  threshold,  in  terms  of  A G77/,  is  observed  to  be  a 
lower  bound  (worst  case)  with  respect  to  mixed-mode  (I  +  II)  behavior.  For  large  crack  sizes,  the 
threshold  fatigue-crack  growth  resistance  of  the  lamellar  structure  is  observed  to  be  superior  to  that 
of  the  bimodal  material  for  all  phase  angles  investigated.  Consideration  of  mode  I  fatigue-crack 
growth  thresholds  for  small  cracks  in  these  same  microstructures  suggests  that  this  rank  ordering  of 
mixed-mode  fatigue  resistance  may  not  hold  for  crack  lengths  that  are  comparable  to  microstructural 
size  scales.  Examination  of  the  fatigue-crack  wake  indicates  that,  for  the  lamellar  microstructure,  the 
path  of  crack  extension  is  significantly  influenced  by  the  local  microstructure  over  length  scales  on 
the  order  of  the  relatively  coarse  lamellar  colonies  ('—500  /xm).  Comparatively,  the  crack  path  in  the 
bimodal  material  is  more  strongly  influenced  by  the  applied  crack-driving  force.  This  disparity  in 
behavior  is  attributed  primarily  to  the  relatively  heterogeneous  crack-growth  resistance  of  the  coarse 
lamellar  microstructure. 


I.  INTRODUCTION 

TURBINE  engine  component  failure  under  high-cycle 
fatigue  (HCF)  loading  conditions,  involving  the  rapid  propa¬ 
gation  of  fatigue  cracks  under  high-frequency  vibratory  load- 
ing,[l,2J  is  currently  a  major  threat  to  the  safety  and  readiness 
of  the  United  States  military  aircraft  fleet.  Such  failures  are 
extremely  costly  and  can  lead  to  severe  engine  damage,  loss 
of  aircraft,  and  loss  of  life.  Multiaxial  loading  conditions 
are  known  to  exist  at  specific  fatigue-critical  locations  within 
the  turbine,  particularly  in  association  with  fretting  fatigue 
in  the  blade  dovetail/disk  contact  section.131  For  fatigue-crack 
growth  in  such  situations,  the  resultant  crack-driving  force 
may  be  a  combination  of  the  influence  of  the  mode  I  (tensile 
opening)  stress-intensity  range  (A^)  as  well  as  the  mode  II 
(in-plane  shear)  and/or  mode  III  (antiplane  shear)  stress- 
intensity  ranges  (A^n  and  respectively).  While  the 
majority  of  fatigue-crack  growth  data  have  been  measured 
in  mode  I  only,  it  is  known  that  the  superposition  of  cyclic 
shear  (AKh  or  A Km  >  0)  to  cyclic  tension  can  lower  the 
mode  I  threshold  stress-intensity  range,14-121  sometimes 
significantly.1131 

For  the  HCF  of  turbine  engine  alloys,  it  is  critical  to 
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quantify  the  effect  of  mixed-mode  loading  on  the  fatigue- 
crack  growth  threshold,  as  the  extremely  high  cyclic  loading 
frequencies  (~1  to  2  kHz)  and  correspondingly  short  times 
to  failure  may  necessitate  a  threshold-based  design  method¬ 
ology.1141  Given  this  and  the  fact  that  such  loading  conditions 
exist  in  fatigue-critical  components,  the  paucity  of  mixed¬ 
mode  fatigue-crack-propagation  data  in  aerospace  titanium 
alloys[5’6J1  is  of  some  concern. 

Accordingly,  in  the  present  work,  mixed-mode  fatigue- 
crack  growth  thresholds  for  combined  mode  I  +  II  loading 
are  examined  in  a  turbine  blade  alloy  (Ti-6A1-4V)  in  both 
the  lamellar  and  bimodal  microstructural  conditions.  The 
influence  of  various  degrees  of  mode-mixity  on  the  crack- 
growth  threshold  condition  (at  R  =  0.1)  is  investigated  for 
cyclic  loading  frequencies  characteristic  of  turbine  engine 
HCF.  It  is  found  that,  provided  the  crack-driving  force  is 
characterized  in  terms  of  the  strain-energy  release  rate 
(AG77/),  which  incorporates  both  tensile  and  shear  contribu¬ 
tions,  the  fatigue-crack  growth  threshold  for  cracks  that  are 
large  relative  to  microstructural  dimensions  actually 
increases  with  increasing  applied  phase  angle  fi  (equal  to 
tan-1  (AKu/AK^)  for  both  microstructures,  implying  that 
the  mode  I  threshold,  expressed  in  terms  ofAGmy  is  the  lower 
bound  (at  least  for  continuum-sized  cracks).  Furthermore, 
compared  to  the  bimodal  microstructure,  the  lamellar  micro¬ 
structure  is  seen  to  be  more  resistant  to  (large-crack)  mixed¬ 
mode  fatigue-crack  growth  for  all  phase  angles  investigated, 
although  there  are  indications  that  this  comparison  may  be 
reversed  for  cracks  that  are  small  with  respect  to  microstruc¬ 
tural  size  scales. 
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Table  I.  Chemical  Composition  of  Ti-6AI-4V  Bar  Stock 
(in  Weight  Percent)1151 


Bar  Location 

Ti 

A1 

V 

Fe 

O 

N 

H 

Top 

bal 

6.27 

4.19 

0.20 

0.18 

0.012 

0.0041 

Bottom 

bal 

6.32 

4.15 

0.18 

0.19 

0.014 

0.0041 

Fig.  1 — Optical  photomicrographs  of  the  (a)  bimodal  and  ( b )  lamellar 
microstructures  in  Ti-6A1-4V.  The  bimodal  structure  consists  of  nearly 
equiaxed  grains  of  primary  a  phase  (~20  fim  in  diameter)  and  regions  of 
lamellar  a  +  (3.  For  the  lamellar  structure,  no  equiaxed  primary  a  phase 
is  present,  and  the  lamellar  colony  size  is  considerably  larger  (~500  fm\ 
average  diameter). 


II.  MATERIALS  AND  EXPERIMENTAL 
METHODS 

A.  Material 

The  material  investigated  was  a  forged  T1-6A1-4V  turbine 
engine  alloy,  of  the  chemical  composition  shown  in  Table 
1.  This  alloy  was  processed  as  mill-annealed,  forging  bar 
stock  specifically  for  the  joint  military-industry-university 
HCF  program  by  Teledyne  Titanium  (Pittsburgh,  PA).  It  was 
solution  treated  (1  hour)  at  925  °C  in  air,  fan  air  cooled,  and 
then  stabilized  (2  hours)  at  700  °C  in  vacuo .  The  resultant 
bimodal  microstructure  (Figure  1(a)),  which  has  been 


*x 


Fig.  2 — The  asymmetric  four-point  bend  crack  growth  sample  and  the 
associated  shear  force,  F ^  and  bending  moment,  Mly  diagrams  are  shown. 
A  pure  mode  II  loading  condition  can  be  applied  with  the  crack  located 
on  the  load  line.  When  the  crack  is  offset  from  the  load  line  by  an  amount 
s,  the  value  of  sfW  (where  W  is  the  beam  height)  dictates  the  ratio  of  A£n 
to  AK,. 


referred  to  as  solution  treated  and  overaged,  was  composed 
of  64.1  vol  pet  nearly  equiaxed  primary  a  (average  grain 
diameter  of  —20  fi m)  and  lamellar  a  +  p  colonies  (lamellar 
spacing  of  —  1  jjl, m).  Full  details  are  given  elsewhere.114,15,161 

For  comparison,  a  fully  lamellar  microstructure  (Figure 
1(b))  was  produced  from  the  bimodal  material  by  solution 
treating  in  vacuo  at  1005  °C  for  10  minutes.  The  material  was 
rapidly  quenched  from  the  solution-treatment  temperature  by 
filling  the  chamber  with  high-purity  helium  to  a  small  posi¬ 
tive  pressure;  this  gave  initial  cooling  rates  of  —100  °C / 
min,  which  were  chosen  to  achieve  a  similar  lamellar  spacing 
to  the  bimodal  structure  (—1  /mi).  Following  cooling,  the 
material  was  reheated  and  stabilized  in  vacuo  at  700  °C  for 
2  hours  and  then  slow  furnace  cooled.  This  produced  a  fully 
lamellar  (a  +  (3)  microstructure  with  average  colony  and 
prior-/? grain  sizes  of  —500  jxm  and  —  1 000  /x m,  respectively. 

Tensile  tests,  conducted  in  the  longitudinal  (L)  orientation 
on  both  microstructures  at  initial  strain  rates  of  5  X  10-4 
s“\  gave  average  yield  and  tensile  strengths  of,  respectively, 
930  and  978  MPa  in  the  bimodal  material*151  and  975  and 
1055  MPa  in  the  lamellar  material. 

B.  Experimental  Methods 

Mixed-mode  fatigue-crack  growth  thresholds  were  mea¬ 
sured  using  asymmetric  four-point  bend  (AFPB)  specimens, 
with  a  width  of  1 1.3  mm  and  a  thickness  of  4.5  mm,  which 
were  electrical-discharge  machined  in  the  L-T  orientation. 
Inner  and  outer  loading  spans  of  12.7  and  25.4  mm,  respec¬ 
tively,  were  utilized.  The  effect  of  friction  at  the  loading 
pins  was  minimized  by  the  use  of  a  high-pressure  MoS2 
grease.  For  the  AFPB  geometry,14, 17-1 91  the  bending  moment 
(MJ  varies  linearly  between  the  inner  loading  points,  while 
the  shear  force  (F^)  is  constant  in  this  region  (Figure  2), 
such  that  a  cracked  sample  may  be  subjected  to  loading 
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conditions  ranging  from  pure  mode  II  to  mode  I-dominant 
by  varying  the  distance  by  which  the  crack  is  offset  from 
the  load  line  (5).  Mixed-mode  loading  conditions  were  quan¬ 
tified  in  terms  of  the  mode-mixity  (AAn/AA|),  which  was 
varied  from  0  (pure  mode  I)  to  1.9,  and  the  corresponding 
phase  angle  (/?,  equal  to  tan_1(AA^I1/AA"I)),  which  varied  from 
0  to  62  deg*.  Pure  mode  I  tests  were  conducted  in  symmetri- 

*Note  that  although  the  mode-mixity  varies  with  crack  depth 

for  the  AFPB  specimens,  this  was  not  an  issue  for  the  present  experiments,  as 
all  threshold  measurements  were  made  at  crack  initiation  from  an  identically 
sized  precrack. 

cal  four-point  bend. 

Because  of  the  marked  influence  on  mixed-mode  behavior 
of  the  precracking  technique191  and  crack- wake  shielding 
effects,14’20"231  a  specific  fatigue-precracking  regimen  was 
employed.  Precracks  were  grown  in  bending  under  pure 
mode  I,  decreasing-AA  conditions  using  computer-auto¬ 
mated  stress-intensity  control,  from  a  2-mm-deep  electrical 
discharge  machined  notch  with  a  load  ratio  ( R  =  Amin/Amax) 
of  0.1,  a  frequency  of  125  Hz  (sine  wave),  and  a  A  gradient* 

♦The  K  gradient  (C)  is  defined  by  the  equation  A K0  =  AK,  exp  ( C(a0  - 
a,)),  where  the  subscripts  o  and  i  indicate  the  current  and  initial  parame¬ 
ter  values. 

(C)  of  -0.15  mm”1.  These  values  of  cyclic  loading  fre¬ 
quency  and  A  gradient  were  chosen  to  allow  for  rapid,  yet 
easily  controlled,  load  shedding  to  a  near-threshold  growth 
rate.  A  final  precrack  length  of  4.50 ±0.25  mm  was  achieved, 
corresponding  to  near-threshold  A A  values  of  ~4.8  and 
8.0  MPa^m  in  the  bimodal  and  lamellar  microstructures, 
respectively.  In  both  cases,  crack  growth  rates  at  the  end  of 
precracking  were  in  the  range  of  10”9  to  10“ 10  m/cycle. 
These  same  loading  conditions  were  used  to  generate  the 
precracks  used  to  measure  mode  I  thresholds. 

It  should  be  noted  that  the  large  difference  in  cyclic  load¬ 
ing  frequencies  between  the  precracking  and  fatigue-crack 
growth  threshold  measurement  is  believed  to  have  no  effect 
on  the  present  results.  For  the  same  bimodal  material  investi¬ 
gated  here,  it  has  previously  been  shown  that  the  mode  I 
fatigue-crack  growth  resistance  is  independent  of  loading 
frequency  when  tested  in  ambient- temperature  air  between 
50  and  1700  Hz.1141  Here,  it  is  presumed  that  this  frequency 
independence  also  holds  for  mixed-mode  loading  and  for 
the  lamellar  microstructure  in  this  same  alloy. 

Testing  was  performed  on  an  MTS  servohydraulic  high- 
frequency  testing  machine  incorporating  a  voice-coil  servo¬ 
valve. t241  The  AFPB  samples  were  loaded  with  the  precrack 
tip  offset  from  the  load  line  to  achieve  the  desired  A Ku/ 
A Ki  ratio.  The  necessary  offset  and  values  of  AAX  and  AAn 
corresponding  to  the  applied-load  amplitude  were  deter¬ 
mined  using  a  recently  updated  stress-intensity  solution  for 
the  AFPB  geometry.1181  For  the  bimodal  microstructure,  sam¬ 
ples  were  then  subjected  to  2  million  cycles  at  1000  Hz 
(sine  wave),  with  R  =  0.1.  If  no  crack  growth  was  observed 
by  optical  microscopy,  AAj  or  AAn  was  increased  by  ~0.25 
MPa^/m  and  the  test  was  repeated.  In  this  way,  the  threshold 
for  the  onset  of  crack  growth  (defined  at  a  growth  rate  less 
than  10” 11  m/cycle)  was  measured  as  a  “growth/no  growth” 
set  of  loading  conditions  bounding  the  true  threshold.  Analo¬ 
gous  testing  procedures  were  employed  to  determine  the  pure 
mode  I  fatigue-crack  growth  threshold,  with  the  exception 
that  a  symmetric  four-point  bend  geometry  was  employed. 


Threshold  measurements  were  similar  for  the  lamellar 
microstructure,  except  that  samples  were  subjected  to  5  mil¬ 
lion  cycles  at  each  load  amplitude.  As  the  lamellar  micro¬ 
structure  is  known  to  exhibit  heterogeneous  crack-growth 
resistance,125-301  a  higher  number  of  cycles  was  used  to 
ensure  that  a  growing  crack  would  sample  the  relatively 
stronger  barriers  present,  e.g.y  colony  boundaries  and  prior  / 3 
grain  boundaries.125,261  In  such  a  way,  the  measured  threshold 
could  be  considered  representative  of  the  stress  intensity 
above  which  a  fatigue  crack  would  overcome  all  microstruc- 
tural  barriers  and  ultimately  lead  to  failure.  Utilizing  these 
techniques,  fatigue  thresholds  in  the  lamellar  microstructure 
were  defined  at  growth  rates  less  than  10” 10  m/cycle  (= 
500  fim  of  crack  extension,  i.e.y  the  average  colony  diameter, 
in  5  million  cycles). 


IIL  RESULTS  AND  DISCUSSION 

A.  Mixed-Mode  Fatigue-Crack  Growth  Thresholds 

Mixed-mode  fatigue-crack  growth  thresholds  for  large 
(—4.5  mm)  cracks  in  lamellar  and  bimodal  Ti-6A1-4V,  at  a 
load  ratio  of  R  =  0.1  and  a  frequency  of  1000  Hz  (sine 
wave),  are  compared  in  Figure  3(a)  in  terms  of  threshold 
envelopes,  where  the  mode  II  stress-intensity  range  at  the 
threshold  (AAn,r//)  is  plotted  as  a  function  of  the  correspond¬ 
ing  mode  I  value  (AKlTH).  Data  are  shown  for  applied  phase 
angles  of  /?  =  0, 26,  and  62  deg  (AAh/AAj  =  0,  0.5,  and  1.9, 
respectively).  For  the  bimodal  microstructure  only,  results  at 
higher  phase  angles  of  up  to  82  deg  {AKn!AKx  values  up 
to  7)  and  at  load  ratios  of  up  to  R  =  0.8  are  presented 
elsewhere.131,321  In  Figure  3(a),  the  closed  and  open  symbols 
represent  the  loading  conditions  that  produced,  respectively, 
no  crack  growth  and  crack  growth;  these  loading  conditions 
bound  the  true  threshold  for  the  onset  of  crack  extension. 
In  Figure  3(b),  these  same  data  are  plotted  in  terms  of  the 
threshold  range  of  the  strain-energy  release  rate  (A GTH)  as 
a  function  of  jB.  Here,  a  single  data  point  represents  each 
threshold,  which  is  the  average  of  the  growth/no  growth 
combination  of  data  points  in  Figure  3(a).  The  parameter 
A Gth  incorporates  both  the  applied  shear  and  tensile  loading 
into  a  single-parameter  characterization  of  the  crack-driving 
force,  as  A  Gw  -  (A  K%TH  +  A  A?,  ThW  >  where  AAj  TH  and 
A  A„,  TH  are  the  applied  values  of  these  parameters  and  E’  — 
£7(1  —  p2)  for  plane  strain  where  (E  is  the  elastic  modulus 
and  v  is  the  Poisson’s  ratio).*  The  parameter  A GTH 

♦It  should  be  noted  that  AO  defined  in  this  way  is  not  exactly  equal  to 
Gmax  —  Gmin,  where  Gmax  and  Gmin  are,  respectively,  the  values  of  G 
determined  at  the  maximum  and  minimum  loads  of  the  fatigue  cycle. 

could  also  be  represented  as  an  equivalent  threshold  stress- 
intensity  range  (A KeqjH  —  (A +  AAn.ra)I/2)»  where 
A KeqJH  =  (AGtt/E')1  .  An  error  analysis  has  previously 
been  reported1311  for  the  mixed-mode  fatigue-crack  growth 
thresholds  in  the  bimodal  microstructure. 

As  reported  previously,131,321  the  use  of  this  single-parame¬ 
ter  characterization  of  the  mixed-mode  fatigue-crack  growth 
resistance  (Figure  3(b))  indicates  that  the  threshold  for 
fatigue-crack  growth  in  bimodal  Ti-6A1-4V,  defined  in  terms 
of  A GTHy  increases  monotonically  with  the  applied  phase 
angle.  In  fact,  for  phase  angles  of  up  to  82  deg,1311  the  A GTH 
threshold  for  the  bimodal  material  can  be  up  to  7  times  the 
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Fig.  5 — Mixed-mode  fatigue-crack  growth  thresholds  for  large  crack  sizes 
in  lamellar  and  bimodal  Ti-6A1-4V  are  compared  with  pure  mode  I  thresh¬ 
olds  (in  terms  of  A Gw)  for  small  cracks  in  these  same  bimodal1321  and 
lamellar[53)  microstructures. 


have  been  reported  for  mode  I  fatigue-crack  growth  in  other 
titanium  alloys.139-41,551  This  reversal  has  been  attributed 
largely  to  the  prominant  role  of  crack-wake  shielding  on  the 
large-crack  fatigue  resistance  of  lamellar  microstructures; 
such  effects  are  necessarily  limited  for  small  cracks,  due 
to  their  restricted  wake.156,571  Although  mixed-mode  small- 
crack  results  in  Ti-6A1-4V  are  not  currently  available,  the 
data  in  Figure  5  do  suggest  that  the  superior  mixed-mode 
fatigue-crack  growth  resistance  of  the  lamellar  microstruc¬ 
ture  must  be  considered  to  be  specific  to  large  cracks.  This 
is  particularly  true  given  the  prominent  role  that  crack- wake 
shielding  has  been  shown  to  play  during  the  mixed-mode 
fatigue-crack  growth  of  large  cracks.*21-23,31,32,581 

IV.  SUMMARY  AND  CONCLUSIONS 

Mixed-mode  (I  +  II)  fatigue-crack  growth  behavior  has 
been  examined  for  large  cracks  in  bimodal  and  lamellar 
microstructures  in  a  Ti-6A1-4V  alloy  tested  at  R  =  0. 1  and 
a  1000  Hz  frequency  in  ambient-temperature  air.  Fatigue- 
crack  growth  thresholds  were  measured  for  applied  phase 
angles  ranging  from  0  to  62  deg  (AKn/AKi  =  0  to  1 .9),  and 
the  resultant  crack-path  trajectories  were  compared  to  that 
predicted  by  the  MTS  criterion.  Based  on  these  results  and 
a  comparison  with  mode  I  small-crack  fatigue  thresholds  in 
the  same  materials,  the  following  conclusions  can  be  made. 

1 .  Mixed-mode  fatigue-crack  growth  resistance  in  the  pres¬ 
ence  of  large  cracks  is  observed  to  increase  substantially 
with  an  increasing  applied  phase  angle,  for  both  the 
bimodal  and  lamellar  microstructures.  Thus,  for  the  con¬ 
tinuum-sized  cracks  (Le.,  large  when  compared  to  micro- 
structural  dimensions)  in  this  alloy,  the  pure  mode  I 
threshold,  defined  in  terms  of  AGm  may  be  used  as  a 
conservative,  lower-bound  estimate  of  the  mixed-mode 
fatigue-crack  growth  threshold.  This  effect  is  attributed 
to  enhanced  crack-tip  shielding  in  the  crack  wake  with 
increasing  mode-mixity. 


For  all  phase  angles  investigated,  the  (large-crack) 
fatigue-crack  growth  resistance  in  the  lamellar  micro¬ 
structure  was  found  to  be  superior  to  that  of  the  bimodal 
material.  However,  for  shear-dominant  loading  condi¬ 
tions  (AKn/AKx  =  1 .9),  the  difference  in  the  crack-growth 
resistance  of  the  two  microstructures  is  reduced. 
Whereas  the  lamellar  Ti-6A1-4V  alloy  displays  superior 
resistance  to  the  bimodal  alloy  with  respect  to  mixed¬ 
mode  fatigue-crack  growth  in  the  presence  of  large 
cracks,  comparison  with  mode  I  fatigue-crack  growth 
results  suggested  that  this  trend  may  be  reversed  in  the 
presence  of  small  cracks. 

The  fatigue-crack  growth  behavior  in  lamellar  Ti-6A1- 
4V  illustrates  that  the  trajectory  of  crack  propagation 
under  mode  I  and  mixed-mode  loading  is  significantly 
influenced  by  both  the  crack-driving  force  and  the  near¬ 
tip  microstructure.  For  the  bimodal  microstructure,  which 
is  fine-scale  and  homogeneous,  crack  extensions  over 
length  scales  of  interest  occur  along  a  path  governed  by 
the  maximum  tangential  stress  (=  Ku  =  0).  However, 
due  to  the  heterogeneous  crack-growth  resistance  of  the 
lamellar  microstructure,  crack  paths  in  this  structure  are 
controlled  primarily  by  the  microstructure  for  crack 
extensions  over  length  scales  that  are  on  the  order  of 
the  characteristic  microstructural  dimensions.  Since  these 
dimensions  pertain  to  the  lamellar  colony  size,  which  is 
quite  large  (—500  jjl m),  such  behavior  is  anticipated  for 
crack  sizes  that  are  of  practical  interest  for  turbine  engine 
high-cycle  fatigue. 
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ABSTRACT  Effect  of  microstructure  on  mixed-mode  (mode  I  +  II),  high-cycle  fatigue  thresholds  in  a 
Ti-6A1-4V  alloy  is  reported  over  a  range  of  crack  sizes  from  tens  of  micrometers  to  in 
excess  of  several  millimeters*  Specifically,  two  microstructura!  conditions  were  exam¬ 
ined — a  fine-grained  equiaxed  bimodal  structure  (grain  size  ^20  pm)  and  a  coarser 
lamellar  structure  (colony  size  ^500  pm).  Studies  were  conducted  over  a  range  of 
mode-mixities,  from  pure  mode  I  (AKjj/AKj  =  0)  to  nearly  pure  mode  II  (AKu/ 
AKj  ~7.1),  at  load  ratios  (minimum  load/maximum  load)  between  0.1  and  0.8,  with 
thresholds  characterized  in  terms  of  the  strain-energy  release  rate  (AG)  incorporating 
both  tensile  and  shear-loading  components.  In  the  presence  of  through-thickness 
cracks — large  (>  4  mm)  compared  to  microstructural  dimensions — significant  effects  of 
mode-mixity  and  load  ratio  were  observed  for  both  microstructures,  with  the  lamellar 
alloy  generally  displaying  the  better  resistance.  However,  these  effects  were  substantially 
reduced  if  allowance  was  made  for  crack-tip  shielding.  Additionally,  when  thresholds 
were  measured  in  the  presence  of  cracks  comparable  to  microstructural  dimensions, 
specifically  short  (~200pm)  through-thickness  cracks  and  microstructurally  small 
(<  50  pm)  surface  cracks,  where  the  influence  of  crack-tip  shielding  would  be  minimal, 
such  effects  were  similarly  markedly  reduced.  Moreover,  small -crack  AGth  thresholds 
were  some  50-90  times  smaller  than  corresponding  large  crack  values.  Such  effects  are 
discussed  in  terms  of  the  dominant  role  of  mode  I  behaviour  and  the  effects  of  micro¬ 
structure  (in  relation  to  crack  size)  in  promoting  crack-tip  shielding  that  arises  from 
significant  changes  in  the  crack  path  in  the  two  structures. 

Keywords  crack-tip  shielding;  fatigue  thresholds;  high-cycle  fatigue;  load  ratio; 
microstructure;  mixed  mode;  short  cracks;  Ti-6A1-4V;  titanium. 


INTRODUCTION 

The  control  of  failures  owing  to  high-cycle  fatigue 
(HCF)  in  turbine -engine  components  has  been  identified 
as  one  of  the  major  challenges  facing  the  readiness  of 
the  US  Air  Force  fleet  today.1-3  In  order  to  address  this 
issue,  a  consortium  of  industrial,  government  and  aca¬ 
demic  institutions  has  been  charged  with  the  task  of 
modifying  the  existing  design  methodologies  for  im¬ 
proving  the  HCF  reliability  of  these  components.4  One 
critical  issue  involves  the  effects  of  mixed -mode  cyclic 
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loads — that  is,  the  presence  of  both  tensile  and  shear 
loading — on  the  critical  states  of  damage  for  such  HCF 
failures.  Indeed,  there  are  many  fatigue-critical  locations 
within  the  turbine  engine  where  such  mixed-mode  con¬ 
ditions  exist — e.g.  in  the  presence  of  fretting  fatigue 
cracks  in  the  blade-dovetail  contact  section.5  The  effect¬ 
ive  crack-driving  force  here  can  be  considered  to  be  a 
combination  of  the  tensile  (mode  I)  stress-intensity 
range,  A Kj,  the  in-plane  shear  (mode  II)  stress-intensity 
range,  AKu,  and/or  the  antiplane  shear  (mode  III)  stress- 
intensity  range,  AKjn-  From  the  perspective  of  prevent¬ 
ing  HCF  failures  in  turbine  engines,  it  is  critical  that 
fatigue  crack-growth  thresholds  are  well-characterized 
for  such  loading  conditions,  as  the  extremely  high  cyclic 
frequencies  (~l-2  kHz)  involved  can  lead  to  very  rapid 
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failures,  with  over  three  million  cycles  being  accumulated 
in  less  than  an  hour.  Moreover,  the  presence  of  mixed¬ 
mode  loading  conditions  has  been  reported  to  reduce  the 
model  fatigue  thresholds  (e.g.  Ref.  [6]). 

To  date,  studies  on  the  HCF  performance  of  engine 
alloys  have  largely  focused  on  a  bimodal  microstructure 
of  Ti-6A1-4V,  an  a  +  p  alloy  typically  used  in  fan  disks 
and  compressors  in  the  front,  low-temperature  stages  of 
the  engine.  In  the  context  of  mixed-mode  fatigue  crack 
propagation,  in  addition  to  a  few  earlier  reports  on  titan¬ 
ium  (Ti)  alloys  in  the  literature,7"9  Refs  [10-12]  provide 
the  only  results  on  mixed-mode  thresholds  in  a  bimodal 
Ti-6A1-4V  alloy.  In  the  present  work,  we  seek  to  extend 
these  earlier  observations  to  a  fully  lamellar  microstruc¬ 
ture  in  the  same  alloy  and  to  compare  the  relative  merits 
of  these  two  microstructures  in  mixed-mode  fatigue. 
Specifically,  the  role  of  crack  size  in  influencing  mixed¬ 
mode  fatigue  thresholds  is  investigated  through  a  study 
of  large  (>4mm)  and  short  (~200  pm)  through¬ 
thickness  cracks  and  microstructurally  small  (<50pm) 
surface  cracks,  over  a  range  of  mode-mixities,  from 
pure  tension  (AKji/AKj  =  0)  to  predominandy  shear 
(AKn/AKj  ~7.1),  and  load  ratios  (ratio  of  minimum  to 
maximum  load),  from  R  =  0. 1-0.8. 

BACKGROUND 

The  selection  of  a  single  microstructure  in  Ti-6A1-4V 
with  optimal  resistance  to  high-cycle  fatigue  is  a  complex 
task  in  view  of  the  numerous  factors  influencing  HCF 
failures.  For  example,  coarse  lamellar  microstructures  in 
many  Ti  alloys  often  possess  superior  toughness  and 
fatigue  crack-growth  behaviour  in  the  presence  of  large 
cracks  as  compared  to  the  finer  equiaxed  microstruc¬ 
tures;  conversely,  they  can  display  lower  high-cycle  fa¬ 
tigue-endurance  strengths  and  inferior  small-crack 
growth  behaviour  (e.g.  Refs  [13-15]). 

For  the  purpose  of  this  study,  two  common  microstruc- 
tural  conditions  of  Ti-6A1-4V  are  investigated — namely, 
the  coarse-grained  lamellar  structures  consisting  of  large 
P  grains  (diameter  ~1  mm)  and  a  lamellar  matrix  of 
alternating  a  and  P  plates  (produced  by  heat  treatment 
in  the  high-temperature  p-phase  field  and  subsequent 
slow  cooling  into  the  a  +  P  phase  field)  and  the  finer 
bimodal  structures  (produced  by  fast  cooling  from  the 
p-phase  field)  with  individual  orientated  a  plates  (plate 
width  ~1  pm).  While  lamellar  structures  are,  in  general, 
characterized  by  large  a  colonies  (a  packet  of  aligned 
a  plates  with  same  crystallographic  orientation,  about 
200-400  pm  in  size),  bimodal  structures  often  consist 
of  a  low-volume  fraction  (typically  ~  15-30%)  of  primary 
a  grains  (~20  pm  in  size)  with  colony-type  lamellar 
matrix  of  alternating  a  and  p  plates  within  small  p  grains 
(~20-40  pm).  For  Ti-6A1-4V  and  other  a  4-  p  Ti  alloys, 


fatigue  crack-propagation  behaviour  in  such  microstruc¬ 
tures  is  well-characterized  for  pure  mode  I  loading 
(e.g.  Ref.  [13-21]).  Crack  propagation  in  the  a  phase  is 
generally  parallel  to  the  (0001)  basal  plane21  and  hence 
perpendicular  to  the  orientation  of  the  a  lamellae.22,23 
The  superior  crack-growth  resistance  exhibited  by  lamel¬ 
lar  structures  has  been  attributed  to  this  crystallographic 
nature  of  the  crack  trajectory,  especially  in  the  near¬ 
threshold  regime.  As  the  crack  path  differs  from  colony 
to  colony,  significant  crack-path  tortuosity  results  from 
out-of-plane  deflection  and  secondary  cracking,  leading 
to  enhanced  crack-tip  shielding. 

Although  similar  explanations  have  been  proposed  for 
mixed-mode  fatigue  crack-propagation  behaviour  in 
Ti-6A1-4V,12  there  is  little  information  on  the  role  of 
microstructure  in  these  alloys,  or  on  how  crack  size 
may  affect  this  role.  The  prime  objective  of  the  present 
work  is  to  examine  the  effect  of  microstructure  on  such 
mixed-mode  fatigue  thresholds  as  a  function  of  crack 
size,  specifically  through  a  study  of  bimodal  and  fully 
lamellar  microstructures  in  Ti-6A1-4V. 

EXPERIMENTAL  PROCEDURES 

Materials 

The  material  investigated  was  a  turbine-engine  Ti-6A1- 
4V  alloy,  which  originated  as  bar  stock  produced  by 
Teledyne  Titanium  (Pittsburgh,  PA,  USA)  specifically 
for  the  joint  govemment-industry-academia  HCF  pro¬ 
gram.  The  composition  (in  wt.%)  is  given  in  Table  1. 
The  original  bar  stock  (63.5  mm  in  diameter)  was 
sectioned  into  segments  400  mm  long,  preheated  to 
940  °C  for  30  min  and  forged  into  400  x  150  x  20  mm 
plates.  These  plates  were  solution-treated  at  925  °C  for 
1  h,  fan  air-cooled  and  then  stabilized  at  700  °C  for  2  h. 

Bimodal  microstructure 

The  as-received  microstructure  of  the  alloy  was  in  the 
bimodal  condition  (sometimes  referred  to  as  solution- 
treated  and  overaged,  STOA),  and  consisted  of  colonies 
of  equiaxed  primary  a  and  lamellar  a  +  P  (transformed  p) 
(Fig.  la).  The  proportion  of  primary  a  was  64.1% 
(standard  deviation  6.6%),  with  an  average  grain  size 
of  ~20pm,  slightly  elongated  in  the  longitudinal  (L) 


Table  1  Chemical  composition  of  Ti-6A1-4V  bar  stock  (in  wt.%)23 


Bar  location 

Ti 

A1 

V 

Fe 

O 

N 

H 

Top 

Bal. 

6.27 

4.19 

0.20 

0.18 

0.012 

0.0041 

Bottom 

Bal. 

6.32 

4.15 

0.18 

0.19 

0.014 

0.0041 
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direction  of  the  forging.24  Using  differential  thermal 
analysis,  the  P-transus  temperature  was  measured  to  be 
990-1005  °C. 

Lamellar  microstructure 

For  comparison,  a  fully  lamellar  microstructure  was 
obtained  by  solution  treating  in  a  vacuum  of  10-5— 
10~6mbar  at  1005  °C  (slightly  above  the  p-transus)  for 
10-30  min  (depending  on  the  cross  section),  followed 
by  a  rapid  quench  (~100°Cmin-1)  in  high-purity 
helium  (He);  the  quench  rate  was  chosen  in  order  to 
achieve  a  similar  transformed  p  lath  spacing  as  in  the 
bimodal  structure.  The  alloy  was  then  stabilized  at 
700  °C  for  2  h  in  vacuo ,  before  slowly  furnace  cooling  to 
ambient  temperature.  The  resulting  Widmanstatten 


Fig.  1  Optical  micrographs  of  the  two  microstructures  of 
Ti-6AI-4V  investigated:  (a)  bimodal  (solution -treated  and  overaged, 
STOA)  and  (b)  lamellar  (p-annealed).  Etched  into  ~10  sec  in  5  parts 
70%  HN03,  10  parts  50%  HF,  85  parts  of  H20. 


microstructure  (Fig.  lb)  had  an  average  prior- P 
grain  size  of  ~1  mm,  a  colony  size  (parallel  orientated 
a -phase  lamellae)  of  ~500  pm,  and  an  average  a 
lamellae  lath  width  of  ~l-2  pm,  similar  to  the  interla- 
mellar  spacing  of  the  transformed  p  in  the  bimodal 
microstructure. 

Uniaxial  tensile  and  toughness  properties 

Uniaxial  tensile  tests  were  conducted  in  both  micro¬ 
structures  in  the  L-orientation  using  a  strain  rate  of 
5  x  10“4s‘~I;  additional  data  for  the  bimodal  microstruc¬ 
ture  were  taken  from  Ref.  [23].  Results  in  terms  of  the 
strength,  ductility  and  toughness  are  listed  in  Table  2, 
and  show  that  whereas  the  lamellar  structure  has  some¬ 
what  higher  strength,  the  bimodal  structure  exhibits  over 
a  factor  of  four  higher  ductility  (owing  to  its  smaller 
grain  size  that  limits  the  effective  slip  length).  However, 
despite  its  lower  ductility,  the  lamellar  microstructure 
has  over  50%  higher  plane-strain  fracture  toughness. 

Fatigue  testing 

Large  through -thickness  ct'acks 

Large  (>  4  mm)  fatigue-threshold  testing  was  performed 
in  four-point  bending,  using  6  mm  thick  samples  with 
inner  and  outer  spans  of  12.7  and  25.4mm,  respectively. 
Pure  mode  I  tests  were  conducted  using  symmetric  four- 
point  bending.  For  mixed-mode  loading,  the  mode  II 
component  of  the  loading  was  introduced  using  the 
asymmetric  four-point  bending  (AFPB)  configur¬ 
ation25-28  where  the  mode-mixity  ratio,  AKij/AKj,  can 
be  varied  using  the  offset,  r,  from  the  load  line,  as 
shown  in  Fig.  2.  The  values  of  mode  I  stress-intensity 
range,  A Kjy  and  mode  II  stress-intensity  range,  A Kjh 
were  determined  from  linear-elastic  stress-intensity  solu¬ 
tions  for  this  geometry,  recently  developed  by  He  and 
Hutchinson.28 

Precracking  was  conducted  in  room  temperature  air  in  a 
near-identical  manner  for  all  large-  and  short-crack  test 
samples  in  order  to  avoid  any  effect  of  precracking 


Table  2  Uniaxial  tensile  and  toughness  properties  of  Ti-6A1-4V 


Ultimate 

Fracture 

Yield 

tensile 

toughness 

strength 

strength 

Reduction 

*Ic 

Microstructure 

(MPa) 

(MPa) 

in  area  (%) 

(MPa^m) 

Bimodal 

930 

978 

45 

64 

Lamellar 

975 

1055 

10 

100 
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(a) 


notch 


z*' 


fatigue 

precrack 


(b) 


notch 


saw 

cut 


-200  pm 


Fig.  2  The  asymmetric  four-point  bend  specimen.  The  offset,  sy 
from  the  load  line  is  used  in  order  to  control  the  degree  of 
mode-mixity,  AKu/AKi,  and  thereby  the  phase  angle,  —  tan-1 
(AKjj/AKj).  This  geometry  is  used  for  the  mixed-mode  large  and 
short  crack  testing. 


fatigue 

precrack 


Fig.  3  The  procedure  used  for  removing  the  crack  wake  of  a  large 
crack  in  order  to  produce  a  short  crack  is  illustrated. 


technique  on  subsequent  thresholds  obtained.  Specific¬ 
ally,  fatigue  cracks  were  grown  from  a  2  mm  deep  elec¬ 
trodeposition-machined  (EDM)  through-thickness 
notch  in  a  symmetric  four-point  bending  sample  at  a 
load  ratio  of  0.1  with  a  constant  loading  frequency. 
(This  alloy  is  known  to  show  little  effect  of  frequency 
in  room  air,  specifically  over  the  range  of  50-20  000  Hz 
in  the  bimodal  structure20  and  50-1000  Hz  in  the  lamel¬ 
lar  structure22).  The  surfaces  of  all  samples  required  for 
crack-length  observation  were  polished  to  a  0.05  pm 
finish,  whereas  the  sides  to  be  used  to  carry  the  load- 
bearing  pins  were  ground  to  a  600  grit  finish.  As  the 
effect  of  friction  between  the  specimen  and  the  roller- 
pin  supports  can  substantially  affect  the  stress-intensity 
values,25  frictional  effects  were  minimized  at  the  pin- 
contact  positions  through  the  use  of  a  high-pressure 
MoS2  grease.  The  final  precrack  length  thus  achieved 
was  4.50  +  0.25  mm  at  near-threshold  A Kj  values  of 
4.8  +  0.5  and  6.8  ±  O^MPa^/m,  respectively,  for  the 
bimodal  and  lamellar  microstructures. 

For  large  crack  (>4mm)  tests,  mode-mixities  were 
varied  from  AKjj/AKj  —  0  (pure  mode  I)  to  AKU/ 
A Kj  ~7.1  (nearly  pure  mode  II),  representing  a  change 
in  phase  angle,  /?  —  tan"1  (AKu/AKi),  from  0  to  82°. 
Load  ratios  were  varied  from  R  =  0. 1-0.8.  Tests  involv¬ 
ing  cycling  precracked  specimens  at  a  specified  mode- 
mixity  were  performed  in  the  following  way:  if  no  crack 
growth  was  observed  (using  an  optical  microscope)  after 
2  x  106  cycles,  either  AKi  or  AKu  was  increased  by 
^0.25MPa%/m  (with  the  other  being  increased  accord¬ 
ingly  to  maintain  the  mode-mixity)  and  the  procedure 
repeated.  In  this  way,  a  ‘growth/no  growth’  condition 
bounding  the  actual  threshold  was  obtained.  The  crack 
extension  defining  ‘growth’  was  taken  to  be  of  the  order 
of  the  characteristic  microstructural  dimension — that  is, 
~20  pm  for  the  bimodal  structure  and  ~500  pm  for  the 
lamellar  structure,  yielding  threshold  growth  rates  of 


10_10-10_11m  cycle-1.  The  larger  ‘growth’  condition 
for  the  lamellar  structure  also  served  to  ensure  adequate 
sampling  of  the  relatively  heterogeneous  microstructure. 

The  magnitude  of  the  crack-tip  shielding — used  for 
computing  the  effective  (near-tip)  crack-driving  force  in 
both  modes  I  and  II — was  characterized  using  a  recently 
developed  compliance-based  technique  for  both  tensile 
opening  and  shear-type  loading,  using  two  displacement 
gauges  mounted  near  the  crack  tip  to  measure  opening 
and  shear  displacements.  As  described,  in  detail,  in 
Ref.  [11],  the  distinction  between  the  contributions  to 
shielding  in  modes  I  and  II  was  achieved  by  examining 
separate  load-displacement  curves  using  these  two 
crack-tip  gauges.  Mode  I  shielding,  in  the  form  of  crack 
closure,  was  determined  from  the  compliance  curve 
for  the  opening  displacements  from  the  first  devi¬ 
ation  from  linearity  on  unloading,  whereas  mode  II 
shielding,  in  the  form  of  crack-surface  interference  via 
asperity  rubbing  and  interlock,  was  determined  in  an 
analogous  fashion  from  the  compliance  curve  for  shear 
displacements. 

Short  through -thickness  cracks 

In  order  to  examine  the  influence  of  crack  size  on  mixed¬ 
mode  fatigue  thresholds,  the  behaviour  of  large  (>  4  mm) 
through- thickness  cracks  was  compared  with  those  of 
short  (~200  pm)  through-thickness  cracks  and  small 
(<  50  pm)  surface  cracks.  The  distinction  and  relevance 
of  these  types  of  flaws  are  discussed,  in  detail,  in 
Appendix  A. 

Mixed -mode  threshold  tests  on  the  short  cracks  were 
measured  on  6-12  mm  thick  four-point  bend  bars,  using 
procedures  identical  to  those  described  above  for  large 
cracks,  except  that  the  precrack  wake  was  carefully  ma¬ 
chined  away  to  within  ~200  pm  of  the  crack  tip  using  a 
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slow-speed  diamond  saw  (Fig.  3).  The  rationale  for  this 
procedure  of  removing  most  of  the  crack  wake  was  to 
limit  the  effect  of  crack-tip  shielding  by  minimizing  the 
occurrence  of  any  premature  contact  of  the  crack  faces 
during  unloading.  However,  as  the  short  cracks  were 
through-thickness,  they  still  ‘sampled’  the  continuum 
microstructure — that  is,  typically  between  30  and  300 
grains.  Thresholds  were  measured  in  both  microstruc¬ 
tures  at  load  ratios  of  R  =  0. 1-0.8  for  mode-mixities  of 
AKn/AKj  =  0  to  AKn/AKj  -7.1  (i.e.  fi  =  0-82°). 

Small  surface  cracks 

Mixed-mode  thresholds  for  microstructurally  small 
surface  cracks  were  performed  using  an  inclined-crack 
technique.  Wide  bend  bars  (16-25  mm  width,  5  mm 
thickness)  were  machined  in  the  L-T  orientation,  with 
the  surfaces  required  for  observation  polished  to  a 
0.05  pm  finish,  and  the  sides  used  to  carry  the  load- 
bearing  pins  ground  to  a  600  grit  finish.  A  stress-relief 
treatment  of  2  h  at  695  °C  in  vacuo  was  used  in  order  to 
minimize  any  residual  stresses  from  machining  and 


specimen  preparation.  A  ‘precrack’  was  naturally  initi¬ 
ated  at  the  stress  of  <rmax  =  750  MPa — that  is,  —80%  of 
yield  strength — using  standard  three-point  bending  (with 
a  load  ratio  of  0.1  and  a  frequency  of  50  Hz).  In  order  to 
enable  measurement  of  the  small-crack  thresholds,  a 
bend  bar  was  carefully  machined  out  from  the  original 
precracked  wide  bar  with  the  crack  inclined  at  the  desired 
angle  (Fig.  4).  This  sample  was  subsequently  subjected  to 
four-point  bending  by  cycling  at  a  load  ratio  of  0.1.  If 
no  growth  (defined  as  a  total  crack  extension  of  less  than 
20  pm  per  2  x  106  cycles  on  both  ends  of  the  surface 
crack)  was  observed,  the  maximum  load  (and  proportion¬ 
ately  the  minimum  load)  was  increased  by  1 1 1  N  and  the 
above-mentioned  procedure  was  repeated.  Thresholds 
were  thus  again  determined  using  a  ‘growth/no  growth’ 
criterion,  but  for  the  bimodal  microstructure  only.  The 
inclined-crack  technique  could  not  be  usefully  employed 
for  the  lamellar  microstructure  as  a  result  of  the  highly 
deflected  nature  of  fatigue  cracking  in  this  structure. 

Linear-elastic  solutions  for  the  stress  intensities  associ¬ 
ated  with  the  small,  semielliptical  surface  cracks  under 
mixed-mode  loading  were  taken  from  two  sources.  On 


Fig.  4  Schematic  showing  the  procedures 
utilized  for  obtaining  the  small  ‘inclined 
crack’  specimen,  (a)  The  dotted  lines  outline 
the  small-crack  test  sample  to  be  machined 
at  the  desired  angle  of  inclination,  <j>  from 
the  original  wide  bend  bar.  The  nominal 
direction  of  loading  for  crack  initiation  is 
also  shown,  (b)  The  final  ‘inclined  crack’ 
specimen  is  illustrated,  (c)  Schematic  of  the 
inclined  semi  elliptical  surface  crack 
configuration  used  for  the  microstructurally 
small-crack  testing.  The  tensile  loading 
component,  a2 2,  induces  the  mode  I 
contribution,  whereas  the  shear-loading 
component,  induces  the  mode  II  and 
mode  III  components. 


(b)  small  ‘inclined  crack’  specimen 


I 


(c)  mixed-mode  small  crack  testing 
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the  basis  that  the  crack  plane  was  normal  to  the  specimen 
surface,  the  mode  I  component  of  the  stress  intensity,  Kj , 
was  computed  from  the  well-known  Newman-Raju 
solution:29 

*  =  (*+Ho>)  ffcA'V9)  (1) 

where  crt  is  the  remote  uniform  tension  stress  and  is 
the  remote  uniform  outer-fibre  bending  stress.  The  geo¬ 
metrical  factors — H,  Q  and  F — are  evaluated  from:  the 
crack  depth,  a;  the  crack  half-length,  c;  the  specimen 
thickness,  ty  the  specimen  half-width,  b\  and  the  angular 
position  along  the  crack  front,  9,  as  described  in  detail  in 
Ref.  [29]. 

The  mode  II  component,  Kjj,  conversely,  was  computed 
from  the  newly  derived  He-Hutchinson  solution30  for 
elliptical  surface  cracks  under  mixed-mode  loading: 

(2) 

where  x  is  a  numerical  factor  determined  from  Ref.  [30]; 
a  12  Is  the  shear  component  of  the  loading  and  a  is  the 
crack  depth.  It  should  be  noted  here  that  a  three- 
dimensional  corner  singularity  exists  in  the  solution  at 
the  point  where  the  crack  intersects  with  the  free  surface. 
However,  for  the  purpose  of  this  study,  this  is  ignored 
because  errors  caused  by  such  an  assumption  are  negli¬ 
gible.  Moreover,  as  one  moves  along  the  crack  front  to 
the  interior,  the  magnitude  of  the  mode  II  contribution 
decreases  with  that  of  mode  III  increasing  till  the  point  of 
deepest  penetration  of  the  crack  is  reached. 

The  applied  load/stress  on  the  inclined  crack  (Fig.  4c) 
was  resolved  trigonometrically  into  tensile  and  shear 
components.  The  tensile  component  was  used  for  deter¬ 
mining  A  Kjt  using  Ref.  [29]  and  the  shear  component  for 
AKn  and  A Km,  using  Ref.  [30].  As  the  exact  shape  pf  such 
small  surface  cracks  and  the  variation  in  this  aspect  ratio 
with  crack  extension  clearly  can  have  an  important  effect 
on  the  crack-driving  force  and  hence  the  crack-growth 
behaviour,31,32  crack  shapes  (Fig.  4) — in  the  form  of  the 
depth- to-surface  length  ratio,  a/2c — were  determined  by 
postfracture  observations;  the  typical  aspect  ratio  was 
*/2c~0.45. 

The  use  of  linear-elastic  stress-intensity  solutions  for 
characterizing  the  driving  forces  for  the  small  cracks  is 
justified  on  the  basis  of  the  small  cyclic  plastic-zone  sizes 
in  relation  to  crack  size.  For  example,  for  the  smallest 
crack  sizes  of  pm,  where  the  AK\  thresholds  are 
MMPam"1,  plastic-zone  size  (estimated  as  ry~l/2n 
(AKj/ffy)2  where  oy  is  the  yield  strength)  are  on  the 
order  of  lOOnm.  As  this  is  roughly  one-tenth  of  the 
crack  size,  it  is  deemed  reasonable  to  conclude  that 
small-scale  yielding  conditions  prevail. 


RESULTS 

Large-crack  behaviour 

Effect  of  load  ratio  and  mode-mixity 

Large  crack  thresholds  for  the  bimodal  and  lamellar 
microstructures  under  mode  1 4*  II  loading  are  shown  in 
Fig.  5  in  the  form  of  mixed-mode  threshold  envelopes, 
where  the  mode  II  threshold  stress-intensity  range, 
AKii,th>  is  plotted  as  a  function  of  the  corresponding 
mode  I  threshold  stress-intensity  range,  AK^-yh  (note 
that  each  threshold  is  represented  by  two  data  points, 
which  indicate  the  ‘growth’  and  ‘no  growth’  conditions). 
The  phase  angles  investigated  were  0,  26,  62  and  82°  for 
load  ratios  of  0.1  and  0.5,  and  0, 26  and  62°  at  a  load  ratio 
of  0.8  for  both  structures.  Based  on  these  results,  the 
following  observations  can  be  made: 

•  Akin  to  behaviour  in  most  metallic  alloys  (e.g.  Refs 
[8-9,33-35]),  a  reduction  in  the  fatigue  threshold  values 
is  clearly  evident  for  both  microstructures  with  increasing 
load  ratio.  The  slight  increase  in  the  mode  I  threshold, 
AKitTH>  with  increasing  mode-mixity  at  low  phase  angles, 
observed  in  the  present  data  at  phase  angles  between  0 
and  26°,  has  been  attributed  to  the  effect  of  mode  I/mode 
II  crack-tip  shielding.10-12 

•  The  mode  I  threshold,  A£ijTh>  clearly  decreases  with 
increasing  mode-mixity.  However,  if  a  more  appropriate 
driving  force — incorporating  both  mode  I  and  mode  II 
components — is  used  in  order  to  characterize  the  thresh¬ 
old,  specifically  the  range  in  strain-energy  release  rate, 
AG  =  (A (K2  +AKu2)/E  where  E  =  E  (E  is  Young’s 
modulus)  in  plane  stress  and  E/(  1-v2)  in  plane  strain  (v  is 
Poisson’s  ratio),  then  there  is  a  progressive  increase  in  the 
mixed-mode  AGth  fatigue  threshold  with  increasing 
mode-mixity  in  both  microstructures  for  all  load  ratios 
studied  (Fig.  6).  This  can  alternatively  be  represented  in 
terms  of  an  equivalent  stress-intensity  factor  range, 
AXeq,TH  =  (AGth  E!)x/2y  which  is  also  plotted  in  Fig.  6. 
Note  that  in  this  and  all  subsequent  figures,  threshold 
values  are  represented  by  a  single  data  point  showing  the 
average  value  of  the  ‘growth/no  growth’  conditions.  An 
alternative  means  of  calculating  the  mixed-mode  thresh¬ 
olds  is  briefly  described  in  Appendix  B. 

•  From  the  perspective  of  thresholds  for  high-cycle  fatigue 
in  Ti-6A1-4V,  the  results  in  Fig.  6  strongly  imply  that 
despite  the  presence  of  mixed-mode  loading,  the  mode  I 
threshold,  defined  in  terms  of  the  strain-energy  release 
rate,  AG,  for  cracks  large  compared  to  microstructural 
dimensions,  represents  a  worst-case  condition  for  the 
onset  of  fatigue  crack  growth  under  mode  I  +  II  loading 
for  both  microstructures. 

•  Though  both  microstructures  showed  mixed-mode 
AGth  thresholds  that  increased  substantially  with 
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AKjiTH  (ksi^in) 


AKj  jH  (MPa^/m) 


Fig.  5  Mixed-mode  threshold  envelopes  for 
large  (>  4  mm)  through-thickness  cracks  in 
the  (a)  bimodal  and  (b)  lamellar 
microstructures.  Note  that  the  lamellar 
structure  shows  superior  resistance  to  crack 
propagation,  particularly  at  the  lower  phase 
angles. 


AK|jh  (ksi^/in) 


Mode  I  stress-intensity  range  at  threshold 
A/Cj  TH  (MPa^m) 


increasing  mode-mixity,  in  general  the  lamellar  structure 
was  observed  to  exhibit  the  higher  threshold  values. 
However,  the  better  fatigue  resistance  of  the  lamellar 
structure  was  markedly  reduced  at  high  mode-mixities, 
as  is  evident  from  the  large-crack  threshold  values  listed 
in  Table  3  (the  difference  between  the  thresholds  for  the 


two  microstructures  is  included  in  parentheses  for  the 
purpose  of  comparison).  Clearly,  the  superior  fatigue 
crack-growth  properties  of  the  lamellar  structure  at  low 
mode-mixities  (/?  =  0  and  26°)  are  nearly  eliminated,  or  in 
some  cases  reversed,  when  significant  mode  II  loading  is 
present  (/?  =  62  and  82°). 
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Fig.  6  The  threshold  strain-energy  release 
rate,  AGth>  is  plotted  as  a  function  of  phase 
angle,  /?,  for  the  (a)  bimodal  and  (b)  lamellar 
microstructure  for  large  cracks  subjected  to 
mixed-mode  loading  at  R  =  0.1,  0.5  and  0.8. 
Equivalent  stress-intensity  ranges  at 
threshold,  Ai<^q> th>  for  both 
microstructures  are  also  shown.  The 
lamellar  microstructure,  in  general,  shows 
superior  resistance  to  fatigue-crack 
propagation,  although  the  difference  is 
reduced  at  high  mode-mixities. 


Role  of  crack-tip  shielding 

As  discussed  in  Refs.  [10,1 1]  for  the  bimodal  structure,  the 
increase  in  the  large-crack  mixed-mode  thresholds  with 
increasing  mode-mixity  can  be  directly  related  to  an 
increased  role  of  mode  I  and  mode  II  crack-dp  shielding, 
associated  with,  respectively,  crack  closure  and  sliding 
crack  interference  (friction  and  interlock  of  crack-surface 
asperities).  This  can  be  appreciated  by  quantifying  the 
magnitude  of  such  shielding  in  order  to  determine  a 
mixed -mode,  effective  strain-energy  release  rate,  AGeff, 
and  then  ‘correcting’  the  large-crack  threshold  data  in 
Fig.  6  forsuchshieldingbycharacterizingin  termsof  AGeff. 
The  effective  (near-tip)  strain-energy  release  rate,  AGeff, 
can  be  defined  as  (Aifyeff2  +  AKn^ff)/E,  where  A£i>eff  is 
the  effective  stress-intensity  range  in  mode  I  and  AKUtCff 


is  the  corresponding  effective  stress-intensity  range  in 
mode  II.  In  the  present  work,  A£j>eff  was  determined 
in  the  usual  fashion  used  in  order  to  measure  crack 
closure — that  is,  in  terms  of  where  is  the 

closure  stress  intensity  defined  at  the  first  deviation  from 
linearity  of  the  crack-tip  load-displacement  curve  on 
unloading.  On  the  other  hand,  was  measured  as 

the  difference  between  the  near-tip  maximum  and  min¬ 
imum  mode  II  stress  intensities  in  the  fatigue  cycle.  The 
near-tip  mode  II  stress-intensity  range  differs  from  the 
applied  driving  force  as  a  result  of  the  presence  of  shear- 
induced  fracture -surface  asperity  contact  and  interlock. 
Further  details  on  the  determination  of  Affyeff  and  the 
estimation  of  Al^n.eff  using  compliance-based  techniques 
can  be  found  in  Ref.  [11]. 
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Mode  I  Mode  II 


Fig.  7  The  threshold  strain-energy  release 
rate,  AGth,  is  plotted  as  a  function  of  phase 
angle,  /?,  for  the  (a)  bimodal  and  (b)  lamellar 
microstructure  for  large  cracks  subjected  to 
mixed-mode  loading  at  R  =  0.1,  0.5  and  0.8. 
Results  from  Fig.  6  are  compared  with  the 
AGrH,cff  values  which  have  been  corrected 
for  crack-tip  shielding.  Note  the  relative 
absence  of  any  effect  of  mode-mixity  and/or 
load  ratio  on  the  shielding-corrected 
thresholds. 


By  so  characterizing  the  driving  force  in  terms  of  AGeff 
by  subtracting  out  the  contributions  from  crack-tip 
shielding  (individual  A Kj  and  AK jj  values  are  listed 
in  Tables  4  and  5),  the  effect  of  mode-mixity  on  the 
threshold  is  found  to  be  greatly  reduced  for  both 
microstructures.  This  can  be  seen  in  Fig.  7  where  the 
‘shielding-corrected’  AGeff,TH  thresholds  (plotted  as 
hatched  regions)  are  compared  with  the  ‘uncorrected’ 
data  of  Fig.  6.  Several  points  are  worthy  of  note: 

•  The  shielding-corrected  AG^th  threshold  values  are 
substantially  smaller  (by  as  much  as  a  factor  of  four) 


than  the  uncorrected  AGTH  values,  especially  at  high 
phase  angles. 

•  Mixed-mode  threshold  values  are  essentially  independent 
of  both  load  ratio  and  mode-mixity.  While  it  is  generally 
appreciated  that  the  effect  of  load  ratio  on  mode  I 
threshold  values  is  largely  associated  with  crack  closure 
(e.g.  Refs  [19,20]),  these  results  confirm  earlier  reports  for 
the  bimodal  structure10,11  that  the  effect  of  mode-mixity 
in  increasing  the  AGTH  threshold  in  Ti-6A1-4V  can  be 
principally  attributed  to  an  increase  in  crack-tip  shielding 
(mainly  from  enhanced  crack-surface  interference). 
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Table  3  Fatigue  threshold  values  for  large  fatigue  cracks  in  Ti-6A1-4V 


Mode-mixity 

AGth  (  Jm  2) 

AA^th  (MPa^m  ) 

R  =  0A 

to 

d 

II 

00 

d 

II 

to 

d 

II 

d 

li 

00 

d 

II 

Bimodal  microstructure: 


0°  200 

80 

80 

4.9 

3.1 

3.1 

26°  280 

150 

100 

5.8 

4.3 

3.5 

62°  410 

375 

320 

7.0 

6.7 

6.2 

82°  850 

575 

- 

10.1 

8.3 

- 

Lamellar  microstructure*: 

0°  320  (4-60%) 

170  (4-113%) 

110  (+38%) 

6.2 

4.5 

3.6 

26°  395  (4-41%) 

255  (+70%) 

165  (+65%) 

6.9 

5.5 

4.5 

62°  450(4-10%) 

345  (-8%) 

305  (-5%) 

7.4 

6.5 

6.1 

82°  815  (-4%) 

660  (+15%) 

- 

9.9 

8.9 

- 

‘The  numbers  in  parentheses  indicate  the  difference  between  the  magnitudes  of  the  AGtH  threshold  of  the  lamellar  structure  as  compared  to 
the  bimodal  threshold. 


Table  4  Comparison  of  the  applied  and  shielding-corrected  mode  I 
stress-intensity  ranges 


Load  ratio 

Mode-mixity 

AA^th 

(MPa^/m) 

(MPaVm) 

Reduction  in 
AKi(MPaVm)’ 

Bimodal  microstructure: 

0.1 

0° 

5.0 

4.7 

0.3  (6%) 

62° 

3.6 

2.8 

0.8  (22%) 

82° 

1.5 

0.6 

0.9  (60%) 

0.5 

0° 

3.3 

3.3 

0.0  (0%) 

62° 

3.3 

1.7 

1.6  (48%) 

82° 

1.2 

0.0 

1.2  (100%) 

0.8 

0° 

3.2 

3.2 

0.0  (0%) 

62° 

3.1 

2.3 

0.8  (26%) 

Lamellar  microstructure: 

0.1 

0° 

6.5 

4.6 

1.9  (29%) 

62° 

3.6 

2.2 

1.4  (39%) 

82° 

1.4 

0.8 

0.6  (43%) 

0.5 

0° 

4.6 

4.3 

0.3  (7%) 

62° 

3.1 

2.8 

0.3  (10%) 

82° 

1.3 

0.5 

0.8  (62%) 

0.8 

0° 

3.9 

3.7 

0.2  (5%) 

62° 

2.9 

2.5 

0.4  (14%) 

‘The  numbers  in  parentheses  indicate  the  percentage  reduction  in 
AK\  owing  to  correction  for  crack-tip  shielding. 


•  The  superior  mixed-mode  fatigue  threshold  properties  of 
the  lamellar  microstructure  are  substantially  reduced 
when  results  are  plotted  in  terms  of  AGe fl-,  suggesting 
that  this  is  also  associated  with  higher  levels  of  crack-tip 
shielding.  This  is  consistent  with  the  significantly  more 
tortuous  crack  paths  observed  in  the  lamellar  structure, 
which  would  promote  crack-surface  interference,  as  dis¬ 
cussed  in  the  following  section. 


Table  5  Comparison  of  the  applied  and  shielding-corrected 
mode  II  stress-intensity  ranges 


AAThth 

A£n,TH(eff 

Reduction  in 

Load  ratio 

Mode-mixity  (MPa^/m)  (MPa^/m)  AKjj  (MPa^/m)* 

Bimodal  microstructure: 

0.1 

62° 

6.5 

3.9 

2.6  (40%) 

82° 

10.4 

4.8 

5.6  (54%) 

0.5 

62° 

6.0 

4.6 

1.4  (23%) 

82° 

8.6 

5.3 

3.3  (38%) 

0.8 

62° 

5.6 

5.0 

0.6(11%) 

Lamellar  microstructure: 

0.1 

62° 

6.7 

5.2 

1.5  (22%) 

82° 

10.1 

6.6 

3.5  (35%) 

0.5 

62° 

5.8 

3.8 

2.0  (35%) 

82° 

9.1 

6.2 

2.9  (32%) 

0.8 

62° 

5.5 

2.9 

2.6  (47%) 

‘The  numbers  in  parentheses  indicate  the  percentage  reduction  in 
AiCn  owing  to  correction  for  crack-tip  shielding. 


Crack  path  and  fractography 

Akin  to  fatigue  crack-growth  behaviour  in  pure  mode  I 
in  the  presence  of  large  cracks,22  the  lamellar  microstruc¬ 
ture  displays  superior  crack-growth  resistance  under 
mixed-mode  loading  compared  to  the  bimodal  structure. 
This  can  be  attributed  to  the  large  degree  of  crack-path 
deflection,  bifurcation  and  secondary  crack  formation 
associated  with  crack  growth  in  the  lamellar  structure. 
Typical  crack  paths  are  illustrated  in  Fig.  8  for  both 
microstructures,  and  show  the  pure  mode  I  precrack 
(grown  at  R  =  0.1)  and  subsequent  crack  growth  under 
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Fig.  8  Typical  fatigue  crack  profiles  are 
compared  for  the  (a)  bimodal  (. R  =  0.8, 

P  =  26°,  AGth  =  100J  m~2)  and 
(b)  lamellar  (*  =  0.1,0  =  62°, 

AGth  —  450 J  m-2)  microstructures. 
Optical  micrographs  show  both  the  mode  I 
fatigue  precrack  and  the  region  of  deflected 
crack  growth  following  the  application  of 
cyclic  mixed-mode  loading.  Measured  crack 
deflection  angles,  6cxpy  are  compared  with 
those  predicted  by  the  path  of  maximum 
tangential  stress,  0mts  (see  Ref.  [12]). 


mixed -mode  loading  (at  R  =  0.8  with  AKij/AKj  =  0.5 
for  the  bimodal  structure  and  at  R  =  0.1  with  AKjf 
A K\  =1.9  for  the  lamellar  structure).  There  is  clearly  a 
substantial  difference  between  the  trajectories  of  cracks 
in  the  two  structures.  This  is  evident  (i)  in  the  crack  path 
especially  during  mode  I  crack  growth,  where  the  lamel¬ 
lar  structure  shows  substantially  higher  tortuosity  owing 
to  interaction  of  the  crack  with  the  much  coarser  lamellar 
microstructure — with  characteristic  length  scales  of 
~500  pm — and  (ii)  in  the  crack  direction  at  the  onset  of 
mixed-mode  loading,  as  discussed  below. 

The  crack-path  direction  is  determined  through  a  com¬ 
petition  between  the  maximum  crack-driving  force  and 
the  weakest  microstructural  path.  In  fine-scale,  homoge¬ 
neous  microstructures,  such  as  the  bimodal  microstruc¬ 
ture  (where  characteristic  length  scales  are  ^20  pm),  the 
crack-driving  force  becomes  the  dominant  factor.  For 
nominally  elastic  conditions,  the  path  of  a  growing 
fatigue  crack  will  change  in  response  to  a  change  in  the 


applied  phase  angle,  so  that  a  pure  mode  I  near-tip 
condition  is  maintained — that  is,  the  crack  tip  follows  a 
path  dictated  by  either  a  zero  mode  II  stress  intensity 
(Kn  =  0),  maximum  tangential  stress  (MTS),  or  max¬ 
imum  strain-energy  release  rate,  Gmax36,37 —  all  criteria 
that  yield  essentially  the  same  crack-path  predictions 
(except  at  very  high  phase  angles).  Accordingly,  cracks 
in  the  bimodal  structure  deflect  under  mixed-mode 
loading  to  follow  a  mode  I  path,  as  illustrated  in  Fig.  8a 
where  the  crack  deviates  almost  exactly  along  the  path  of 
maximum  tangential  stress.  For  the  coarse  lamellar  struc¬ 
ture,  conversely,  Fig.  8b  shows  that  the  crack  does  not 
deflect  along  the  maximum  tangential  stress  direction  at 
the  onset  of  the  mixed-mode  loading;  here,  the  charac¬ 
teristic  microstructural  dimensions  are  far  larger,  so  that 
the  crack  path  on  this  scale  of  observation  cannot  be  de¬ 
scribed  by  continuum  notions  and  is  markedly  influenced 
by  microstructure.  Similar  deviations  from  predicted 
mode  I  crack  paths  under  mixed-mode  loading  have 
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CRACK-PROPAGA  TION  DIRECTION  > 


Fig.  9  Typical  fractography  for  mixed-mode  fatigue  crack  growth 
in  the  (a)  bimodal  (AGtH  =  410J  m~2)  and  (b)  lamellar 
microstructures  (AGth  =  45 OJ  m“2).  Both  specimens  were  tested 
at  load  ratio,  R  —  0.1,  and  phase  angle,  ft  =  62°.  The  much  coarser 
length  scales  involved  for  the  lamellar  structure  are  evident. 

been  observed  for  coarse-grained  lamellar  microstruc¬ 
tures  in  titanium  aluminide  interme tallies,  where  fatigue 
cracks  can  follow  a  preferential  interlamellar  path  within 
a  single  large  colony.38 

All  these  factors  result  in  substantially  rougher  fracture 
surfaces  (Fig.  9)  in  the  lamellar  microstructure,  which 
with  large  cracks  promotes  both  mode  I  crack  closure, 
through  premature  crack-surface  asperity  contact  on  un¬ 
loading,  and  mode  II  crack-surface  interference,  through 
enhanced  asperity  rubbing  and  interlocking  within  the 
sliding  crack  faces.  Measurements  of  the  magnitude  of 
such  closure  and  surface  interference,  listed  in  Tables  4 
and  5,  provide  experimental  confirmation  of  the  more 
significant  role  of  crack-tip  shielding  in  the  coarser 
lamellar  structure;  this  provides  the  main  reason  why 
this  microstructure  displays  superior  resistance  to  (large 


crack)  fatigue  crack  propagation,  with  higher  measured 
fatigue  threshold  values  under  both  pure  mode  I  and 
mixed-mode  loading  conditions. 

Short-crack  behaviour 

Corresponding  mixed-mode  AGth  thresholds  for  short 
(~200  pm)  through-thickness  cracks  in  the  bimodal  and 
lamellar  structures  (at  fl  =  0-82°  and  R  —  0. 1-0.8)  are 
plotted  as  a  function  of  the  phase  angle  in  Fig.  10;  results 
are  compared  with  the  corresponding  thresholds  (both 
uncorrected  and  shielding-corrected)  for  large  cracks 
from  Fig.  7.  As  noted  above,  the  effect  of  crack- tip 
shielding  in  the  crack  wake  is  particularly  significant  in 
the  presence  of  shear  loading  owing  to  crack-surface 
friction  and  interlocking  of  asperities.39”41  Consequently, 
owing  to  the  minimal  role  of  crack-tip  shielding  associ¬ 
ated  with  cracks  of  limited  wake,  measured  short  crack 
AGth  thresholds  were: 

•  substantially  lower  than  the  corresponding  large-crack 
values  (similar  to  results  for  mode  I  thresholds22), 

•  essentially  insensitive  to  the  degree  of  mode-mixity,  in 
marked  contrast  to  the  large  crack  thresholds,  and 

•  relatively  insensitive  to  the  load  ratio,  again  in  contrast  to 
large  crack  results. 

Moreover,  the  short-crack  threshold  values,  which  are 
listed  in  Table  6,  were  observed  to  lie  within  the  scatter- 
band  for  shielding-corrected  large  cracks,  again  indicat¬ 
ing  that,  similar  to  observations  under  pure  mode  I 
conditions,  the  limited  effect  of  shielding  for  short  cracks 
is  responsible  for  their  lower  threshold  values. 

With  respect  to  the  role  of  microstructure,  the  distinc¬ 
tion  between  the  bimodal  and  lamellar  microstructures 
in  terms  of  the  mixed-mode  crack-growth  resistance  is 
substantially  reduced  for  short  cracks  compared  to  that 
for  large  cracks.  This  again  implies  that  the  primary 
effect  of  microstructure  on  mixed-mode  fatigue  thresh¬ 
olds  in  Ti-6A1-4V  arises  through  the  mechanism  of 
crack-tip  shielding.  Where  the  role  of  such  shielding  is 
restricted,  as  in  the  case  of  short  cracks  with  limited 
wake,  differences  in  fatigue  resistance  between  the  bi¬ 
modal  and  lamellar  structures  become  much  less  signifi¬ 
cant.  Analogous  behaviour  can  be  seen  under  mode  I 
loading  where  the  superior  fatigue  crack-growth  proper¬ 
ties  of  the  lamellar  structure  are  lost  at  high  load  ratios, 
where  the  effect  of  crack  closure  becomes  insignificant; 
once  again,  the  primary  role  of  microstructure  occurs 
through  mechanisms  of  crack-tip  shielding.22 

Small-crack  behaviour 

A  more  realistic  flaw — in  terms  of  what  is  most  com¬ 
monly  encountered  in  real  structures — is  that  of  the 
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Mode  I  Mode  il 


Fig.  10  Variation  in  mixed-mode 
thresholds,  AGth,  as  a  function  of  phase 
angle,  /?,  in  (a)  bimodal  and  (b)  lamellar 
structures.  Shown  are  results  at  three  load 
ratios  for  large  (>  4  mm)  cracks,  before  and 
after  ‘correcting’  for  crack-tip  shielding,  and 
for  short  (~200pm)  through -thickness 
cracks.  The  lamellar  microstructure  shows 
somewhat  superior  resistance  to  crack 
propagation  in  the  short  crack  regime. 
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small,  semielliptical  surface  crack,  which  is  small  in  all 
dimensions.  Like  short  cracks,  such  cracks  experience  a 
minimal  effect  of  crack-tip  shielding  owing  to  their 
limited  wake.  In  the  present  study  on  Ti-6A1-4V,  mode  I 
AGth  thresholds  for  such  micros tructur ally  small 
(<  50  pm)  cracks  in  both  the  bimodal  and  lamellar  struc¬ 
tures  are  compared  with  corresponding  mixed-mode 
large-crack  data  in  Fig.  11.  Threshold  values  for  the 
small  cracks  are  clearly  much  smaller  than  the  corres¬ 
ponding  values  for  large  cracks.  Indeed,  small  cracks  are 
observed  to  propagate  at  threshold  levels  above 
AGth  —  8.3 Jm  2  (A7£jjth'~1  MPa^/m),  whereas  the 


worst-case  AG  threshold  for  large  cracks,  namely 
AGth  =  29.9Jm~2  (AKi>th  ~  l^MPa^/m),  is  a  factor 
of  three  larger. 

Microstructurally,  again  it  is  clear  that  whereas  the 
lamellar  structure  has  superior  large-crack  threshold 
properties,  this  is  not  apparent  in  the  presence  of  small 
cracks  where  the  mode  I  thresholds  are  almost  identical. 
Even  the  subsequent  small-crack  growth  rates,  shown  as 
a  function  of  A Kj  in  Fig.  12  from  a  parallel  study  on  the 
effects  of  foreign-object  damage  on  high-cycle  fatigue  in 
Ti-6A1-4V42  reveal  few  differences  in  the  behaviour  of 
the  bimodal  and  lamellar  microstructures — observations 
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which  can  be  related  to  the  minimal  role  of  crack-tip 
shielding  with  cracks  of  limited  wake. 

However,  the  behaviour  of  the  small  surface  crack  is 
different  from  that  of  the  short  (and  large)  through¬ 
thickness  crack  in  the  manner  in  which  it  statistically 
‘samples'  the  microstructure.  In  the  present  experiments 
where  the  small-crack  dimensions  were  comparable  with 
characteristic  microstructural  size-scales,  their  crack 
fronts  cannot  sample  the  ‘continuum'  microstructure. 
For  example,  whereas  the  average  short  crack  in  the 
bimodal  microstructure  would  ‘sample’  some  300  grains, 


Table  6  Thresholds  obtained  for  short  fatigue  cracks  in  Ti-6A1-4V 


AGTH(J/m2) 

AfQq,TH 

(MPa^m) 

Mode-mixity  R  — 

0.1  R  = 

0.5  R  =  0.8  R  =  0.1  R  = 

0.5  R  =  0.8 

Bimodal  microstructure: 

0°  72 

66 

59 

2.9 

2.8 

2.7 

26°  125 

105 

85 

3.9 

3.6 

3.2 

62°  72 

64 

52 

2.9 

2.8 

2.5 

82°  148 

140 

130 

4.2 

4.1 

4.0 

Lamellar  microstructure: 

0°  159 

110 

96 

4.4 

3.6 

3.4 

26°  176 

131 

119 

4.6 

4.0 

3.8 

62°  180 

142 

121 

4.7 

4.1 

3.8 

82°  210 

145 

125 

5.0 

4.2 

3.9 

the  small  crack  merely  ‘samples'  one  or  two  grains.  Data 
on  the  behaviour  of  such  cracks  under  mixed-mode 
loading  are  extremely  limited  although  present  results 
for  the  bimodal  structure,  at  R  —  0.1  only,  are  shown  in 
Fig.  13  and  are  compared  with  the  corresponding  large- 
and  short-crack  mixed-mode  threshold  values.  Clearly, 
the  additional  effect  of  microstructural  sampling  is  evi¬ 
dent  in  these  results  in  which  the  small-crack  thresholds 
can  be  seen  to  be  lower  than  the  corresponding  values  for 
short  cracks  and  shielding-corrected  large  cracks.  While 
the  marked  effect  of  crack  size  on  the  mixed-mode 
thresholds  up  to  now  has  been  attributed  to  a  difference 
in  the  magnitude  of  the  crack-tip  shielding,  the  even 
lower  mixed-mode  thresholds  for  micros tructurally 
small  cracks  reflect  this  additional  factor  of  the  biased 
sampling  of  the  ‘weak  links'  in  the  microstructure  by  the 
small  flaw.  Indeed,  quantitatively,  large-crack  mixed¬ 
mode  AGth  thresholds  in  the  bimodal  structure  at  high 
mode-mixities  AKjj/AKj  =  7.1  can  be  some  ~ 5 0-90 
times  larger  than  such  measured  small-crack  thresholds. 

DISCUSSION 

In  the  present  study,  we  have  examined  how  varying  the 
microstructure  can  affect  the  mixed-mode  fatigue  crack 
growth  thresholds  in  a  Ti-6A1-4V  alloy  as  a  function  of 
load  ratio  and  mode-mixity.  What  has  been  found  is  that 
microstructure,  mode-mixity  and  load  ratio  all  can  have  a 
major  influence  on  the  value  of  the  mixed-mode  thresh¬ 
old,  but  only  in  the  presence  of  cracks  large  compared  with 


Mode  I  Mode  il 


Fig.  1 1  Mixed-mode  thresholds  for  large 
(>  4  mm)  through-thickness  fatigue  cracks 
in  bimodal  and  lamellar  Ti-6A1-4V  are 
compared  with  pure  mode  I  thresholds  for 
microstructurally  small  cracks.  The  superior 
resistance  of  the  lamellar  structure  observed 
in  the  large  crack  regime  is  eliminated  for 
small  cracks,  where  the  role  of 
microstructural  sampling  becomes 
important. 
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Fig.  12  Fatigue  crack  growth  rates  as  a 
function  of  applied  stress-intensity  range  at 
R  =  0.1  for  microstructurally  small 
(~2-50pm)  surface  cracks  in  the  bimodal 
and  lamellar  microstructures.  Large-crack 
growth  data  at  R  =  0.1  were  obtained  from 
constant  load-ratio  tests,  whereas 
corresponding  data  at  R  —  0.91-0.95  were 
obtained  using  constant-.Kmax/increasing- 
Kmin  testing  (after  Ref.  [42]). 


Surface  crack  length  2  c  (pm) 

20  50  100  200  500  1000  2000  (202.5  MPa) 


0.6  1  2  4  6  8  10  20  40 

Stress-intensity  range,  A K  (MPa^/m) 


Fig.  13  Variation  in  mixed-mode 
thresholds,  AGTH,  as  a  function  of  phase 
angle,  /?,  for  microstructurally  small 
(<  50  pm)  surface  cracks  in  the  bimodal 
microstructure.  Shown  for  comparison  are 
results  for  short  (~200pm)  through- 
thickness  cracks  and  for  large  (>  4  mm) 
through-thickness  cracks  under  worst-case , 
high  R  conditions. 
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microstructural  dimensions.  The  fact  that  microstructure, 
mode-mixity  and  load  ratio  all  have  a  relatively  insignifi¬ 
cant  effect  on  fatigue  thresholds  in  the  presence  of  short 
through-thickness  cracks  and  microstructurally  small 
surface  cracks  strongly  implies  a  dominant  role  of 
crack-tip  shielding  dictated  by  crack  path. 

The  superior  crack-growth  resistance,  and  hence  higher 
large-crack  AGTH  thresholds,  in  the  lamellar  structure 
appears  to  be  a  consequence  of  the  preferential  path 
taken  by  the  propagating  crack,  which  in  turn  promotes 
higher  levels  of  crack-tip  shielding.  In  aligned  lamellar 
structures,  the  a  phase  is  orientated  perpendicular  to  the 
basal  plane;21  crack  propagation  parallel  to  the  basal 
plane  orientation  is  thus  generally  observed  perpendicu¬ 
lar  to  the  orientation  of  the  a  laths.22  Because  the  thin 
layer  of  p  phase  that  surrounds  the  a  laths  cannot  signifi¬ 
cantly  alter  the  crack  path,  crack  propagation  invariably 
occurs  with  almost  no  change  in  direction  through  an 
entire  colony  of  similarly  orientated  laths.  This  strongly 
crystallographic  influence  on  the  fatigue  crack  path  is 
evident  in  the  significant  amount  of  out-of-plane  deflec¬ 
tion,  secondary  cracking  and  crack-path  tortuosity  that  is 
characteristic  of  the  coarser  lamellar  microstructures,  as 
compared  to  the  almost  planar  crack  paths  in  the  finer 
bimodal  structures  (Fig.  8). 

Such  microstructural  factors  can  lead  to  two  effects — 
one  intrinsic  and  one  extrinsic.  In  the  coarser-grained 
lamellar  structure,  at  the  onset  of  the  mixed-mode 
loading,  the  crack  attempts  to  deviate  along  a  direction 
different  from  that  of  the  preferred  path — that  is,  dic¬ 
tated  by  the  Gmax,  Kjj  =  0  or  maximum  tensile  stress 
(MTS)  criteria.  Although  this  clearly  requires  a  higher 
driving  force,  its  effect  on  the  measured  threshold  is 
debatable  because  the  crack  is  following  a  weaker  micro- 
structural  path.  More  important  though  is  the  extrinsic 
effect  in  which  the  rougher  crack  paths  give  rise  to  the 
higher  levels  of  crack  closure  and  crack-surface  interfer¬ 
ence,  as  shown,  respectively,  in  Tables  4  and  5.  The 
consequences  of  this  are  that  because  these  mechanisms 
act  in  the  crack  wake,  the  prime  effect  of  microstructure 
on  the  mixed-mode  threshold  arises  from  the  presence  of 
the  precrack.  Thus,  as  has  been  observed,  it  is  to  be 
expected  that  these  microstructure  effects  will  be  far 
less  apparent  if  the  AGth  thresholds  are  measured  for 
short  cracks. 

A  further  point  of  note  is  that  such  beneficial  effects  of 
microstructure  can  only  be  developed  where  the  crack 
front  samples  a  large  enough  number  of  grains,  as  in  the 
case  of  the  large  and  short  cracks  examined  in  the  present 
study.  Indeed,  where  this  is  not  the  case — e.g.  for  micro¬ 
structurally  small  cracks — this  may  lead  to  a  reversal  of 
the  relative  ranking  of  the  two  structures21  although 
the  present  results  do  not  show  this  too  clearly  (Fig.  1 1). 
The  basis  for  this  reversal  involves  the  density  of 


microstructural  barriers  that  the  crack  front  encounters. 
For  large  and  short  cracks,  a  large  number  of  such  bar¬ 
riers — e.g.  grain  boundaries,  interfaces  between  dissimi¬ 
larly  orientated  colonies,  etc. — are  encountered,  leading 
to  frequent  changes  in  path,  and  hence  increased 
tortuosity  and  higher  thresholds  for  the  lamellar  struc¬ 
ture.  However,  for  small  cracks,  comparable  in  size  to  the 
characteristic  microstructural  size-scales,  the  crack  front 
may  encounter  as  few  as  one  or  two  grains,  or  in  the  case  of 
the  lamellar  structure  be  contained  within  a  single  grain, 
resulting  in  the  crack  front  sampling  a  much  lower  density 
of  barriers  to  crack  propagation.  Consequently,  despite 
their  superior  large-crack  properties,  lamellar  structures 
can  show  poorer  resistance  to  fatigue  crack  propagation 
than  bimodal  structures  in  the  small-crack  regime.21 

Finally,  it  is  apparent  that  the  near-elimination  of  the 
effect  of  mode-mixity  on  the  large-crack  AGth  thresh¬ 
olds  when  crack-dp  shielding  is  accounted  for  (either  by 
measurement  or  by  removal  of  the  crack  wake),  strongly 
implies  that  the  threshold  behaviour  of  fatigue  cracks 
under  mixed-mode  loading  is  predominantly  a  mode  I 
phenomenon.  The  principal  influence  of  the  applied 
shear  loading  appears  to  be  in  dictating  the  crack-path 
deflection,  in  conjunction  with  the  near-tip  microstruc¬ 
ture  in  the  coarser  microstructures;  once  the  crack  path  is 
set  by  the  phase  angle,  the  initial  crack  extension  and 
hence  the  mixed-mode  threshold  are  dictated  by  the 
effective  crack-driving  force,  which  is  largely  independ¬ 
ent  of  mode-mixity.  The  implications  for  this  are  that  the 
mixed-mode  fatigue  threshold  behaviour  is  essentially 
identical  to  mode  I  behaviour  if  the  additional  contribu¬ 
tions  to  the  crack-tip  shielding  that  are  induced  owing  to 
a  deflected  crack  path  are  carefully  accounted  for.  More¬ 
over,  it  further  implies  that  the  AGra  threshold,  meas¬ 
ured  under  pure  mode  I  loading,  can  be  considered  to  be 
a  lower  bound. 


Based  on  an  investigation  of  the  mixed-mode  high-cycle 
fatigue  behaviour  of  the  fine  bimodal  microstructure 
(grain  size  ~20  pm)  and  the  coarser  lamellar  microstruc¬ 
ture  (colony  size  ~500pm)  in  a  Ti-6AJ-4V  turbine- 
engine  alloy,  the  following  conclusions  can  be  made: 

1  Both  microstructures  displayed  a  marked  effect  of  mode- 
mixity  and  load  ratio  on  the  measured  mixed-mode  fa¬ 
tigue  thresholds  for  through-thickness  large  (>4mm) 
cracks.  By  characterizing  the  crack-driving  force  in  terms 
of  the  strain-energy  release  rate,  AG,  the  mode  I  threshold 
was  found  to  represent  the  worst-case  condition. 

2  The  coarse-grained  lamellar  microstructure  was  gener¬ 
ally  observed  to  have  higher  thresholds,  and  hence  super¬ 
ior  mixed-mode,  near- threshold  fatigue  crack-growth 


CONCLUSIONS 
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resistance,  compared  to  the  bimodal  structure,  in  the 
presence  of  large  through-thickness  fatigue  cracks.  How¬ 
ever,  this  difference  was  significantly  reduced  at  high 
phase  angles. 

3  The  marked  effect  of  load  ratio  and  mode-mixity  was 
substantially  reduced  when  the  large-crack  AGth  thresh¬ 
olds  were  ‘corrected'  for  crack-tip  shielding  owing  to 
mode  I  crack  closure  and  mode  II  crack-surface  interfer¬ 
ence.  As  such  shielding  was  promoted  in  the  coarser 
lamellar  microstructure  by  a  higher  degree  of  crack-path 
tortuosity  and  fracture-surface  roughness,  the  superior 
large-crack  properties  of  this  structure  were  significantly 
reduced  by  such  corrections. 

4  Mixed-mode  AGth  thresholds  for  through-thickness 
short  cracks  (~200  pm)  were  substantially  lower  than 
corresponding  large-crack  thresholds  in  both  microstruc¬ 
tures;  moreover,  short-crack  threshold  values  were  essen¬ 
tially  insensitive  to  load  ratio  and  mode-mixity. 

5  Compared  to  large-crack  threshold  behaviour,  the  influ¬ 
ence  of  microstructure  on  such  short-crack  mixed-mode 
AGth  thresholds  was  substantially  reduced.  This  was 
attributed  to  the  absence  of  crack-tip  shielding  effects 
with  cracks  of  limited  wake. 

6  Results  for  naturally  initiated  microstructurally  small 
(<50|im)  semielliptical  surface  cracks  in  the  bimodal 
microstructure  indicate  that  mixed-mode  AGth  thresholds 
for  such  cracks  are  substantially  lower  than  those  for  large 
cracks;  indeed,  large-crack  thresholds  at  high  mode-mixi  ties 
(AKu/AKj  ~  7.1)  can  be  some  50-90  times  larger  than  such 
measured  small-crack  thresholds.  The  substantially  lower 
small-crack  thresholds  were  associated  with  a  limited  role  of 
crack-tip  shielding  and  additionally  with  biased  microstruc- 
tural  sampling  by  cracks  of  a  dimension  comparable  with  the 
characteristic  microstructural  size-scales. 

7  The  prime  source  of  the  influence  of  mixed-mode  loading 
in  dictating  the  value  of  the  mixed-mode  AGth  threshold 
is  considered  to  arise  primarily  from  the  trajectory  of  the 
precrack.  Because  microstructure  can  influence  this  tra¬ 
jectory,  in  general  microstructural  effects  on  mixed-mode 
thresholds  result  mainly  from  the  role  of  crack-tip 
shielding  that  arises  from  such  crack  paths.  Where  crack 
sizes  are  small  enough  so  that  such  shielding  cannot  fully 
develop,  the  influence  of  microstructure  on  mixed-mode 
thresholds  becomes  minimal. 
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APPENDIX  A 

Distinction  between  large,  short  and  small  cracks 

A  point  of  note  in  this  work  is  the  distinction  between 
large ,  short  and  small  cracks.  Large  fatigue  cracks  (Fig. 
Ala)  are  defined  as  having  dimensions  that  are  large 
compared  to  the  scale  of  the  microstructure  in  both 
directions.  Therefore,  they  generally  have  a  fully  de¬ 
veloped  crack-tip  shielding  zone  and  can  ‘sample’  the 
microstructure  in  a  statistical  (continuum)  manner.43 
With  respect  to  large  cracks,  small  cracks  are  generally 
described  as  being  comparable  in  size  to:44 

•  microstructural  dimensions,  where  biased  statistical  sam¬ 
pling  of  the  microstructure  can  lead  to  accelerated  crack 
advance  along  ‘weak’ paths;  that  is,  microstructural  features 
orientated  for  easy  crack  growth  (a  continuum  limitation), 

•  the  extent  of  local  inelasticity  ahead  of  the  crack  tip,  where 
the  assumption  of  small-scale  yielding  implicit  in  the  use 
of  the  stress  intensity,  Ky  is  not  strictly  valid  (a  linear- 
elastic  fracture  mechanics  limitation), 

•  the  extent  of  crack-tip  shielding  (e.g.  crack  closure)  behind 
the  crack  tip,  where  the  reduced  role  of  shielding  leads  to 
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Fig.  A1  Schematic  illustrations  highlighting  the  key  distinctions 
between  large,  short  and  small  fatigue  cracks.  Large  cracks  (a)  have 
length,  a ,  and  width,  Wy  which  are  large  both  with  respect  to  the 
equilibrium  shielding-zone  length,  /s  (indicated  here  as  a  region  of 
debris  in  the  crack  wake  which  produces  crack  closure),  and  the 
characteristic  microstructural  size  scale,  /?,  e.g.  the  grain  size.  In 
contrast  to  this,  short  fatigue  cracks  (b)  are  characterized  by  a  <  /s, 
but  IV^>p.  The  reduced  crack-wake  length  results  in  a  lower  level 
of  crack-tip  shielding.  For  small  cracks  (c),  the  fracture  surface  is 
reduced  in  both  dimensions,  with  a  (and  W)  being  small  with 
respect  to  both  ls  and  p.  The  fact  that  a  ~  p  implies  that  the  crack 
front  samples  only  a  few  microstructural  entities,  leading  to  a  biased 
sampling  of  the  microstructure. 


a  higher  local  driving  force  than  the  corresponding  large 
crack  at  the  same  applied  K  level  (a  similitude  limitation). 

However,  a  further  important  distinction  can  be  made, 
namely  that  of  a  short  vs.  small  crack.  This  distinction 
alludes  not  simply  to  physical  size  but  the  extent  to  which 
a  fatigue  crack  is  subjected  to  the  first  and  third  factors 
listed  above.  Short  fatigue  cracks  (Fig.  Alb)  are  physic- 
ally  short  in  only  one  dimension,  a  condition  that  is  often 
realized  experimentally  by  machining  away  the  wake  of  a 
large  crack.  This  type  of  fatigue  flaw  experiences  limited 
crack- tip  shielding  owing  to  its  reduced  length,45  yet 
samples  the  microstructure  as  a  continuum  because  of 
its  extensive  crack  front.  By  contrast,  small  fatigue  cracks 
(Fig.  Ale)  are  small  and  comparable  to  the  microstruc¬ 
tural  size-scale  in  all  dimensions,  as  typified  by  the  small, 
semi  elliptical  surface  flaw  (e.g.  Refs  [44,46]).  With  such 
cracks,  crack-tip  shielding  is  significantly  reduced  (e.g. 
Ref.  [43]),  and  since  the  crack  front  samples  only  a  few 
microstructural  entities,  this  allows  for  a  biased  sampling 
of  microstructurally  weak  paths.  Because  of  this  restric¬ 
tion  in  shielding  and  the  biased  microstructural  sam¬ 
pling,  fatigue  crack  growth  resistance  in  the  presence  of 
small  cracks  often  tends  to  be  lowest. 


Appendix  B 


Calculation  of  the  mixed-mode  threshold 

In  this  work,  as  in  prior  studies  (e.g.  Refs  [7-12,33,34]) 
on  mixed-mode  fatigue  thresholds,  the  threshold  values 
of  the  mode  I  and  mode  II  stress  intensities  required  to 
initiate  cracking,  AI^th  and  are  calculated 

based  on  the  mode  I  precrack  (which  is  generated  in 
near-identical  fashion  for  each  test);  the  corresponding 
mixed-mode  threshold,  AGth>  or  equivalent  stress  inten¬ 
sity,  AXeq>xH,  are  then  computed  from: 


A 

k2 


Fig.  A2  Schematic  illustration  of  the  kinked 
crack  configuration  for  the  alternative 
calculation  of  the  mixed-mode  threshold. 
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AGth  =  (AAT^th2  +  AKuju2)/^1  =(Ai^eq>TH2)/^/  (Al) 

where  E  is  the  appropriate  elastic  modulus. 

However,  since  once  the  crack  starts  to  grow,  it  deflects 
along  a  different  path  (corresponding  to  a  local  Kjj  =  0 
criterion  modified  by  the  effect  of  the  microstructure),  an 
alternative  calculation  of  the  threshold  can  be  based  on 
the  presence  of  an  infinitesimal  kink  along  this  direction. 
Assuming  for  simplicity  that  the  kink  (of  length  b<<a , 
the  crack  length)  represents  an  in-plane  tilt  through 
angle  a  to  the  precrack  plane  (Fig.  A2),  then  the  local 
mode  I  and  mode  II  stress  intensities,  Ak\  and  Ak2,  at  the 
deflected  crack  tip  will  be  given  by:47,48 

Ak\  (a)  =  cuAK\  +  cuAKn 

Ak2  (a)  =  c2 1  AK\  +  ci  2  AK\\  (A 2 ) 


where  AKj  and  AKjj  are  the  stress  intensities  for  a  main 
(pre)crack,  and  the  coefficients  qj,  which  are  a  sole  func¬ 
tion  of  a,  are  given  in  Refs  [47,48].  The  mixed-mode 
thresholds,  AG'th  and  AKth>  can  then  be  computed 
from: 

AGVh  =  (A*.,™2  +  A*2,th 2)/E'  S (a K^2) /E'  (A3) 

As  discussed  elsewhere,49  the  use  of  Eqn.  A3  to  calculate 
the  mixed-mode  threshold  can  in  fact  reduce  the  com¬ 
puted  values  of  AJKeq,TH>  at  specific  phase  angles  by  as 
much  as  40%.  For  the  bimodal  and  lamellar  Ti-6A1-4V, 
this  translates  into  a  reduction  in  threshold  AK^th 
values  by  typically  1-2  MPa^/m. 
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Abstract 

There  have  been  few  studies  to  date  describing  fatigue-crack  propagation  thresholds  under  mixed-mode  loading  conditions  in 
the  presence  of  cracks,  that  are  small  as  compared  to  the  characteristic  microstructural  dimensions.  To  address  this  need,  the  variation 
in  mixed-mode,  high-cycle  fatigue-crack  growth  thresholds  with  crack  size  is  reported  for  a  Ti-6A1-4V  turbine  blade  alloy  with  a 
fine-grained  bimodal  microstructure.  Specifically,  threshold  behavior  is  examined  for  large  through-thickness  cracks  >4  mm  in 
length),  short  through-thickness  cracks  (~200  pm  in  length),  and  microstructurally-small  surface  cracks  (10-50  pm  in  diameter) 
under  combined  mode  I  and  mode  II  loading  at  load  ratios  (ratio  of  minimum  to  maximum  load)  ranging  from  0.1  to  0.8.  For 
mode-mixities  ranging  from  pure  mode  I  to  predominantly  mode  II,  large  crack,  mode  I  AJ£IfTH  thresholds  were  found  to  be  decrease 
substantially  with  increasing  phase  angle.  However,  by  characterizing  in  terms  of  the  range  in  strain  energy  release  rate,  AGTH, 
incorporating  both  mode  I  and  mode  II  contributions,  it  was  observed  that  the  pure  mode  I  threshold  could  be  regarded  as  a  ‘worst 
case’  under  mixed-mode  loading  in  this  alloy.  By  estimating  the  effective  crack-driving  force  actually  experienced  at  the  crack  tip, 
the  observed  increase  in  the  mixed-mode  AGTH  threshold  with  mode-mixity  was  attributed  to  an  increasing  influence  of  crack-tip 
shielding  due  to  crack  closure  and  crack-surface  interference.  Equivalent  thresholds  for  through-thickness  short  cracks,  where  the 
crack  wake  and  hence  the  effect  of  such  shielding  is  minimized,  were  consequently  far  less  sensitive  to  mode-mixity  and  corre¬ 
sponded  in  magnitude  to  the  shielding-corrected  large-crack  thresholds.  This  effect  was  accentuated  for  the  measured  thresholds  of 
microstructurally-small  surface  cracks;  such  small-crack,  mixed-mode  AGTH  thresholds  not  only  displayed  a  minimal  influence  of 
mode-mixity  but  were  up  to  two  orders  of  magnitude  smaller  than  those  for  corresponding  large  cracks  at  the  same  load  ratio  and 
mode-mixity  conditions.  ©  2002  Published  by  Elsevier  Science  Ltd. 

Keywords:  High-cycle  fatigue;  Mixed  mode;  Fatigue  thresholds;  Load  ratio  effects;  Small  crack  effects;  Crack-tip  shielding;  Ti-6A1-4V;  Titanium 


1.  Introduction 

The  occurrence  and  control  of  failures  due  to  high- 
cycle  fatigue  (HCF)  in  turbine  engine  components  is  cur¬ 
rently  one  of  the  most  critical  challenges  facing  the  US 
military  aircraft  fleet;  in  fact,  a  large  fraction  of  recent 
engine  failures  have  been  attributed  to  HCF  [1-3].  One 
particular  issue  involved  in  this  problem  is  the  prediction 
of  the  limiting  conditions  for  HCF  failures  in  the  pres¬ 
ence  of  multiaxial  stresses;  this  can  occur,  for  example, 
at  sites  of  fretting  fatigue  in  the  turbine  blade 
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dovetail/disk  contact  section  [4].  Although  the  driving  ss 
force  for  cracks  in  these  situations  is  a  combination  of  86 
tensile  (mode  I),  in-plane  shear  (mode  II)  and/or  anti-  g? 
plane  shear  (mode  III)  loading,  the  vast  majority  of  88 
research  on  fatigue-crack  growth  behavior  in  typical  tur-  89 
bine  blade  alloys,  such  as  Ti-6A1-4V,  has  been  limited  90 
to  pure  mode  I  behavior  (e.g.  [5-9] 5  ).  Despite  this  pre-  91 
ponderance  of  mode  I  data,  there  has  been  an  increasing  92 
awareness  in  recent  years  of  the  role  of  mode-mixity  in  93 
influencing  fatigue-crack  growth  behavior  in  metallic  94 
materials  (e.g.  [11-18]),  with  a  handful  of  studies  95 


1  It  is  interesting  to  note  in  this  regard  that  although  fatigue  failure  u»« 
in  materials  has  been  documented  for  over  a  century,  the  first  investi-  1082 
gations  on  multiaxial  fatigue  occurred  only  as  recently  as  1969  [10].  1083 
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devoted  to  Ti-6AMV  (e.g.  [16-18]).  However,  few 
investigations  have  focused  on  the  role  of  crack  size  in 
influencing  fatigue-crack  growth  behavior  under  multi- 
axial  conditions,  and  specifically  on  how  the  presence  of 
microstructurally-small  cracks  may  affect  mixed-mode 
fatigue  thresholds.  The  present  work  seeks  to  address 
this  problem  for  the  high-cycle  fatigue  of  turbine  blade 
materials,  specifically  for  a  Ti-6A1-4V  alloy  with  a 
bimodal  microstructure. 


2.  Background 

The  HCF  problem  in  turbine  engine  components  is 
associated  with  a  variety  of  drivers  [3],  which  vary  with 
component  and  indeed  location  on  that  component  (Fig. 
1).  Typically,  these  components,  such  as  blades  and 
disks,  are  subjected  to  high  frequency  (>  1  kHz) 
vibrations  in  the  engine  (HCF),  superimposed  on  to  a 
low-cycle  fatigue  component  associated  with  the  start- 
to-stop  cycles  [2,3].  A  critical  site  for  crack  initiation 
is  in  the  attachment  section  of  the  blade,  where  contact 
between  the  blade  dovetail  and  disk  leads  to  the  forma¬ 
tion  of  fretting  fatigue  cracks  [4].  This  problem  often 
involves  complex  multiaxial  loading  conditions,  surface 
damage,  and  associated  residual  stresses. 

At  present,  most  design  and  ‘fifing’  methodologies  for 
HCF  use  traditional  stress-life  (S-N)  and  Goodman  dia¬ 
gram  approaches.  However,  in  fight  of  the  high  fre¬ 
quencies  involved,  once  a  fatigue  crack  starts  propagat¬ 
ing,  final  failure  can  ensue  rapidly;  consequently, 
alternative  fracture-mechanics  based  design  method¬ 
ologies  utilizing  the  concept  of  a  threshold  stress-inten¬ 
sity,  below  which  no  fatigue-crack  growth  is  observed, 
may  offer  a  preferred  approach,  provided  such  thresholds 
are  defined  under  representative  HCF  conditions.  Unfor¬ 
tunately,  as  noted  above,  most  available  fatigue  thres¬ 


hold  data  (e.g.  [19])  have  been  measured  in  tension 
(mode  I)  on  through-thickness  cracks,  large  compared  to 
the  microstructural  size-scales.  These  are  conditions  that 
may  not  be  relevant  to  turbine  engine  HCF,  where  the 
loading  can  be  mixed-mode  and  crack  sizes  can  be  of  the 
order  of  a  fraction  of  a  millimeter.  In  terms  of  defining  a 
conservative  HCF  threshold,  both  these  factors  are 
important  as  small  cracks  are  known  to  grow  (at  least 
in  mode  I)  at  apparently  anomalously  high  velocities, 
well  below  the  established  large-crack  propagation  thre¬ 
sholds  [20];  similarly,  the  superposition  of  shear  loading 
(resulting  in  finite  mode  II  or  III  stress-intensity  ranges, 
AKU  and  A£1U,  respectively,  at  the  crack  tip)  has  been 
shown  to  cause  a  substantial  reduction  in  the  mode  I 
fatigue  threshold,  A£IiTH,  below  which  the  crack  growth 
is  presumed  to  be  dormant  (e.g.  [10,13,14,16,17]). 

Our  previous  studies  [21]  on  this  alloy  have  shown 
such  a  reduction  in  the  A^1TH  threshold  with  increasing 
mode-mixity,  although  the  majority  of  this  work  was 
devoted  to  large  (>4  mm)  through-thickness  cracks.  Fur¬ 
thermore,  the  variation  in  threshold  behavior  with  mode- 
mixity  was  found  to  be  related  to  the  degree  of  crack- 
tip  shielding,  by  mode  I  crack  closure  and  mode  II  crack- 
surface  interference  [21,22],  which  acts  locally  to  reduce 
the  effective  driving  force  at  the  crack  tip  [22].  As  the 
potency  of  such  shielding  is  substantially  reduced  for 
cracks  with  limited  wake  (e.g.  [23-26]),  it  is  important 
to  assess  the  role  of  mode-mixity  in  influencing  fatigue 
threshold  behavior  for  small  cracks,  where  cracks  are  of 
a  size  comparable  to  the  scale  of  microstructure  ahead 
of  the  crack  tip  and/or  the  extent  of  shielding  behind  it. 
In  addition,  it  is  critical  to  distinguish  between  these  two 
effects,  by  comparing  the  behavior  of  short  cracks  that 
are  small  only  in  the  length  dimension  (which  limits 
shielding)  with  those  that  are  small  in  all  dimensions 
(which  limits  both  shielding  and  the  ability  to  ‘sample’ 
the  continuum  microstructure). 
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Fig.  1.  Diagram  illustrating  the  variety  and  range  of  factors  involved  in  HCF  failure. 
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i3n  Table  1 

nit  Chemical  composition  of  Ti-6A1-4V  bar  stock  (in  wt%)  [28] 


Bar  location 

Ti 

Al 

V 

Fe 

O 

N 

H 

Top 

Bal. 

6.27 

4.19 

0.20 

0.18 

0.012 

0.0041 

Bottom 

Bal. 

6.32 

4.15 

0.18 

0.19 

0.014 

0.0041 

16?  Accordingly,  in  the  present  work  we  examine  the  role 

168  of  crack  size  through  a  study  of  the  mixed-mode, 

169  fatigue-crack  growth  thresholds  in  Ti-6A1-4V  for  large 

no  (>4  mm),  short  (-200  jim)  and  microstructurally-small 

171  (<50  jam)  cracks2,  over  a  range  of  mode-mixities  from 

172  pure  tension  (AKuIAKi  =  0)  to  predominantly  shear 

173  (MTh/AXj  -  7.1),  at  positive  load  ratios  (ratio  of  mini- 

174  mum  to  maximum  load)  between  R  =  0. 1-0.8. 


i75  3.  Experimental  procedures 

no  3 .  L  Materials 

5 

i77  The  material  investigated,  a  turbine  engine  Ti-6A1- 
ns  4V  alloy,  originated  as  bar  stock  produced  by  Teledyne 

179  Titanium  specifically  for  the  joint  govemment-industry- 

lao  academia  HCF  program;  its  composition  (in  wt.%)  is 

181  given  in  Table  1.  The  original  bar-stock  (63.5  mm  in 

182  diameter)  was  sectioned  into  segments  400  mm  long, 

183  preheated  to  940°C  for  30  min  and  forged  into 

184  400  x  150  x  20  mm  plates.  These  plates  were  solution- 

185  treated  at  925°C  for  1  h,  fan  air  cooled  and  then  stabil- 


1118 

1119  Fig.  2.  Optical  micrograph  of  the  bimodal  (solution  treated  and  over- 

1120  aged,  STOA)  Ti-6AI-4V  microstructure  investigated.  Etched  for  ~10s 
1122  in  5  parts  70%  FTN03,  10  parts  50%  HF,  85  parts  of  H20. 


1084  2  The  distinction  between  large,  short  and  small  cracks  is  described 

1086  in  Appendix  A. 


ized  at  700°C  for  2  h.  The  microstructure  of  this  alloy  m 
was  examined  in  the  as-received,  bimodal  condition  w 
(sometimes  referred  to  as  solution  treated  and  over-  m 
aged — STOA),  consisting  of  colonies  of  equiaxed  pri-  m 
mary-a  and  lamellar  a+(3  (transformed-p)  (Fig.  2).  A  190 
careful  investigation  of  the  relative  distribution  of  the  m 
two  phases  indicated  an  overall  primary-a  content  of  192 
-64%  [27].  The  average  grain  size  obtained  was  -20  193 

pm,  with  slight  grain  elongation  observed  in  the  longi-  m 
tudinal  (L)  direction  of  the  forging.  Using  differential  195 
thermal  analysis,  the  p-transus  temperature  was  meas- 
ured  to  be  990-1005  °C.  197 

3.2.  Uniaxial  tensile  and  toughness  properties  m 

Uniaxial  tensile  tests  were  conducted  in  the  L-orien-  199 
tation  using  a  strain  rate  of  5  x  10“4  s-1;  additional  data  200 
were  taken  from  [28].  The  yield  and  tensile  strengths  for  201 
this  microstructure  were  found  to  be  930  and  978  MPa,  202 
respectively,  with  a  reduction  in  area  of  -45%.  In  203 
addition,  the  plane-strain  fracture  toughness,  KiCi  was  204 
measured  at  64  MPaVm,  using  -18-mm  thick,  fatigue-  205 
precracked,  compact-tension  samples.  206 

3.3.  Large-crack  fatigue  testing  m 

Fatigue  thresholds  in  pure  mode  I  were  conducted  20s 
using  4.5-mm  thick,  1 1 .3-mm  wide  symmetric  four-point  209 
bending  samples,  with  inner  and  outer  loading  spans  of  210 
12.7  and  25.4  mm,  respectively.  For  mixed-mode  load-  211 
ing,  the  mode  II  component  of  the  loading  was  intro-  212 
duced  using  the  asymmetric  four-point  bending  (AFPB)  213 
configuration,  where  the  AA^n  /A Kx  ratio  can  be  varied  214 
using  an  offset,  s,  from  the  load-line  as  shown  in  Fig.  215 
3(a)  (e.g.,  [13,29].  The  values  of  mode  I  stress-intensity  2i6 
range,  AXh  and  the  mode  II  stress-intensity  range,  A£„,  217 

were  determined  from  linear-elastic  stress-intensity  sol-  21s 
utions  for  this  geometry,  recently  developed  by  He  and  219 
Hutchinson  [30]  .  220 

Since  mixed-mode  thresholds  were  determined  from  221 
the  initiation,  rather  than  the  arrest,  of  crack  growth  from  222 
a  precrack,  the  process  of  precracking  itself  was  conduc-  223 
ted  in  a  carefully-controlled,  near-identical  manner  for  224 
all  large-crack  test  samples  to  minimize  any  effects  of  225 
this  procedure  on  the  subsequent  threshold  determi-  226 
nation.  Specifically,  fatigue  cracks  were  grown  in  room  227 
air  from  a  2  mm  deep  electro-deposition  machined  22s 
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(b) 


notch 

*/  fatigue 

/  precrack 


precrack 


Fig.  3.  (a)  The  asymmetric  four-point  bend  specimen.  The  offset  s, 

from  the  load-line  is  used  to  control  the  degree  of  mode-mixity, 
A Kjj  l AKj ,  and  thereby  the  phase  angle,  fi  =  tan  "  1  (AAT„  /AATj).  (b) 
The  procedure  used  to  remove  the  crack  wake  of  a  large  crack,  in 
order  to  produce  a  short  crack  is  illustrated. 


(EDM)  through-thickness  notch  in  a  symmetric  four- 
point  bending  sample  at  a  load  ratio,  R  of  0.1  with  a 
constant  loading  frequency  (125  Hz,  sine  wave).  This 
alloy  has  been  known  to  show  little  effect  of  frequency 
over  the  range  50-20,000  Hz  [8,31).  In  all  samples,  the 
final  precrack  length  achieved  was  4.50±0.25  mm  at  a 
near-threshold  stress-intensity  A K  of  4.8±0.5  MPaVm. 

For  large  crack  (>  4  mm)  tests,  mode-mixities  varied 
from  AKJ  AX,  =  0  (pure  mode  I)  to  -7.1  (nearly  pure 
mode  II),  representing  a  change  in  phase  angle,  p  = 
tan'^AXu/AX,),  from  0  to  82°.  Load  ratios  were  varied 
from  R  —  0.1  to  0.8.  Tests  involving  cycling  pre-cracked 
specimens  at  a  specified  mode-mixity  were  performed  in 
the  following  way:  if  no  crack  growth  was  observed 
(using  an  optical  microscope)  after  2  x  1 06  cycles,  either 
AX,  or  AXn  was  increased  by  ~0.25  MPavm  and  the 
procedure  repeated.  In  this  way,  a  ‘growth/no  growth’ 
condition  bounding  the  actual  threshold  was  obtained. 
The  crack  extension  defining  ‘growth’  was  taken  to  be 
of  the  order  of  the  characteristic  microstructural  dimen¬ 


sion,  i.e.,  -20  pm,  yielding  threshold  growth  rates  of 
10" 11  m/cycle. 

The  magnitude  of  the  crack-tip  shielding,  used  to 
compute  the  effective  crack-driving  force  in  both  modes 
I  and  II,  was  characterized  using  a  recently  developed 
compliance-based  technique  for  both  tensile  opening  and 
shear  type  loading,  using  two  displacement  gauges 
mounted  near  the  crack  tip  to  measure  opening  and  shear 
displacements.  As  described  in  detail  in  [22],  the  distinc¬ 
tion  between  the  contributions  to  shielding  in  modes  I 
and  II  was  achieved  by  examining  separate  load-dis¬ 
placement  curves  using  these  two  crack-tip  gauges. 
Mode  I  shielding,  in  the  form  of  crack  closure,  was 
determined  from  the  compliance  curve  for  the  opening 
displacements  from  the  first  deviation  from  linearity  on 
unloading,  whereas  mode  II  shielding,  in  the  form  of 
asperity  rubbing  and  interlock,  was  determined  in  an 
analogous  fashion  from  the  compliance  curve  for  shear 
displacements. 

3.4.  Short-crack  fatigue  testing 

For  corresponding  tests  on  short  cracks,  thresholds 
were  measured  using  identical  procedures  on  6-12  mm 
thick  bend  bars,  except  that  the  precrack  wake  was  the 
carefully  machined  to  within  -200  pm  of  the  crack  tip 
using  a  slow-speed,  0.3-mm  thick,  diamond  saw  Fig. 
3(b).  The  rationale  here  was  to  limit  the  shielding  (due 
to  premature  contact  of  the  crack  faces  during  unloading) 
by  restricting  the  crack  wake,  without  affecting  the 
degree  of  sampling  of  the  microstructure  along  the  crack 
front  (as  described  in  the  Appendix  A).  As  for  large  cracks, 
thresholds  were  obtained  at  load  ratios  ranging  from  R  — 
0.1  to  0.8  for  mode-mixities  of  AKn/AK1  =  0  to  -7.1. 

The  removal  of  the  precrack  wake  left  a  machined 
notch  with  a  measured  (semi-circular)  root  radius  of 
p«  160  pm,  -200  pm  from  the  tip  of  the  short  crack 
(Fig.  3b).  This,  however,  was  reasoned  to  not  affect  the 
stress  and  strain  field  of  the  short  crack.  According  to 
Dowling’s  analysis  of  the  stress  intensity  for  a  short 
crack,  of  length  /,  emanating  from  a  notch  [32],  the  elas¬ 
tic  notch  field  is  felt  over  a  distance  of  0. 1-0.2  l/p  from 
the  notch  surface,  i.e.,  over  a  distance  of  <40  pm,  far 
less  than  the  length  of  the  short  crack.  The  corresponding 
plastic  field  of  the  notch  can  be  estimated  from  the 
Neuber  analysis  of  Hammouda  et  al.  [33],  which  gives 
the  extent  of  bulk  plasticity  as  a  simple  ftinction  of  the 
stress  level,  yield  strength  and  notch  size  and  shape.  For 
the  present  experiments,  this  analysis  gave  a  notch  plas¬ 
tic  field  of  -20  pm,  which  is  again  far  less  than  the 
length  of  the  short  crack.  Finally,  using  Rice  and  John¬ 
son’s  analysis  of  a  blunted  crack  tip  [34],  based  on  Hill’s 
logarithmic  spiral  slip-line  field  solution  for  a  rounded 
notch  [35],  the  maximum  stress  of  the  notch  plastic  field 
peaks  at  a  distance  of  0.95p  i.e.,  in  the  present  case  -150 
pm,  from  the  notch  tip,  which  again  implies  that  the  tip 
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small  “inclined  crack”  specimen 


Fig.  4.  A  schematic  illustration  showing  the  procedure  utilized  for 
obtaining  the  small  ‘inclined  crack’  specimen,  (a)  The  dotted  lines 
outline  the  small  crack  test  sample  to  be  machined  at  the  desired  angle 
of  inclination,  <f>  (see  Fig.  5)  from  the  original  wide  bend  bar.  The 
nominal  direction  of  loading  for  crack  initiation  is  also  shown,  (b)  The 
final  ‘inclined  crack’  specimen  is  illustrated. 

of  the  short  crack  is  well  outside  the  influence  of  the 
notch. 

3.5.  Small-crack  fatigue  testing 

Corresponding  mixed-mode  testing  on  microstruc- 
turally  small  cracks  was  performed  using  an  inclined 
crack  method.  Specifically,  small,  semi-elliptical,  surface 
‘precracks*  were  naturally  initiated  on  wide,  three-point 
bend  samples  (5  mm  thick,  16-25  mm  wide,  with  a  span 
of  25.4  mm)  machined  in  the  L-T  orientation  (Fig.  4), 
at  a  maximum  stress  of  crmax  -  750  MPa  (~80%  of  yield 
strength)  at  50  Hz  sinusoidal  frequency  with  R  —  0.1. 
The  surfaces  necessary  for  observation  of  the  crack  were 
polished  to  a  0.05  pm  finish,  with  the  sides  to  be  used 
to  carry  the  load-bearing  pins  ground  to  a  600  grit  finish. 
Following  specimen  preparation,  a  stress  relief  treatment 
of  2  h  at  ~695  °C  in  vacuo  was  used  to  minimize 
residual  stresses. 

In  order  to  measure  a  mixed-mode,  small-crack  thre¬ 
sholds,  smaller  bend  bars  were  carefully  machined  out 
from  the  original  pre-cracked  bar  with  the  crack  inclined 
at  the  desired  angle,  0,  to  the  length  of  the  sample  (Figs. 
4-5).  The  smaller  bend  bars  containing  the  inclined 
small  surface  cracks  were  then  used  for  threshold  deter¬ 
mination  by  cycling  in  symmetric  four-point  bending 


a 

i 


Fig.  5.  A  schematic  of  the  inclined  semi-elliptical  surface  crack  con¬ 
figuration  used  for  the  microstructurally-small  crack  testing.  The  crack 
depth,  a ,  and  the  crack  (half)  size,  c,  are  indicated,  as  is  the  angle  of 
inclination,  <J>.  The  tensile  loading  component,  <r22  induces  the  mode  I 
contribution,  while  the  shear  loading  component,  <7l2  induces  the  mode 
II  and  mode  III  components.  <rn  has  no  influence. 


with  a  load  ratio  of  0. 1 .  Similar  to  large  and  short-crack 
testing,  thresholds  were  determined  using  a  ‘growth/no 
growth*  criterion.  Specifically,  if  no  growth,  defined  as 
a  total  of  20  pm  per  2  x  106cycles  on  both  ends  of  the 
surface  crack  was  observed,  the  maximum  load  (and  in 
proportion  the  minimum  load)  was  increased  by  111  N 
and  the  procedure  repeated. 

Linear-elastic  solutions  for  the  stress  intensities  asso¬ 
ciated  with  the  small,  semi-elliptical  surface  cracks 
under  mixed-mode  loading  were  taken  from  two  sources. 
On  the  basis  that  the  crack  plane  was  normal  to  the 
specimen  surface,  the  mode  I  component  of  the  stress 
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intensity,  Kh  was  computed  from  the  well-known  New- 
man-Raju  solution  [36]: 

fa  fa  a  c  \ 

K,  =  (a,  +  Hob)^Jiz-  6j 

where  a,  is  the  remote  uniform-tension  stress  and  ob  is 
the  remote  uniform  outer-fiber  bending  stress.  The  geo¬ 
metrical  factors  H ,  Q  and  F  are  evaluated  from  the  crack 
depth,  a,  the  crack  half-length,  c,  the  specimen  thickness, 
t,  the  specimen  half-width,  b ,  and  the  angular  position 
along  the  crack  front,  0,  as  described  in  detail  in  [36]. 

The  mode  II  component,  KUi  conversely,  was  com¬ 
puted  from  the  newly  derived  He-Hutchinson  solution 
[37]  for  elliptical  surface  cracks  under  mixed-mode  load¬ 
ing: 

Kll  =  XGufto 

where  %  is  a  numerical  factor  determined  using  ref.  [37], 
<j12  is  the  shear  component  of  the  loading  (see  Fig.  5) 
and  a  is  the  crack  depth.  It  should  be  noted  here  that  a 
three-dimensional  comer  singularity  exists  in  the  sol¬ 
ution  at  the  point  where  the  crack  intersects  the  free  sur¬ 
face;  however,  for  the  purpose  of  this  study,  this  is 
ignored  since  errors  caused  by  such  an  assumption  are 
negligible.  Moreover,  as  one  moves  along  the  crack  front 
to  the  interior,  the  magnitude  of  the  mode  II  contribution 
decreases,  with  that  of  mode  III  increasing  till  the  point 
of  deepest  penetration  of  the  crack  is  reached. 

The  applied  load/stress  on  the  inclined  crack  (Fig.  5) 
was  resolved  trigonometrically  into  tensile  and  shear 
components.  The  tensile  component  was  used  for 
determining  using  [36],  and  the  shear  component 
for  A/£„  and  A Kllh  using  [37],  As  the  exact  shape  of 
such  small  surface  cracks  and  the  variation  in  the  aspect 
ratio  with  crack  extension  clearly  can  have  an  important 
effect  on  the  crack  driving  force  and  hence  the  crack- 
growth  behavior  [38,39],  crack  shapes  (Fig.  5),  in  the 
form  of  the  depth  to  surface  length  ratio,  a/2c,  were 
determined  by  breaking  open  the  sample  after  testing; 
typical  aspect  ratios  were  in  the  range  of  a/2c~0.45. 

The  use  of  linear-elastic  stress-intensity  solutions  for 
characterizing  the  driving  forces  for  the  small  cracks  is 
justified  on  the  basis  of  the  small  cyclic  plastic-zones 
sizes  in  relation  to  crack  size.  For  example,  for  the  small¬ 
est  crack  sizes  of  ~1  pm,  where  the  A£j  thresholds  are 
~  1  MPaVm,  plastic-zone  size  (estimated  as  ry  ~  1/271 
(A Kxloy)2  where  cry  is  the  yield  strength)  are  on  the  order 
of  100  nm.  As  this  is  roughly  one  tenth  of  the  crack 
size,  it  is  deemed  reasonable  to  conclude  that  small-scale 
yielding  conditions  prevail. 


m 


AK,,„  (MPaVm)  i  iM 

1166 

Fig.  6.  Mixed-mode  threshold  envelopes  for  the  bimodal  microstruc-  m? 
ture.  Note  the  deterioration  of  mixed-mode  fatigue  resistance  with  ms 


increasing  load  ratio.  usd 

4.  Results  and  Discussion  388 

4.1.  Large-crack  behavior  389 

4.1.1.  Effect  of  load  ratio  and  mode-mixity  m 


Results  indicating  the  large-crack  threshold  behavior  391 
under  mode  I+II  loading  are  shown  in  Fig.  6  in  the  form  392 
of  mixed-mode  threshold  envelopes,  where  the  mode  II  393 
threshold  stress-intensity  range,  A£I1XH,  is  plotted  as  a  394 
function  of  the  corresponding  mode  I  threshold  stress-  395 
intensity  range,  A/^  TH.  The  threshold  envelope  is  shown  396 
along  with  the  corresponding  bounding  ‘growth’  (open  397 
symbols)  and  ‘no  growth’  (closed  symbols)  conditions  393 
for  load  ratios  of  0. 1 ,  0.5  and  0.8  at  mode-mixities  rang-  399 
ing  from  pure  mode  I,  i.e.,  AK„/AK,  =  0  (phase  angle,  400 
ft  =  0°),  to  nearly  pure  mode  II,  i.e.,  A£n/A -Ki  ~  7.1  40] 

(]3  =  82°).  Similar  to  behavior  in  other  materials  [13,14],  402 

a  clear  reduction  in  mode  I  A£ITH  threshold  values  is  403 
evident  with  increasing  load  ratio.  Moreover,  the  value  404 
of  AKj  TH  can  also  be  seen  to  generally  decrease  with  405 
increasing  phase  angle  (except  for  a  slight  increase  at  406 
low  phase  angles  between  0  and  26°,  which  has  been  40? 
attributed  to  an  effect  of  mode  I/mode  II  crack -tip  shield-  4<>8 
ing  [22]).  409 

4.1.2 .  Single  parameter  characterization  410 

Although  the  mode  I  threshold,  AATith,  clearly  4u 
decreases  with  increasing  mode-mixity,  if  a  more  appro-  412 
priate  measure  of  the  mixed-mode  driving  force  is  used,  413 
specifically  the  range  in  strain-energy  release  rate, 

AG  =  (A Kf  +  A Kf^/E',  where  E'  —  E  (Young’s  415 
modulus)  in  plane  stress  and  £7(1  -v2)  in  plane  strain  (v 
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is  Poisson’s  ratio),3  then  there  is  a  progressive  increase 
in  the  mixed-mode  threshold,  AGTH,  with  increasing 
mode-mixity  at  all  load  ratios  studied  (Fig.  7).4  This 
marked  effect  of  increasing  mode-mixity  is  such  that  the 
AGTH  threshold  at  p  =  82°  is  some  4-5  times  larger  than 
the  mode  I  value  (J3  =  0°)  at  R  -  0.1 .  From  the  perspec¬ 
tive  of  thresholds  for  high-cycle  fatigue,  this  implies  that 
in  terms  of  mixed-mode  loading,  the  mode  I  threshold, 
defined  in  terms  of  AG,  represents  a  worst-case  con¬ 
dition;  similar  observations  have  been  made  in  other 
material  systems  [40,41].  Consequently,  the  presence  of 
mixed-mode  conditions  does  not  preclude  the  use  of  a 
threshold-based  design  methodology  for  high-cycle 
fatigue. 

An  alternative  means  of  calculating  the  mixed-mode 
threshold,  which  accounts  for  the  deflection  of  the  crack 
once  propagation  ensues,  is  described  in  Appendix  B. 
This  leads  to  a  small  change,  generally  a  reduction,  in 
the  value  of  AGTH. 
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Fig.  7.  The  threshold  strain-energy  release  rate,  AGTH  is  given  as  a 
function  of  phase  angle,  ft  for  large  through-thickness  cracks.  Equival¬ 
ent  stress-intensity  factor  ranges  at  threshold,  AXcqTH  are  also  shown. 
The  mode  I  threshold  clearly  represents  a  worst-case  condition.  Cor¬ 
rection  for  shielding  using  the  recently  developed  compliance  based 
technique  is  also  shown.  Note  the  relative  absence  of  any  effect  of 
mode-mixity  and/or  load  ratio  on  the  shielding-corrected  thresholds 
(after  [22]). 


3  Note  that  with  the  definition  used,  (A  does  not  necessarily  equal 
Gmax-Gmiiw  where  Ginax  and  G^n  are  determined  from  the  maximum 
and  minimum  loads  of  the  fatigue  cycle.  Alternatively,  mixed-mode 
crack-growth  and  threshold  data  can  be  represented  in  terms  of  an 
equivalent  stress-intensity  range,  given  by  AKe<ltTH  -  (AGTH£')I/2- 

4  Threshold  values  plotted  in  Fig.  7  represent  the  average  of  the 
‘growth’  and  ‘no  growth’  conditions  from  Fig.  6. 


Fig.  8.  (a)  Fatigue  crack  profiles  are  compared  for  the  bimodal 

(R  ~  0.8, =  26°)  microstructure.  Optical  micrographs  show  both  the 
mode  I  fatigue  pre-crack  and  the  region  of  deflected  crack  growth  fol¬ 
lowing  the  application  of  cyclic  mixed-mode  loading.  Measured  crack 
deflection  angles,  0exp,  are  compared  with  those  predicted  by  the  path 
of  maximum  tangential  stress,  0Mts>  a°d  (b)  Corresponding  fractogra- 
phy  of  the  near-tip  crack  wake  showing  evidence  of  fracture  surface 
abrasion  (indicated  by  arrow),  presumably  due  to  shear-induced  frac¬ 
ture  surface  contact  (from  [22]).  The  A G  levels  involved  were  ~85 
J/m2. 


4.1.3.  Crack  path  and  fractographic  observations 

A  typical  crack  path  for  through-thickness  large 
cracks  is  illustrated  in  Fig.  8(a).  This  profile  shows  the 
mode  I  fatigue  pre-crack  (at  R  =  0.1)  and  the  crack  path 
following  the  application  of  mixed-mode  loading  con¬ 
ditions  at  R  =  0.8  with  p  =  26°  (A£„/ Atfj  =  0.5).  It  is 
apparent  that  unlike  behavior  in  a  coarser  lamellar 
microstructure  in  this  alloy  [42],  the  crack  path  in  the 
finer-scale  bimodal  condition  is  not  markedly  influenced 
by  microstructure.  Specifically,  the  crack  plane  (for  both 
mode  I  and  mixed-mode  loading)  is  relatively  planar 
with  a  degree  of  tortuosity  only  on  the  order  of  the 
characteristic  microstructural  size-scales  (~20  jim). 

Crack  paths  result  from  the  mutual  interaction  of  the 
maximum  crack-driving  force  and  the  weakest  micro- 
structural  path.  In  a  fine-scale,  homogeneous  structure 
such  as  the  bimodal  Ti-6A1^IV  where  the  microstruc¬ 
tural  considerations  are  of  secondary  importance,  the 
path  of  a  growing  fatigue  crack  will  change  primarily  in 
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response  to  a  change  in  the  applied  phase  angle,  the  most 
likely  criterion  for  the  crack  trajectory  being  that  a 
purely  mode  I  condition  at  the  crack  tip,  such  that  the 
crack  will  follow  a  path  dictated  by  the  maximum  tan¬ 
gential  stress,  Kn  =  0,  or  maximum  G  [15,42-44]. 
Except  for  small  differences  at  very  high  phase  angles, 
these  criteria  yield  essentially  the  same  crack-path  pre¬ 
dictions. 

In  Fig.  8(a),  it  can  be  seen  that  after  the  application 
of  the  mixed-mode  loading,  the  crack  proceeds  along  a 
direction  that  is  virtually  identical  to  that  dictated  by  a 
criterion  of  maximum  tangential  stress  (MTS) 
[15,43,44];  i.e.,  it  propagates  in  mode  I.  More  detailed 
discussion  of  the  effect  of  mode-mixity  on  crack  path 
can  be  found  in  [21,44]. 

Fractographically,  fatigue  fracture  surfaces  were  simi¬ 
lar  for  crack  growth  under  pure  mode  I  and  mixed-mode 
loading.  However,  there  was  one  distinct  difference  in 
that  there  was  evidence  of  abrasion  on  the  fracture  sur¬ 
faces  for  growth  under  mixed-mode  loading  [Fig.  8(b)]. 
This  is  to  be  expected  due  to  the  relative  shear  displace¬ 
ments  of  the  crack  surfaces  under  mixed-mode  loads; 
moreover,  such  evidence  is  an  indication  of  the  occur¬ 
rence  of  crack-surface  interference  during  mixed-mode 
crack  growth. 

4.1.4.  Shielding-correction  for  large-crack  thresholds 

It  is  well  established  that  under  mixed-mode  loading, 
there  is  a  potential  for  such  interference  between  the  slid¬ 
ing  crack  surfaces  (e.g.,  [22,45,46]);  indeed,  the  friction 
and  rubbing  between  the  surfaces  represents  a  potent 
form  of  crack-tip  shielding  [45-50],  akin  to  crack  clos¬ 
ure  in  mode  I  (e.g.,  [51,52].  As  discussed  in  detail  else¬ 
where  [21,22],  the  increase  in  the  large-crack,  mixed¬ 
mode  AGth  threshold  with  increasing  mode-mixity  in 
this  microstructure  (shown  in  Fig.  7)  can  be  related  to 
an  increased  role  in  such  mode  I  and  mode  II  shielding, 
associated,  respectively,  with  crack  closure  and  sliding 
crack  interference  from  the  friction  and  interlock  of 
crack-surface  asperities.  Indeed,  the  magnitude  of  such 
shielding  can  be  quantified  using  compliance-based  tech¬ 
niques  [22].  This  was  performed  using  both  mode  I 
opening  and  mode  II  side-mounted  crack-tip  displace¬ 
ment  gauges  to  measure  the  effective  (near-tip)  stress 
intensities  in  modes  I  and  II.  In  this  manner,  the  A GTH 
threshold  data  were  ‘corrected’  for  the  presence  of 
shielding  by  characterizing  the  driving  force  in  terms  of 
a  mixed-mode,  effective  threshold  strain-energy  release 
rate,  AGTHjCnv  Results  are  illustrated  in  Fig.  7  [22].  It  is 
apparent  that  once  the  effect  of  closure  and  crack-surface 
interference  are  removed,  the  effects  of  mode-mixity  and 
load  ratio  on  the  fatigue  threshold  are  both  greatly 
reduced.  Moreover,  ‘correcting’  the  driving  force  for 
mixed-mode  shielding  can  reduce  the  value  of  the  large- 
crack  AGth  thresholds  by  up  to  almost  an  order  of  mag¬ 
nitude;  specifically,  whereas  the  AGth  threshold  in  near¬ 


mode  II  (fi  =  82°)  is  some  seven  times  its  value  in  mode  sto 
I,  the  corresponding  difference  in  AGTH,eff  thresholds  is  su 
less  than  a  factor  of  3.  512 

These  results  strongly  imply  that  the  primary  effect  of  513 
increasing  mode-mixity  in  increasing  the  value  of  the  si4 
large-crack,  mixed-mode  AGTH  threshold  can  be  attri-  515 
buted  to  an  enhanced  role  of  crack-tip  shielding  in  modes  51* 
I  and  II,  which  acts  to  diminish  the  effective  driving  517 
force  for  crack  growth.  This  is  analogous  to  the  well-  sis 
known  effect  of  decreasing  load  ratio  in  increasing  the  519 
mode  I  threshold,  which  has  similarly  been  largely  attri-  520 
buted  to  (mode  I)  shielding  (by  crack  closure)  (e.g.,  521 

[31,51]).  These  results  also  strongly  suggest  that  short  522 
fatigue  cracks  will  only  show  a  minimal  sensitivity  to  523 
mode-mixity,  as  their  limited  wake  acts  to  restrict  such  524 
shielding;  this  question  is  discussed  in  detail  below.  525 

4.2.  Short-crack  behavior  526 

Similar  studies  were  performed  on  short  cracks,  527 
approximately  200  \im  in  length,  where  the  crack  wake  52s 
had  been  largely  removed.  Although  such  cracks  still  529 
have  dimensions  that  are  large  compared  to  microstruc  530 
tural  size-scales  (the  crack  front  ‘samples’  several  hun-  531 
dred  grains),  the  limited  wake  acts  to  suppress  the  effect  532 
of  any  crack-tip  shielding  (e.g.  [23,25]).  Measured  533 
mixed-mode  thresholds  for  such  short  cracks,  expressed  534 
in  terms  of  both  AGTH  and  AA:cq/r„,  are  plotted  in  Fig.  535 


9  as  a  function  of  the  phase  angle  for  load  ratios  of  0.1-  536 

0.8;  results  are  compared  with  the  corresponding  thresh-  537 

olds  for  large  cracks.  538 

As  alluded  to  above,  the  restricted  role  of  wake  shield  -  539 

ing  has  a  significant  effect  on  the  mixed-mode  AGTH  340 
thresholds  for  the  short  cracks.  Specifically,  short-crack  541 
thresholds  can  be  seen  to  be:  542 


m 


1208 

Fig.  9.  Variation  in  mixed-mode  thresholds,  AGTH,  as  a  function  of  1209 
phase  angle,  )3,  in  the  bimodal  structure.  Shown  are  results  at  three  1210 
load  ratios  for  large  (>  4  mm)  cracks,  before  and  after  ‘correcting’  for  1211 
crack-tip  shielding,  and  for  short  (-200  |im)  through-thickness  cracks.  121a 
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s«  •  far  smaller  than  large-crack  values, 

546  •  relatively  insensitive  to  mode-mixity, 

548  •  essentially  insensitive  to  load  ratio, 

5M  •  comparable  in  magnitude  to  the  shielding-corrected 

551  large-crack  values. 

552  Of  particular  note  is  that  the  substantial  increase  in  the 

553  large-crack  AGTH  thresholds  at  high  mode-mixities 

554  (ft  =  62°,  82°)  is  nearly  eliminated  for  short  cracks. 

555  These  results  clearly  highlight  the  critical  effect  of  crack 

556  size  on  mixed-mode  fatigue-crack  propagation  behavior, 

557  in  that  when  crack-tip  shielding  is  accounted  for,  either 

558  by  correcting  the  ‘driving  force’  or  limiting  its  magni- 

559  tude  by  wake  removal,  the  effect  of  mode-mixity  on  the 

5M  A Gth  threshold  behavior  becomes  relatively  insignifi- 

561  cant. 

562  A  typical  crack  profile  (R  =  0.1,  /3  =  26°)  and  frac- 

563  tography  (R  =  0.1,  p  =  62°,  AG  ~72  J/m2)  are  included 

564  in  Fig.  10;  the  crack  deflection  angles  agree  very  well 

565  with  the  MTS  predictions.  Identical  to  the  large-crack 

566  results  (Fig.  7),  the  extent  of  microstructurally-induced 


1218 

1220  Fig.  10.  (a)  A  typical  crack  profile  (R  =  0.1,  p  =  26°)  obtained  for 

1221  through-thickness  short  (-200  pm)  crack  mixed-mode  thresholds,  (b) 

1222  Near-tip  mixed-mode  fractography  for  specimen  tested  under  R  = 

122*  0.1,  P  =  62°  (AO-72  J/m2). 


crack-path  tortuosity  was  relatively  minor,  i.e.  in  the  se? 
order  of  tens  of  micrometers,  and  the  crack  nominally  sea 
followed  a  mode  I  path,  as  dictated  by  the  MTS  criterion  569 
following  the  application  of  the  mixed-mode  loading.  5?o 
It  is  worth  noting  that  the  (through-thickness)  short  5?i 
cracks  investigated  here  had  crack  lengths  roughly  an  572 
order  of  magnitude  larger  than  the  average  grain  size,  573 
and  widths  over  two  order  of  magnitude  larger;  conse-  574 
quently,  their  crack  fronts  were  presumed  to  ‘sample’  575 
the  micro  structure  adequately,  akin  to  the  large,  through-  5?e 
thickness  cracks  discussed  above.  Such  ‘continuum  sam  577 
pling’  would  not  be  expected  for  cracks  of  true  micro-  578 
structural  dimensions.  Accordingly,  we  now  examine  the  579 


me 

Fig.  11.  (a)  A  typical  fatigue-crack  initiation  site  is  illustrated  for  the  1231 

bimodal  microstructure  in  this  optical  photomicrograph.  Note  that  1232 

initiation  predominantly  occurs  in  the  primary-a  grains,  and  (b)  SEM  1233 

image  of  crack  initiation  and  early  growth  along  planar  slip  bands  1234 

leading  to  facet  type  fracture  surface  (specimen  tilt:  70°).  EBSD  analy-  1235 

sis  of  fractured  a  grains  1-3  revealed  near-basal  orientation  of  the  1236 

fracture  plane.  [Fig.  11(b):  Courtesy  of  Dr  J.O.  Peters].  123s 
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mixed-mode  threshold  behavior  of  small,  semi-elliptical 
surface  cracks,  where  all  dimensions  are  comparable 
with  microstructural  size-scales. 

4.3.  Microstructurally-small  crack  behavior 

4.3.1.  Small  crack  initiation  and  crack  shape 
considerations 

In  the  present  study,  small  surface  precracks  were 
initiated  naturally  on  wide  three-point  bend  specimens. 
Cracks  were  found  to  initiate  preferentially  within  the 
primary-a  grains  (Fig.  11(a)).  These  tend  to  act  as  the 
preferred  initiation  sites  as  the  longest  slip  bands  can 
form  there,  rather  than  in  the  secondary-a  grains  within 
the  transformed  p-matrix  [53],  and  furthermore,  many  of 
the  initiating  primary-a  grains  are  aligned  with  near- 
basal  orientation  perpendicular  to  the  stress  axis,  as  has 
been  shown  for  this  microstructure  [54]  using  electron 
back  scattered  diffraction  (EBSD)  analysis  (Fig.  11(b)). 
The  shape  of  these  small  cracks,  which  is  known  to  have 
a  profound  effect  on  their  behavior  [36,38,39],  was 
assessed  from  observations  of  the  subsequent  fracture 
surfaces;  this  shape  was  taken  to  be  semi-elliptical,  with 
a/2c~0.45,  and  was  assumed  to  remain  constant  with 
crack  extension. 


4.3.2.  Small-crack  thresholds 

The  variation  in  A GTH  thresholds  with  increasing 
mode-mixity  for  such  small  flaws  is  shown  in  Fig.  12, 
and  compared  with  corresponding  worst  case  data  for 
both  large  and  short  fatigue  cracks  (Table  2).  One  such 
flaw,  cycled  at  a  phase  angle  of  /3  =  28°,  is  shown  in 
Fig.  13,  together  with  the  corresponding  fracture  surface 
associated  with  mixed-mode  fatigue-crack  growth  under 
mixed-mode  loading.  Crack  paths  are  normally  the  result 


e  uj 


>ui 

30 

OZ 


2  O 

_  w 
0  UJ 

a : 
x 


0  10  20  30  40  50  60  70  80  90  h“ 

*  PHASE  ANGLE.  PC) 

MODE  I  MODE  II 


Fig.  12.  Variation  in  mixed-mode  thresholds,  AGTH,  as  a  function  of 
phase  angle,  p ,  for  small  (<  50  pm)  surface  cracks  in  the  bimodal 
microstructure.  Shown  for  comparison  are  results  for  short  (~200  pm) 
through-thickness  cracks  and  for  large  (>  4  mm)  through-thickness 
cracks  under  worst-case ,  high  R  conditions. 


of  the  interaction  between  the  optimum  crack-driving  eiz 
force  and  the  nature  of  the  local  microstructure.  Whereas  6i3 
for  large  and  short  cracks,  the  former  was  the  dominant  6i« 
factor,  it  should  be  noted  that  the  path  followed  by  the  6is 
small  cracks  was  more  strongly  influenced  by  local  eie 
microstructure.  w 

The  data  shown  in  Fig.  12,  which  are  believed  to  be  ers 
the  first  reported  results  on  mixed-mode  fatigue  thresh-  6i9 
olds  for  microstructurally-small  cracks,  were  again  620 
determined  from  the  average  of  the  ‘growth/no  growth*  621 
conditions.  In  general,  it  can  be  seen  that  small-crack  622 
AGth  thresholds  vary  little  with  mode-mixity;  moreover,  623 
their  values  were  lower  than  those  obtained  for  short  624 
through-thickness  cracks,  and  substantially  lower  than  625 
those  for  large  through-thickness  cracks.  In  terms  of  626 
stress  intensities,  mixed-mode  small  crack  A£CqTH  thre-  627 
sholds  are  generally  on  the  order  of  1-2  MPaVm,  com-  628 
pared  to  large-crack  values  between  3  and  10  MPaVm.  629 
Indeed,  mixed-mode  small-crack  growth  can  be  seen  at  630 
driving  forces  below  the  established  worst  case  large-  63i 
crack  threshold  [8],  and  even  below  the  ‘shielding-cor-  632 
rected’  large  crack  results.  This  is  consistent  with  pre-  633 
vious  observations  made  on  small  surface  cracks  in  this  634 
microstructure  under  pure  mode  I  conditions,  where  635 
AGth  thresholds  were  found  to  be  as  low  as  9.5  J/m2  636 
[54].  The  origin  of  this  effect  is  believed  to  be  two-fold,  637 
as  discussed  below:  638 

Crack-tip  shielding:  As  discussed  above  for  short  639 
cracks,  the  highly  restricted  wake  of  the  small  cracks  64<> 
acts  to  severely  limit  any  crack-tip  shielding  by  crack  mi 
closure  and  more  importantly  crack  surface  interference.  642 
Since  the  small  crack  AGTH  thresholds  are  comparable  643 
with  the  ‘shielding-corrected’  large  crack  values,  it  is  644 
reasonable  to  conclude  that  the  limited  effect  of  wake  645 
shielding  accounts  for  the  absence  of  an  effect  of  mode-  646 
mixity  on  the  small  crack  thresholds,  and  for  their  very  64? 
small  magnitude  compared  to  corresponding  648 
(uncorrected)  large-crack  results.  Similar  behavior  has  649 
been  reported  for  pure  mode  I  tests  conducted  previously  650 
in  this  bimodal  Ti-6AI-4V  [55].  However,  of  note  here  «st 
is  the  fact  that  the  small  crack  thresholds  are  actually  652 
somewhat  lower  than  the  short  crack  and  shielding-cor-  653 
rected  large  crack  results,  indicating  that  other  factors  654 
are  involved.  One  such  factor  involving  microstructural  655 
sampling,  is  discussed  below.  656 

Microstructural  sampling:  As  seen  in  Fig.  12,  the  cor-  65? 
rection  for  crack-tip  shielding  for  microstructurally-  658 
small  cracks  does  reduce  the  substantial  difference  659 
between  large  and  small  crack  thresholds;  however,  a  660 
significant  discrepancy  remains  even  after  such  correc-  «6i 
tions.  This  is  believed  to  be  the  result  of  biased  sampling  662 
of  microstructural  barriers  by  the  crack  front  and  local  663 
arrest  at  such  barriers.  Indeed,  the  ratio  of  crack  size  (or  664 
depth)  to  the  average  grain  (microstructural  unit)  size  665 
will  decide  the  exact  microstructural  environment  that  666 
the  crack-front  interrogates.  In  the  initial  stages  of  667 
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Table  2 

Approximate  thresholds  obtained  for  large,  short  and  small  fatigue  cracks  in  Ti-bAWV 

1443 

1484 

Mode  mixity 

AAGTH(J/mJ) 

AX^.TH(MPa^m) 

1488 

1488 

1485 

Large  cracks 

*=0.1 

*=0.5 

*=0.8 

*=0.1 

*=0.5 

*=0.8 

isoa 

0 

200 

80 

80 

4.9 

3.1 

3.1 

15*8 

26 

280 

150 

100 

5.8 

4.3 

3.5 

ISU 

62 

410 

375 

320 

7.0 

6.7 

6.2 

1528 

1535 

82 

Short  cracks 

850 

575 

- 

10.1 

8.3 

- 

1543 

0 

72 

66 

59 

2.9 

2.8 

2.7 

1546 

26 

125 

105 

85 

3.9 

3.6 

3.2 

155* 

62 

72 

64 

52 

2.9 

2.8 

2.5 

1568 

1585 

82 

Small  cracks 

148 

140 

130 

4.2 

4.1 

4.0 

1583 

0 

10 

- 

- 

1.1 

- 

- 

1588 

0 

18 

- 

- 

1.5 

- 

- 

1591 

10.5 

25 

- 

- 

1.8 

- 

- 

1608 

12.5 

45 

- 

- 

2.3 

- 

- 

1685 

15.5 

27 

- 

- 

1.8 

- 

- 

1613 

21 

38 

- 

- 

2.1 

- 

- 

1630 

163* 

28 

20 

- 

- 

1.6 

- 

- 

1258 

1258  Fig.  13.  (a)  A  typical  crack  path  taken  by  a  microstructurally- small  crack  under  mixed-mode  loading  (*  =  0.1,  -  28°,  AG-20  J/m2,  angle  of 

1259  inclination  0-50°)  is  shown.  The  precrack  was  initiated  under  pure  mode  I;  subsequent  growth  was  under  mixed-mode  conditions.  As  is  evident, 

1260  there  is  a  strong  influence  of  local  crack-tip  microstructure  on  the  crack  path,  (b)  A  typical  fractograph  for  mixed-mode  small  crack  growth 

1262  (*  ~  0.1,  p  =  28°,  AG-20  J/m2).  The  arrow  indicates  the  nominal  direction  of  crack  propagation. 


668  growth,  if  the  crack  is  small  enough  to  be  contained 

669  within  a  single  grain,  then  the  conditions  experienced  by 

670  the  crack  front  are  nominally  similar  to  those  experi- 

671  enced  for  growth  within  a  single  crystal,  resulting  in 

672  much  higher  growth  rates  (e.g.  [56]).  As  the  crack 

673  extends  beyond  the  grain,  the  crack  front  samples  more 

674  grains,  with  an  increased  probability  of  encountering 

675  unfavorably  oriented  features.  However,  a  crack  front 

676  with  a  length  on  the  order  of  a  few  grain  sizes  does  not 


always  sample  enough  disadvantageously-oriented  6?? 
grains  to  average  out  such  effects.  It  has  been  suggested  6?8 
that  this  transition  from  microstructure-sensitive  growth  &?9 
(seen  for  microstructurally-small  cracks)  to  microstruc-  eso 
ture-insensitive  growth  (seen  for  large  and  short  cracks)  esi 
occurs  when  the  crack  size  is  roughly  ten  times  the  aver-  682 
age  grain  size  [57].  Since  the  small  cracks  investigated  683 
here  were  well  below  this  limit  (-200  |xm),  the  measured  m 
crack  propagation  rates,  and  fatigue  thresholds,  were  ess 
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expected  to  be  affected  by  micro  structure,  as  was 
observed  (Figs.  12-13).  This  is  considered  to  be  the 
prime  reason  for  the  lower  AGTH  thresholds  measured 
for  such  crack  sizes. 


5.  Concluding  Remarks 

In  terms  of  the  computed  cyclic  plastic-zone  size  in 
relation  to  crack  size,  all  cracks  examined  in  this  study 
can  be  considered  to  be  linear  elastic.  Despite  this, 
results  clearly  indicate  a  very  significant  effect  of  crack 
size  on  the  mixed-mode  fatigue  thresholds,  as  summar¬ 
ized  for  the  bimodal  Ti-6A1-4V  micro  structure  structure 
in  Figs.  7,  9  and  12.  Specifically,  at  a  load  ratio  of  0.1, 
large-crack  AGTH  mixed-mode  thresholds  at  a  near  mode 
II  mixity  of  AAyAA^  ~  7  are  some  70-90  times  larger 
than  measured  short-  and  small-crack  thresholds.  Anal¬ 
ogous  to  mode  I  behavior,  this  effect  can  be  related  to 
a  restricted  role  of  crack-tip  shielding  for  the  cracks  with 
a  limited  wake  and,  where  crack  sizes  approach  micro- 
structural  dimensions,  to  biased  sampling  of  the  ‘weak- 
links’  in  the  microstructure  by  the  small  flaws.  However, 
unlike  mode  I,  the  role  of  the  crack-tip  shielding,  by 
mode  I  crack  closure  and  more  importantly  mode  II 
crack-surface  interference,  appears  to  be  far  more  sig¬ 
nificant.  For  this  reason,  the  difference  in  mixed-mode 
threshold  values  for  cracks  large  and  small  compared  to 
microstructural  dimensions  is  far  larger  than  is  evident 
under  pure  mode  I  loading  [54]. 

What  is  also  apparent  is  that  where  crack  sizes  remain 
large  with  respect  to  microstructural  dimensions,  even 
though  the  loading  is  mixed-mode,  the  crack  tends  to 
follow  a  mode  I  ( Ku  =  0)  path,  an  observation  consistent 
with  the  fact  that  the  measured  AGTH  threshold  is  worst- 
case  for  pure  mode  I  loading.  Accordingly,  from  the  per¬ 
spective  of  design  and  ‘fifing*  methodologies  for  high- 
cycle  fatigue,  mode  I  AGTH  or  AAfTH  thresholds,  (i)  mea¬ 
sured  under  extremely  high  load  ratios  [31],  (ii)  cor¬ 
rected  for  crack-tip  shielding  [21,22],  or  (iii)  determined 
for  short  cracks  (all  procedures  that  minimize  the  effect 
of  ‘shielding’),  can  be  used  as  a  lower-bound  for  fatigue 
loading  over  the  complete  range  of  mode-mixities.  How¬ 
ever,  where  crack  sizes  approach  microstructural  dimen¬ 
sions,  it  is  clear  that  they  are  not  ‘sampling’  the  con¬ 
tinuum  microstructure;  as  a  consequence,  continuum 
analyses  such  as  deterministic  fracture  mechanics  are 
only  of  limited  utility  and  probabilistic  methods  need  to 
be  employed. 


6.  Conclusions 

Mixed-mode  (mode  I+II)  fatigue-crack  growth  thresh¬ 
olds  for  large  (>  4  mm)  and  short  (-200  pm)  through¬ 
thickness  cracks  and  microstructural  ly-small  (<  50  pm) 


surface  cracks  have  been  examined  in  a  fine-grained  m 
bimodal  (STO A)  microstructure  (average  grain  size  -  20  737 

pm)  qfra  Ti-6A1-4V  turbine  engine  alloy  over  a  range  73s 

i .  Of. loaf}  ratios  from  0.1  to  0.8  and  a  range  of  mode-mixi-  739 
ti^from  pure  mode  I,  i.e.  AA^/AA^  =  0  (phase  angle,  im 
p  =  0^tj#iiearly  pure  mode  II,  i.e.,  AA^/AA^M  741 
(fi  =  82p).  Basecl  on  this  work,  the  following  obser-  742 
vations  can  be  made:  743 

1 .  Fatigue  thresholds  for  through-thickness  cracks,  large 

(>  4  mm)  compared  to  microstructural  dimensions,  746 
were  found  to  be  strongly  influenced;  by  load  ratio  ?4? 
and  mode-mixity  when  measured  under  mixed-mode  748 
loading  conditions.  Vr v  :  ;  749 

2.  Using  the  range  of  strain  energy  release  rate,  tiGf  m 

incorporating  both  mode  I  and  mode  XI  contributions;  752 
as  a  single-parameter  characterisation  of  the  cracky  753 
driving  force,  AGTH  thresholds  values  measured  under  754 
pure  mode  I  loading  were  found  to  be (W&st  case  for  755 
the  range  of  mode-mixities  studied;  .This  was  consist-  756 
ent  with  the  fact  that  under  mixed-mode  loading,  the  757 
initial  extension  of  all  cracks  followed  a  mode  I,  i.e.  758 
a  A^u  =  0,  path.  759 

3.  By  experimentally  measuring  the  magnitude  of  the  n* 

crack-tip  shielding,  in  the  form  of  mode  I  crack  clos-  762 
ure  and  mode  II  crack-surface  interference  (by  763 
asperity  rubbing  and  interlock),  in  order  to  estimate  ?64 

the  effective  (near-tip)  mixed-mode  driving  force,  its 
A Gefr,  ‘shielding-corrected’  mixed-mode  thresholds  766 
were  determined.  Due  to  the  significant  influence  of  76? 
shielding  under  mixed-mode  conditions,  such  A GXH>efT  ?68 
threshold  values  were  considerably  lower  than  the  ?69 
‘uncorrected’  AGTH  values,  and  showed  minimal  sen-  770 
sitivity  to  either  load  ratio  and  mode-mixity.  771 

4.  These  observations  strongly  imply  that  for  cracks  m 

large  compared  to  microstructural  dimensions,  fatigue  m 
cracking  under  mixed-mode  loading  is  predominately  775 
a  mode  I  phenomenon.  The  significant  influence  of  m 
mode-mixity  (and  load  ratio)  on  measured  mixed-  ™ 
mode  thresholds  can  be  attributed  primarily  to  crack-  m 
tip  shielding,  in  particular  from  crack-surface  inter-  779 
ference.  7  so 

5.  This  is  consistent  with  observations  of  the  corre-  ?8i 

sponding  mixed-mode  AGTH  thresholds  for  short  m 
(-200  pm)  through-thickness  cracks,  obtained  by  ?84 
machining  off  the  wake  of  large  cracks.  The  magni-  7ss 
tude  of  such  short-crack  thresholds  was  significantly  7g6 
lower  than  those  measured  for  large  cracks,  and  was  7 87 
found  to  be  comparable  with  the  crack-tip  shielding-  788 
corrected  large-crack  thresholds.  Moreover,  they  were  m 
essentially  independent  of  mode-mixity  and  load  790 
ratio,  again  suggesting  a  predominant  role  of  shield-  791 
ing  on  mixed-mode  fatigue  threshold  behavior.  792 

6.  Corresponding  mixed-mode  fatigue  threshold  results  79a 
for  microstructurally-small  (<  50  pm)  surface  cracks  795 
indicated  that  this  marked  reduction  in  AGTH  thresh-  ?96 
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olds  with  diminishing  crack  dimensions  may  be  even 
greater  when  crack  sizes  approach  the  scale  of  micro¬ 
structure.  This  was  rationalized  in  terms  of  the 
‘biased'  sampling  the  microstructure  by  such  small 
flaws,  in  addition  to  a  reduced  contribution  of  crack- 
tip  shielding  from  their  limited  crack  wake. 
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Appendix  A 

Distinction  between  large,  short  and  small  cracks 

For  the  sake  of  clarity,  the  salient  differences  between 
large ,  short  and  small  cracks  are  summarized.  Large 
fatigue  cracks  [Fig.  14(a)]  have  fracture  surface  dimen¬ 
sions  that  are  large  compared  to  the  scale  of  the  micro¬ 
structure  in  both  directions.  They  therefore  generally 
have  a  fully  developed5  crack-tip  shielding  zone  and  can 
‘sample’  the  microstructure  in  a  statistical  (continuum) 
manner  [23].  With  respect  to  large  cracks,  small  cracks 
are  generally  described  as  being  comparable  in  size  to 
[24]: 

•  microstructural  dimensions,  where  biased  statistical 
sampling  of  the  microstructure  can  lead  to  accelerated 
crack  advance  along  ‘weak’  paths,  i.e.,  microstruc¬ 
tural  features  oriented  for  easy  crack  growth  (a  con¬ 
tinuum  limitation), 

•  the  extent  of  local  inelasticity  ahead  of  the  crack  tip, 
where  the  assumption  of  small-scale  yielding  implicit 
in  the  use  of  the  stress  intensity,  K ,  is  not  strictly  valid 
(a  linear-elastic  fracture  mechanics  limitation), 

•  the  extent  of  crack-tip  shielding  (e.g.,  crack  closure) 
behind  the  crack  tip,  where  the  reduced  role  of  shield¬ 
ing  leads  to  a  higher  local  driving  force  than  the  corre- 


5  For  mixed-mode  loading  conditions,  the  shearing  of  the  fracture 
surfaces  with  respect  to  one  another  can  produce  crack-wake  contact 
via  sliding  interference  over  dimensions  which  are  much  larger  than 
for  mode  I  loading,  perhaps  over  the  entire  wake  of  a  large  fatigue 
crack  (e.g.  [45-47]).  Thus,  the  notion  of  a  ‘fully  developed’  shielding 
zone  is  somewhat  unclear  for  mixed-mode  loading  conditions.  At  the 
least,  one  would  expect  the  equilibrium  shielding-zone  length  to  be  a 
function  of  the  applied  ratio  of  shear  to  tension. 


600h  AA  R - o.s 


Large  Creek  Data 
R  *  0.8 


0  10  2030405060708090 

*  PHASE  ANGLE,  PO  t 

Model  Mode  II 

Fig.  14.  (a)  Mixed  mode  thresholds  for  (a)  large  cracks  and  (b)  short 

cracks,  calculated  using  the  single-parameter  characterization  [21-22] 
(solid  lines,  solid  data  points)  and  using  the  kink-based  calculations 
(dotted  lines,  hollow  data  points). 


sponding  large  crack  at  the  same  applied  K  level  (a 

similitude  limitation). 

However,  a  further  distinction  can  be  made  between 
short  and  small  cracks  (Fig.  14).  This  distinction  alludes 
not  simply  to  physical  size  but  the  extent  to  which  a 
fatigue  crack  is  subjected  to  the  first  and  third  factors 
listed  above.  Short  fatigue  cracks  (Fig.  14(b))  are  physi¬ 
cally  short  in  only  one  dimension,  a  condition  that  is 
often  realized  experimentally  by  machining  away  the 
wake  of  a  large  crack.  This  type  of  fatigue  flaw  experi¬ 
ences  limited  crack-tip  shielding  due  to  its  reduced 
length  [25],  yet  still  samples  the  microstructure  as  a  con¬ 
tinuum  because  of  its  extensive  crack  front.  In  contrast, 
small  fatigue  cracks  (Fig.  14(c))  are  small  and  compara¬ 
ble  to  the  microstructural  size  scale  in  all  dimensions, 
as  typified  by  the  small,  semi-elliptical  surface  flaw  (e.g. 
[24]).  With  such  cracks,  crack-tip  shielding  is  signifi¬ 
cantly  reduced  (e.g.  [23]),  and  since  the  crack  front 
samples  only  few  microstructural  entities,  this  allows  for 
a  biased  sampling  of  micro  structurally  weak  paths. 
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Because  of  this  restriction  in  shielding  and  the  biased 
microstructural  sampling,  fatigue-crack  growth  resist¬ 
ance  in  the  presence  of  small  cracks  tends  to  be  lowest. 


Appendix  B 

Calculation  of  the  mixed-mode  threshold 

In  this  work,  as  in  prior  studies  (e.g.,  [16- 
18,21,22,42])  on  mixed-mode  fatigue  thresholds,  the 
threshold  values  of  the  mode  I  and  mode  II  stress  inten¬ 
sities  required  to  initiate  cracking,  AXjtTH  and  A KUTH9 
are  calculated  based  on  the  mode  I  precrack  (which  is 
generated  in  near-identical  fashion  for  each  test);  the  cor¬ 
responding  mixed-mode  threshold,  AG^  or  equivalent 
stress  intensity,  AAreqTH,  are  then  computed  from: 

AGth  =  (A*?.™  +  A£?IfTH)/  E9  (Bl) 


s  (M3*™)  /  E', 


^;fhe  preSenff  results,  the  use  of  (B3)  can  either 
increase^  or  decrease  the  mixed-mode  threshold, 


as 


|a^t ^b^W^/e9. 

W  1 1 

decrease 

sBS^vti ^  foiLbbth  large  and  short. cracks  in  Fig.  16.  In  gen¬ 
eral  though^  the  trend  is;-to  reduce  the  computed  values 
of  AA^xa Somewhat,  except  at  very  high  phase  angles. 
At v|||^2^ihf)yever,  the  large  c|icfc.:  A^eq>TH  threshold 
is  reduced  by  as  much  as  40%;  for  the  bimodal  Ti-6A1- 
4V,  this  translates  into  a  reduction  in  threshold  AAcqXH 
values  by  between'!  and  2  MPaVm.  Effects  are  far  less 
significant  for  the  short  cracks. 


where  E 9  is  the  appropriate  elastic  modulus. 

However,  once  the  crack  starts  to  grow,  it  deflects 
along  a  different  path  (generally  corresponding  to  a 
local  Kn  —  0  criterion  modified  by  the  effect  of  the 
microstructure).  Consequently,  an  alternative  calculation 
of  the  threshold  can  be  based  on  the  presence  of  an 
infinitesimal  kink  along  this  direction.  Assuming  for 
simplicity  that  the  kink  (of  length  b  «  a,  the  crack 
length)  represents  an  in-plane  tilt  through  angle  a  to  the 
precrack  plane  (Fig.  1 5),  then  the  local  mode  I  and  mode 
II  stress  intensities,  Afcj  and  A^j  at  the  deflected  crack 
tip  will  be  given  by  [58,59]: 

A  ki(oc)  —  cnAA,  +  c12  A/^n  (B2) 

AA^Ct)  =  C2jA^C]  4"  C22^Ei\. 

where  A A,  and  AAH  are  the  stress  intensities  for  a  main 
(pre)crack,  and  the  coefficients  cy,  which  are  a  sole  func¬ 
tion  of  a,  are  given  in  [58,59].  The  mixed-mode  thresh¬ 
olds,  AG;TJ1  and  AA'cqTH,  can  then  computed  from: 

AG'Th  =  ( AAf  TH  (B3) 


a 

Fig.  1 5.  Schematic  illustration  of  the  kinked  crack  configuration  for 
the  alternative  calculation  of  the  mixed-mode  threshold. 


Large  Crack 

a  » /s 
W»p 


Short  Crack 

a  </s 
IV»  p 


Fig.  16.  Schematic  illustrations  highlighting  the  key  distinctions 
between  large,  short  and  small  fatigue  cracks.  Large  cracks  (a)  have 
length,  a,  and  width,  W9  which  are  large  both  with  respect  to  the  equi¬ 
librium  shielding-zone  length,  /,  (indicated  here  as  a  region  of  debris 
in  the  crack  wake  which  produces  crack  closure),  and  the  characteristic 
microstructural  size  scale,  r,  e.g.,  the  grain  size.  In  contrast  to  this, 
short  fatigue  cracks  (b)  are  characterized  by  a  <  /„  but  W  <£p.  The 
reduced  crack-wake  length  results  in  a  lower  level  of  crack-tip  shield¬ 
ing.  For  small  cracks  (c),  the  fracture  surface  is  reduced  in  both  dimen¬ 
sions,  with  a  (and  W)  being  small  with  respect  to  both  /„  and  r.  The 
fact  that  a  ~  p  implies  that  the  crack  front  samples  only  a  few  micro- 
structural  entities,  leading  to  a  biased  sampling  of  the  microstructure. 
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Role  of  Foreign-Object  Damage  on  Thresholds  for  High- 
Gycle  Fatigue  in  Ti-6AI-4V 


J.O.  PETERS,  O.  RODER,  B.L.  BOYCE,  A.W.  THOMPSON,  and  R.O.  RITCHIE 

The  increasing  incidence  of  military  aircraft  engine  failures  that  can  be  traced  to  high-cycle  fatigue 
(HCF)  has  prompted  a  reassessment  of  the  design  methodologies  for  HCF-critical  components,  such 
as  turbine  blades  and  disks.  Because  of  the  high-frequency  vibratory  loading  involved,  damage- 
tolerant  design  methodologies  based  on  a  threshold  for  no  crack  growth  offer  a  preferred  approach. 
As  impact  damage  from  ingested  debris  is  a  prime  source  of  HCF-related  failures,  the  current  study 
is  focused  on  the  role  of  such  foreign-object  damage  (FOD)  in  influencing  fatigue  crack-growth 
thresholds  and  early  crack  growth  of  both  large  and  small  cracks  in  a  fan  blade  alloy,  Ti-6A1-4V. 
FOD,  which  was  simulated  by  the  high-velocity  (200  to  300  m/s)  impact  of  steel  spheres  on  a  flat 
surface,  was  found  to  reduce  markedly  the  fatigue  strength,  primarily  due  to  earlier  crack  initiation. 
This  is  discussed  in  terms  of  four  salient  factors:  (1)  the  stress  concentration  associated  with  the  FOD 
indentation,  (2)  the  presence  of  small  microcracks  in  the  damaged  zone,  (3)  the  localized  presence 
of  tensile  residual  hoop  stresses  at  the  base  and  rim  of  the  indent  sites,  and  (4)  microstructural  damage 
from  FOD-induced  plastic  deformation.  It  was  found  that  no  crack  growth  occurred  from  FOD  impact 
sites  in  this  alloy  at  A K  values  below  —2.9  MPa^m,  Le,,  over  50  pet  higher  than  the  “closure-free”, 
worst-case  threshold  value  of  AKTH  =  1.9  MPa^m,  defined  for  large  cracks  in  bimodal  Ti-6A1-4V 
alloys  at  the  highest  possible  load  ratio.  It  is,  therefore,  concluded  that  such  worst-case,  large  fatigue 
crack  thresholds  can,  thus,  be  used  as  a  practical  lower-bound  to  FOD-initiated  cracking  in  this  alloy. 


I.  INTRODUCTION 

THE  increasing  incidence  of  high  cycle  fatigue  (HCF)- 
related  failures  of  gas  turbine  engines  in  military  aircraft 
has  led  to  a  re-evaluation  of  the  current  Goodman  design 
approach  for  HCF.1 1,2,35  Larsen  et  al.p]  for  example,  have 
reviewed  the  limitations  of  the  Goodman  approach  and  con¬ 
cluded  that  it  does  not  account  explicitly  for  such  critical 
factors  as  interactions  of  low-cycle  fatigue  (LCF)  and  HCF 
loading,  or  the  microstructural  variability  and  surface  dam¬ 
age,  e.g .,  due  to  fretting  or  foreign-object  damage  (FOD), 
which  can  act  as  potential  sources  for  crack  initiation  under 
the  high-frequency,  in-service  vibratoiy  loading.  Indeed, 
because  of  the  high  frequencies  (>1  kHz)  involved,  any 
degree  of  crack  growth  could  potentially  result  in  failure 
during  operation.  Consequently,  to  avoid  HCF  failures,  the 
design  of  critical  components  should  involve  a  damage- 
tolerant  methodology,*1"45  specifically  based  on  the  concept 
of  a  fatigue  crack-growth  threshold,  defined  under  represen¬ 
tative  HCF  conditions  of  high  frequencies,  high  load  ratios, 
and  small  crack  sizes. 

Foreign-object  damage  is  a  prime  cause  of  such  HCF 
failures.  The  term  is  used  to  indicate  damage  from  bird 
strikes  and  hard  body  impacts,  such  as  stones,  striking  pri¬ 
marily  the  turbine  engine  fan  blades  when  ingested  with  the 
airflow.*5,65  Depending  on  the  impact  conditions,  FOD  can 
result  in  the  immediate  separation  of  a  blade  or  can  cause 
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sufficient  microstructural  damage,  stress-raising  notches,  or 
even  cracks,  which  induce  the  early  initiation  of  fatigue 
cracks.  Since  fan  and  compressor  blades  can  experience  in- 
service  transient  airflow  dynamics  from  resonant  conditions 
of  the  engine,  in  the  form  of  low-amplitude  airfoil  excitations 
in  the  kHz  regime  (and,  depending  on  the  blade  span  loca¬ 
tion,  very  high  mean-stress  levels),  such  premature  cracking 
can  result  in  essentially  unpredictable  failures  due  to  fatigue 
crack  growth  in  very  short  time  periods.*2,35 

To  develop  a  predictive,  mechanism-based  model  for  the 
role  of  FOD  in  inducing  HCF  failures,  a  key  aspect  is  to 
characterize  how  FOD  affects  the  HCF  thresholds.  This 
involves  assessing  the  effect  of  stress  concentration,  FOD- 
induced  microcracking,  residual  stress  gradients,*2,7,85  and 
microstructural  changes  due  to  the  FOD-induced  plastic 
deformation.*9,105  It  is  the  objective  of  the  present  study  to 
examine  this  role  of  FOD,  simulated  by  the  normal  high- 
velocity  impact  of  small  steel  spheres  on  the  flat  surfaces 
of  fatigue  test  specimens,  in  influencing  the  fatigue  crack- 
growth  thresholds  and  near-threshold  crack  growth  rates  in 
a  Ti-6A1-4V  alloy  processed  for  typical  turbine  blade 
applications. 


II.  BACKGROUND 

A.  Stress  Concentration 

Traditional  design  approaches  for  HCF,  based  on  a  modi¬ 
fied  Goodman  diagram,  assess  the  role  of  FOD  in  terms  of 
the  effective  fatigue  stress-concentration  factor  (Ay),  i.e .,  the 
ratio  of  the  fatigue  limit  of  a  smooth  component  to  that  of 
a  FOD-notched  component.*65  Whereas  the  HCF  life  of  blunt 
notches  is  dominated  by  crack  initiation  and  can  generally 
be  predicted  using  the  elastic  stress-concentration  factor  (fcr), 
for  sharp  notches,  the  HCF  strength  approaches  a  lower 
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limiting  value  which  can  be  expressed  in  terms  of  kf.  The 
existence  of  a  critical  notch  sharpness  in  affecting  the  fatigue 
limit  is  attributed  to  the  initiation,  growth,  and  subsequent 
arrest  of  short  cracks  at  sharp  notches  under  the  influence 
of  a  high  notch-stress  gradient  at  nominally  low 
stresses.11112’131  To  incorporate  these  effects  into  a  design 
for  HCF,  Hudak  et  al.l7]  have  proposed  a  “worst-case  notch” 
concept  based  on  a  fatigue  crack-growth  threshold  that 
accounts  for  the  statistical  severity  of  FOD-induced  notches. 

B.  FOD-induced  Cracking 

In  brittle  alloys,  such  as  gamma  titanium  aluminides, 
FOD-like  impact  damage  can  result  in  extensive  microcrack¬ 
ing  within  the  damaged  region,  which  provides  the  prime 
reason  for  the  degradation  in  fatigue  life  of  these  alloys  due 
to  FOD.1141  However,  in  more-ductile  materials  such  as  Ti- 
6A1-4V,  reports  of  microcracking  in  the  vicinity  of  damage 
sites  are  rare.  The  presence  of  such  microcracks,  however, 
is  of  critical  importance,  as  it  provides  a  very  potent  site  for 
HCF  cracks  to  initiate. 


C.  Residual  Stresses 

In  addition  to  the  geometrical  effects  of  the  impact  sites, 
FOD  induces  residual  stresses  in  the  vicinity  of  these  sites, 
which  can  have  a  profound  influence  on  the  location  and 
conditions  for  crack  initiation.12’8’9*151  Unfortunately,  numeri¬ 
cal  and  experimental  analyses  of  dynamic  and  quasi-static 
indentation  loading  available  in  the  literature,191 6-231  which 
simulate  simple-geometry  FOD  by  indenting  a  spherical 
steel  indenter  often  onto  a  steel  target,  do  not  provide  consis¬ 
tent  residual  stress  fields  with  respect  to  the  primary  fatigue 
crack  initiation  sites  at  the  indent  base  and  rim  locations. 
For  example,  dynamic  indentation  simulation,  neutron  dif¬ 
fraction,  and  X-ray  diffraction  analyses  are  contradictory  in 
predicting  both  compressive1161  and  tensile1 18,191  hoop 
stresses  at  the  indentation  base.  Indeed,  in  general,  numerical 
studies  of  quasi-static  indentation  predict  either  tensile  hoop 
stresses  at  the  base1201  and  rim[21J  or  compressive  hoop 
stresses  at  the  base1221  and  rim1201  of  the  indentation  sites; 
experimental  studies,  conversely,  report  only  tensile  hoop 
stresses  at  the  rim.1231  Consequently,  in  the  present  work,  we 
attempt  to  characterize  the  residual  stress  field  of  simulated 
FOD  sites  using  preliminary  X-ray  microdiffraction  studies, 
numerical  analysis  by  Chen  and  Hutchinson,1211  and  the 
available  literature.  At  this  point,  these  analyses  are  largely 
qualitative,  but  suggest  zones  of  tensile  residual  hoop 
stresses  located  at  the  base  and  rim  of  the  indentation  sites, 
consistent  with  the  location  of  the  preferred  sites  for 
crack  initiation. 


D.  Microstructure 

Microstructural  variability  through  thermomechanical 
treatment  is  known  to  have  a  marked  influence  on  the  fatigue 
properties  of  titanium  alloys,  as  noted  in  several  recent 
reviews.124,25,261  Correspondingly,  microstructural  changes 
associated  with  FOD-induced  plasticity  must  be  taken  into 
account  in  any  assessment  of  the  role  of  FOD.  This  is  evident 
from  shot-peening  studies  on  TI-6A1-4V  (e.g.y  References  27 
and  28)  where,  by  separating  the  influence  of  microstructure 


Table  I.  Chemical  Composition  of  Ti-6AI-4V  Bar  Stock 
Material  in  Weight  Percent1301 


Ti 

A1 

V 

Fe 

O 

N 

H 

Bal 

6.30 

4.19 

0.19 

0.19 

0.013 

0.0041 

Fig.  1 — Optical  micrograph  of  the  bimodal  (STOA)  microstructure  of 
forged  Ti-6A1-4V  plate  material  (etched  in  3l/2  pet  HN03  -  5  pet  HF). 


from  residual  stress  effects,  it  was  observed  that  the 
deformed  microstructure  exhibited  an  increased  resistance 
to  crack  nucleation,  yet  at  the  same  time  a  drastically  reduced 
resistance  to  small-crack  growth.1291 

III.  EXPERIMENTAL  PROCEDURES 

A.  Material 

The  Ti-6A1-4V  alloy  under  study  was  part  of  a  set  of 
forgings  produced  specifically  for  the  United  States  Air 
Force-sponsored  programs  on  HCF.  Its  chemical  composi¬ 
tion  is  given  in  Table  I.  The  (3  transus  is  at  —996  °C.  Mill- 
annealed  63.5-mm-diameter  bar  stock  material,  originating 
from  Teledyne  Titanium  (Pittsburgh,  PA),  was  forged  in  one 
stroke  at  938  °C  on  a  closed-end  channel  die  to  a  plate  size 
of 400  X  150  X  20  mm,  followed  by  air  cooling.  The  forging 
plates  were  then  solution  treated  in  an  air  furnace  at  927  °C 
for  1  hour,  followed  by  fan  air  cooling;  this  resulted  in  a 
cooling  rate  of  —200  °C/min.  Finally,  the  plates  were  stress 
relieved  in  vacuo  for  2  hours  at  705  °C.  Further  material 
and  processing  details  are  given  in  Reference  30. 

After  such  thermomechanical  processing,  the  plate  mate¬ 
rial  showed  a  bimodal  microstructure  with  a  volume  fraction 
of  —60  pet  primary  a  phase  (diameter  of  —20  jum)  within 
a  lamellar  a  +  matrix  (Figure  1).  This  microstructure  has 
been  termed  solution-treated  and  overaged  (STOA).  The 
crystallographic  texture  of  the  plate  material  was  measured 
using  Ni-filtered  Cu  Ka  radiation  and  is  plotted  as  (0002) 
and  {1010}  pole  figures  in  Figure  2.  In  this  figure,  the 
numbers  represent  the  ratio  of  the  intensities  of  the  (0002) 
basal  and  { 1010}  prismatic  planes  of  the  hep  a  phase  to  that 
of  the  random  texture  of  the  hot-isostatic-pressed  powder 
standard.  The  resulting  pole  figures  reveal  the  preferred 
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Fig.  2 — Crystallographic  texture  of  the  forged  Ti-6AI-4V  shown  as  pole 
figures.  Numbers  ^represent  the  ratio  of  the  intensities  of  the  (a)  (0002) 
basal  and  (b)  {1010}  prismatic  planes  of  the  hexagonal  closed  packed  a 
phase  to  that  of  the  random  texture  of  the  hot  isostatic  pressed  powder 
standard. 


Table  II.  Uniaxial  Tensile  Properties  of  Bimodal 
Ti-6AI-4V* 


E 

°b.2 

UTS 

crF 

Tens.  El. 

RA 

(GPa) 

(MPa) 

(MPa) 

(MPa) 

(Pet) 

(Pci) 

110 

915 

965 

1310 

19 

45 

*E:  Young’s  modulus,  (702:  yield  stress,  UTS:  ultimate  tensile 
strength,  <rF:  true  fracture  stress.  Tens.  El.:  tensile  elongation,  RA: 
reduction  of  area  at  fracture;  and  strain  rate  8  X  10-4  s“!. 


orientation  of  the  basal  planes  parallel  and  perpendicular  to 
the  length  of  the  forged  plate  ( L  direction). 

Uniaxial  tensile  properties  (parallel  to  the  length  of  the 
plate,  L  orientation)  are  listed  in  Table  II;  the  tensile  tests 
were  performed  at  an  initial  strain  rate  of  8  X  1(T4  s"J. 


Fig.  3 — Schematic  illustration  showing  impact  angles  with  respect  to  speci¬ 
men  geometry  and  loading  axis  for  fatigue  tests.  In  this  study,  a  normal 
(90  deg)  impact  angle  was  chosen. 


B.  Simulation  of  FOD 

In  this  study,  FOD  by  hard  particles  was  simulated  by 
shooting  steel  spheres  onto  a  flat  specimen  surface  to  pro¬ 
duce  a  single  specific  damage  site.  Chrome-hardened  steel 
spheres,  3.2  mm  in  diameter  and  with  a  Rockwell  C  hardness 
of  60,  were  impacted  onto  the  flat  surfaces  of  the  tensile 
fatigue  (so-called  KB)  specimens  at  an  angle  of  90  deg  (nor¬ 
mal  impact,  Figure  3)  at  velocities  of  200,  250,  and  300 
m/s  using  a  compressed-gas  gun  facility.  These  velocities 
represent  typical  in-service  impact  velocities  on  aircraft 
engine  fan  blades.  The  spheres  were  accelerated  by  applying 
gas  pressures  between  2  and  7  MPa;  their  velocity  was 
measured  photoelectrically  prior  to  impact. 

C.  Fatigue  Test  Methods 

1 .  Smooth-bar  and  small-crack  fatigue  tests 

For  an  assessment  of  FOD  on  the  fatigue  behavior,  base¬ 
line  stress-life  (S-N)  fatigue  data  of  the  bimodal  Ti-6A1- 
4V  plate  material  were  generated  on  smooth-bar  hourglass 
specimens.  Specimens  were  machined,  with  the  geometry 
shown  in  Figure  4(a),  such  that  the  specimen  axis  was  ori¬ 
ented  parallel  to  the  length  of  the  plate  (L  orientation).  They 
were  electrolytically  polished  to  minimize  the  presence  of 
surface  residual  stresses  and  high  dislocation  densities  from 
the  machining.  A  solution  of  59  pet  methanol,  35  pet  2- 
butanol,  and  6  pet  perchloric  acid  was  used  at  —30  °C  and 
16  V  to  remove  a  surface  layer  of  100  jjl m.  The  S-N  tests 
were  performed  on  a  Roell  Amsler  resonant-fatigue  testing 
machine  in  room-temperature  air  at  a  cyclic  frequency  of 
85  Hz. 

To  investigate  small-crack  propagation  behavior,  ~45-to 
60-/*m-long  surface  cracks  were  naturally  initiated  at  a  load 
ratio  ( R  =  crmin/<rmax)  of  —  1  and  an  alternating  stress  of  650 
MPa.  After  initiation,  the  load  ratio  was  changed  to  0. 1  and 
small-crack  growth  was  monitored  at  a  maximum  stress  of 
550  MPa.  Tests  were  periodically  interrupted  to  measure  the 
surface-crack  length  (2c)  in  a  light  microscope.  The  stress- 
intensity  range  (A K)  of  the  small,  semi-elliptical  surface 
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Section  AA  (1.5x) 


Fig  4 _ Drawings  of  the  specimen  geometries  used,  showing  (a)  smooth-bar  specimen  for  S-N  curves  and  ( b )  modified  KB  specimen  for  simulated  FOD 

studies.  AH  dimensions  are  in  millimeters. 


cracks  was  calculated  using  the  Newman-Raju  linear-elas¬ 
tic  relationship1311 

aa:  =  A^  [i] 

where  Act  is  the  stress  range,  a  is  the  crack  depth,  F  is 
the  stress-intensity  boundary  correction  factor,  and  Q  is  the 
crack  shape-correction  factor.  For  the  present  alloy,  a  crack 
depth-to-surface  crack  length  ( a!2c )  ratio  of  0.45  was 
assumed,  based  on  fractographic  observations. 

Fatigue  limits  were  also  investigated  using  the  so-called 
HCF  step  test.  Using  modified  KB  specimens,  this  test  con¬ 
sisted  of  loading  in  steps  of  108  cycles  at  1000  Hz  at  a 
constant  stress  amplitude.  If  no  failure  occurred  after  108 
cycles,  the  maximum  stress  level  was  successively  increased 
by  —50  MPa  until  specimen  failure.  This  procedure  permits 
an  estimation  of  the  HCF  fatigue  limit  with  a  single 
specimen. 

2.  Large-crack  fatigue  tests 

The  corresponding  crack-growth  tests  on  large  cracks, 
typically  in  excess  of  —5  mm  in  length,  were  performed  on 
compact-tension  C(T)  specimens  in  general  accordance  with 
ASTM  standard  E-647.  The  C(T)  specimens  were  machined 
in  the  L-T  orientation,  with  an  8  mm  thickness  and  25  mm 
width.  Tests  were  carried  out  in  room-temperature  air  at  R 
ratios  varying  from  0.1  to  0.95  under  automated  load  or 
stress-intensity  control,  at  frequencies  between  50  and  1000 
Hz  (sinusoidal  wave  form).  Fatigue  crack-growth  thresholds 
(A Kth  and  Kmax,Tn)>  defined  at  a  propagation  rate  of  10“ 10 
m/cycle  at  50  Hz  and  10“u  m/cycle  at  1000  Hz,  respectively, 


were  determined  at  load  ratios  of  R  =  0.1  to  0.8  using 
constant  R  testing;  loads  were  shed  such  that  A K  =  AArinitial 
exp  (C(a“<2initiai)),  with  the  normalized  K  gradient,  C,  set  to 
-0.08  mm-1  (a  and  ain itiaI  are  the  instantaneous  and  initial 
crack  lengths,  respectively).  For  load  ratios  above  0.8, 
thresholds  were  approached  using  variable-/?,  constant- ATmax/ 
increasing-ATmin  loading.  All  testing  was  performed  on  auto¬ 
mated  MTS  servohydraulic  testing  machines;  experiments 
at  1000  Hz  were  conducted  with  a  newly  developed  system 
using  a  voice-coil  servovalve  (further  details  of  this  instru¬ 
ment  are  described  in  Reference  32). 

Back-face  strain-unloading  compliance  techniques  were 
used  for  in-situ  crack  length  measurements;  crack  lengths 
were  periodically  verified  with  optical  measurements. 
Unloading  compliance  was  also  used  to  assess  crack  closure 
loads.  Specifically,  the  closure  stress  intensity  ( Kcl )  was 
determined  at  first  contact  of  the  crack  surfaces,  measured 
at  the  point  of  first  deviation  from  linearity  in  the  elastic 
compliance  curve  upon  unloading.1331 

3.  The  FOD  specimen  fatigue  tests 

To  investigate  the  influence  of  FOD  on  the  fatigue  behav¬ 
ior  of  the  bimodal  T5-6A1-4V  alloy,  modified  KB  specimens 
were  chosen  (Figure  4(b)).  This  specimen  geometry,  which  is 
essentially  identical  to  that  used  by  General  Electric  Aircraft 
Engines  for  its  similarity  to  the  blade-loading  configura¬ 
tion,1341  was  machined  with  a  rectangular  gage  section  (3.2 
X  5.2  mm)  with  cylindrical  buttonhead  grip  sections.  To 
provide  a  consistent,  nominally  stress-free  surface,  the  gage 
section  was  prepared  using  standard  stress-relief  and  chemi¬ 
cal-milling  procedures.  To  simulate  FOD,  steel  shot  was 
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fired  at  90  deg  to  the  specimen  surface  at  velocities  of  200 
to  300  m/s,  as  noted  previously.  After  impacting,  specimens 
were  cycled  at  20  Hz  (sinusoidal  waveform)  with  a  maxi¬ 
mum  stress  of  500  MPa,  at  a  load  ratio  of  R  =  0. 1.  To  detect 
fatigue  crack  initiation,  specimens  were  removed  periodi¬ 
cally  from  the  test  frame  and  examined  in  a  scanning  electron 
microscope  (SEM);  once  a  crack  had  initiated,  the  same 
procedure  was  used  to  monitor  subsequent  small-crack 
growth.  Stress  intensities  for  the  surface  cracks  were  again 
calculated  from  Eq.  [1],  assuming  a  crack  depth-to-surface 
crack  length  ratio  of  0.45  (determined  from  fractographic 
observations). 

As  an  initial  assessment  of  the  stress  concentration  associ¬ 
ated  with  the  damage  sites,  elastic  stress-concentration  fac¬ 
tors  surrounding  the  indentations  were  determined  based  on 
three-dimensional  photoelastic  experiments  performed  by 
Nisida  and  Kim*351  Figure  5  shows  schematically  the  stress 
distribution  surrounding  a  300  m/s  impact  indentation  site. 
Table  III  lists  the  impact-site  geometry  dimensions  and  the 
resulting  elastic  stress-concentration  factors,  which  reach  a 
maximum  at  the  base  of  the  indents,  /.<?.,  ranging  from  kt  — 
1.6  (for  a  300  m/s  impact  site)  to  k(  =  1.4  (for  a  200  m/s 
site).  Corresponding  values  at  the  crater  surface  rim  range 
from  kt  =  1.25  (300  m/s)  to  kt  =  1.15  (200  m/s). 

To  compute  local  stress-intensity  factors  for  small  cracks 
emanating  from  such  indentations,  incorporating  both  inden¬ 
tation  geometry  and  stress-concentration  effects,  the  rela¬ 
tionship  of  Lukas1361  for  small  cracks  at  notches  is  used,  viz. 


A  K  = 


0.7  kt 


yj\  +  4.5  (flip) 


[2] 


Table  III.  Dimensions  of  Impact  Craters  and  Stress 
Concentration  Factors* 


Impact 

Velocity 

0  w 

(mm) 

8 

(mm) 

k, 

(Base) 

k, 

(Rim) 

kf 

300  m/s 

2.67 

0.67 

1.60 

1.25 

1.54 

250  m/s 

2.38 

0.54 

1.50 

1.20 

1.40 

200  m/s 

2.14 

0.43 

1.40 

1.15 

1.40 

*0W:  chord  width  of  impact  crater,  8:  indentation  depth  (Fig. 
6),  k,:  elastic  stress  concentration  factor;[35]  kf.  effective-fatigue 
stress  concentration  factor. 


after  impact 


Fig.  6 — Schematic  illustration  of  the  cross  section  of  simulated  FOD  crater 
after  impact  (W  is  the  chord  width,  and  8  is  the  depth). 


where  Act  is  the  stress  range,  a  is  the  crack  depth,  and  p  is 
the  indentation  radius.  However,  it  should  be  noted  that 
the  contribution  to  this  value  from  the  residual  stress  field 
surrounding  the  indentation  has  not  been  taken  into  account, 
due  to  uncertainty  in  the  value  of  these  local  stresses.  Recent 
studies  have  focused  on  the  use  of  synchrotron  X-ray  micro¬ 
diffraction  methods,  together  with  numerical  analysis,1211  to 
estimate  these  local  stress  gradients. 

IV.  RESULTS  AND  DISCUSSION 

A.  Characterization  of  FOD 

The  simulated  FOD  sites  are  characterized  in  terms  of 
size,  shape,  and  possible  occurrence  of  microcracking  in 
Figures  6  through  8  (and  Table  III)  and  with  respect  to 
induced  microstructural  changes  in  Figure  9.  Damage  clearly 
can  be  seen  to  be  a  function  of  impact  velocity.  Based  on 
these  observations,  the  distribution  of  the  residual  stresses 
surrounding  the  impact  site  was  deduced,  as  discussed  subse¬ 
quently,  and  is  shown  schematically  in  Figure  10. 

First,  with  respect  to  shape.  Figure  6  shows  a  schematic 
of  the  cross  section  of  a  crater  formed  by  a  normal  impact. 
The  measured  dependence  of  the  crater  diameter  ( W )  and 
depth  (£)  on  the  impact  velocity  are  listed  in  Table  III. 
The  SEM  micrographs  show  indentations  formed  at  impact 
velocities  of  200  m/s  (Figure  7(a))  and  300  m/s  (Figure 
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Fig.  7 — Scanning  electron  micrographs  of  impact  damage  sites  for  (a)  200 
m/s  and  (/?)  300  m/s  impact  velocities,  indicating  increasing  damage  with 
increasing  velocity  with  respect  to  indentation  size,  lip  formation  at  crater 
rim,  and  intense  shear  band  formation  emanating  at  the  indent  surface. 


Fatigue  Crack 


7(b)).  At  velocities  above  250  m/s,  a  pronounced  pileup  at 
the  crater  rim,  with  some  detached  material  (Figure  7(b)), 
was  evident.  Of  critical  importance  were  the  observations, 
shown  in  Figure  8,  that,  for  the  highest  velocity  impacts  at 
300  m/s,  plastic  flow  of  material  at  the  crater  rim  causes 
local  notches  (Figure  8(a))  and  even  microcracking  (Figure 
8(b)).  The  microcracks  were  quite  small,  /.e.,  between  ~2 
to  10  fiim  in  depth,  but  clearly  provided  the  nucleation  sites 
for  subsequent  HCF  cracking,  as  shown  in  Figure  8(c).  No 
such  microcracking  could  be  detected  in  this  alloy  at  lower 
impact  velocities. 

The  resulting  deformed  microstructures,  imaged  at  the 
center,  mid,  and  rim  position  of  the  crater  (Figure  9),  reveal 
flattened  primary  a  grains  at  the  base  of  the  indent  (Figure 
9(b)),  whereas  at  the  mid  (Figure  9(c))  and  rim  locations 
(Figure  9(d)),  the  a  grains  are  deformed  in  shear,  along 
with  the  lamellar  matrix  of  the  bimodal  microstructure.  Bulk 
plastic  deformation  of  the  material  surrounding  the  impact 
crater  was  found  to  extend  into  a  region  of  approximately 


2  |im 


Fig.  8 — Scanning  electron  micrographs  showing  the  presence  of  micro¬ 
cracking  at  the  crater  rim  of  a  FOD  indent  after  the  highest  velocity  (300 
m/s)  impacts.  Micrographs  show  (a)  local  notches  at  crater  rim  caused  by 
plastic  flow  of  material,  (b)  microcracks  emanating  from  such  notches,  and 
(c)  subsequent  fatigue-crack  growth  initiated  at  such  microcracks  after  5000 
cycles  at  crmax  =  500  MPa  (/?  =  0.1). 


one  indentation  radius.  At  the  base  of  the  impact  crater, 
strongly  localized  deformation  can  be  seen  in  the  form  of 
circumferentially  oriented  intense  shear  bands  emanating 
from  the  surface  of  the  impact  crater  (refer  to  the  arrows  in 
Figures  9(c)  and  9(d)).  The  work  of  Hutchings1371  and  Timo¬ 
thy  and  Hutchings138,39,401  showed  that  such  shear  bands  form 
adiabatically  during  impact  in  Ti-6A1-4V.  For  that  reason, 
it  is  anticipated  that  localized  plasticity  due  to  adiabatic 
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Fig-  9 — FOD  following  300  m/s  impacts,  showing  (a)  schematic  of  the  crater,  and  optical  micrographs  of  cross  sections  at  the  ( b )  base,  (c)  mid  location, 
and  ( d )  rim  of  the  crater.  Note  formation  of  shear  bands  emanating  from  the  surface  at  mid  and  rim  positions  (marked  by  arrows). 


heating  is  the  reason  for  the  pronounced  pileup  formation 
at  the  crater  rim.  This  is  consistent  with  the  observation  that 
intense  shear  banding  and  pileups  at  the  crater  rim  were 
only  observed  for  250  and  300  m/s  impacts;  neither  feature 
was  evident  for  200  m/s  velocities.  This  result  is  consistent 
with  the  reported  critical  velocity  of  214±  16  m/s  for  shear 
banding  in  a  bimodal  Ti-6A1-4V  alloy  with  3.2-mm-diameter 
steel  sphere  impacts.1401 

Contrary  to  the  shot-peening  process,  where  the  surface 
deformation  from  multiple  impacts  imparts  compressive 
residual  stresses  at  the  component  surface,*27,281  with  the 
single  impacts  typical  of  FOD,  zones  of  both  tensile  and 
compressive  residual  stresses  appear  to  be  generated  in  the 
vicinity  of  the  impact  site.  A  proposed  residual  stress  distri¬ 
bution  is  shown  schematically  in  Figure  10,  based  on  prelimi¬ 
nary  (qualitative)  X-ray  microdiffraction  and  numerical*211 
studies.  Upon  impact,  the  stress  state  in  the  target  material 
directly  beneath  the  indenter  is  subjected  to  compressive 
radial  stresses  (ar)  and  tensile  hoop  stresses  ( a0 ).  This  is 
illustrated  in  Figure  10(a)  together  with  the  region  of  bulk 
plastic  deformation,  pile-up  formation  at  the  impact-site  rim, 
circumferentially  oriented  adiabatic  shear  bands,  and  an  area 
of  localized  hydrostatic  pressure  at  the  indent  base.  The 
corresponding  state  of  residual  stresses  after  unloading  is 
shown  in  Figure  10(b).  The  overall  constraint  of  the  sur¬ 
rounding  elastic  material  leads  to  compressive  residual  hoop 
stresses,  cr0,  and  tensile  residual  radial  stresses,  <xr,  in  the 


bulk  of  the  plastically  deformed  material  beneath  the  inden¬ 
tation  crater.  In  addition,  three  distinct  areas  of  tensile  resid¬ 
ual  hoop  stress  are  generated,  namely,  (1)  surrounding  the 
bulk  compressive  residual  stress  zone,  due  to  the  balance 
of  tensile  and  compressive  stresses,  as  in  shot-peened  com¬ 
ponents;*271  (2)  at  the  crater  rim,  due  to  geometrical  con¬ 
straint;  and  (3)  in  a  shallow  surface  layer  at  the  base  of  the 
indent,  due  to  hydrostatic  compressive  stresses  from  contact 
between  the  indenter  and  the  target  material  in  this  location. 
As  such  hydrostatic  pressure  reduces  the  magnitude  of  shear 
stresses,  intense  shear  bands  were  only  found  in  regions 
away  from  the  base  of  the  indent  (Figure  9(a)). 

B.  Baseline  Fatigue  Properties 

1.  Fatigue  crack  initiation 

To  define  baseline  conditions,  the  smooth-bar  S-N  fatigue 
properties  of  the  bimodal  Ti-6A1-4V  material,  from  tests  on 
unnotched,  electrolytically  polished  hourglass  specimens, 
are  shown  in  Figure  1 1.*411  These  data  indicate  the  influence 
of  the  maximum  stresses  ( <xmax )  at  three  different  load  ratios 
(R  =  ”1,  0.1,  and  0.5)  on  the  number  of  cycles  to  failure 
(Nf)  and  show  that  increasing  the  load  ratio  leads  to  an 
increase  in  crmax  at  the  107-cycle  fatigue  limit  from  375  MPa 
(/?  -  - 1)  to  500  MPa  (R  =  0.1)  and  625  MPa  (R  =  0.5). 

Small  surface  cracks,  ~45  to  60  jam  in  size,  were  observed 
to  nucleate  after  roughly  10,000  cycles  at  crmax  =  650  MPa 
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Pig  j  i — Stress-life  (S-N)  curves  for  bimodal  Ti-6A1-4V,  determined  using 
smooth-bar  specimens.141 1  Also  shown  is  the  result  of  the  HCF  step  test  at 
R  =  0.1,  based  on  modified  KB  specimen  testing. 
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Fig.  10 — Model  of  high-velocity  impact  loading  and  resulting  residual 
stress  state,  showing  (a)  state  of  stress  at  impact  loading  and  ( b )  state 
of  residual  stresses  after  impact  loading  (crr  -  radial  stress,  and  ae  = 
hoop  stress). 


at  R  =  -1  (Figure  12).  Microstructurally,  cracks  tended  to 
initiate  in  planar  slip  bands  within  the  globular  a  phase, 
specifically  at  the  surface  at  R  =  “1  (Figure  12)  and  at  the 
subsurface  at  R  =  0.1  and  0.5  (Figure  13).  Final  failure 
occurred  at  a  maximum  stress  of  475  MPa  (R  =  0.1)  after 
—5.3  X  107  cycles. 

As  noted  previously,  the  current  “safe-life”  design 
approach  against  HCF  failure  is  based  on  fatigue-limit  data 
generated  through  S-N  tests.  To  incorporate  the  influence 
of  load  ratio,  modified  Goodman  diagrams  were  constructed 
where  the  limiting  alternating  stress  is  plotted  against  the 


40  pm 


Fig.  13 — Scanning  electron  micrograph  showing  subsurface  crack  initiation 
(see  arrow)  on  a  fatigue  fracture  surface  of  a  modified  KB  specimen  (HCF 
step  test  at  R  «  0.1,  ^  =  475  MPa,  and  NF  =  5.3  X  107  cycles). 


mean  stress  for,  e.g.,  the  107-cycle  fatigue  limit.  Figure  14 
shows  such  a  Goodman  diagram1421  constructed  from  the 
107-cycle  fatigue  limit  fatigue  data  for  the  bimodal  T1-6A1- 
4V  alloy  presented  in  Figure  1 1 .  It  can  be  seen  that,  as 
the  mean  stress  becomes  more  tensile,  the  allowable  stress 
amplitude  is  reduced  and  can  be  plotted  as  a  nearly  linear 
decrease  from  the  fatigue  limit  at  R  =  —  1  to  the  tensile 
strength  (cra  -  0).  Furthermore,  at  very  high  mean-stress 
values,  the  maximum  stress  level  can  be  seen  to  approach 
the  yield  stress  of  the  material  (Figure  14). 
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Fig.  14 — Modified  Goodman  diagram  showing  the  mean  and  alternating 
stress  to  give  a  life  of  NF  ~  1  X  107  cycles  in  bi  modal  Ti-6AMV,  based 
on  smooth-bar  specimen  tests  (closed  symbols).  Also  shown  are  data  for 
the  small-crack  HCF  threshold  testing  at  A K  -  1.5  MPa^m  tests  (open 
symbols). 

2.  Fatigue  crack  growth  of  small  and  large  cracks 

For  the  alternative  damage-tolerant  design  approach 
against  HCF,  baseline  data  of  near-threshold  fatigue  crack 
growth  rates  and  fatigue  thresholds  are  required,  ideally  for 
both  naturally  initiated  small  cracks  and  through-thickness 
large  cracks. 

Smooth-bar  hourglass  specimens  were  precracked  at  a 
load  ratio  of  R  =  —  1  (to  avoid  subsurface  crack  initiation 
at  positive  R  ratios);  10,000  cycles  at  a  stress  amplitude  of 
650  MPa  resulted  in  —10  to  15  surface  cracks,  with  surface 
lengths  ranging  from  —45  to  60  p m.  The  subsequent  crack- 
growth  behavior  of  the  naturally  initiated  small  cracks  was 
then  monitored  optically  at  a  maximum  stress  of  550  MPa 
at  R  —  0.1,  i.e.,  50  MPa  above  the  107-cycle  fatigue  limit.1411 
The  resulting  growth  rates  as  a  function  of  the  applied  stress- 
intensity  range  are  shown  in  Figure  15  and  are  compared 
to  corresponding  large-crack  results  based  on  C(T)  testing. 
Characteristic  of  the  small-crack  effect,*43’44,451  the  growth 
rates  of  the  small  cracks  were  up  to  one  order  of  magnitude 
higher  than  those  of  equivalent  large  cracks  at  the  same 
applied  stress-intensity  range. 

Since  the  majority  of  the  small  cracks  have  dimensions 
larger  then  the  characteristic  size-scales  of  the  microstruc¬ 
ture,  it  is  reasoned  that  one  of  the  prime  reasons  for  the 
small-crack  effect  is  the  reduced  role  of  crack-tip  shielding 
(e.g.,  surface  roughness-induced  crack  closure)  due  to  their 
limited  crack  wake  ( e.g .,  Reference  46).  Based  on  this  con¬ 
sideration,  two  types  of  large-crack  tests  were  performed  to 
minimize  the  extent  of  closure,  in  order  to  simulate  the 
small-crack  results  on  conventional  C(T)  specimens.*471  Spe¬ 
cifically,  this  involved  load  shedding  to  approach  the  thresh¬ 
old  using  (1)  constant-/?  testing  at  high  load  ratios  (R  ~ 
0.8)  and  (2)  constant- A^/increasing  Km in  testing,  both  pro¬ 
cedures  that  tend  to  minimize  crack  wedging  by  ensuring 
that  the  crack-tip  opening  displacements  (CTODs)  are  large 
enough  to  limit  any  premature  contact  of  the  crack  surfaces 
upon  unloading,  i.e.,  the  minimum  CTOD  in  the  loading 
cycle  is  larger  than  the  dimension  of  the  fracture-surface 
roughness.  Results  are  compared  to  the  naturally  initiated 
small-crack  data  in  Figure  15. 


Surface  Crack  Length  2c  of  Small  Crack  (pm) 
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Fig.  15 — Variation  in  crack-growth  rates,  daJdN,  with  the  applied  stress- 
intensity  range,  AK ,  for  naturally  initiated  small  cracks  (~45  to  1000 
pm)l4,]  and  through- thickness  large  cracks  (>5  mm)  in  bimodal  Ti-6A1- 
4V.  Small  cracks  were  initiated  at  <rmax  =  650  MPa  (R  -  —1).  Large-crack 
growth  data  for/?  <  0.8  were  derived  from  constant  load-ratio  tests,  whereas 
for  R  >  0.8,  constant-/fmax/increasing-tfmin  testing  was  used. 

Although  the  growth  rates  of  the  small  cracks  still  exceed 
those  of  the  “closure-free”  large-cracks,  the  thresholds  deter¬ 
mined  using  the  constant  A^/increasing  n  large-crack 
tests  appear  to  provide  a  worst-case  for  both  large-  and 
small-crack  results.  As  discussed  elsewhere,*91  the  threshold 
value  of  A KTH  =1.9  MPa^m  (at  4  X  10“2  m/cycle),  at  a 
maximum  load  ratio  of  R  =  0.95  (above  which  Amax  >  Klc), 
is  lower  than  the  stress-intensity  range  required  for  the 
growth  of  naturally  initiated  small  cracks  ( — 2.9  MPaym) 
and,  as  such,  is  considered  as  a  practical  lower-bound  thresh¬ 
old  for  this  alloy. 

Further  verification  of  this  worst-case  threshold  concept 
was  afforded  by  smooth-bar  experiments,  where  specimens 
were  naturally  precracked  at  R  =  —  1  (stress  amplitude  of 
650  MPa)  to  different  initial  surface  crack  lengths.  The  stress 
amplitude  was  then  changed  to  give  a  A K  value  of 
1.5  MPa ^/m  (at  /?  =  —1  and  0.5)  and  the  specimens  were 
cycled  for  ~4  to  5  X  107  cycles.  The  test  conditions  are 
listed  in  Table  IV.  In  all  cases,  no  crack  growth  was  detected 
at  AAT  =  1.5  MPaVin. 

The  higher  growth  rates  of  the  naturally  initiated  small 
cracks,  compared  to  the  closure-free  large  cracks,  are  pre¬ 
sumed  to  be  associated  with  biased  statistical  sampling  of 
the  microstructure.  The  natural  crack  initiation  process 
allows  for  sampling  of  a  very  large  area  of  the  specimen 
for  more  favorable  microstructural  orientations  with  respect 
to  crack  initiation  and  growth,  compared  to  that  of  the  large 
cracks,  which  essentially  samples  an  average  of  all  micro- 
structural  orientations. 


METALLURGICAL  AND  MATERIALS  TRANSACTIONS  A 


VOLUME  31  A,  JUNE  2000—1579 


Table  IV.  Small-Crack  HCF  threshold  of  A K  =  1.5  MPa  ,/m  Test* 


Load  Ratio 

(R) 

Initial  Surface  Crack 
Length,  2c  (//.m) 

<Ta  (MPa) 

crm  (MPa) 

(MPa) 

A N  (Cycles) 

R=  -1 

110 

170 

0 

170 

>5  X  107 

(A K  based  on  tensile  range) 

R  =  0.5 

65 

112.5 

337.5 

450 

>4  X  107 

90 

93.75 

281.25 

375 

>4  X  107 

230 

60 

180 

240 

>4  X  107 

*  (Precracking:  650  MPa,  R  = 

-I,  and  N  =  10,000  to  15,000  cycles);  cra\ 

stress  amplitude,  am : 

mean  stress,  and  crmax: 

maximum  stress 

1000 
i  900 
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Fig.  16 — The  effect  of  FOD  on  the  S-N  data  for  bimodal  Ti-6A1-4V,  show¬ 
ing  sharply  reduced  lifetimes.  In  addition,  the  result  of  the  HCF  step  test 
at  /?  —  0.1  is  shown  for  smooth  modified  KB  specimen 


C  Effect  of  FOD 

The  overall  effect  of  FOD,  simulated  by  impacting 
fatigue-test  specimens  with  high-velocity  steel  shot,  was  to 
markedly  reduce  the  fatigue  life  compared  to  that  obtained 
with  undamaged  smooth-bar  specimens  (Figure  16).  At  a 
nominal  (far-field)  maximum  stress  of  500  MPa  (R  =  0.1), 
small  surface  cracks  (c  —  50  /-tm)  were  initiated  at  the  FOD 
impact  sites  within  —3  to  5  X  104  cycles,  with  final  failure 
occurring  between  —4  to  8  X  104  cycles.  These  results  show 
that  the  fatigue  lives  were  drastically  reduced  by  over  two 
orders  of  magnitude  by  FOD,  compared  to  the  undamaged 
smooth-bar  properties. 

As  discussed  previously,  the  reduction  in  fatigue  strength 
due  to  FOD  can  be  considered  principally  in  terms  of  earlier 
crack  initiation  due  to  four  salient  factors. 

(1)  Stress  concentration :  The  FOD  creates  stress-raising 
notches;  their  geometry  influences  the  local  stress  fields 
in  the  vicinity  of  the  impact  sites. 

(2)  The  FOD-initiated  microcracking :  At  the  highest  impact 
velocities  (and  in  brittle  alloys1*4*),  microcracks  may  be 
formed  in  the  damage  zone  and  provide  a  potent  site 
for  the  initiation  of  HCF  cracking. 

(3)  Residual  stresses:  The  FOD  induces  a  residual  stress 
state,  both  tensile  and  compressive,  surrounding  the 
impact  site  due  to  plastic  deformation  associated  with 
the  impact. 

(4)  Microstructure :  The  FOD  changes  the  nature  of  the 
microstructure  at  the  damage  site,  again  due  to  plastic 
deformation  associated  with  the  impact. 


1.  Fatigue  crack  initiation 

Examples  of  initiation  sites  of  small  surface  cracks  are 
shown  in  Figure  17(a)  for  a  250  m/s  impact  and  in  Figure 
17(b)  for  a  300  m/s  impact.  Based  on  the  results  from  seven 
impacted  samples,  it  was  found  that  cracks  tended  to  initiate 
at  the  bottom  of  the  indent  for  the  lower-velocity  impacts 
(200  and  250  m/s)  and  at  the  crater  rim  for  the  higher- 
velocity  impacts  (300  m/s).  The  position  of  the  crack  front 
during  crack  extension,  both  depthwise  and  on  the  surface, 
is  indicated  in  these  micrographs;  this  was  determined  from 
surface  crack-length  measurements  during  the  test  and  sub¬ 
sequent  fractography  (as  the  local  crack  front  is  oriented 
perpendicular  to  the  “river  markings”). 

For  the  200  and  250  m/s  impacts,  fatigue  crack  initiation 
can  be  seen  on  the  surface  at  the  base  of  the  indent  (Figure 
18)  and  is  explained  by  the  stress  concentration  from  the 
notch  geometry.  For  these  impact  conditions,  the  notches 
are  relatively  shallow,  with  kf  values  of  —1.4,  close  to  the 
corresponding  elastic  stress-concentration  factors  of  kt  — 
1.4  to  1.5  (Table  III). 

For  the  300  m/s  impacts,  initiation  conversely  occurred 
at  the  crater  rim.  Indeed,  impact  studies  by  Gros  et  ai[l6] 
also  reported  fatigue  crack  initiation  both  at  the  base  and  rim 
of  high-velocity  impacts  in  medium-carbon  steel.  Similarly, 
Ruschau  etal.[l7]  observed  crack  initiation  at  the  rim  location 
for  60  deg  impact  angles  (glass  beads)  on  simulated  fan  blade 
leading-edge  specimens  of  Ti-6A1-4V.  For  crack  initiation  at 
the  rim,  the  stress  concentration  due  to  gross  indentation 
geometry  is  clearly  not  the  only  effect,  as  the  location  of 
the  maximum  stress-concentration  factors  is  still  at  the  base 
(kt  —  1.6  and  kf  —  1.54  at  the  base,  compared  to  a  value  of 
kt  —  L25  at  the  crater  rim).  Here,  the  tensile  residual  stresses 
and  highly  deformed  microstructure  play  an  additional  role. 
The  tensile  hoop  stresses  are  critical,  as  they  superimpose 
onto  the  nominally  applied  stresses,  resulting  in  higher  maxi¬ 
mum  and  mean  stresses  and,  in  turn,  earlier  crack  initiation 
and  faster  crack  growth  rates.  However,  more  importantly, 
at  these  high  impact  velocities,  small  microcracks  were 
detected  in  the  vicinity  of  the  crater  rim  (Figure  8(b))  and 
clearly  provide  the  preferred  site  for  fatigue-induced  crack 
propagation  (Figure  8(c)).  The  fact  that  such  microcracks 
only  develop  in  this  alloy  at  the  highest  impact  velocities 
strongly  implies  that  the  simulation  of  FOD  using  lower- 
velocity  impacts  will  not  necessarily  involve  all  the  damage 
processes  associated  with  the  phenomenon. 

The  presence  of  adiabatic  shear  bands  does  not  appear  to 
play  a  significant  role  in  the  initiation  process  of  the  fatigue 
cracks.  This  is  thought  to  be  due  to  the  fact  that,  at  the  prime 
locations  for  crack  initiation,  Le.,  at  the  base  of  the  indent 
for  the  200  to  250  m/s  impacts  and  at  the  crater  rim  for  300 
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Fig.  17— Scanning  electron  micrographs  showing  the  growth  of  fatigue  cracks  initiated  at  FOD  impact  sites.  The  progressive  position  of  the  crack  front 
is  marked  on  the  fracture  surface  to  indicate  the  initiation  sites  and  crack  shapes  during  crack  extension  for  (a)  250  m/s  impact  and  ( b )  300  m/s  impact. 


Fig.  18 — Scanning  electron  micrograph  of  the  fracture  surface  following 
fatigue  of  a  250  m/s  FOD  impacted  KB  specimen,  showing  surface  crack 
initiation  (marked  by  the  arrow)  at  the  base  of  the  indent  (crmax  =  500 
MPa,  R  =  0.1,  and  NF  =  7.9  X  104  cycles). 


m/s  impacts,  the  tangentially  aligned  shear  bands  are  oriented 
parallel  to  the  applied  stress  axis. 

2.  Fatigue  crack  propagation 

The  growth  rates  of  the  small  cracks  emanating  from  the 
200  to  300  m/s  impact  sites  are  compared  as  a  function  of 
the  stress-intensity  range  (ignoring  the  stress  concentration 
and  residual  stress  effects  (open  symbols))  in  Figure  19  with 
the  baseline  growth-rate  data  for  large  (>5-mm  long)  and 
naturally  initiated  small  (-45  to  1000  fim)  cracks;  also 
shown  are  the  surface-crack  lengths,  of  the  small  cracks.  It 
can  be  seen  that  both  the  naturally  initiated  and  FOD-initi- 
ated  small-crack  growth  rates  are  within  the  same  scatter 
band  and  are  roughly  one  order  of  magnitude  faster  than  the 
corresponding  large-crack  results.  Furthermore,  it  can  be 
seen  that  the  small-crack  data  tend  to  merge  with  the  large- 
crack  results  as  the  crack  size  increases,  specifically  above 
A K  =  10  MPa^/m.  With  respect  to  the  fatigue  crack-growth 


Surface  Crack  Length  2c  of  Small  Cracks  (jim) 
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Fig.  19 — Comparison  of  the  variation  in  crack-growth  rates,  da/dN ,  with 
the  applied  stress-intensity  range,  AAf,  for  FOD-initiated  small  cracks  (—45 
to  1000  fjm)  with  that  for  naturally  initiated  small  cracks{41]  and  through- 
thickness  large  cracks  in  bimodal  TF6A1-4V.  Stress  intensity  data  for  FOD 
initiated  crack  growth  has  been  corrected  for  the  stress  concentration  associ¬ 
ated  with  the  indent  using  the  K  solution  of  Lukas1361  and  stress-concentra¬ 
tion  factors  from  Nisida  and  Kim*35^  (closed  symbols);  noncorrected  data 
are  shown  for  comparison  (open  symbols). 
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thresholds,  however,  in  the  data  collected  to  date,  no  FOD- 
initiated  cracks  have  been  observed  in  the  studies  on  Ti- 
6AI-4V  with  a  bimodal  microstructure  below  a  stress-inten¬ 
sity  range  of  A K  =  2.9  MPa>/m,  which  is  over  50  pet  higher 
than  the  worst-case  (large-crack)  threshold  of  1.9  MPa^m 
.  Consequently,  we  conclude  that  fatigue  crack-propagation 
thresholds  for  large  cracks,  determined  under  conditions  that 
minimize  crack  closure,  can  be  used  as  a  practical  lower 
bound  for  the  threshold  stress  intensities  for  naturally  initi¬ 
ated  and  FOD-initiated  small  cracks  in  this  alloy. 

Also  shown  in  Figure  19  (by  the  closed  symbols)  are  the 
results  of  the  initial  assessment  to  correct  for  the  effect  of 
stress  concentration  on  the  calculation  of  the  stress  intensit¬ 
ies,  and,  hence,  the  crack  growth  rates,  of  the  FOD-initiated 
small  cracks  using  the  Lukas1361  solution  (Eq.  [2]).  The  over¬ 
all  effect  is  that  the  correction  yields  a  closer  correspondence 
between  data  from  the  high-load-ratio  large  cracks  and  the 
FOD-initiated  small  cracks. 

However,  at  crack  sizes  above  2c  ~  100  /zm,  the  crack 
growth  rates  of  the  FOD-initiated  small  cracks  are  slower 
than  those  of  the  naturally  initiated  small  cracks.  Although 
this  effect  may  be  associated  with  experimental  uncertainty, 
it  is  reasoned  that  the  effect  most  probably  results  from  the 
presence  of  compressive  residual  hoop  stresses  throughout 
the  impact-damaged  zone.  This  implies  that,  whereas  FOD 
may  promote  crack  initiation  and  early  small-crack  growth 
due  to  the  tensile  residual  stresses  and  (at  high  impact  veloci¬ 
ties)  to  microcracking  local  to  the  surface  at  the  base  and 
rim  of  the  indent,  subsequent  crack  growth  may,  indeed,  be 
retarded  compared  to  naturally  initiated  cracks,  due  to  the 
presence  of  the  compressive  residual  stresses. 

There  is  an  additional  influence  of  FOD  from  the  presence 
of  the  impact-damaged  microstructure,  which  can  be  seen 
by  comparing  the  growth  mechanisms  of  small  cracks  in 
the  smooth-bar  (Figure  13)  and  FOD  (Figure  18)  specimens. 
In  smooth-bar  specimens,  naturally  initiated  small  cracks 
propagate  predominantly  in  slip  bands  within  the  primary 
a  phase;  this  is  attributed  to  the  planar-slip  distribution  and 
the  relatively  large  slip  length  associated  with  the  inherent 
crystallographic  texture  (Figure  2)  and  the  high  volume  frac¬ 
tion  of  primary  or  phase.1481  In  impacted  samples,  conversely, 
the  slip  distribution  is  more  homogeneous,  such  that  this 
planar  slip-band  cracking  mechanism  is  not  seen,  presum¬ 
ably  because  the  FOD-induced  plastic  deformation  breaks 
up  easy  crack  paths  along  single  slip  bands.  The  effect  of 
this  change  in  the  planarity  of  slip  on  die  small  crack-growth 
behavior  in  impact-damaged  microstructures  is  currently 
under  examination.  It  is  known  from  studies149401  on  high- 
strength  aluminum  alloys  that  crack  propagation  involving 
inhomogeneous  planar  (single)  slip  is  much  faster  than  crack 
propagation  involving  homogeneous  (multiple)  slip  ahead 
of  the  crack  tip. 

V.  SUMMARY  AND  CONCLUSIONS 

An  increasing  proportion  of  HCF-related  failures  of  mili¬ 
tary  gas-turbine  engines  has  inspired  a  recent  re-examination 
of  the  design  methodologies  for  HCF-critical  components. 
In  view  of  the  in-service  conditions,  i.e.,  small  crack  sizes, 
high  mean  loads,  and  high-frequency  (>1  kHz)  vibratory 
loading,  damage-tolerant  design  methodologies  based  on  the 
concept  of  a  threshold  for  no  fatigue  crack  growth  would 
appear  to  offer  the  best  approach.  As  FOD  has  been  identified 
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as  one  of  the  prime  sources  of  HCF-related  failures,  the 
current  study  has  focused  on  the  role  of  (simulated)  FOD 
in  influencing  fatigue  crack  growth  thresholds  and  early 
crack  growth  of  both  large  and  small  cracks  in  an  aeroengine 
fan  blade  titanium  alloy,  Ti-6A1-4V,  processed  with  a 
bimodal  microstructure.  Based  on  this  work,  the  following 
conclusions  can  be  made. 

1 .  The  FOD,  simulated  by  the  high-velocity  (200  to  300  m/ 
s)  impact  of  steel  spheres  on  a  flat  surface,  results  in  a 
significant  loss  in  resistance  to  HCF.  At  the  smooth-bar 
107-cycle  fatigue  limit,  for  example,  the  crack-initiation 
lives  of  FOD  samples  were  less  than  4  X  104  cycles, 
three  orders  of  magnitude  lower  than  the  lifetimes  for 
undamaged  samples. 

2.  The  primary  role  of  FOD  is  to  provide  preferred  sites 
for  the  premature  initiation  of  fatigue  cracks.  For  200  to 
250  m/s  impacts  on  a  bimodal  Ti-6A1-4V  alloy,  such 
cracking  initiated  at  the  base  of  the  indentations,  whereas, 
at  300  m/s,  initiation  occurred  at  the  crater  rim. 

3.  The  detrimental  effect  of  FOD  results  from  (1)  the  stress 
concentration  associated  with  the  FOD  indentation,  (2) 
the  presence  of  small  microcracks  at  the  crater  rim  of 
the  damaged  zone  (seen  only  at  the  highest  impact  veloci¬ 
ties),  (3)  the  localized  presence  of  tensile  residual  hoop 
stresses  at  the  base  and  rim  of  the  indent  sites,  and  (4) 
microstructural  damage  from  FOD-induced  plastic 
deformation. 

4.  The  subsequent  propagation  of  small  cracks  within  the 
damage  zone,  however,  is  somewhat  slower  than  the  cor¬ 
responding  propagation  rates  of  naturally  initiated  small 
cracks  at  the  same  applied  stress-intensity  levels.  This 
appears  to  be  associated  with  two  effects,  namely,  (1) 
the  presence  of  compressive  residual  stresses  throughout 
most  of  the  damaged  zone,  and  (2)  the  fact  that  FOD- 
induced  plastic  deformation  tends  to  suppress  planar  slip- 
band  cracking  by  making  the  slip  distribution  more 
homogeneous. 

5.  No  crack  growth  from  the  FOD  impact  (or  natural-ini¬ 
tiation)  sites  has  been  observed  to  date  at  A K  values 
below  —2.9  MPa^/m.  This  is  over  50  pet  higher  than  the 
closure-free*  worst-case  threshold  value  of  A KrH  = 
1.9  MPa^/m,  defined  for  large  cracks  in  bimodal  Ti-6A1- 
4V  at  the  highest  possible  load  ratio.  The  worst-case, 
large-crack  threshold  can  thus  be  used  as  a  practical  lower 
bound  to  FOD-initiated  cracking  in  this  alloy. 
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Abstract 

The  objective  of  this  work  is  to  provide  a  rationale  approach  to  define  the  limiting  conditions  for  high-cycle  fatigue 
(HCF)  in  the  presence  of  foreign-object  damage  (FOD).  This  study  focused  on  the  role  of  simulated  FOD  in  affecting 
the  initiation  and  early  growth  of  small  surface  fatigue  cracks  in  a  Ti-6AMV  alloy,  processed  for  typical  turbine  blade 
applications.  Using  high-velocity  (200-300  m/s)  impacts  of  3.2  mm  diameter  steel  spheres  on  the  flat  surface  of  fatigue 
test  specimens  to  simulate  FOD,  it  is  found  that  the  resistance  to  HCF  is  markedly  reduced  due  to  earlier  crack  ini¬ 
tiation.  Premature  crack  initiation  and  subsequent  near-threshold  crack  growth  is  primarily  affected  by  the  stress 
concentration  associated  with  the  FOD  indentation  and  the  presence  of  small  microcracks  in  the  damaged  zone  (seen 
only  at  the  higher  impact  velocities).  Furthermore,  the  effect  of  residual  stresses  and  microstructural  damage  from 
FOD-induced  plastic  deformation  at  the  indent  sites  are  assessed  in  terms  of  fatigue  strength  degradation.  It  is  shown 
that  FOD-initiated  cracks,  that  are  of  a  size  comparable  with  microstructural  dimensions,  can  propagate  at  applied 
stress-intensity  ranges  on  the  order  of  A K  ~  1  MPa^m,  i.e.,  a  factor  of  roughly  two  less  than  the  “worst-case” 
threshold  stress-intensity  range  in  Ti-6AMV  for  a  crack  of  a  size  large  compared  to  microstructural  dimensions  (a 
“continuum-sized”  crack).  Correspondingly,  for  FOD-initiated  failures,  where  the  critical  condition  for  HCF  must  be 
defined  in  the  presence  of  microstructurally  small  cracks,  the  Kitagawa-Takahashi  diagram,  with  the  limiting  condi¬ 
tions  of  the  stress-concentration  corrected  107 -cycle  fatigue  limit  and  the  “worst-case”  A/^th  fatigue  threshold,  is 
proposed  as  a  basis  for  design  against  FOD-induced  HCF  failures.  ©  2000  Elsevier  Science  Ltd.  All  rights  reserved. 

Keywords:  Foreign-object  damage;  High-cycle  fatigue;  Fatigue-crack  growth  threshold;  Small  cracks;  Ti-6AMV 


1.  Introduction 

The  high-cycle  fatigue  (HCF)  of  aircraft  gas-turbine  engine  components  has  traditionally  been  analyzed 
using  a  modified  Goodman  diagram  approach;  however,  because  of  an  increasing  incidence  of  late  of  HCF- 
related  engine  failures,  particularly  involving  titanium  alloy  fan  and  compressor  blades,  this  approach  is 
currently  being  re-evaluated  [1-3].  Three  major  concerns  have  been  identified,  namely  (i)  interactions  of 
low-cycle  fatigue  (LCF)  and  HCF  loading,  (ii)  foreign-object  damage  (FOD)  and  (iii)  fretting.  All  these 
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factors  can  lead  to  premature  fatigue  crack  initiation  and  growth,  which  can  result  in  seemingly  unpre¬ 
dictable  in  service  failures,  due  to  the  high-frequency  vibratory  loading  (>1  kHz)  involved  [3],  Conse¬ 
quently,  design  against  HCF  based  on  the  damage-tolerant  concept  of  a  fatigue-crack  growth  threshold 
(AXth)  for  no  crack  growth  would  appear  to  offer  a  preferred  approach;  however,  such  thresholds  must 
reflect  representative  HCF  conditions  of  high  frequencies,  small  crack  sizes  and,  depending  on  the  blade 
span  location,  very  high  mean  stress  levels  [1-5]. 

FOD,  from  bird  strikes  or  hard  body  impacts,  e.g.,  stones,  primarily  on  the  fan  blades,  can  cause  (de¬ 
pending  on  the  impact  severity)  immediate  blade  fracture  [6]  or  damage  from  stress-raising  notches  [6-8], 
cracks  [8]  and  deformation  of  the  microstructure.  In  a  recent  study  on  Ti-6A1-4V  [9]  where  FOD  was 
simulated  by  the  high-velocity  impact  of  steel  shot  on  a  flat  surface,  such  damage  was  found  to  markedly 
reduce  the  fatigue  strength  principally  by  causing  the  earlier  initiation  of  fatigue  cracks.  Limiting  conditions 
for  potential  HCF-related  turbine  blade  failures  were  proposed  based  on  the  concept  of  a  “worst-case” 
threshold  for  no  fatigue-crack  growth  that  applies  strictly  for  “continuum-sized”  cracks,  i.e.,  large  or 
physically  small  cracks  with  dimensions  larger  than  the  characteristic  microstructural  size-scales.  The 
mechanistic  effect  of  FOD  on  the  fatigue-crack  growth  thresholds  was  assessed  in  terms  of  (i)  stress  con¬ 
centration  associated  with  the  FOD  indentation,  (ii)  FOD-induced  small  cracks  in  the  damage  zone,  (iii) 
localized  presence  of  impact  damage  associated  residual  stresses  at  locations  of  the  preferred  sites  for  crack 
initiation,  and  (iv)  microstructural  damage  from  FOD-induced  plastic  deformation.  Of  particular  note  was 
the  observation  of  the  formation  of  small  microcracks  in  the  damaged  region  of  the  higher  velocity  impacts; 
such  microcracks  provided  preferred  sites  for  premature  crack  initiation  on  subsequent  fatiguing.  However, 
the  quantitative  effect  of  these  FOD-induced  microcracks  on  the  fatigue-crack  growth  threshold  was  not 
investigated. 

The  objective  of  the  current  study  is  specifically  to  examine  the  role  of  FOD-induced  microcracks  (~2-25 
jim  in  surface  length)  on  the  earliest  stages  of  FOD-induced  fatigue  failures  in  the  same  Ti-6A1-4V  alloy, 
a  -f-  processed  for  typical  turbine  blade  applications.  This  is  achieved  by  defining  the  limiting  conditions 
for  crack  initiation  and  early  fatigue-crack  growth  in  the  presence  of  such  microcracks,  in  comparison  to 
the  fatigue  threshold  behavior  of  naturally  initiated  small  (2c  ~  45-1000  jim)  and  large  through-thickness 
(>5  mm)  cracks  in  undamaged  material. 


2.  Experimental  procedures 

2.1 .  Material 

The  titanium  alloy  Ti-6A1-4V  under  study,  of  chemical  composition  given  in  Table  1,  was  part  of  a  set  of 
forgings  produced  specifically  for  the  US  Air  Force  sponsored  programs  on  HCF;  its  /?-transus  temperature 
is  ~996°C.  Mill  annealed  63.5  mm  diameter  bar  stock  material  was  a  p  forged  in  one  stroke  at  938°C  on  a 
closed-end  channel  die  to  a  plate  size  of  400  x  150  x  20  mm3,  followed  by  air-cooling.  Subsequently,  the 
forging  plates  were  solution  treated  in  an  air  furnace  at  927°C  for  1  h  followed  by  fan-air  cooling;  this  re¬ 
sulted  in  a  cooling  rate  of  ~200°C/min.  Finally,  the  plates  were  stress  relieved  in  vacuo  for  2  h  at  705°C. 
Additional  material  and  processing  details  are  given  in  Ref.  [10].  The  resulting  bimodal  microstructure  of  the 
plate  material,  consisting  of  a  volume  fraction  of  ~60%  primary  a  (diameter  ~20  jim)  within  a  lamellar  a  4-  /? 
matrix,  is  shown  in  Fig.  1;  this  condition  has  also  been  termed  “solution  treated  and  overaged”  (STOA). 

Table  1 

Chemical  composition  of  Ti-6A1-4V  bar  stock  material  in  wt.%  [10] 

Ti  A1  V  Fe  O  N  H 

Bal.  6.30  4.19  0.19  0.19  0.013  0.0041 
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Table  2 


Uniaxial  tensile  properties  of  bimodal  Ti-6Al-4Va 


E  (GPa) 

0o.2  (MPa) 

UTS  (MPa) 

a F  (MPa) 

Tens.  el.  (%) 

RA  (%) 

no 

915 

965 

1310 

19 

45 

a E:  Young’s  modulus,  a0.2-  yield  stress,  UTS:  ultimate  tensile  strength,  <rF:  true  fracture  stress,  Tens,  el.:  tensile  elongation,  RA: 
reduction  of  area  at  fracture;  strain  rate  8  x  10-4  s_1. 


To  investigate  microstructural  changes  caused  by  FOD  impacts,  transmission  electron  microscopy 
(TEM)  foils  were  prepared  by  mechanical  grinding  in  water  and  then  thinned  in  a  Fischione  ion  mill  at  5 
kV.  For  the  impacted  condition,  the  TEM  foil  location  was  parallel  to  the  base  of  the  indent  (depth  below 
indent  is  approximately  150  pm). 

Uniaxial  tensile  properties,  based  on  testing  performed  in  the  T-direction  (parallel  to  the  length  of  the 
plate)  at  an  initial  strain  rate  of  8  x  10“4  s_l,  are  listed  in  Table  2. 

2.2.  Simulation  of  foreign-object  damage 

Foreign-object  damage  was  simulated  by  firing  3.2  mm  diameter  chrome-hardened  steel  spheres  onto  a  flat 
specimen  surface  of  tensile  fatigue  (so-called  modified  Kf)  specimens  at  an  angle  of  90°  (normal  impact,  Fig.  2) 
at  velocities  of  200,  250  and  300  m/s  using  a  compressed-gas  gun  facility.  Impact  velocities  of  200-300  m/s 
represent  typical  in-service  impact  velocities  on  aircraft  engine  fan  blades.  Simulated  impact  crater  dimen¬ 
sions  by  ballistic  shots  with  3.2  mm  diameter  steel  spheres  were  found  to  generate  damage,  typical  of  in-service 
induced  FOD  notches;  indeed,  the  resulting  root  radii  were  seen  to  correspond  closely  to  surveyed  in-service 
FOD  root  radii.  [8]  Further  details  of  the  1.2  m-long  compressed-gas  gun  test  setup  are  given  in  Ref.  [9]. 

2.3.  Fatigue  test  methods 

For  an  evaluation  of  the  smooth-bar  HCF  limit  of  the  bimodal  Ti-6A1-4V  alloy,  in  this  study  1000  Hz 
stress-life  (S-N)  tests  were  performed  on  hourglass  specimens  (diameter:  5.4  mm).  To  minimize  surface 
residual  stresses  and  high  dislocation  density  from  specimen  processing,  specimens  were  chemically  milled 
in  a  solution  of  50  ml  HF,  500  ml  HN03  and  1500  ml  H20  for  30  min  at  ambient  temperature.  Specimen 
axis  was  parallel  oriented  to  the  length  of  the  plate  (L-direction). 
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Fig.  2.  Schematic  illustration  showing  impact  angles  with  respect  to  specimen  geometry  and  loading  axis  for  fatigue  tests.  In  this  study, 
a  normal  (90°)  impact  angle  was  chosen. 


The  effect  of  FOD  on  the  fatigue  behavior  of  Ti-6A1-4V  was  examined  using  modified  K b  specimens. 
This  sample  has  a  rectangular  cross-section  of  3.2  x  7.2  mm2,  a  gauge  length  of  20  mm  and  cylindrical 
buttonhead  grips;  it  was  originally  developed  by  GE  aircraft  engines  to  assess  fatigue  performance  in  blade 
loading  configurations  [1 1].  A  nominally  stress-free  surface  in  the  gauge  section  was  prepared  using  stan¬ 
dard  stress  relief  and  chemical-milling  procedures.  As  noted  above,  steel  spheres  were  fired  at  high  velocity 
at  90°  to  this  surface  to  simulate  FOD.  After  impact,  specimens  were  subsequently  cycled  at  20  Hz 
(sinusoidal  waveform)  at  a  load  ratio  of  R  =  0.1  with  a  nominally  maximum  stress  of  500  MPa.  Preliminary 
tests  were  performed  at  nominal  maximum  stress  values  of  400  and  350  MPa  at  20  Hz  and  325  MPa  at  1000 
Hz.  Throughout  fatigue  testing,  specimens  were  periodically  removed  from  the  test  frame  and  the  progress 
of  crack  initiation  and  growth  examined  in  a  high-resolution  LEO  1550  field-emission  scanning  electron 
microscope  (SEM).  To  detect  the  initially  small-sized  FOD-  and  fatigue-induced  surface  cracks,  the  SEM 
was  operated  at  a  low  beam  voltage  of  3  kV.  For  the  present  alloy,  fractographic  observations  [9]  revealed 
an  approximate  crack  depth  (a)  to  surface  crack  length  (2c)  ratio: 

a/2c  ~  0.45  (2c  =  20-1000  pm).  (1) 

After  converting  the  surface  crack  length  (2c)  into  crack  depth  (a)  according  to  Eq.  (1),  the  rate  of  crack 
extension  caused  by  the  fatigue  loading  was  computed  using  standard  finite  difference  procedures  (with  no 
smoothing  routines)  and  is  expressed  in  terms  of  average  crack  extension  per  cycle  (d a/dN). 

Approximate  local  stress  intensities  for  small  cracks  at  base  and  crater  rim  of  the  indentation  were 
calculated  from  the  relationship  of  Lukas  [12]  for  small  cracks  at  notches,  which  includes  both  indentation 
geometry  and  stress  concentration  effects: 


where  kt  is  the  elastic  stress-concentration  factor,  Act  is  the  stress  range,  a  is  the  crack  depth,  and  p  is  the 
indentation  radius.  The  factor  of  0.7  is  based  on  the  stress-intensity  boundary  correction  and  the  crack- 
shape  correction  factors  [12]. 

Elastic  stress-concentration  factors,  ku  surrounding  the  impact  damage  sites  were  determined  based  on 
three-dimensional  photoelastic  experiments  performed  by  Nisida  et  al.  [13].  It  is  assumed  that  the  pile-up  of 
material  at  crater  rim  has  no  effect  on  k{,  because  of  the  relatively  small  height  of  the  pile-up  at  the  crater 
rim.  The  impact  crater  was  treated  like  hemispherical  hollow,  with  a  depth  corresponding  to  the  distance 
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Table  3 

Summary  of  test  conditions* 
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Test  no. 

Impact  ve¬ 
locity  (m/s) 

<2W 

(mm) 

h 

(mm) 

Microcrack 

initiation 

kt  base 

kt  rim 

(MPa) 

Aa 

(MPa) 

NF  (cycles) 

k( 

1 

300 

2.67 

0.67 

Rim 

1.60 

1.25 

500 

450 

3.4  x  104 

1.65 

2 

300 

2.67 

0.67 

Rim 

1.60 

1.25 

500 

450 

4.6  x  104 

1.55 

3 

300 

2.67 

0.67 

Baseb/rim 

1.60 

1.25 

500 

450 

6.5  x  104 

1.45 

4 

300 

2.67 

0.67 

Rim 

1.60 

1.25 

400 

360 

C 

5 

300 

2.67 

0.67 

Rim 

1.60 

1.25 

350 

315 

C 

6 

300 

2.67 

0.67 

Rim 

1.60 

1.25 

325 

292.5 

1.0  x  106 

1.70 

7 

250 

2.38 

0.54 

Base 

1.50 

1.20 

500 

450 

8.0  x  104 

1.40 

8 

250 

2.38 

0.54 

Base 

1.50 

1.20 

500 

450 

7.8  x  104 

1.40 

9 

2$0 

2.38 

0.54 

Base 

1.50 

1.20 

500 

450 

8.2  x  104 

1.40 

10 

200 

2.14 

0.43 

Base 

1.40 

1.15 

500 

450 

7.5  x  104 

1.40 

11 

200 

2.14 

0.43 

Base 

1.40 

1.15 

500 

450 

1.4  x  105 

1.30 

a0fV:  chord  width  of  impact  crater,  3:  indentation  depth  (measured  from  pile-up  at  the  crater  rim  to  the  base  of  indentation), 
location  of  microcrack  initiation,  kt:  elastic  stress-concentration  factor,  <7max:  maximum  stress,  A  o:  stress  range,  NP:  number  of  cycles  at 
failure,  kf\  effective-fatigue  stress-concentration  factor. 

b  Crack  initiation  at  FOD-test-related  Si  particle  at  indent  base. 
cLoad  shedding  test. 


from  the  pile-up  at  the  crater  rim  to  the  base  of  the  indentation.  Indeed,  recently  performed  three- 
dimensional  numerical  analysis  [14]  gave  identical  £t-values  at  the  crater  rim,  but  predicted  values  ~10% 
higher  at  the  base  of  the  indentations.  Table  3  lists  the  impact  site  geometry  dimensions  and  the  resulting 
elastic  stress-concentration  factors  according  to  photoelastic  experiments  [13],  which  reach  a  maximum 
value  at  the  base  of  the  indentation  sites,  i.e.,  ranging  from  kt  =  1.6  (for  a  300  m/s  impact  site)  to  kt  =  1.4 
(for  a  200  m/s  site).  Corresponding  values  at  the  pile-up  at  the  crater  rim  range  from  kt  =  1.25  (300  m/s)  to 
kt  —  1.15  (200  m/s).  Effective  stress  concentration  factors,  £f,  for  FOD  were  estimated  from  the  ratio  of  the 
maximum  stress  (at  R  =  0.1)  in  an  undamaged,  smooth-bar  sample  to  the  corresponding  far-field  maximum 
stress  of  a  sample  following  simulated  FOD  damage  to  give  the  same  life. 

It  should  be  noted  that  contributions  to  the  stress-intensity  values  (Eq.  (2))  from  the  residual  stress  field 
surrounding  the  indentation  have  not  been  taken  into  account,  due  to  uncertainty  in  the  value  of  these  local 
residual  stresses.  Numerical  analysis  by  Chen  and  Hutchinson  [14]  and  experimental  synchronous  X-ray 
micro-diffraction  studies  at  Berkeley  [15]  are  currently  focusing  on  this  issue. 


3.  Results  and  discussion 

3.1.  Simulation  of  foreign-object  damage 

Typical  damage  sites  caused  by  ballistic  impacts  of  3.2-mm  steel  spheres  on  flat  surfaces  under  normal 
impact  (90°)  at  impact  velocities  of  200  and  300  m/s  are  shown,  respectively,  in  the  scanning  electron 
micrographs  in  Fig.  3a  and  b.  The  nature  of  the  damage,  as  characterized  by  size  and  shape  of  the  indents 
and  location  of  microcracking,  is  a  marked  function  of  impact  velocity,  as  listed  in  Table  3.  At  velocities 
above  250  m/s,  a  pronounced  pile-up  of  material,  some  of  it  detached,  is  evident  at  the  crater  rim;  in  ad¬ 
dition,  circumferentially  oriented  intense  shear  bands  are  seen,  emanating  from  the  surface  of  the  impact 
crater  (Fig.  3b);  such  effects  are  not  apparent  for  200  m/s  impacts  (Fig.  3a).  Moreover,  for  the  high  velocity 
impact  at  300  m/s,  plastic  flow  of  material  at  the  crater  rim  results  in  multiple  micro-notches  (Fig.  4a)  and 
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Fig.  3.  Scanning  electron  micrographs  of  impact  damage  sites  for  (a)  200  m/s  and  (b)  300  m/s  impact  velocities,  indicating  increasing 
damage  with  increasing  velocity  with  respect  to  indentation  size,  pile-up  formation  at  crater  rim  and  intense  shear  band  formation 
emanating  at  the  indent  surface. 


microcracking  (Fig.  4b).  The  microcracks  are  quite  small,  i.e.,  between  ~2  and  25  jam  in  surface  length,  but 
when  favorably  oriented  with  respect  to  the  subsequently  applied  fatigue  stress  axis,  they  clearly  provided 
the  nucleation  sites  for  high-cycle  fatigue-crack  growth  (Fig.  4c).  Such  microcracking  could  not  be  detected 
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Fig.  4.  Scanning  electron  micrographs  showing  the  presence  of  microcracking  at  crater  rim  of  an  FOD  indent  after  the  highest  velocity 
(300  m/s)  impacts.  Micrographs  show  (a)  local  notches  at  crater  rim  caused  by  plastic  flow  of  material,  (b)  microcracks  emanating  from 
such  notches,  and  (c)  subsequent  fatigue-crack  growth  initiated  at  such  microcracks  after  N  =  5000  cycles  at  nominal  o-max  —  500  MPa 
(*  =  0.1). 

in  this  alloy  at  impact  velocities  below  250  m/s.  This  strongly  implies  that  low  velocity  or  quasi-static  in¬ 
dentations  do  not  provide  a  realistic  simulation  of  FOD,  because  such  lower  velocity  impacts  do  not 
necessarily  induce  all  the  damage  processes  associated  with  this  phenomenon;  specifically,  FOD-induced 
microcracking  is  not  seen  in  this  alloy  at  impact  velocities  below  ~250  m/s. 

TEM  was  performed  to  investigate  any  microstructural  changes  caused  by  FOD  impact.  The  undam¬ 
aged  microstructure  (Fig.  5a)  revealed  in  both  the  globular  primary  a  phase  and  the  a  +  /?  lamellar  matrix 
(alternating  a  lamellae  and  /?  lamellae)  a  low  dislocation  density.  The  damaged  microstructure  following  a 
ballistic  impact  is  shown  in  Fig.  5b  (TEM  foil  prepared  from  just  below  base  of  indentation).  Both  the 
primary  a  phase  and  the  a  T-  /?  lamellar  matrix  exhibit  a  very  high  dislocation  density.  It  is  evident  that 
the  impact  loading  introduces  a  very  high  density  of  dislocations  below  the  indentation  site,  with  some  of 
the  dislocations,  specifically  within  the  primary  a  phase,  arranged  in  slip  bands  (see  arrows,  Fig.  5b). 

3.2.  Fatigue  properties 

The  fatigue  life  of  undamaged  smooth-bar  specimens  was  significantly  affected  by  prior  high-velocity 
impact  damage,  as  clearly  illustrated  by  the  stress-life  (S-N)  data  in  Fig.  6.  Previously  published  fatigue 
data  [16],  tested  at  a  frequency  of  85  Hz,  are  shown  together  with  additionally  tested  1000  Hz  data.  At  a  far- 
field  maximum  stress  of  500  MPa  (R  =  0.1),  which  represents  the  107-cycle  fatigue  limit  1  for  undamaged 


1  107  cycles  fatigue  limit  of  amax  =  500  MPa  was  derived  from  the  data  shown  in  Fig.  6.  These  data  have  been  more  recently 
confirmed  by  the  results  of  Bellows  et  al.  [17]  at  the  107  cycle  limit,  and  by  ourselves  at  the  108  cycle  limit;  all  these  data  suggest  a 
fatigue  limit  of  500  MPa. 
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Fig.  5.  Transmission  electron  microscopy  bright-field  images  of  (a)  undamaged  microstructure  showing  globular  primary  a.  phase 
within  lamellar  a  -f  p  matrix  (alternating  a  lamellae  (bright  contrast)  and  p  lamellae  (dark  contrast))  and  (b)  300  m/s  impacted  mi¬ 
crostructure  located  close  to  the  base  of  the  indentation  site.  After  high-velocity  impact,  the  microstructure  shows  very  high  density  of 
very  small  dislocations  with  some  dislocations,  specifically  within  the  primary  a.  phase,  arranged  in  preferred  microbands  (arrows). 


material,  final  failure  in  the  damaged  material  occurred  between  ~4  and  10  x  104  cycles.  These  results  show 
that  FOD  severely  reduced  fatigue  lives,  by  over  two  orders  of  magnitude,  compared  to  smooth-bar 
properties. 
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Fig.  6.  S-N  data  show  reduced  fatigue  life  due  to  simulated  FOD  as  compared  to  smooth-bar  specimens  in  bimodal  Ti-6A1-4V. 
Previously  published  results  shown  from  Ref.  [16]  are  complemented  by  1000  Hz  data. 

3.2. 2.  FOD-induced  crack  initiation 

With  respect  to  the  crack  initiation  at  FOD  impact  sites  (Fig.  7),  the  location  of  the  initiation  sites  was 
found  to  depend  strongly  on  impact  velocity.  For  300  m/s  impact,  fatigue  cracks  initiated  from  FOD- 
induced  microcracks  at  the  crater  rim  (Fig.  7a),  whereas  for  lower  velocity  impacts  (200-250  m/s),  surface 
cracks  tended  to  form  at  the  base  of  the  indentation  site,  as  shown  in  Fig.  7b. 

The  change  in  crack  nucleation  mechanisms  with  impact  velocity  results  from  the  interplay  of  stress 
concentration,  the  presence  of  microcracking  and  residual  stresses.  The  crater  rim  and  the  base  of  the  FOD 
indents  are  regions  of  high  stress  concentration  [9].  Furthermore,  the  crater  rim  is  a  region  of  tensile 
residual  stresses,  whereas  the  base  of  the  indent  is  a  region  of  relatively  low  compressive  residual  stresses 
[14].  The  stress  concentration  at  the  base  of  the  indent,  though,  is  always  larger  than  that  at  the  crater  rim 
(Table  3);  this  coupled  with  the  absence  of  microcracking  at  the  lower  impact  velocities  (200-250  m/s)  and 
low  compressive  residual  stresses  leads  to  premature  crack  initiation  at  the  indent  base.  Indeed,  for  such 
lower  velocity  impacts,  the  damage  sites  are  relatively  shallow  such  that  the  effective-fatigue  stress-con¬ 
centration  factors  (measured  from  the  S-N  data  in  Fig.  6)  are  essentially  identical  to  the  computed  theo¬ 
retical  elastic  values,  i.e.,  k{  ~  1.4,  kt  ~  1.4-1. 5  (Table  3). 

For  the  high  velocity  impact  (300  m/s),  conversely,  FOD-induced  microcracking  in  the  pile-up  region  of 
the  impact  crater  rim  provides  the  dominant  site  for  the  initiation  of  fatigue  cracks  on  subsequent  cycling. 
In  addition,  tensile  residual  hoop  stresses  (estimated  in  Ref.  [14]),  the  highly  deformed  microstructure  in 
this  region  (Fig.  5b),  and  the  slightly  lower  stress-concentration  factors  (kt  ~  1.25,  compared  to  kt  ~  1.6  at 
the  indent  base)  are  all  contributing  factors. 

A  further  mode  of  crack  initiation  could  be  detected  at  the  surface  of  the  simulated  FOD  impact  sites. 
Fig.  7c  shows  that  even  smallest  dust  particles  from  the  test  set-up  (10  pm  Si-containing  particles)  pressed 
into  the  surface  by  FOD  impact  resulted  in  a  preferential  crack  nucleation  site. 

3.2.2 .  Fatigue  thresholds  and  crack  propagation 

Thresholds  for  fatigue-crack  growth  and  the  subsequent  near-threshold  fatigue-crack  growth  rates  were 
measured  on  all  FOD-damaged  samples;  results  are  compared  in  Fig.  8  with  previous  results  on  this  alloy 
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Fig.  7.  Scanning  electron  micrographs  of  fatigue  cracks  that  formed  (a)  at  the  pile-up  of  a  300  m/s  impact  velocity  indentation  crater 
(nominally  applied  ermax  =  500  MPa,  R  —  0.1,  N  —  29,000  cycles),  (b)  at  the  base  of  a  200  m/s  impact  velocity  indentation  crater 
(nominally  applied  amax  —  500  MPa,  R  =  0.1,  N  =  54,000  cycles),  and  (c)  at  a  Si  containing  dust  particle  that  was  pressed  into  the  base 
of  a  300  m/s  impact  velocity  indentation  crater  (nominally  applied  <7max  =  500  MPa,  R  —  0.1,  N  =  24,000  cycles). 

for  the  behavior  of  naturally  initiated  small  (~45-1000  (im)  cracks  [16]  and  through  thickness  large  (>5 
mm)  cracks  [18]  in  undamaged  material.  The  small  crack  growth-rate  data  are  shown  as  a  function  of 
surface  crack  length,  2c,  and  of  the  applied  stress-intensity  range  (corrected  for  the  stress  concentration  of 
the  indent  using  Eq.  (2)).  For  the  FOD-induced  small  cracks,  growth  rates  at  R  =  0.1  can  be  described  by 
following  best-fit  relationship  (units:  m/cycle,  MPa^m): 

da/dN  =  1 0— ,0(AAT)2'8.  (2) 

It  can  be  seen  that  FOD-initiated  small-crack  growth  rates  are  aligned  within  a  scatter  band  that  ap¬ 
proximately  varies  between  the  large-crack  data  (as  a  lower  bound)  and  naturally  initiated  crack  data  (as  an 
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Fig.  8.  Comparison  of  crack-growth  fates,  da/dN,  as  a  function  of  applied  stress-intensity  range,  AK,  of  FOD-  and  naturally-initiated 
small  cracks  and  through-thickness  large  cracks  in  bimodal  Ti~6AL4V.  Small  cracks  were  initiated  at  o-max  =  650  MPa  (R  =  -1)  and 
the  stress-intensity  range  was  based  only  on  the  tensile  portion  of  the  loading  cycle  [16].  Large-crack  growth  data  for  R  <  0.8  were 
derived  from  constant  load-ratio  tests,  whereas  for  R  ^  0.8,  constant-A'max/increasing-A^mn  testing  was  used  [5],  Stress-intensity  data 
for  FOD-initiated  crack  growth  has  been  corrected  for  the  stress  concentration  associated  with  the  indent  using  the  K  solution  of  Lukas 
[12]  and  stress-concentration  factors  from  Ref.  [13]. 


upper  bound).  There  is  also  a  tendency  for  the  growth  rates  of  the  FOD-initiated  cracks  formed  at  the 
crater  rim  (rim  cracks)  to  be  slightly  faster  than  those  that  formed  at  the  base  (base  cracks).  In  general,  the 
growth  rates  of  the  naturally  and  FOD-initiated  small  cracks  are  roughly  an  order  of  magnitude  faster  than 
corresponding  large-crack  results  at  near-threshold  levels,  i.e.,  typical  for  the  small-crack  effect  (see  e.g., 
Ref.  [19]).  Above  a  A K  of  ~10  MPa^/m,  however,  the  large  and  small  crack  results  tend  to  merge,  con¬ 
sistent  with  the  increased  dimensions  of  the  small  cracks. 

As  discussed  in  detail  elsewhere  [5,18],  the  large-crack  results  in  Fig.  8  were  determined  up  to  the  highest 
load  ratios  ( R  ~  0.1-0.95)  under  conditions  (constant-ATmax/increasing-A:min)  chosen  to  minimize  the  effect 
of  crack  closure;  the  threshold  of  ~1.9  MPa^/m  at  R  =  0.95  is  thus  considered  to  be  a  “worst-case 
threshold”  for  cracks  of  dimensions  large  compared  to  the  scale  of  the  microstructure,  i.e.,  for  “continuum¬ 
sized”  cracks.  Of  significance  in  the  present  results  is  that  the  smallest  FOD-initiated  cracks,  which  have 
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dimensions  of  ~2-25  pm,  i.e.,  comparable  with  microstructural  size  scales,  can  propagate  at  stress  inten¬ 
sities  well  below  this  “worst-case”  threshold,  specifically  at  applied  stress  intensities  down  to  a  AK  ~  1 
MPa  y/m.  The  implication  of  this  result  is  that  in  the  bimodal  Ti-6AT4V  alloy,  there  is  a  definitive  lower- 
bound  A£th  threshold  (~1.9  MPa  ^/m)  for  “continuum-sized”cracks,  i.e.,  large  or  physically  small  cracks 
with  dimensions  larger  than  the  characteristic  microstructural  size-scales;  however,  when  crack  sizes  ap¬ 
proach  such  microstructural  size  scales,  crack  growth  at  applied  stress  intensities  considerably  less  than  this 
threshold  is  possible,  presumably  due  to  biased  sampling  of  the  “weak  links”  in  the  microstructure  by  the 
microstructurally  small  crack. 

With  respect  to  the  possibility  of  finding  a  similar  well-defined  threshold  for  cracks  emanating  from  re¬ 
gions  of  impact  damage,  the  present  results  indicate  that  FOD-initiated  microcracks,  with  dimensions  in  the 
range  ~2-25  pm,  can  readily  propagate  in  Ti-6AMV  at  stress-intensity  ranges  as  low  as  A K  ~  1  MPa  y/m 
at  nominal  maximum  stresses  from  325  to  500  MPa  (R  =  0.1);  moreover,  such  small  cracks  show  no 
pronounced  threshold  behavior.  Indeed,  it  is  believed  that  a  AK  of  1  MPa  y/m  is  the  lowest  stress-intensity 
range  ever  measured  for  crack  growth  in  Ti-6A1-4V,  representing  a  A K  value  roughly  a  factor  of  two 
smaller  than  the  lowest  measured  fatigue  threshold  for  a  “continuum-sized”  crack. 

It  should  be  noted  here  that  there  are  still  some  uncertainties  in  the  calculation  of  the  driving  forces  for 
the  propagation  of  the  FOD-induced  “microstructurally”  small  cracks,  specifically  because  of  their  size  in 
relation  to  the  scale  of  local  cyclic  plasticity  (although  maximum  plastic-zone  sizes  are  only  on  the  order  of 
~0.2-l  pm  for  1-10  pm  sized  cracks  at  A K  ~  1-2  MPa  y/m),  and  because  of  the  presence  of  both  tensile  and 
compressive  residual  stresses.  Although  residual  stresses  are  not  included  in  the  calculation  of  K  (Eq.  (2)), 
as  a  first  approximation  such  stresses  do  not  change  the  stress-intensity  range  (AX);  they  affect  the  mean 
stress  and  hence  alter  the  local  load  ratio.  Residual  stresses  are  being  numerically  analyzed  using  a  quasi¬ 
static  model  [14].  Results  for  the  lower  velocity  impacts  (200  m/s)  have  been  experimentally  verified  by  X- 
ray  micro-diffraction  methods  [15],  but  numerically  results  severely  overestimate  the  measured  residual 
stresses  for  300  m/s  impact,  presumably  due  to  rate-sensitive  phenomena  such  as  shear-band  formation  and 
local  heating.  The  latter  effect,  the  possible  relaxation  of  residual  stresses  due  to  fatigue  loading,  and  the 
appropriate  method  of  superposition  of  the  applied  and  residual  stresses  to  estimate  local  driving  forces,  are 
currently  under  study. 

It  is  clear  that  our  previously  stated  argument  [5,9,18]  for  the  notion  of  a  high-cycle  fatigue  threshold, 
which  was  based  on  the  concept  of  a  “worst-case”  threshold  (determined  under  R  —>  1  conditions  that 
minimize  crack  closure),  applies  strictly  for  “continuum-sized”  cracks;  it  does  not  provide  a  lower-bound 
threshold  stress  intensity  for  cracks  on  the  scale  of  microstructural  dimensions,  as  in  the  earliest  stages  of 
FOD-induced  fatigue  failure.  However,  coupling  the  notion  of  the  worst-case  threshold  stress  intensity  with 
the  fatigue  limit,  as  in  the  Kitagawa-Takahashi  diagram  [20],  does  provide  an  alternative  approach  to 
defining  limiting  conditions  for  HCF  and  FOD-related  damage,  as  discussed  below. 

5.2.5.  Threshold  conditions  based  on  the  Kitagawa-Takahashi  diagram 

As  an  alternative  HCF-design  approach  against  FOD,  which  takes  into  account  the  presence  of  mi¬ 
crostructurally  small  cracks,  Fig.  9  shows  the  influence  of  crack  size  on  the  worst-case  fatigue  thresholds  in 
the  form  of  a  modified  Kitagawa-Takahashi  diagram  [20],  where  the  stress  range  for  a  corresponding 
crack-growth  threshold  condition  (d a/dN  =  10"u  —  10“10  m/cycle)  is  plotted  versus  the  crack  length. 
According  to  the  Kitagawa-Takahashi  approach  (solid  lines),  the  stress  range  A<x  for  crack  arrest  is  defined 
by  the  107 -cycle  fatigue  limit  (Aohcf  =  450  MPa)  with  the  fatigue-crack  growth  threshold  (AKth)  measured 
on  “continuum-sized”  cracks.  El  Haddad  et  al.  [21]  empirically  quantified  this  approach  by  introducing  a 
constant  (intrinsic)  crack  length  2c0,  such  that  the  stress  intensity  is  defined  as  Y  Aay/n(2c~i^2co),  where  Y 
is  the  geometry  factor.  The  present  results,  plotted  in  this  format  in  Fig.  9,  show  that  crack  growth  from 
FOD-induced  microstructurally  small  cracks  can  apparently  occur  at  nominal  stress  ranges  (closed  symbols) 
below  the  Kitagawa/El  Haddad  limit,  defined  by  the  worst-case  AKTh  threshold  and  107-cycle  fatigue  limit; 
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FOD-induced  Small  Cracks  (data /V=  lO'^-IO"10  m/cycle): 

•  closed  symbol  =  nominal  stress  range 
O  open  symbol  =  stress  concentration  corrected  (kt  =  1.25) 


Surface  Crack  Length,  2c  (pm) 

Fig.  9.  Crack  growth  conditions  of  FOD-induced  “microstructurally”  small  cracks  ( da/dN  =  10_n  —  10_,°  m/cycle)  as  a  function  of 
cyclic  stress  range  and  surface  crack  length  are  shown  in  a  modified  Kitagawa-Takahashi  diagram.  Crack  growth  conditions  were 
calculated  for  nominal  (closed  symbols)  and  stress-concentration  corrected  stress  ranges  (open  symbols),  and  compared  to  smooth-bar 
107 -cycles  fatigue  limit  and  “continuum”  large-crack  growth  threshold  (solid  line)  and  to  a  small-crack  growth  threshold  model  based 
on  the  solution  given  by  El  Haddad  et  al.  [21]  (dashed  curve). 


however,  if  these  stresses  are  corrected  for  the  effect  of  the  stress  concentration  associated  with  the  FOD 
indent  (open  symbols),  crack  growth  occurs  above  the  Kitagawa/El  Haddad  limit. 


4.  Summary  and  conclusions 

Based  on  a  study  of  the  role  of  FOD  on  thresholds  for  high-cycle  fatigue  in  a  turbine  blade  Ti-6A1-4V 
alloy,  involving  considerations  of  (i)  the  stress  concentration  associated  with  the  FOD  indentation,  (ii) 
FOD-induced  microcracks,  (iii)  the  localized  presence  of  residual  stresses,  and  (iv)  microstructural  damage 
from  FOD-induced  plasticity,  the  following  conclusions  can  be  made: 

(1)  Simulated  high-velocity  (200-300  m/s)  FOD  impact  of  steel  spheres  on  a  flat  surface  was  found  to 
markedly  degrade  resistance  to  high-cycle  fatigue.  For  example,  200-300  m/s  impacts  on  smooth-bar 
samples  reduced  the  fatigue  life  by  some  two  orders  of  magnitude  at  an  applied  stress  corresponding  to  the 
smooth-bar  107 -cycles  fatigue  limit  (R  =  0.1),  an  effect  that  is  related  to  earlier  crack  initiation. 

(2)  The  principal  effect  of  FOD  in  reducing  fatigue  life  was  found  to  induce  preferred  sites  for  the 
premature  initiation  of  fatigue  cracks.  For  lower  impact  velocities  (200-250  m/s),  such  initiation  occurred  at 
the  base  of  the  impact  sites,  where  the  stress  concentration  was  highest.  Conversely,  at  higher  impact  ve¬ 
locities  (250-300  m/s),  initiation  occurred  at  FOD-induced  microcracks  in  the  pile-up  of  material  around 
the  impact  crater  rim. 
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(3)  At  nominal  maximum  stresses  from  325  to  500  MPa  ( R  =  0.1),  FOD-initiated  microcracks  (~2-25 
jim  in  size)  propagated  at  applied  stress  intensities  as  low  as  A K  =  1  MPa  y/m  and  showed  no  pronounced 
threshold  behavior.  This  is  well  below  the  “worst-case”  AATth  threshold  of  1.9  MPa  for  “continuum¬ 
sized”  cracks  (i.e.,  cracks  larger  than  the  characteristic  microstructural  size  scales)  in  this  alloy.  Such  FOD- 
induced  fatigue  cracks  propagated  at  rates  roughly  an  order  of  magnitude  faster  than  corresponding  large 
(>5  mm)  cracks  at  the  same  applied  stress-intensity  range.  Small  cracks  initiated  at  the  rim  of  the  inden¬ 
tation  sites  appeared  to  grow  at  rates  slightly  faster  than  the  cracks  that  initiated  at  the  base. 

(4)  Correspondingly,  the  critical  condition  for  HCF  in  the  bimodal  Ti-6A1— 4V  in  the  presence  of 
“continuum-sized”  cracks  (of  a  size  >50-100  pm)  can  be  defined  in  terms  of  the  “worst-case  fatigue 
threshold  (determined  under  R  — ►  1  conditions  that  minimize  crack  closure).  However,  this  concept  alone  is 
inappropriate  where  microstructurally  small  cracks  (of  a  size  ~2-50  pm)  are  relevant. 

(5)  For  FOD-initiated  failures,  where  the  critical  condition  for  HCF  must  be  defined  in  the  presence  of 
microstructurally  small  cracks,  the  Kitagawa-Takahashi  diagram  is  more  appropriate,  where  the  limiting 
conditions  are  defined  in  terms  of  the  stress-concentrated  corrected  107-cycle  fatigue  limit  (at  microstruc¬ 
turally  small  cracks  sizes)  and  the  “worst-case”  AKm  fatigue  threshold  (at  larger,  “continuum-sized”  crack 
sizes). 
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Abstract 

The  objective  of  this  study  was  to  evaluate  the  influence  of  microstructure  on  the  susceptibility  to  high-cycle  fatigue  (HCF) 
failure  in  Ti-6A1-4V  following  foreign-object  damage  (FOD),  specifically  by  comparing  a  fine-grained  bi-modal  microstructure 
with  a  coarse  grained  lamellar  microstructure.  FOD  was  simulated  by  high-velocity  impacts  of  steel  spheres  on  a  flat  surface.  This 
caused  a  marked  reduction  in  the  smooth-bar  fatigue  strength  in  both  microstructures,  primarily  because  of  the  premature  initiation 
of  fatigue  cracking  resulting  from  the  stress  concentration  associated  with  damage  site  and  FOD-induced  microcracking.  The  FOD- 
initiated  microcracks  were  found  to  be  of  a  size  comparable  with  microstructural  dimensions,  and  on  subsequent  fatigue  loading 
were  seen  to  propagate  at  applied  stress-intensity  levels  below  AAM  MPam,/2,  i.e.  a  factor  of  roughly  two  less  than  the  ‘worst- 
case’  threshold  stress-intensity  range  in  Ti-6A1-4V  for  a  crack  of  large  size  compared  to  microstructural  dimensions  (a  ‘continuum¬ 
sized’  crack).  A  rational  approach  against  HCF  failures  from  such  microcracks  is  proposed  for  the  fine-grained  bi-modal  microstruc¬ 
ture  based  on  the  Kitagawa-Takahashi  diagram.  For  the  bi-modal  microstructure,  the  Kitagawa-Takahashi  diagram  provides  a  basis 
for  describing  the  threshold  conditions  for  FOD-induced  HCF  failures,  in  terms  of  the  stress  concentration  corrected  smooth-bar 
fatigue  limit  for  small  crack  sizes  and  the  worst-case  threshold  for  larger  continuum-sized  cracks.  However,  this  approach  was 
found  to  be  less  applicable  to  the  coarse  grained  lamellar  microstructure,  primarily  because  of  low  small-crack  growth  resistance 
relative  to  its  higher  smooth-bar  fatigue  limit.  ©  2001  Elsevier  Science  Ltd.  All  rights  reserved. 

Keywords:  Foreign-object  damage;  High-cycle  fatigue;  Fatigue-crack  growth  threshold;  Small  cracks;  Ti-6AMV 


1.  Introduction 

Because  of  an  increasing  number  of  incidents  of  high- 
cycle  fatigue  (HCF)  related  jet  engine  failures  of  military 
aircraft,  currently  used  HCF  design  methodologies, 
based  on  stress-life  (S-N)  curves  and  the  Goodman  dia¬ 
gram,  are  being  re-evaluated  [1-3].  Both  foreign-object 
damage  (FOD)  from  hard  body  impacts  (e.g.  debris 
ingested  from  the  runway  into  the  inlet  of  a  jet  engine, 
which  can  primarily  damage  the  leading  edge  of  fan 
blades)  and  fretting  (e.g.  particularly  in  the  blade 
dovetail/disk  sections)  are  identified  as  critical  problems 
[1-3],  which  can  lead  to  premature  fatigue  crack 
initiation  and  subsequent  crack  growth.  This  in  turn  can 
result  in  seemingly  unpredictable  in  service  failures,  due 
to  the  high-frequency  vibratory  loading  (>1  kHz) 
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involved  [3].  Even  cracks  growing  at  slow  per-cycle 
velocities  of  ~  10“ 10  m/cycle  can  propagate  to  failure  in 
a  short  time  period.  In  light  of  this,  design  against  HCF 
based  on  the  damage-tolerant  concept  of  a  fatigue-crack 
growth  threshold  (AA^TH)  for  no  crack  growth  would 
appear  to  offer  a  preferred  approach;  however,  such  thre¬ 
sholds  must  reflect  representative  HCF  conditions  of 
small  crack  sizes,  high  frequencies  and  high  mean  stress 
levels  (depending  on  the  blade  span  location)  [1-5]. 

As  a  basis  for  such  an  approach,  past  studies  have 
been  focused  on  the  role  of  FOD  in  affecting  the 
initiation  and  early  growth  of  small  surface  fatigue 
cracks  under  HCF  conditions  in  fan  blade  processed  Ti- 
6A1-4V  alloy  with  fine-grained  bi-modal  microstructure1 
[6-10].  The  prime  effect  of  FOD  in  markedly  lowering 
resistance  to  HCF  was  found  to  be  due  to  earlier  crack 
initiation.  Specifically,  premature  crack  initiation  and 


1  This  microstructural  condition  has  also  been  termed  solution 
treated  and  overaged  (STOA). 
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subsequent  near-threshold  crack  growth  were  promoted 
by  the  stress  concentration  associated  with  the  FOD 
indentation  [6-9]  and  the  presence  of 
(‘microstructurally’)  small  cracks  [7,10]  in  the  damaged 
zone;  in  addition,  residual  stress  gradients  [6,7,9]  and 
microstructural  changes  [6,7]  due  to  FOD-induced  plas¬ 
tic  deformation  play  an  important  role.  Limiting  con¬ 
ditions  for  potential  HCF-related  turbine  failures  were 
proposed  based  on  the  concept  of  a  ‘worst-case’  thres¬ 
hold  for  no  fatigue  crack  growth,  an  approach  that 
strictly  applies  for  ‘continuum-sized’  cracks,  i.e.  large  or 
physically  small  cracks  with  dimensions  larger  than  the 
characteristic  microstructural  size-scales.  However,  in 
the  presence  of  microstructurally  small  cracks  at  FOD 
indentation  site,  limiting  threshold  conditions  for  crack 
growth  were  alternatively  defined  in  terms  of  stress  con¬ 
centration  corrected  stress  ranges  in  the  context  of  the 
Kitagawa-Takahashi  diagram  [11].  To  provide  limiting 
criteria  for  HCF  failures  using  this  approach,  the  thres¬ 
hold  conditions  were  described  in  terms  of  the  smooth- 
bar  fatigue  limit  (at  microstructurally  small  crack  sizes) 
and  worst-case  large-crack  fatigue  threshold  (at  larger, 
continuum-sized,  crack  sizes)  [7]. 

The  purpose  of  the  present  study  is  to  examine  the 
influence  of  microstructural  dimensions  on  the  fatigue 
crack  initiation  and  early  fatigue  crack  growth  from 
FOD-induced  microcracks  by  comparing  fine-grained  bi- 
modal  microstructure  with  coarser  grained  (3  annealed 
lamellar  microstructure.  In  contrast  to  the  bi-modal 
microstructure  where  FOD-induced  microcracks  (2c~2- 
50  pm)  are  of  comparable  dimensions  to  the  fine-grained 
bi-modal  microstructure,  in  the  lamellar  microstructure 
such  microcracks  are  far  smaller  than  the  average  lamel¬ 
lar  colony  size  (-500  pm). 


2.  Experimental  procedures 

The  Ti-6A1-4V  alloy  (Ti-6.3Al-4.2V-fi.2Fe-0.2O, 
wt.%)  in  the  bi-modal  microstructural  condition  was  part 
of  a  set  of  forgings  produced  specifically  for  the  U.S. 
Air  Force  sponsored  programs  on  HCF.  Mill  annealed 
63.5  mm  diameter  bar  stock  material  was  a+p  forged 
to  a  plate  size  of  400x150x20  mm3.  Subsequently,  the 
forging  plates  were  solution  treated  (below  the  P-transus 
of  ~996°C)  at  927°C  for  1  h  followed  by  fan  air  cooling. 
Finally,  the  plates  were  stress  relieved  for  2  h  at  705°C. 
Additional  material  and  processing  details  are  given  in 
Ref.  [12].  The  resulting  bi-modal  microstructure  of  the 
plate  material,  consisting  of  a  volume  fraction  of  -60% 
primary  a  (diameter  -20  pm)  within  a  lamellar  a+p 
matrix,  is  shown  in  Fig.  1(a).  To  obtain  a  fully  lamellar 
microstructure  for  comparison,  specimen  blanks 
(20x20x90  mm3)  of  bi-modal  plate  material  were  p 
annealed  at  1050°C  for  30  min  and  subsequently  cooled 
by  a  He-quench  (cooling  rate  of  -100°C/min).  Finally, 


Fig.  1.  Microstructures  of  Ti-6A1-4V:  (a)  bi-modal  (solution  treated 
and  overaged,  STOA)  and  lamellar  (p  annealed). 


the  blanks  received  the  same  stress  relief  treatment  as 
bi-modal  plate  material  (2  h  at  705°C).  The  lamellar 
microstructure  shown  in  Fig.  1(b)  exhibited  a  p  grain 
size  of  -1000  pm,  a  colony  size  (parallel  oriented  a 
phase  plates)  of  -500  pm  and  lamellae  thickness  of 
-1  pm,  corresponding  to  the  lamellae  thickness  of  the 
bi-modal  microstructure.  Uniaxial  tensile  properties 
(based  on  testing  performed  parallel  to  the  length  of  the 
plate  at  an  initial  strain  rate  of  8x1 0~4  s-1)  are  listed  in 
Table  1.  The  slightly  higher  yield  stress  of  975  MPa  of 

Table  1 

Uniaxial  tensile  properties  of  Ti-6AMV.  <J02‘.  yield  stress,  UTS:  ulti¬ 
mate  tensile  strength,  TE:  tensile  elongation,  RA:  reduction  of  area  at 
fracture;  strain  rate  8xl0-4s_1 


Microstructure 

Ob.2  (MPa) 

UTS  (MPa) 

TE  (%) 

RA  (%) 

Bi-modal 

915 

965 

19 

45 

Lamellar 

975 

1055 

12 

10 
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the  lamellar  microstructure,  as  compared  to  915  MPa  of 
the  bi-modal  microstructure,  is  presumably  due  to  higher 
cooling  rate  from  solution  treatment  temperature.  The 
markedly  higher  ductility  of  the  bi-modal  condition 
(reduction  in  area,  RA=45%),  compared  to  the  lamellar 
condition  (RA=10%),  can  be  attributed  to  the  much 
smaller  grain  size  limiting  the  effective  slip  length. 

In  addition  to  the  stress-life  (S-N)  data  taken  for  bi- 
modal  Ti-6A1^4V  from  Ref.  [13]  (for  Nf<2xl07  cycles), 
S-N  tests  were  performed  on  hourglass  specimens 
(diameter:  5.4  mm)  at  1000  Hz  to  provide  an  evaluation 
of  the  smooth-bar  HCF  limit  of  the  Ti-6A1-4V  alloy 
with  bi-modal  and  lamellar  structures.  To  minimize  sur¬ 
face  residual  stresses  and  the  high-dislocation  density 
from  specimen  processing,  specimen  surfaces  were 
chemically  milled  after  machining.  The  specimen  axis 
was  oriented  parallel  to  the  length  of  the  plate  ( L - 
direction). 

The  effect  of  FOD  on  the  fatigue  behavior  of  Ti-6A1- 
4V  was  examined  using  modified  KB  specimens.  This 
sample  has  a  rectangular  cross-section  of  3.2  mm  by 
7.2  mm,  a  gauge  length  of  20  mm  and  cylindrical  but- 
tonhead  grips.  A  nominally  stress-free  surface  in  the 
gauge  section  was  prepared  using  standard  stress  relief 
and  chemical-milling  procedures.  FOD  was  simulated  by 
firing  3.2  mm  diameter  chrome-hardened  steel  spheres 
onto  a  flat  specimen  surface  of  tensile  fatigue  (modified 
Kb)  specimens  at  an  angle  of  90°  at  velocities  of  200- 
300  m/s  using  a  compressed-gas  gun  facility.  Further 
details  of  the  FOD  simulation  are  given  in  Ref.  [6].  After 
impact,  specimens  were  cycled  (sinusoidal  waveform)  at 
load  ratios  of  R=0 A  and  0.5.  Throughout  fatigue  testing, 
specimens  were  periodically  removed  from  the  test 
frame  and  the  progress  of  crack  initiation  and  growth 
examined  in  a  high-resolution  LEO  1550  field-emission 
scanning  electron  microscope  (SEM). 

Approximate  local  stress  intensities  for  small  cracks 
at  base  and  crater  rim  of  the  indentation  were  calculated 
from  the  relationship  of  Lukas  [14]  for  small  cracks  at 
notches,  in  terms  of  elastic  stress-concentration  factor 
(&t)  surrounding  the  indentation  site  [15],  stress  range 
(Act),  crack  depth  (a),  and  indentation  radius  (p).  The 
factor  of  0.7  is  based  on  the  stress-intensity  boundary 
correction  and  the  crack-shape  correction  factors  [16] 

0.7  kx  i — 

MC=n Act  Jm  (1) 

Vl+4.5  (a/p)  V 

It  should  be  noted  here  that  there  are  some  uncertainties 
in  the  calculation  of  the  driving  forces  for  the  propa¬ 
gation  of  FOD-initiated  microcracks  (2c~2-50  (am), 
specifically  because  of  their  size  in  relation  to  the  scale 
of  local  plasticity  (although  maximum  plastic  zone  sizes 
are  only  roughly  1/5-1/10  of  the  crack  length,  i.e.  in  the 
order  of  -0.2-1  pm  for  1-10  pm  sized  cracks  at  AX~1- 


2  MPa  m1/2),  and  because  of  the  presence  of  both  tensile 
and  compressive  residual  stresses  in  the  vicinity  of  the 
indents.  Eq.  (1)  does  not  take  into  account  the  presence 
of  residual  stresses,  as  to  the  first  approximation  such 
stresses  will  not  change  the  value  of  the  stress-intensity 
range  (AJf);  they  do,  however,  affect  the  mean  stress  and 
hence  alter  the  local  load  ratio.  The  magnitudes  of  these 
stresses  in  the  vicinity  of  the  damage  site  are  currently 
being  computed  and  experimentally  measured  [17,18], 
as  briefly  discussed  below.  Indeed,  the  local  residual 
stresses  at  the  base  and  rim  of  the  FOD  indents  have 
been  shown  in  many  cases  to  relax,  or  redistribute  under 
cyclic  loading,  specifically  at  applied  stresses  compara¬ 
ble  with  the  107-cycle  smooth-bar  fatigue  limit,  i.e. 
-500  MPa,  which  was  used  in  the  present  work. 


3.  Results  and  discussion 

3.1.  Simulation  of  FOD 

Impact  damage  sites  caused  by  300  m/s  normal 
impacts  on  fiat  surfaces  are  shown  in  Fig.  2(a)  and  (b) 
for  the  bi-modal  and  lamellar  microstructure,  respect¬ 
ively.  Increasing  states  of  damage  have  been  reported 
with  increasing  impact  velocity  for  the  bi-modal  micro¬ 
structure  [6,7].  In  particular,  above  a  250  m/s  impact 
velocity,  pile-up  of  material  occurred  at  the  crater  rim 
with  an  associated  presence  of  micronotches  and 
microcracks;  moreover,  circumferentially  oriented 
intense  shear  bands  were  formed,  emanating  from  the 
surface  of  the  impact  crater.  Such  effects  were  not  appar¬ 
ent  for  200  m/s  impacts.  A  comparable  increase  in  dam¬ 
age  with  increasing  impact  velocity  was  seen  in  the 
lamellar  microstructure,  although  the  occurrence  of  the 
crater  rim  pile-up  and  associated  micronotch  and 
microcrack  formation  were  more  severe  (compare  Fig. 
2(a)  and  (b)).  However,  for  the  impact  velocities  of 
300  m/s,  the  sizes  of  the  FOD-induced  microcracks  were 
comparable,  i.e.  -2-50  pm  in  surface  length,  for  both 
bi-modal  and  lamellar  microstructures.  When  favorably 
oriented  to  the  subsequently  applied  fatigue  stress  axis, 
such  microcracks  provided  the  preferred  nucleation  sites 
for  fatigue-crack  growth,  as  shown  in  Fig.  3(a)  and  (b) 
for  the  bi-modal  and  lamellar  microstructures,  respect¬ 
ively.  However,  as  such  microcracking  was  absent  for 
impact  velocities  below  250  m/s,  it  is  clear  that  low  velo¬ 
city  or  quasi-static  indentations  do  not  provide  a  realistic 
simulation  of  FOD. 

Additionally  of  importance  for  crack  initiation  was  the 
observation  of  tensile  residual  stresses  (-300  MPa  in 
longitudinal  direction)  at  the  side  faces  of  KB  specimens 
[17].  These  tensile  stresses,  measured  using  synchronous 
X-ray  microdiffraction  techniques,  counterbalance  the 
compressive  residual  stress  field  under  the  indentation, 
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Fig.  2.  Scanning  electron  micrographs  of  impact  damage  sites 
(300  m/s  impact  velocity)  for  (a)  bi-modal  and  (b)  lamellar  microstmc- 
ture  of  Ti-6A1-4V.  Lamellar  microstructure  showed  increased  damage 
with  respect  to  pile-up  formation  at  crater  rim  and  intense  shear  band 
formation  emanating  at  the  indent  surface. 

as  numerically  analyzed  by  Chen  and  Hutchinson  [18] 
and  measured  by  Boyce  et  al.  [17]. 

3.2.  Fatigue  properties  and  FOD-induced  crack 
initiation 

The  fatigue  life  of  undamaged  smooth-bar  specimens 
was  markedly  reduced  by  prior  high-velocity  impact 
damage,  as  clearly  illustrated  by  the  stress-life  (S-N) 
data  in  Fig.  4.  This  reduction  was  found  at  both  low-  and 
high-load  ratios  (#=0.1  and  0.5)  in  both  microstructures. 
Basically,  two  groups  of  failures  could  be  identified.  At 
high  applied  stresses  (relative  to  the  magnitude  of  the 


tensile  residual  stresses)  and  high  impact  velocities, 
where  large  impact-induced  microcracks  are  formed 
(surface  crack  lengths  are  indicated  at  individual  data 
points),  failures  initiated  from  impact-induced  cracks  at 
the  crater  rim.  Micrographs  of  the  failed  samples  are 
shown  in  Fig.  5(a)  and  (b)  for  the  bi-modal  and  lamellar 
microstructures,  respectively.  For  lower  velocity  impacts 
under  these  conditions,  fatal  cracks  initiated  at  the  base 
of  the  indent  site  because  of  the  higher  stress  concen¬ 
tration  there  compared  to  that  at  the  crater  rim  [7].  In 
contrast,  at  lower  applied  stresses  and  lower  impact  velo¬ 
cities,  where  the  impact-induced  microcracks  were 
absent  or  much  smaller,  fatigue  cracks  were  found  to 
initiate  in  regions  of  relatively  high  tensile  residual 
stresses,  away  from  the  indent  crater,  see  Fig.  6. 

3.3 .  Fatigue  thresholds  and  crack  propagation 

Thresholds  for  fatigue-crack  growth  and  the  sub¬ 
sequent  near-threshold  fatigue-crack  growth  rates  were 
measured  on  all  FOD-impacted  samples  and  are  com¬ 
pared  in  Fig.  7(a)  (R=0A)  and  Fig.  7(b)  (#=0.5)  with 
results  for  through-thickness  large  (>5  mm)  cracks  in 
undamaged  material  [5,19].  The  FOD-initiated  crack 
growth  rate  data  are  shown  as  a  function  of  surface  crack 
length,  2c,  and  the  approximate  applied  stress-intensity 
range  (corrected  for  the  stress  concentration  of  the  indent 
using  Eq.  (1)).  For  the  FOD-induced  microcracks,  which 
are  truly  microstructurally  small  cracks,  growth-rate  data 
points  for  both  microstructures  fall  into  a  single  scatter 
band.  Similarly,  growth-rate  data  points  for  both  load 
ratios  (J?=0.1  and  0.5)  fall  into  a  single  scatter  band,  indi¬ 
cating  the  controlling  effect  of  the  alternating,  rather 
than  the  mean,  stresses.  In  general,  the  growth  rates  of 
the  FOD-initiated  small  cracks  in  both  microstructures 
were  at  least  an  order  of  magnitude  faster  than  the  corre¬ 
sponding  large-crack  results  at  near-threshold  levels; 
such  an  effect  is  typical  for  microstructurally  small 
cracks  [10,20-23].  However,  the  large  and  small  crack 
results  tend  to  merge  above  a  A K  of  ~10  MPa  mm  for 
the  bi-modal  microstructure,  consistent  with  the 
increased  dimensions  of  the  small  cracks.  This  is  in  con¬ 
trast  to  the  lamellar  microstructure,  which  exhibits  much 
higher  crack-growth  resistance  than  the  bi-modal  micro¬ 
structure  in  the  presence  of  large  through-thickness 
cracks.  Because  of  the  larger  characteristic  microstruc- 
tural  size-scales  in  this  condition,  cracks  of  millimeter 
dimensions  apparently  can  still  display  a  small  crack 
effect. 

One  factor  associated  with  the  faster  growth  rates  of 
the  FOD-initiated  microcracks  is  the  microstructural 
changes  associated  with  impact-induced  plasticity.  This 
is  evident  from  shot-peening  experiments  on  Ti-6A1-4V 
where,  by  separating  the  effect  of  deformation  from 
residual  stresses,  it  was  observed  that  the  deformed 
microstructure  showed  drastically  reduced  resistance  to 


Fig.  3.  Examples  of  fatigue  cracks  that  formed  at  FOD-induced  microcracks  (small  inserts),  (a)  Bi-modal  microstructure  (nominally  applied 
MPa,  N=29,000  cycles)  and  (b)  lamellar  microstructure  (nominally  applied  <T„,ax=500  MPa,  tf=0.1,  N=3000  cycles). 


Cycles  to  Failure,  Nt 


Fig.  4.  S-N  data  (R= 0.1  and  0.5)  show  reduced  fatigue  life  due  to 
simulated  FOD  as  compared  to  smooth-bar  specimens  in  bi-modal  and 
lamellar  Ti-6A1-4V.  2 cs  is  the  surface  crack  length  of  FOD-induced 
microcracks.  Bi-modal  smooth-bar  data  (Nf<2xl07  cycles)  taken 
from  [13]. 


crack  growth  [24,25].  However,  the  principal  factor  is 
associated  with  the  small  crack  effect. 

As  discussed  elsewhere  [5,19],  the  large-crack  thresh¬ 
olds  shown  in  Fig.  7  were  determined  up  to  the  highest 


load  ratios  (R-0.9 1-0.95)  under  conditions  (constant- 
ATmax/increasing-^Tmin)  chosen  to  minimize  the  effect  of 
crack  closure.  Accordingly,  for  the  bi-modal  microstruc¬ 
ture,  the  threshold  of  ~1.9MPam1/2  at  i?=0.95  is  con¬ 
sidered  to  be  a  worst-case  threshold  for  cracks  of  dimen¬ 
sions  that  are  larger  compared  to  the  scale  of  the  bi- 
modal  microstructure,  i.e.  for  continuum-sized  cracks. 
Similarly,  a  worst-case  threshold  of  ~3.3MPam1/2  at 
R- 0.91  was  measured  for  continuum-sized  cracks  in  the 
lamellar  microstructure  [19].  However,  observations 
show  that  the  smallest  FOD-initiated  cracks,  which  have 
dimensions  comparable  with  microstructural  size-scales, 
i.e.  -2-10  pm,  can  propagate  at  stress  intensities  well 
below  these  worst-case  thresholds,  specifically  at  applied 
stress  intensities  as  low  as  AK~1  MPam1/2,  presumably 
due  to  biased  sampling  of  the  ‘weak  links’  in  the  micro¬ 
structure. 

Based  on  the  results  shown  in  Fig.  7(a)  (7?=0.1)  and 
Fig.  7(b)  (7?=0.5),  it  is  clear  that  a  concept  of  a  worst- 
case  threshold  (determined  under  R—>1  conditions  that 
minimize  crack  closure)  applies  strictly  for  continuum¬ 
sized  cracks.  This  concept  does  not  provide  lower-bound 
threshold  stress  intensity  for  cracks  on  the  scale  of 
microstructural  dimensions,  as  in  the  earliest  stages  of 
FOD-induced  fatigue  failure  in  bi-modal  microstructure 
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Fig.  5.  At  high  applied  stresses  relative  to  the  magnitude  of  the  ten¬ 
sile  residual  stresses  and  high  impact  velocities  (300  m/s),  where  large 
impact-induced  microcracks  are  formed,  failures  initiated  from  impact- 
induced  cracks  at  the  crater  rim  (marked  by  arrows):  (a)  bi-modal 
microstructure  (nominally  applied  crmax=500  MPa,  *=0.1,  /VF=65,000 
cycles)  and  (b)  lamellar  microstructure  (nominally  applied 
0max=5OO  MPa,  *=0.1,  ATf=23,000  cycles). 

and  even  at  later  stages,  e.g.  for  larger  crack  sizes,  in 
lamellar  microstructure. 

3.4.  Threshold  conditions  based  on  the  Kitagawa- 
Takahashi  diagram 

For  the  fine-grained  bi-modal  microstructure,  coupling 
the  concept  of  the  worst-case  threshold  stress  intensity 
with  the  107-cycle  fatigue  limit,  as  in  the  Kitagawa-Tak- 
ahashi  diagram  [11],  has  been  shown  to  provide  an  alter¬ 
native  approach  to  defining  limiting  conditions  for  HCF 
and  FOD-related  damage  [7,10].  The  Kitagawa-Takah- 
ashi  diagram  essentially  describes  a  failure  envelope, 


Fig.  6.  At  lower  applied  stresses  and  lower  impact  velocities,  where 
impact-induced  microcracks  are  much  smaller  or  absent,  failures 
initiated  in  regions  of  relatively  high  tensile  residual  stresses  away 
from  the  indents  (marked  by  arrow):  (a)  fatigue  crack  initiated  close 
to  the  surface  for  200  m/s  impact  (bi-modal  microstructure,  nominally 
applied  <rmaj=325  MPa,  *=0.1,  /Vp=1.5xl07  cycles)  and  (b)  less  com¬ 
mon  case  of  fatigue  crack  initiation  in  the  interior  for  300  m/s  high 
velocity  impact  (bi-modal  microstructure,  nominally  applied 
amax= 325  MPa,  *=0.1,  /VF=1.6xl07  cycles). 

given  by  the  smooth-bar  fatigue  limit  and  the  fatigue 
crack  growth  threshold,  usually  measured  on  fracture 
mechanics  type  specimens.  The  influence  of  crack  size 
on  the  stress  range  conditions  for  no  crack  growth 
(da/d/V=10"u-10" 10  m/cycle)  in  the  form  of  a  modified 
Kitagawa-Takahashi  diagram  is  shown  for  the  bi-modal 
(closed  symbols)  and  lamellar  microstructures  (open 
symbols)  in  Fig.  8(a)  for  applied  load  ratios  of  #=0.1 
and  in  Fig.  8(b)  for  #=0.5. 

The  results  of  the  bi-modal  microstructure  (closed 
symbols  and  solid  lines)  show  that  crack  growth  at  both 
#-ratios  from  FOD-induced  microstructurally  small 
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Fig.  7.  Crack-growth  rates  as  a  function  of  applied  stress-intensity  range  at  load  ratios  of  (a)  R=0A  and  (b)  tf=0.1  and  0.5  of  FOD  small  cracks 
and  through-thickness  large  cracks  in  bi-modal  and  lamellar  Ti-6A1-4V.  Large-crack  growth  data  for  tf=0.1  were  derived  from  constant  load-ratio 
tests,  whereas  for /?=0.91  (lamellar)  and  0.95  (bi-modal)  constant-^max/increasing-^min  testing  was  used  [5,19]. 


cracks  can  be  described  by  the  stress-concentration  cor¬ 
rected  fatigue  limit  at  relatively  high  applied  stress 
ranges  and  by  the  worst-case  threshold  for  larger  con¬ 
tinuum-sized  cracks  at  lower  stress  ranges,  Fig.  8(a) 
(i?=0.1)  and  Fig.  8(b)  (R= 0.5).  However,  for  failures  in 
the  presence  of  low  applied  stresses  relative  to  tensile 
residual  stresses,  the  effective  R- ratio  in  the  Kitagawa- 
Takahashi  diagram  has  to  be  corrected  for  the  presence 
of  such  residual  stresses,  as  discussed  below. 

In  the  presence  of  low  applied  stress  ranges  relative 
to  the  tensile  residual  stresses  in  the  vicinity  of  the  dam¬ 
age  sites,  fatigue  cracks  were  seen  to  be  initiated  in 
regions  away  from  the  indents  (Fig.  6);  specifically,  they 
tended  to  initiate  in  regions  of  high  tensile  residual  stress 
(oriented  parallel  to  applied  stresses).  Fatigue  crack 
initiation  was  generally  found  close  to  the  side  faces 
(Fig.  6(a))  of  the  rectangular  gauge  section,  where  tensile 
residual  stresses  of  -300  MPa  have  been  measured.  A 
less  common  case  of  fatigue  crack  initiation  in  the 
interior  for  300  m/s  high-velocity  impact  is  shown  in 
Fig.  6(b).  Data  from  these  fatigue  failures  are  plotted  in 
Fig.  8(a)  and  (b)  at  surface  crack  lengths  of  2c=l  |im. 
Tensile  residual  stresses  of  -300  MPa  significantly 
affect  the  mean  stress  and  hence  in  this  case  increase  the 


Z?-ratio  of  0. 1  to  0.5  (far-field  stress  range  of  -300  MPa). 
However,  it  can  be  seen  in  Fig.  8(c)  that  provided  such 
residual  stresses  are  accounted  for,  such  failures  at  both 
R- 0.1  and  0.5  can  still  be  described  by  the  proposed 
Kitagawa-Takahashi  approach,  provided  the  limited 
conditions  are  given  by  the  residual  stress  corrected 
smooth-bar  fatigue  limit  for  small  crack  sizes  and  worst- 
case  threshold  for  larger  crack  sizes. 

It  should  be  noted  that  the  failure  envelopes  in  Fig. 
8(a)-(c)  can  be  somewhat  better  represented  by  the  El 
Haddad  et  al.  [26]  empirical  quantification  of  Kitagawa- 
Takahashi  approach.  This  approach  introduces  a  con¬ 
stant,  termed  the  intrinsic  crack  length,  2c0,  such  that  the 
stress  intensity  is  defined  as  A£=TAcW7r(2c+2c0),  where 
Y  is  the  geometry  factor. 

Corresponding  threshold  conditions  for  the  lamellar 
microstructure  are  shown  in  the  context  of  the  Kita¬ 
gawa-Takahashi  approach  by  the  results  (open  symbols 
and  dashed  lines)  in  Fig.  8(a)  (R~ 0.1)  and  Fig.  8(b) 
(jR=0.5).  This  coarser  structure  has  a  significantly  better 
resistance  to  large-crack  growth  in  the  form  of  a  -75% 
higher  worst-case  threshold,  and  a  greater  resistance  to 
crack  initiation  in  the  form  of  a  higher  smooth-bar 
fatigue  strength.  However,  the  lamellar  structure  was 
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Surface  Crack  Length,  2c  fiim) 
(C)  Ti-6AI-4V,  Bi-modal,  Air,  RT 


Fig.  8.  Modified  Kitagawa-Takahashi  diagram  representing  the  thres¬ 
hold  crack-growth  conditions  (dfl/d//=10_1,~10_  10  m/cycle)  at  (a) 
rt=0.1  and  (b)  R=0.5  for  FOD-induced  small-cracks  in  bi-modal  and 
lamellar  Ti-6A1-4V;  (c)  shows  data  for  bi-modal  microstructure  at 
both  /?=0.1  and  0.5.  Plotted  is  the  threshold  stress  range  as  a  function 
of  surface  crack  length.  Data  points  are  corrected  for  the  stress  concen¬ 
tration  of  the  FOD  indents. 


more  prone  to  the  formation  of  FOD-induced 
microcracks,  although  there  was  little  difference  in  the 
HCF  properties  of  the  two  microstructures  in  the  pres¬ 
ence  of  such  microcracks,  i.e.  small-crack  growth  rates 
were  essentially  identical  in  the  two  structures.  In  gen¬ 
eral  though,  as  the  proposed  Kitagawa-Takahashi 
approach  is  based  on  the  limiting  large-crack  threshold 
and  smooth-bar  fatigue  limit,  the  approach  is  somewhat 
less  suited  for  FOD-induced  failures  in  the  lamellar 
microstructure.  This  is  because  the  small-crack  growth 
resistance,  which  controls  such  failures,  is  comparatively 
so  much  lower  than  that  shown  by  large  cracks  in  this 
structure;  moreover,  measured  smooth-bar  fatigue  limits 
can  be  artificially  inflated  due  to  the  much  coarser  micro¬ 
structure  which  restricts  the  sampling  of  microstructural 
‘weak  links’  in  specimens  of  finite  size. 


4.  Summary  and  conclusions 

Based  on  a  study  of  the  influence  of  microstructure 
on  FOD  and  resulting  thresholds  for  HCF  in  bi-modal 
and  lamellar  microstructures  in  a  Ti-6A1-4V  alloy,  the 
following  conclusions  can  be  made: 

1.  FOD,  simulated  by  high-velocity  (200-300  m/s) 
impacts  of  steel  spheres  on  a  flat  surface,  was  found 
to  markedly  reduce  resistance  to  HCF  in  both  bi- 
modal  and  lamellar  microstructures.  Principally,  the 
effect  of  FOD  was  to  induce  preferred  sites  for  the 
premature  initiation  of  fatigue  cracks  on  subsequent 
cycling. 

2.  Premature  crack  initiation  resulted  from  (1)  the  stress 
concentration  due  to  the  FOD  indentation,  (2)  pres¬ 
ence  of  (microstructurally  small)  microcracks  at  the 
crater  rim  of  the  damaged  zone  (seen  only  at  the  high¬ 
est  impact  velocities),  (3)  localized  presence  of  tensile 
residual  stresses,  and  (4)  microstructural  damage  from 
FOD-induced  plastic  deformation. 

3.  For  lower  velocity  impacts  (200  m/s),  neither  such 
microcracking  at  the  crater  rim,  nor  circumferentially 
orientated  shear  bands  emanating  from  the  surface  of 
the  crater,  could  be  detected.  This  strongly  implies 
that  low  velocity  or  quasi-static  indentations  do  not 
necessarily  provide  a  realistic  simulation  of  high- 
velocity  FOD. 

4.  At  stress-concentration  corrected  stress  ranges  from 
250  to  560  MPa,  FOD-initiated  microcracks  (~2- 
10  pm  in  size)  propagated  at  applied  stress  intensities 
even  below  AA=1  MPam1/2  (at  both  R=0A  and  0.5) 
and  showed  no  pronounced  threshold  behavior,  i.e. 
small-crack  growth  occurred  at  driving  forces  well 
below  the  worst-case  threshold  of  1.9  MPa  m1/2 
(bi-modal)  and  3.3MPam1/2  (lamellar 
microstructure)  for  continuum-sized  cracks  (i.e. 
cracks  larger  than  the  characteristic  microstructural 
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size-scales)  in  this  alloy.  Furthermore,  such  FOD- 
induced  fatigue  cracks  propagated  at  rates  at  least  an 
order  of  magnitude  faster  than  corresponding  large 
(>5  mm)  cracks  at  the  same  applied  stress-intensity 
range. 

5.  The  critical  condition  for  HCF  in  the  bi-modal  and 
lamellar  Ti-6A1-4V  in  the  presence  of  continuum¬ 
sized  cracks  could  be  defined  in  terms  of  the  worst- 
case  fatigue  threshold  (determined  under  R—*l  con¬ 
ditions  that  minimize  crack  closure).  However,  this 
concept  alone  is  inappropriate  where  microstruc- 
turally  small  cracks  are  present. 

6.  For  FOD-initiated  failures,  where  the  critical  condition 
for  HCF  must  be  defined  in  the  presence  of  microstruc- 
turally  small  cracks,  the  Kitagawa-Takahashi  diagram 
represents  a  more  appropriate  approach,  where  the  lim¬ 
iting  conditions  are  defined  in  terms  of  the  worst-case 
AATth  fatigue  threshold  (at  large  continuum-sized  crack 
sizes)  and  the  107-cycle  fatigue  limit  (at  small  cracks 
sizes),  with  corrections  for  the  stress  concentration  of 
the  indent  and  the  presence  of  residual  stresses  (which 
affect  the  effective  load  ratio). 
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Abstract 

Recent  high-cycle  fatigue  (HCF)  related  failures  of  gas-turbine  jet  engines  have  prompted  a  re-examination  of  the  design 
methodologies  for  FICF-critical  components,  such  as  titanium  alloy  turbine  blades.  As  foreign-object  damage  (FOD)  from 
ingested  debris  is  a  key  concern  for  HCF-related  failures  of  such  blades,  the  current  study  is  focused  on  the  role  of  simulated  high 
velocity  FOD  in  affecting  the  initiation  and  early  growth  of  small  surface  fatigue  cracks  in  a  Ti-6AI-4V  alloy,  processed  for 
typical  blade  applications.  It  is  found  that  resistance  to  HCF  is  markedly  reduced,  primarily  due  to  earlier  fatigue  crack  initiation. 
The  mechanistic  effect  of  FOD  on  such  premature  fatigue  crack  initiation  and  the  subsequent  crack  growth  is  discussed  in  terms 
of  four  prominent  factors:  (i)  the  presence  of  small  microcracks  in  the  damaged  zone;  (ii)  the  stress  concentration  associated  with 
the  FOD  indentation;  (iii)  the  localized  presence  of  tensile  residual  hoop  stresses  at  the  base  and  rim  of  the  indent  sites;  and  (iv) 
microstructural  damage  from  FOD-induced  plastic  deformation.  In  view  of  the  in-service  conditions,  i.e.,  small  crack  sizes,  high 
frequency  ( >  1  kHz)  vibratory  loading  and  (depending  on  the  blade  span  location)  high  mean  stress  levels,  a  damage-tolerant 
design  approach,  based  on  the  concept  of  a  threshold  for  no  fatigue-crack  growth,  appears  to  offer  a  preferred  solution.  It  is 
shown  that  FOD-initiated  cracks  that  are  of  a  size  comparable  with  microstructural  dimensions  can  propagate  at  applied 
stress-intensity  ranges  on  the  order  of  A K~  1  MPa^/m.  ©  2001  Elsevier  Science  B.V.  All  rights  reserved. 
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1.  Introduction 

The  increasing  incidence  of  high-cycle  fatigue  (HCF)- 
related  titanium  alloy  fan  and  compressor  blade  failures 
in  military  gas-turbine  engines,  involving  (i)  foreign-ob¬ 
ject  damage;  (ii)  fretting  and  (iii)  interactions  of  low 
cycle  fatigue  (LCF)  and  HCF  loading,  has  instigated  a 
re-examination  of  the  current  Goodman  design  ap¬ 
proach  for  HCF  [1,2].  Indeed,  design  against  HCF, 
based  on  a  damage-tolerant  concept  of  a  fatigue-crack 
growth  threshold  for  no  cracking,  would  appear  to 
offer  a  preferred  approach.  However,  such  thresholds 
have  to  reflect  representative  HCF  conditions  of  high 
frequencies,  small  crack  sizes  and,  depending  on  the 
blade  span  location,  very  high  mean  stress  levels  [1,2]. 

Foreign-object  damage  (FOD),  from  hard  body  im¬ 
pacts  such  as  stones,  which  impact  primarily  on  the  fan 
blades,  can  result  in  immediate  blade  fracture  or  dam¬ 
age  from  stress-raising  notches  [3,4]  or  cracks  [5],  de- 
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pending  on  the  severity  of  impact.  In  a  recent  study  on 
Ti-6A1-4V  [5],  where  such  damage  was  simulated  by 
high-velocity  impacts  of  steel  shot  on  a  flat  surface, 
FOD  was  found  to  markedly  reduce  the  fatigue 
strength.  It  was  observed  that  small  microcracks 
formed  in  the  damaged  region  of  the  highest  velocity 
impacts  (300  m  s"1),  and  provided  preferred  sites  for 
premature  fatigue  crack  initiation  on  subsequent  fa¬ 
tigue  cycling.  In  general,  these  mechanistic  effects  can 
be  described  in  terms  of  (i)  FOD-induced  microcracks 
in  the  damage  zone,  (ii)  stress  concentration  associated 
with  the  FOD-indentation,  (iii)  localized  presence  of 
impact  induced  tensile  residual  hoop  stresses  at  loca¬ 
tions  of  the  preferred  sites  for  crack  initiation,  and  (iv) 
microstructural  damage  from  FOD-induced  plastic 
deformation. 

In  the  present  study,  we  further  investigate  the  effect 
of  FOD-induced  microcracks  ( —  2— 10  pm)  at  an  im¬ 
pact  velocity  of  300  m  s“ 1  in  a  Ti-6A1-4V  alloy,  a  4-  P 
processed  for  turbine  blade  applications.  Specifically, 
the  threshold  conditions  for  fatigue  crack  initiation  and 
growth  of  such  microcracks  are  defined  and  compared 


0921-5093/01/$  -  see  front  matter  ©  2001  Elsevier  Science  B.V.  All  rights  reserved. 
PII:  S092  1-5093(0 1)00982-0 


598 


J.O.  Peters ,  R.O.  Ritchie  / Materials  Science  and  Engineering  A3 19-321  (2001)  597-601 


with  the  fatigue  threshold  (AAfXH)  behavior  of  natu¬ 
rally-initiated  small  (2c  ~  45-1000  pm)  and  large 
through-thickness  ( >  5  mm)  cracks  in  undamaged 
material. 


2.  Experimental  procedures 

The  titanium  alloy  Ti-6A1-4V  under  study  (chemi¬ 
cal  composition  Ti-6.30Al-4.19V--0.19Fe-0.190, 
wt.%),  was  from  the  forgings  produced  for  U.S.  Air 
Force  sponsored  programs  on  High-Cycle  Fatigue.  Ma¬ 
terial  and  processing  details  are  given  in  [5].  The  bimo- 
dal  microstructure  is  shown  in  Fig.  1.  Uniaxial  tensile 
tests  (performed  parallel  to  the  plate  length),  gave  a 
yield  stress  of  915  MPa,  UTS  of  965  MPa  and  tensile 
elongation  of  19%.  Foreign-object  damage  was  simu¬ 
lated  by  firing  3.2  mm  Cr-hardened  steel  spheres,  nor¬ 
mally  onto  a  flat  specimen  surface  of  uniaxial  fatigue 


Fig.  1.  Bimodal  microstructure  of  Ti-6A1-4V. 


Fig.  2.  SEM  micrograph  of  300  m  s  1  impact  crater. 


(so-called  ATB)  specimens,  at  a  velocity  of  300  ms-1 
using  a  compressed-gas  gun  facility  (see  [5]). 

The  effect  of  foreign-object  damage  on  the  fatigue 
behavior  was  examined  using  modified  KB  specimens 
(cross  section  3.2  x  5.2  mm,  gauge  length  20  mm). 
After  impact,  specimens  were  subsequently  cycled  (sinu¬ 
soidal  waveform)  at  nominally  maximum  stress  levels  of 
225-500  MPa  (R  =  =  0.1).  Throughout  fa¬ 

tigue  testing,  specimens  were  periodically  removed  from 
the  test  frame  and  the  progress  of  crack  initiation  and 
growth  examined  in  a  scanning  electron  microscope 
(SEM). 

Approximate  local  stress  intensities  for  small  cracks 
at  the  indentation  rim,  were  calculated  from  Lukas’ 
solution  [6]  for  small  cracks  at  notches  (which  includes 
indentation  geometry  and  stress  concentration  effects), 
in  terms  of  the  crack  depth  a ,  indentation  radius  p, 
stress  range  Act,  and  elastic  stress-concentration  factor 
£,=  1.25  [7]: 


AK  =  .  2=L=  AosJna 

Vl  +4.5  (a/p) 


(1) 


3.  Results  and  discussion 

3.1.  Characterization  of  foreign -object  damage 

A  typical  damage  site  caused  by  300  ms-1  impact  is 
displayed  in  Fig.  2.  Earlier  results  [5],  showed  that  at 
velocities  above  250  m  s-1,  a  pronounced  pile-up  of 
material  (Fig.  2)  at  the  crater  rim  resulted  in  multiple 
micro-notches  and  microcracking  (insert  in  Fig.  3). 
When  these  microcracks  ( —  2-25  pm)  were  favorably 
oriented  with  respect  to  applied  stress  axis  on  subse¬ 
quent  fatigue  cycling,  they  were  found  to  provide  the 
nucleation  sites  for  high-cycle  fatigue-crack  growth 
(Fig.  3). 

3.2.  Fatigue  properties 

Stress-life  (S-N)  data  in  Fig.  4  clearly  show  the 
detrimental  effect  of  FOD  on  the  fatigue  strength. 
Specifically,  at  a  far-field  maximum  stress  of  500  MPa 
(R  =  0.1),  representing  the  107-cycle  fatigue  limit  for 
undamaged  material,  final  failure  in  the  damaged  mate¬ 
rial  occurred  at  approximately  4-5  x  104  cycles.  As 
discussed  earlier  [5],  this  reduction  in  fatigue  strength 
can  be  considered  principally  in  terms  of  earlier  fatigue 
crack  initiation  due  to  four  prominent  factors:  (i)  FOD- 
induced  microcracking,  (ii)  stress  concentration,  (iii) 
residual  stresses,  and  (iv)  damaged  microstructure. 

It  was  found  that  the  location  for  crack  initiation  at 
impact  damaged  sites  depends  strongly  on  impact  ve¬ 
locity.  Typically  for  300  m  s_1  impacts,  FOD-induced 
microcracking  in  the  pile-up  region  of  the  impact  crater 
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Fig.  3.  SEM  micrograph  of  FOD-induced  microcracking  at  the  crater 
rim  (insert)  and  subsequent  fatigue-crack  growth  at  such  microcrack 
after  29  000  cycles  (<7max  =  500  MPa,  R  =  0.1). 


Fig.  4.  S-N  data  show  reduced  fatigue  life  due  to  simulated  FOD  as 
compared  with  smooth-bar  specimens  [9]  in  bimodal  Ti-6A1-4V.  2cy 
is  the  surface  crack  length  of  FOD-induced  microcracks. 


not  necessarily  provide  a  realistic  simulation  of  FOD. 
In  addition,  tensile  residual  hoop  stresses  (estimated  in 
[8]),  the  highly  deformed  microstructure  in  this  region 
[5],  and  the  stress-concentration  factors  {kt~  1.25)  are 
contributing  factors. 

Fig.  5  shows  the  fatigue-crack  growth  rates  of  FOD 
samples  as  compared  with  results  of  naturally-initiated 
small  cracks  (  —  45-1000  pm)  [9],  and  through-thick¬ 
ness  large  cracks  ( >  5  mm)  [2]  in  undamaged  material. 
FOD-initiated  small-crack  growth  rates  are  aligned  ap¬ 
proximately  between  the  large-crack  data  (lower 
bound)  and  naturally-initiated  crack  data  (upper 
bound).  Typical  for  the  small-crack  effect  e.g.  [10],  the 
growth  rates  of  the  naturally-  and  FOD-initiated  small 
cracks  are  roughly  in  order  of  a  magnitude  faster  than 
corresponding  large-crack  results  at  near-threshold  lev¬ 
els.  The  large-crack  threshold  of  ~  1 .9  MPa^/m  at 
R  =  0.95  (where  the  effect  of  crack  closure  is  elimi¬ 
nated)  is  considered  to  be  a  definitive  lower  bound 
‘worst-case’  threshold  for  cracks  of  dimensions  large 
compared  with  the  scale  of  the  microstructure,  i.e.  for 
‘continuum-sized’  cracks,  as  discussed  earlier  [2].  How¬ 
ever,  smallest  FOD-initiated  cracks  ( ~  2-25  pm),  com- 


Surface  Crack  Length  2c  of  Small  Cracks  (pm) 
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rim  provides  the  dominant  site  for  the  initiation  of 
fatigue  cracks  on  subsequent  cycling  (Fig.  3).  For  lower 
velocity  impacts  (200  m  s"1),  no  such  microcracking 
could  be  detected;  in  this  instance,  surface  cracks 
tended  to  form  at  the  base  of  the  indentation  site  where 
the  stress  concentration  was  highest  [5].  This  strongly 
implies  that  low  velocity  or  quasi-static  indentations  do 


Stress  Intensity  Range,  A K  (MPa-m1/2) 

Fig.  5.  Crack-growth  rates  as  a  function  of  applied  stress-intensity 
range  of  FOD-  and  naturally-initiated  small  cracks  and  through¬ 
thickness  large  cracks  in  bimodal  Ti-6A1-4V.  Small-cracks  were 
initiated  at  cmax  =  650  MPa  (R  =  —  1).  [9]  Large-crack  growth  data 
for  R  <0.8  were  derived  from  constant  load-ratio  tests,  whereas  for 
R  >  0.8,  constant-ZC^/increasing-AT^^  testing  was  used  [2]. 
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Fig.  6.  Crack  growth  conditions  of  FOD-induced  small-cracks 
(da/dN  =  10“  M-10_ 10  m  per  cycle)  as  a  function  of  cyclic  stress 
range  and  surface  crack  length  are  shown  in  a  modified  Kitagawa- 
Takahashi  diagram. 

parable  with  microstructural  size-scales,  can  propagate 
at  stress  intensities  well  below  this  ‘worst-case’ 
threshold.  This  is  specifically  at  applied  stress  intensities 
as  low  as  AK~  1  MPa^/m,  at  nominal  maximum 
stresses  from  325  to  500  MPa  (R  =  0.1),  presumably 
due  to  biased  sampling  of  the  ‘weak  links’  in  the 
microstructure.  It  is  believed  that  a  A K  of  1  MPa,/ m  is 
the  lowest  stress-intensity  range  ever  measured  for 
crack  growth  in  Ti-6A1-4V.  It  should  be  noted  here 
that  although  the  FOD-induced  residual  stresses  are 
not  included  in  the  calculation  of  K  (Eq.  (1)),  such 
stresses  do  not  change  the  stress-intensity  range  (A K); 
they  affect  the  mean  stress  and  hence,  alter  the  local 
load  ratio.  It  is  clear  that  the  earlier  stated  argument 
[2,5]  for  the  notion  of  a  high-cycle  fatigue  threshold, 
which  was  based  on  the  concept  of  a  ‘worst-case’ 
threshold  (determined  under  R-+ 1  conditions  that  min¬ 
imize  crack  closure),  applies  strictly  for  ‘continuum¬ 
sized’  cracks.  It  does  not  provide  a  lower-bound 
threshold  stress  intensity  for  cracks  on  the  scale  of 
microstructural  dimensions,  as  in  the  earliest  stages  of 
FOD-induced  fatigue  failure. 

Coupling  the  notion  of  the  ‘worst-case’  threshold 
stress  intensity  with  the  fatigue  limit,  as  in  the  Kita- 
gawa-Takahashi  diagram  [11],  provides  an  alternative 
approach  to  defining  limiting  conditions  for  HCF  and 
FOD-related  damage.  Fig.  6  shows  the  influence  of 
crack  size  on  the  fatigue  thresholds  in  the  form  of  a 
modified  Kitagawa  diagram  for  crack-growth  threshold 
conditions  of  da/dN  =  10“ 11  —  10”!0  m  per  cycle.  Ac¬ 
cording  to  this  approach  (solid  line),  the  stress  range  A  a 
for  crack  arrest  is  defined  by  the  107-cycle  fatigue  limit 
with  the  fatigue-crack  growth  threshold  (AKra)  mea¬ 
sured  on  ‘continuum-sized’  cracks.  El  Haddad  et  al.  [12] 
empirically  quantified  the  threshold  conditions  by  intro¬ 
ducing  a  constant  (intrinsic)  crack  length  2 cn,  such  that 
the  stress  intensity  is  defined  as  YAa^/n(2c  +  2c0), 
where  Y  is  the  geometry  factor. 


The  present  results,  plotted  in  this  format  in  Fig.  6, 
show  that  crack  growth  from  FOD-induced  microstruc- 
turally-small  cracks  apparently  occur  at  stress  concen¬ 
tration  corrected  stress  ranges  well  predicted  by  the 
Kitagawa-El  Haddad  limit,  defined  by  the  ‘worst-case’ 
A Kth  threshold  and  107-cycle  fatigue  limit. 


4.  Conclusions 

Simulated  FOD  impact  (300  m  s-1)  of  steel  spheres 
on  a  flat  surface  markedly  degrade  fatigue  strength  of 
Ti-6A1-4V.  Specifically,  the  fatigue  life  of  smooth-bar 
samples  was  reduced  by  some  two  orders  of  magnitude 
at  an  applied  stress  corresponding  to  the  smooth-bar 
107-cycles  fatigue  limit  (jR  =  0.1). 

The  detrimental  effect  of  FOD  is  attributed  to  (i) 
FOD-induced  precracks  at  the  crater  rim  of  the  dam¬ 
aged  zone,  (ii)  stress  concentration  associated  with  the 
FOD  indentation,  (iii)  presence  of  tensile  residual 
stresses  at  the  crater  rim  and  (iv)  microstructural  dam¬ 
age  due  to  FOD-impact. 

The  principal  effect  of  FOD  in  reducing  fatigue  life 
was  found  to  induce  microcracks  in  the  pile-up  of 
material  around  the  impact  crater  rim,  i.e.  preferred 
sites  for  the  premature  initiation  of  fatigue  cracks. 

At  far-field  maximum  stresses  from  325  to  500  MPa 
{R  =  0.1),  FOD-initiated  cracks  (~2-25  pm)  grow  at 
applied  stress  intensities  as  low  as  A K  —  1  MPa^/m,  i.e. 
well  below  the  ‘worst-case’  A KTH  threshold  of  1.9 
MPa^/m  for  ‘continuum-sized’  cracks  (cracks  larger 
than  the  characteristic  microstructural  size-scales)  in 
this  alloy. 

Correspondingly,  the  critical  condition  for  HCF  in 
the  bimodal  Ti-6A1-4V  in  the  presence  of  ‘continuum¬ 
sized’  cracks  ( >  50-100  pm)  can  be  defined  in  terms  of 
the  ‘worst-case’  fatigue  threshold  (determined  under 
R  ->  1  conditions  that  minimize  crack  closure). 

However,  the  preferred  approach  for  FOD-initiated 
failures  in  the  presence  of  microstructurally-small 
cracks  is  to  use  the  modified  Kitagawa-Takahashi 
diagram,  where  the  limiting  conditions  for  HCF  are 
defined  in  terms  of  the  stress  concentration  corrected 
107-cycle  fatigue  limit  (at  microstructurally-small  cracks 
sizes)  and  the  ‘worst-case’  A KTH  fatigue  threshold  (at 
larger,  ‘continuum-sized’  crack  sizes). 
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Abstract.  Foreign  Object  Damage  (FOD)  usually  happens  when  objects  are  ingested  into  jet  engines  powering 
military  or  civil  aircraft.  Under  extreme  conditions,  FOD  can  lead  to  severe  structural  damage.  More  commonly 
it  produces  local  impacted  sites  of  the  fan  and  compressor  airfoils,  lowering  fatigue  life  of  these  components. 
FOD  is  a  prime  cause  for  maintenance  and  repair  in  aircraft  engines.  In  this  paper,  a  framework  for  analyzing 
FOD  and  its  effect  on  fatigue  cracking  is  established.  A  finite  element  analysis  is  used  to  identify  three  relevant 
regimes  of  FOD  related  to  the  depth  of  penetration  into  the  substrate,  and  to  determine  the  residual  stresses.  Most 
of  the  emphasis  in  this  paper  focuses  on  fatigue  cracks  emerging  from  shallow  indentations,  which  are  generally 
expected  to  be  of  most  practical  concern.  Full  three-dimensional  finite  element  solutions  are  obtained  for  semi¬ 
circular  surface  cracks  emerging  from  specific  locations  at  the  indentation  revealing  the  influence  of  the  residual 
stress  on  the  stress  intensity  factor  distribution.  For  shallow  indents,  a  relatively  simple  dimensionless  formula  for 
the  relation  between  the  residual  stress  intensity  factor,  the  crack  size,  and  the  indentation  width  are  developed. 
These  results,  together  with  results  for  the  intensity  factor  variations  due  to  cyclic  loading,  have  been  used  to 
address  the  question:  To  what  extent  do  the  residual  stresses  caused  by  the  FOD  reduce  the  critical  crack  size 
associated  with  threshold  fatigue  crack  growth?  Formulas  for  the  critical  crack  size  are  obtained.  Specific  results 
are  presented  for  the  blade  alloy,  Ti-6A1-4V,  revealing  that  FOD  can  reduce  the  critical  crack  size  by  as  much  as 
60%. 

Key  words:  Foreign  object  damage,  contact  mechanics,  crack  mechanics,  fatigue  analysis,  indentation  regimes, 
critical  crack  size. 


1.  Introduction 

Foreign  object  damage  by  hard-particles  mainly  occurs  during  motion  of  the  aircraft  on  the 
airfield,  during  takeoff  and  during  landing.  Typical  objects  ingested  are  stones  and  other  debris 
from  the  airfield,  with  sizes  in  the  millimeter  regime.  Typical  impact  velocities  are  in  the  range 
of  100  -  350  m/s,  depending  on  the  specific  engine.  Of  concern  here  are  impact  locations 
on  the  blades.  Such  microstructural  damage  can  promote  fatigue-crack  growth  under  high- 
cycle  fatigue  loading.  This  has  become  a  critical  issue  in  the  lifetime  prediction  of  turbine- 
engine  components  and  a  prime  concern  in  maintenance  and  repair  (Ritchie  et  al.,  1999;  Peters 
et  al.,  2000).  The  unusually  high  frequencies  typical  of  in-flight  vibratory  loading  necessitate  a 
defect-tolerant  approach  based  on  designing  below  the  threshold  for  fatigue  crack  propagation. 
FOD  damage  must  be  factored  into  this  approach.  Otherwise,  the  FOD  damage  can  lead  to 
non-conservative  life  prediction  and  unexpected  high-cycle  fatigue  failures. 

Most  FOD  occur  as  damage  to  the  leading  edges  of  turbine  blades.  To  gain  insight  into 
the  interaction  between  FOD  and  fatigue  cracking,  we  have  considered  a  less  frequent  form 
of  FOD  whereas  the  damage  is  assumed  to  occur  away  from  the  edge.  The  research  has  been 
coordinated  with  a  parallel  experimental  study  (Peters  et  al.,  2000).  The  study  initiated  in 
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Figure  2.  A  semi-circular  surface  crack  with  radius  a  is  embedded  inside  the  residual  stress  Held  of  the  indent  and 
subjected  to  cyclic  stress 


this  paper  considers  the  normal  impression  of  a  hard  spherical  particle  into  a  thick  elastic- 
plastic  substrate  (Figure  1).  The  indentation  field  is  axisymmetric.  The  resulting  residual 
stresses  are  determined  and  the  locations  at  the  surface  where  tensile  stresses  are  most  likely 
to  promote  cracking  are  identified.  The  second  step  in  the  approach  is  the  three-dimensional 
finite  element  analysis  of  a  semi-circular  surface  crack  within  the  residual  stresses  field.  The 
final  step  combines  the  stationary  stress  intensity  factor  due  to  the  indent  with  the  intensity 
factor  variation  due  to  the  cyclic  loads  (Figure  2)  to  make  predictions  for  critical  crack  sizes 
based  on  threshold  fatigue  crack  growth  data. 

The  parallel  experimental  study  has  been  conducted  by  Peters  et  al.  (2000),  who  investi¬ 
gated  the  influence  of  FOD  on  the  high-cycle  fatigue  properties  of  Ti-6A1-4V  alloy,  which 
is  commonly  used  as  gas  turbine  blades  in  military  aircraft.  The  material  is  almost  ideally 
plastic  with  very  little  strain  hardening  and  a  tensile  yield  stress  of  about  950  MPa.  In  their 
experiments,  they  used  hardened  steel  spheres  (with  diameter  3.175  mm)  to  normally  impact 
a  flat  Ti-6A1-4V  alloy  specimen  at  200-300  ms-1.  After  impact,  the  specimens  were  cycled  at 
a  maximum  nominal  stress  of  500  MPa  at  a  load  ratio  of  0. 1 ,  and  the  initiation  and  subsequent 
growth  of  the  fatigue  cracks  emerging  from  the  indent  were  observed.  The  authors  found  that 
FOD  provides  sites  for  the  initiation  of  small  fatigue  cracks,  and  in  some  cases  crack  initiation 
occurred  at  cycle  lifetimes  which  were  orders  of  magnitude  lower  than  found  for  un-impacted 
specimens.  For  the  200  m  s_l  impact,  crack  initiation  was  observed  to  occur  at  the  bottom  of 
the  indent,  while  the  300m/s  impact  a  prominent  crater  rim  was  produced  and  this  turned  out 
to  be  the  site  of  the  crack  initiation. 

The  paper  is  organized  by  sections  to  follow  the  three  steps  mentioned  in  connection  with 
the  overall  approach.  Section  2  presents  the  indentation  analysis  and  results.  Here  contact  is 
made  with  recent  work  on  the  finite  element  analysis  of  indentation.  In  particular,  it  will  be 
seen  that  three  separate  regimes  to  the  indentation  problem  can  be  identified:  very  shallow, 
moderately  shallow  and  deep  indents.  The  primary  focus  in  this  paper  will  be  on  moderately 
shallow  indents  for  which  relatively  simple  scaling  relations  exist  for  the  residual  stress  fields. 
Some  discussion  of  trends  for  deep  indentations  will  also  be  given.  The  solutions  for  the 
stress  intensity  factor  for  a  semi-circular  surface  crack  within  the  residual  stress  field  of  the 
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Figure  3.  The  indentation  map  from  Mesarovic  and  Fleck  (1999a). 


indent  are  presented  in  Section  3.  Finally,  in  Section  4,  the  stress  intensity  factor  history 
accounting  for  both  residual  stresses  and  cyclic  loads  is  assembled  and  used  to  predict  the 
largest  crack  size  such  that  the  growth  rate  is  below  threshold  using  data  for  the  Ti-6A1-4V 
alloy.  An  analytical  method  is  developed  in  Section  4  and  its  accuracy  is  examined  in  the 
next  section  with  full  finite  element  solutions.  Some  further  discussions  on  the  limiting  crack 
radius  are  also  addressed  in  Section  5.  The  main  findings  of  this  paper  are  summarized  in  the 
last  section. 

2.  Residual  stresses  arising  from  indentation 

As  depicted  in  Figure  1,  a  rigid  sphere  of  diameter  D  is  pushed  into  a  half-space  to  by  a  load 
P.  The  indentation  load  is  then  removed  such  that  the  contact  diameter  is  w  and  the  indent 
depth  is  8,  both  measured  after  unloading.  The  material  is  taken  to  be  elastic-ideally  plastic 
with  tensile  yield  stress  ay.  Young’s  modulus  E  and  Poisson’s  ratio  v.  This  representation 
is  realistic  for  the  titanium  alloy  Ti-6A1-4V,  which  has  little  strain  hardening  (Ritchie  et  al., 
1999).  The  half-space  is  taken  to  be  initially  stress-free  and  infinitely  deep,  consistent  with 
the  assumption  that  the  foreign  object  is  small  compared  to  the  substrate  thickness.  The  work 
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of  Mesarovic  and  Fleck  (1999a)  reveals  that  the  Poisson’s  ratio  of  the  substrate  material  is  a 
minor  factor  in  indentation. 

Johnson’s  classical  book  (Johnson.  1985)  on  theoretical  contact  mechanics  contains  con¬ 
siderable  discussion  and  modeling  of  the  Brinell’s  indentation  test  wherein  a  stiff  elastic 
sphere  is  pushed  into  the  sutface  of  an  elastic-plastic  solid.  The  load  per  unit  area  of  im¬ 
pression  defines  the  hardness  and  is  used  as  a  measure  of  resistance  of  the  material  to  plastic 
flow.  For  the  most  part,  the  results  in  Johnson’s  book  do  not  reflect  the  most  recent  progress 
in  indentation  analysis  made  possible  by  today’s  advanced  finite  element  methods.  A  recent 
comprehensive  finite  element  study  by  Mesarovic  and  Fleck  (1999a,  1999b)  serves  to  set  the 
stage  for  the  present  problem.  Specifically,  Mesarovic  and  Fleck  have  considered  precisely 
the  same  indentation  problem  stated  above,  but  with  emphasis  on  hardness  prediction  and  no 
determination  of  residual  stresses  which  are  of  primary  interest  here.  They  show  that  there  are 
various  distinct  regimes  to  the  indentation  problem.  Their  indentation  regime  map  is  given  in 
Figure  3.  Briefly,  at  sufficiently  high  and  low  the  response  is  elastic  and  characterized  by  the 
classical  Hertz  solution.  At  a  given  ,  plasticity  becomes  increasingly  important  as  increases. 
For  greater  than  about  0.16.  finite  strain  effects  (large  strains  and  large  rotations)  begin  to 
become  dominant.  This  corresponds  to  the  regime  referred  to  here  as  deep  indentation.  For 
smaller  than  0.16,  small  strain  kinematics  pertain.  This  regime,  as  it  will  be  seen,  sub-divides 
into  two  parts,  named  here  as  very  shallow  and  moderately  shallow  indentations,  with  dis¬ 
tinctly  different  residual  stress  fields.  The  regime  of  primary  interest  in  this  paper  is  that  of 
moderately  shallow  indentations.  Included  in  the  map  of  Mesarovic  and  Fleck  is  a  ‘similarity 
regime’  characterized  by  relatively  simple  functional  scaling  of  the  solution  as  developed  by 
Hill  et  al.  (1989),  Bower  etal.  (1993)  and  Biwa  et  al.  (1995).  This  sector  of  the  map  lies  outside 
the  range  of  practical  concern  for  the  applications  in  the  present  study.  Mesarovic  and  Fleck 
also  found  that  the  boundaries  of  the  various  indentation  regimes  are  relatively  insensitive 
to  the  degree  of  strain  hardening  and  to  the  level  of  interfacial  friction.  However,  the  level 
of  friction  strongly  affects  the  field  beneath  the  indentor.  A  pre-stress  within  the  half-space 
parallel  to  the  free  surface  was  shown  to  have  a  minor  effect  on  the  indentation  response. 

2.1.  Very  shallow,  moderately  shallow  and  deep  indentations 

From  dimensional  analysis,  the  residual  stress  distribution  in  the  half-space  after  unloading 
can  be  written  in  the  functional  form 


<y iii.cz) 
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where  e  and  z  are  the  coordinates  in  the  radial  and  axial  direction,  respectively,  and  /z  is  the 
Coulomb  friction  coefficient.  Throughout,  the  dimensionless  load  factor  will  be  denoted  by 


(2) 


The  coordinates  could  be  scaled  by  D,  but  the  alternative  choice  in  (1)  is  preferred  in  the 
regime  of  primary  interest  for  moderately  shallow  indentations,  as  will  be  seen. 

For  given  L,  oy/E  and  /z  (with  v  =  0.3)  the  stress  distributions  as  functions  of  the  di¬ 
mensionless  coordinates  listed  above  have  been  computed.  Finite  element  calculations  were 
performed  using  the  commercial  code  ABAQUS  version  5.7  (Hibbit  et  al.,  1998).  The  rigid 
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Figure  4.  Residual  hoop  stress  field  due  to  indentation,  (a)  L  =  0.0013,  (b)  L  =  0.064,  (c)  L  — -  1.91 . 


contact  surface  option  was  used  to  simulate  the  rigid  indentor,  and  the  option  for  finite  defor¬ 
mation  and  strain  was  employed.  A  typical  mesh  for  the  axis-symmetric  indentation  model 
comprises  more  than  2700  8-node  elements.  As  already  mentioned,  the  substrate  material  is 
taken  to  be  elastic-perfectly  plastic,  with  a  Von  Mises  surface  to  specify  yielding.  Coulomb 
friction  is  invoked  in  the  calculations,  but  it  will  be  shown  later  that  the  choice  of  has  only  a 
minor  influence  on  the  stresses  of  interest  in  the  FOD  problem. 

To  make  contact  with  the  regime  map  in  Figure  3,  consider  a  representative  substrate  with 
cfy/E  =  0.001.  If  the  Mesarovic-Fleck  results  are  expressed  in  terms  of  L,  one  finds  that 
the  indentation  is  Hertzian  for  L  <  10“5;  elastic-plastic  but  shallow  if  10~5  <  L  <  0.08, 
and  is  deep  when  L  >  0.08.  Figure  4  display  the  distributions  of  normalized  residual  hoop 
stress,  Gr^/cry,  for  three  different  load  levels:  very  shallow,  L  —  0.0013;  moderately  shallow. 
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Figure  4.  Continued. 


L  -  0.064;  and  deep,  L  =  1.91.  These  results  were  computed  using  and  n  =  0.1.  In  the 
very  shallow  regime  (Figure  4a).  the  residual  hoop  stress  within  the  indent  is  compressive 
or  nearly  so,  but  becomes  tensile  just  outside  the  rim  and  then  decays  fairly  rapidly  to  zero. 
For  moderately  shallow  indents  (Figure  4b),  the  surface  hoop  stress  is  tensile  at  the  bottom 
of  the  indent,  but  becomes  compressive  just  below  the  surface.  Outside  the  rim.  at  a  radius 
about  twice  that  of  the  indent,  the  stress  is  tensile  and  extends  to  a  considerable  distance 
below  the  surface.  The  deep  indent  in  Figure  4c  displays  compression  within  the  indent  and 
a  pronounced  tensile  region  just  outside  the  rim.  Then  with  increasing  distance  from  the  rim, 
the  hoop  stress  becomes  compressive  and  finally  tensile  again  before  decaying  to  zero.  These 
trends  are  revealed  by  the  plot  in  Figure  5  of  as  a  function  of  L  for  points  at  the  center  of  the 
indent,  just  outside  the  rim  and  a  radius  that  is  2.2  times  the  rim  radius.  Figure  5  brings  out 
the  fact  that  the  hoop  stress  outside  the  rim  of  the  indent  is  essentially  independent  of  L  in  the 
moderately  shallow  regime,  which  for  o\j  E  =  0.001  corresponds  to  0.006  <  L  <  0.4.  In  this 
paper,  we  will  focus  on  radial  surface  cracks  lying  outside  the  rim  in  the  region  of  tensile  hoop 
stress,  primarily,  but  not  exclusively,  for  moderately  shallow  indents.  In  subsequent  work,  we 
will  address  the  problems  for  cracks  at  the  center  of  the  indent  and  cracks  at  the  rim. 

In  experiments  on  fatigue  cracks  at  FOD  sites,  radial  cracks  are  observed  but  circumferen¬ 
tial  cracks  are  not.  This  is  consistent  with  the  residual  stress  calculations  for  the  radial  stress 
component,  orr  ,  which  is  found  to  be  weakly  tensile  only  within  the  indent  and  then  only 
very  near  to  the  surface.  Thus,  the  focus  in  this  paper,  as  mentioned,  will  be  on  radial  cracks 
within  regions  of  tensile  hoop  stress.  A  somewhat  different  cracking  pattern  is  observed  in 
thin  brittle,  elastic  films  bonded  to  metal  substrates,  which  are  then  impressed  by  a  spherical 
indenter  (Begley  et  al.,  1999).  In  this  case,  the  predominant  tensile  stress  in  the  elastic  film  is 
the  radial  component  within  the  indent.  Closely  spaced  cracks  in  the  film  are  observed  to  form 
running  circumferentially  around  the  indent. 
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Figure  5.  The  normalized  residual  surface  hoop  stress  aee/ay  as  a  function  of  L  at  three  locations.  Identification 
of  the  three  indentation  regimes. 

2.2.  Scaling  relationships  for  moderately  shallow  indents 

In  order  to  display  the  stress  behavior  in  the  regime  of  moderately  shallow  indentation  from 
another  angle,  plots  of  normalized  hoop  stress  at  the  surface  as  a  function  of  r/w  are  given  in 
Figure  6  for  four  L  values  at  the  lower  end  of  the  regime.  The  emphasis  here  is  on  behavior 


r/w 

Figure  6.  The  relation  between  surface  hoop  stress  aee/ay  and  r/w  for  loads  within  the  moderately  shallow 
regime. 
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Figure  7.  (a)  L  as  a  function  of  S/D  and  (b)  L  as  a  function  of  w/D  for  different  values  of  ay/E. 
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Figure  8.  The  pile-up  that  results  in  8*  >  8. 


outside  the  rim,  r  >  w/2.  Although  there  is  some  spread  in  the  peak  stresses  just  outside  the 
rim,  the  stress  distributions  are  roughly  independent  of  L  when  the  radial  coordinate  is  scaled 
by  the  indent  diameter  w.  Moreover,  as  seen  in  Figures  7a  and  7b,  the  normalized  indent  depth 
8/ D  and  indentation  diameter  w/D  vary  with  L  in  a  manner  that  is  essentially  independent 
of  oy/E.  The  fact  that  oy/E  has  little  effect  on  these  relations  can  be  understood  by  noting 
that  L  in  the  moderately  shallow  indentation  regime  far  exceeds  the  load  levels  for  Hertzian 
indentation.  Thus  the  elastic  modulus  plays  essentially  no  role  in  these  relations. 
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The  relation  between  L  and  8/D  is  nearly  linear  in  Figure  7a,  while  that  between  L  and 
W/D  in  Figure  7b  is  nearly  parabolic.  Given  that  both  relations  are  essent.ally  independent  ot 
oy/E  and  /x  (see  below),  they  are  well  approximated  by 


L  =  15—. 
D 


L  =  2.9  (w/D)2  or  P  =  23oyw7. 


(3) 


(4) 


With  reference  to  Figure  8.  note  the  difference  between  the  two  depth  quantities,  «  and  the 
pile-up  height  S'.  As  has  been  noted  elsewhere  (Begley  et  ah.  1999),  S*  -  4w  /D  o  s  in 

the  shallow  regime.  But  from  the  relations  in  (3)  and  (4),  S  £  0.19f.  As  seen  in  Figure  8 
the  difference  in  these  two  quantities  is  explained  by  the  pile-up  the  tndenter  has  caused  in 

elastic-perfectly  plastic  substrate. 

From  (3)  and  (4),  the  plastic  work,  PW,  stored  in  the  substrate  is 


r  y  w 4 

PW=  P  d<S  =  5.9<7VD<T  =  0.23ctv  — 


(5) 


This  formula  will  be  useful  in  making  connection  between  the  static  indentation  problem 
and  the  dynamic  FOD  problem  discussed  in  the  next  section. 

The  results  presented  thus  far  for  the  stresses  and  deformation  of  the  substrate  have  all  been 
computed  with  the  Coulomb  friction  taken  to  be  /x  =  0.1.  Many  of  these  same  computations 
have  been  repeated  with  /x  =  1.  While  the  stresses  within  the  rim  of  the  indent  do  depend 
fairly  strongly  on  the  friction  coefficient,  the  stresses  outside  the  rim  and  the  dependencies 
on  L  shown  in  Figure  7  differ  only  slightly  for  these  rather  extreme  choices  of  the  friction 
coefficient.  For  practical  purposes  these  relations  can  be  taken  to  be  independent  of  jx  for 
moderately  shallow  indents.  Thus,  the  normalized  hoop  stress  outside  the  rim  is  reasonably 

well  approximated  by 


oee(r,  z) 


_  fee  f when  r  >  w/2  and  0.006  <  L  <  0.4, 
\w'  w / 


(6) 


where  from  (4)  w  =  0.66  JPj7y  and  the  contour  plot  in  Figure  4b  gives  oee  for  moderately 
shallow  indentation.  Most  importantly,  the  indentation  diameter  w  is  the  only  quantity  needed 
in  scaling  the  stresses  in  this  regime. 

2  3  Plastic  work  of  indentation  and  impact  kinetic  energy 

Equation  (5)  gives  the  plastic  work  of  indentation  under  conditions  of  quasi-static  loading. 
In  order  to  transfer  the  quasi-static  results  to  the  FOD  problem,  the  fraction  of  the  impact 
kinetic  energy  of  the  particle  that  is  converted  to  plastic  work  must  be  known.  To  facilitate  the 
transference,  a  plot  of  normalized  plastic  work  as  a  function  of  normalized  contact  size  w/D 
is  given  in  Figure  9.  The  approximated  formula,  (5),  can  be  used  to  determine  this  relation 
for  moderately  shallow  indents,  but  the  curve  in  Figure  9  is  based  on  the  finite  element  results 
in  order  to  provide  maximum  accuracy.  In  addition,  these  results  are  extended  into  the  deep 
indentation  regime.  Two  impact  points  from  the  experimental  results  of  Peters  et  al.  (2000) 
are  included  in  Figure  9  with  the  kinetic  energy  of  the  impacting  particle  replacing  the  plastic 
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w/D 

Figure  9.  The  normalized  plastic  work  as  a  function  of  the  normalized  contact  diameter.  The  total  kinetic  energy 
and  resulting  indent  diameter  of  the  impacting  sphere  for  two  of  the  tests  of  Peters  et  al.  (2(XX))  is  also  shown. 


work  in  the  vertical  coordinate.  Some  of  the  details  of  the  experiments  (Peters  et  al.,  2000)  are 
as  follows. 

A  hardened  steel  ball  was  used  as  the  foreign  object,  with  D  =  3.17 5mm.  The  density 
of  the  steel  is  p  =  7.9  Mg  m~ 3.  The  yield  stress  of  the  substrate  material  (Ti-6A1-4V)  is 
about  <7V.  =  950  MPa.  The  impact  velocity  of  the  foreign  object  was  in  the  range  v  =  200- 
300  m  s’-1.  The  normalized  kinetic  energy  of  the  foreign  object,  which  was  plotted  in  Figure  9, 
is: 

KE  1  npD3v 2  _  npv 2 

c ryD 3  12  <rv£>3  1 2crv 

For  an  impact  velocity  v  =  200  ms-1,  the  experiment  has  K  E / a v  D  '  =  0.087  and  w  /  D  = 
0.68,  while  the  quasi-static  analysis  result  at  the  same  w/D  has  PW/ayD3  =  0.047.  This 
comparison  suggests  that  46%  of  the  kinetic  energy  was  dissipated  by  means  other  than  plastic 
deformation  of  the  substrate.  Similarly,  when  u  =  300  ms-1,  K  E/oyD}  =  0.195,  w/D  = 
0.88,  PW/OyD 3  =  0.125,  implying  that  36%  of  the  kinetic  energy  was  lost. 

The  ‘lost  energy’  during  impact  may  take  the  forms  of  the  kinetic  energy  of  the  ricocheting 
particle,  elastic  waves  in  the  substrate,  and  deformation  energy  in  the  particle.  Assuming  that 
all  the  lost  energy  is  tied  up  in  rebound  kinetic  energy,  then  by  simple  calculation  for  the  shot 
with  v  =  200  m  s~‘  in  experiment  (Peters  et  al.,  2000),  the  steel  ball  should  bounce  back  with 
a  velocity  v'  =  135  m  s~‘;  and  for  v  =  300  m  s~\  v'  =  180  m  s-1.  The  explicit  measured 
rebound  velocities  were  not  obtained. 

In  conclusion,  the  relation  between  normalized  plastic  work  and  contact  diameter  in  Fig¬ 
ure  9  for  the  quasi-static  indentation,  together  with  the  experiments  cited  above,  can  be  used 
to  estimate  the  size  of  the  indent  and  the  associated  stresses  in  the  FOD  problem.  Specifically, 
assume  the  plastic  work  is  about  60%  of  the  kinetic  energy  of  the  FOD  particle,  and  use 
Figure  9  to  obtain  w/D.  The  other  characteristics  of  the  damage  then  follow.  The  conversion 
factor,  60%,  for  the  kinetic  energy  relies  on  only  two  data  points,  and  more  data  will  be 
required  to  establish  the  reliability  of  this  factor. 
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After  unloading,  there  are 
3  most  likely  crack  locations : 

/•  =  0,  r  =  w/2  and  r  =  w. 


A  B  c 


Figure  10.  The  three  most  likely  crack  locations. 


3.  Surface  crack  in  residual  stress  field  of  the  indent 

The  theoretical  stress  distributions  indicate  three  possible  regions  where  the  residual  stresses 
may  enhance  crack  growth  and  lower  the  threshold  of  a  surface  crack.  These  regions  where  the 
hoop  stresses  are  tensile,  which  have  already  been  identified  in  Section  2,  are  designated  by  A, 
B,  C  in  Figure  10.  For  very  shallow  indentations,  from  Figure  4a,  there  are  only  2  hoop  stress 
peaks:  one  at  the  bottom  of  the  indentor  at  A  and  one  at  the  crater  ridge  at  B.  The  second  peak 
in  very  shallow  indentation  is  much  larger  than  the  first  one,  and  it  splits  into  peak  B  and  peak 
C  when  L  passes  into  the  moderately  shallow  indentation  regime.  As  L  is  increased  within 
the  moderately  shallow  indentation  regime,  the  tensile  peak  at  A  becomes  larger,  while  the 
stresses  at  B  and  C  remain  nearly  the  same,  which  can  also  be  seen  from  Figure  5.  For  deep 
indentations,  however,  the  peak  at  A  has  gone,  only  peaks  B  and  C  remain,  with  the  stress  at 
B  being  much  larger  than  that  at  C.  This  can  also  be  seen  in  Figure  5. 

In  this  study  we  have  focussed  on  moderately  shallow  indents  and  we  will  restrict  our 
attention  to  small  surface  cracks  centered  at  the  peak  hoop  stress  at  C,  which  lies  close  to 
the  point  r  =  w.  The  emergence  of  surface  cracks  at  the  other  two  peaks  will  be  explored  in 
future  work,  but  within  this  regime,  it  appears  that  C  should  be  the  critical  point.  There  is  a 
large  compressive  region  directly  beneath  point  A,  which  would  tend  to  prevent  a  crack  from 
propagating  much  below  the  surface.  The  peak  at  B  is  narrow  compared  with  that  of  C,  so  the 
largest  possible  residual  stress  influence  is  expected  for  a  crack  centered  at  C. 

The  two  tests  referred  to  above  (Peters  et  al.,  2000)  gave  rise  to  fatigue  crack  initiation  and 
growth  from  A  for  moderately  shallow  indent  lying  close  to  the  deep  indent  transition,  and 
from  B  for  the  case  of  a  deep  indentation.  Thus,  it  will  be  important  to  explore  crack  growth 
from  points  A  and  B,  as  well,  but  the  principles  are  illustrated  by  cracks  placed  at  C. 

Let  a  be  the  radius  of  a  semi-circular  surface  crack  centered  at  the  peak  of  the  hoop  stress 
distribution  at  C,  which  roughly  corresponds  to  the  point  r  —  w.  Let  /fres  be  the  maximum 
value  of  the  mode  I  stress  intensity  factor  around  the  circumference  of  the  crack.  The  residual 
stresses  scale  with  and  thus  Kres  will  scale  with  oyx/a.  A  three-dimensional  finite  element 
program  (ABAQUS)  has  been  used  to  compute  the  distribution  of  the  stress  intensity  factor 
around  the  crack  edge  for  many  values  of  a/w  and  a  number  of  values  of  the  load  parameter 
L.  Because  the  indents  were  moderately  shallow,  the  slight  effect  of  the  non-planarity  of  the 
surface  was  neglected  in  these  computations,  i.e.,  the  surface  of  the  substrate  was  taken  to 
be  planar.  The  calculation  was  performed  by  applying  the  residual  hoop  stress  as  computed  in 
Section  2  to  the  faces  of  the  crack.  At  each  crack  size,  Ktcs  was  determined.  The  location  along 
the  circumference  of  the  semi-circular  crack  where  the  maximum  value  of  the  mode  I  stress 
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Figure  11.  The  normalized  residual  stress  intensity  factor  KKS/(ay^/a)  as  a  function  of  a/w  for  moderately 
shallow  indents. 


a!  W 

Figure  12.  The  functional  fit  between  Kr^/{ay^/a)  and  a/w,  which  is  independent  of  L  in  the  moderately  shallow 
indentation. 

intensity  factor  (i.e.,  Kres)  occurs  is  somewhere  between  the  surface  and  depth,  where  the 
crack  front  is  opened  by  the  maximum  residual  hoop  stress  inside  the  substrate  (cf..  Figure  4 
(b)).  Computed  curves  of  Krcs/  (cry^a)  as  a  function  of  a/w  are  presented  in  Figure  11  at 
four  values  of  the  load  parameter,  all  of  which  lie  within  the  moderately  shallow  indentation 
regime.  The  near-independence  of  these  curves  on  L  is  tied  to  the  fact  that  that  normalized 
residual  stresses  discussed  in  Section  2  are  also  independent  of  L  in  this  regime. 

For  the  purposes  of  the  subsequent  fatigue  crack  analysis,  a  relatively  simple  functional 
form  to  represent  the  curves  in  Figure  1 1  was  found  with  adjustable  parameters  chosen  to  give 
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the  best  fit. 

K  res  62  (B) 

oy^Ta~  tv  4^_C]Y  +  c2 

where  co  =  0.697,  c\  —  0.269,  C2  —  1.143.  This  function  is  included  in  Figure  12.  From  (8), 
the  maximum  value  of  Afres  (which  is  attained  when  a  =  0.4u;)  is 

(^res)max  =  0.24  Gy*/w.  (9) 

The  role  of  the  diameter  of  the  indentation,  w ,  is  evident  in  this  formula.  Another  important 
specialization  of  (8)  pertains  to  the  limit  when  the  crack  is  small  compared  to  the  diameter  of 
the  indent  (a/w  0).  Then, 

^rcs  =  032ayy/a,  (10) 

This  result  is  simply  that  for  a  small  semi-circular  crack  in  a  uniform  stress  field,  goo  = 
0.24crv,  corresponding  to  the  local  stress  at  point  C  of  the  indent. 

4.  Fatigue  crack  threshold  analysis  in  the  presence  of  fod 


4.1.  Specification  of  the  cyclic  loading  and  stress  intensity  history 


The  last  step  in  the  approach  is  to  consider  the  combined  effect  of  the  residual  FOD  stresses 
and  cyclic  stresses  on  a  pre-existing  surface  crack  of  radius  a ,  as  depicted  in  Figure  2.  Specif¬ 
ically,  the  effect  of  the  FOD  damage  on  threshold  growth  conditions  for  the  crack  will  be 
addressed.  Given  a  cyclic  loading  history  cr(t),  the  following  notation  is  used: 

G'niax  =  Max  [(T (0] 

J  ^applied  =  ^min/^max*  (11) 

^min  —  Min  [a  (/)] 

By  combining  the  contributions  from  the  residual  hoop  stress  and  a(/),  one  obtains  the 
total  stress  intensity  factor  on  the  semi-circular  fatigue  crack  as 

K(t,a)  =  Kres(a)+c  •  cr(t)y/4a/n ,  (12) 

where  c  *  <j(t)^/4a/n  is  the  stress  intensity  factor  of  the  semi-circular  crack  due  only  to 
cr(0-  For  a  full  circular  crack  in  an  infinite  body,  c  —  1.  Based  on  the  present  finite  element 
calculations  for  the  semi-circular  crack,  we  take  c  =  1.2.  The  total  stress  intensity  factor  range 
is  therefore 

A K(a)  =  Ma x(K(t,  a))  -  Min(ff  (r,  a))  =  (cw  °mjn)  *  c  •  (13) 


The  total  R-factor  is 

Min (K(t,a))  Kres(a)  +  c  ■  ominy/4aJjf 

R(a)  B  77—7— - -  =  — - — - 7===  >  ^applied-  (14) 

Max(AT(/,  a))  Kres(a)  +  c  ■  omm«J 4a/n 

Thus,  as  (13)  emphasizes,  AATis  independent  of  the  residual  stress,  however,  from  (14)  is  seen 
that  the  residual  stress  influences  the  /^-factor  in  such  a  way  that  it  is  always  larger  that  the 
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Figure  13.  The  AKTH/AK®H  vs.  R  data  forTi-6AI-4V  (Ritchie  et  al.,  1999)  and  a  functional  fit. 


R-factor  computed  from  the  cyclic  loads  alone.  To  understand  how  FOD  influences  the  fatigue 
behavior  for  a  given  material,  one  must  consider  the  interplay  between  AK  and  R. 

4.2.  R-dependence  of  crack  growth  threshold  data 

As  already  mentioned,  the  emphasis  here  will  be  on  the  effect  of  FOD  on  fatigue  crack  growth 
threshold.  To  perform  the  analysis  one  must  have  fatigue  crack  data  characterizing  the  curve  of 
AKjh  versus  R  corresponding  to  threshold  growth  conditions.  A  convenient  reference  value 
for  normalization  purposes  is 

AK%H  =  AKTH(R  =  0)  (15) 

Complete  threshold  data  are  not  available  for  many  materials,  but  a  reasonably  complete 
set  is  available  for  the  blade  alloy  of  particular  interest  here,  Ti-6A1-4V  (Ritchie  et  al.,  1999). 
These  data  are  shown  in  Figure  13.  For  analysis  purposes  it  is  convenient  to  have  a  functional 
form  for  AKTh  vs.  R.  The  function  used  here  was  obtained  as  a  polynomial  fit  to  the  data. 
The  cubic  form 

=  1  -  2.49R  +  4.78R2  -3.12R3  (16) 

AK% 

describes  the  data  reasonably  well.  The  limit  of  A  KTH  when  — >  1  is  unimportant,  since  the 

total  R-factor  will  never  approach  that  limit  during  this  study. 

r 

4.3.  Critical  crack  radius  and  an  illustrative  example 

A  given  surface  crack  (with  radius  a)  at  the  indentation  is  below  threshold  for  a  given  cyclic 
loading  if  its  associated  AK  and  R  calculated  from  (13)  and  (14)  lie  below  the  curve  of  AKTH 
versus  R.  The  critical  crack  radius  at  threshold,  ac,  corresponds  to 


A  K(ac)  =  AKTh  at  R(ac) 


(17) 
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Figure  14.  AK(a)/AKjH  vs.  R  (a)  relations  for  L  =  0.0064  and  o-,Tlax /<Ty  =  |,  for  various  values  of  /^applied- 
For  each  of  these  curves  corresponding  to  a  particular  /?a pplied*  a/w  increases  from  0. 12  at  the  bottom  of  the  curve 
to  0.85  at  the  top.  The  points  shown  correspond  to  twelve  equal  increments  in  a/w .  The  critical  value  of  a/w 
corresponds  to  the  intersection  with  the  curve  for  the  threshold  data. 


The  actual  process  of  determining  ac  is  shown  in  Figure  14  for  an  indent  with  L  —  0.0064 
and  crmax/av  =  -.  Take  as  an  example  the  loading  with  Rm\\td  =  0-5.  The  sequence  of 
points  forming  the  curve  of  AK(a)/AK®H  versus  R(a)  correspond  to  increasing  values  of 
a/w  starting  from  0.12  at  the  lower  end  to  0.85  at  the  upper  end.  This  curve  cuts  the  crack 


Figure  15.  Illustration  of  the  effect  of  residual  stresses  on  the  critical  crack  radius.  In  this  case  L  =  0.0064, 
crmax/cry  =  ^  and  /^applied  =  0.1.  The  dotted  vertical  line  is  the  relation  ( AK(a ).  R(a))  in  the  absence  of  an 
indent  with  a  increasing  from  bottom  to  top.  The  critical  values  of  a  correspond  to  the  points  of  intersection  with 
the  threshold  data. 
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growth  threshold  curve  at  a,  /w  =  0.39.  The  sequence  of  points  for  the  other  values  of  Applied 
can  be  interpreted  in  the  same  way.  Note  that  for  this  example,  loadings  for  which  /?;ippiied  is 
equal  to  or  greater  than  0.7  have  a  critical  crack  radius  lying  beyond  the  range  considered.  To 
see  the  role  of  the  residual  stress  of  the  indent  more  clearly,  curves  of  (A  K(a),  R(a))  for  a 
particular  loading  are  shown  in  Figure  15  for  the  substrate  with  and  without  an  indent.  Define 
the  normalized  critical  crack  radius  as 


(AK%/ay)2' 


(18) 


In  the  absence  of  an  indent,  R  is  independent  of  a  and  intersects  the  threshold  curve  at 
=  7.60.  For  the  crack  at  the  indent,  the  residual  stress  shifts  the  curve  of  (A  K(a),  R(a)) 
significantly  to  the  right  and  produces  the  variation  of  R  with  a  given  by  (14).  The  normalized 
critical  crack  radius  is  ac  =  2.97  (corresponding  to  ac/w  =  0.52).  For  this  particular  example, 
which  has  a  relatively  low  value  of  f?appiied,  the  critical  crack  size  for  the  FOD  damaged 
substrate  is  about  60%  smaller  than  that  for  the  undamaged  substrate. 


4.4.  Analytical  procedure  for  critical  crack  size  prediction 


The  equations  governing  the  stress  intensity  from  the  residual  stress  and  from  the  cyclic  load¬ 
ing  are  now  put  into  another  dimensionless  form  well  suited  to  obtaining  general  results  for 
the  dependence  of  critical  crack  size  on  the  various  parameters  of  the  FOD  problem.  With  the 
normalized  crack  radius  and  indentation  diameter  defined  by 


a  ,  w 

a  = - ^ - -  and  w  = - „ - t- 

(AKTH/Cy)  (AK-j-fj/Uy) 

Equation  (8)  can  be  rewritten  as 


Substitution  of  this  equation  into  (14)  gives  the  total  load  ratio  as  a  function  of  a: 


09) 


(20) 


R(d)  = 


(21) 


with  c  =  1.2.  By  (13)  and  (16),  the  overall  stress  intensity  factor  range  A  K  and  the  threshold 
A  Kth  can  both  be  represented  as  functions  of  a  according  to: 


A  K  (a)  cr„ 
A  K%  o 


yAa 

~  : —  Q(a), 


(22) 


AATr// 

AK°Th 


1  -  2.49 /?(a)  +  4.78f?2(a)  -  3.12 R\d)  m  T(R(d)). 


(23) 


Therefore,  the  criterion  to  determine  the  critical  crack  radius  at  threshold,  a  =  ac,  is  simply 


Q(ac)  =  T(R(ac)). 


(24) 
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Figure  16.  The  normalized  critical  crack  threshold  ac  predicted  from  (24)  as  a  function  of  flapplied>  f°r  :l  range  of 
indentation  sizes  w  with  Omax/rr.v  =  \ • 


Based  on  the  above  equations,  curves  of  normalized  critical  crack  radius,  dc,  versus  /?appiiCj 
for  omM/oy  =  |  have  been  plotted  in  Figure  16  for  a  sequence  of  values  of  the  normalized 
indentation  diameter,  w.  The  plot  brings  out  a  clear  transition  from  a  critical  crack  radius  «J? 
that  is  independent  of  w  (and  is  the  same  as  for  a  substrate  with  no  FOD)  to  a  lower  limiting 
critical  radius,  aj:,  which  is  also  essentially  independent  of  w.  The  range  of  the  indention 
diameter  over  which  the  transition  occurs  corresponds  roughly  for  w  between  2  to  5.  In  other 
words,  for  this  case  with  CTmax/ay  =  indents  smaller  than  about  w  =  2  will  have  little 
influence  on  the  critical  crack  size,  while  indents  larger  than  about  w  =  5  will  result  in  a 
reduced  critical  crack  radius  a £  which  is  insensitive  to  even  larger  indents,  as  long  as  those 
indents  remain  in  the  moderately  shallow  regime. 

The  transition  in  w  from  essentially  no  effect  due  to  FOD,  to  the  reduced  critical  crack 
size  is  a  strong  function  of  om^/oy.  Calculations  similar  to  those  described  above  have  been 
performed  for  other  values  of  crm3X/oy,  and  the  transition  range  is  plotted  in  Figure  17. 

4.5.  Limiting  critical  crack  size 

The  limiting  critical  crack  radius,  a^,  corresponds  to  the  limit  a/w  =  a/w  =  0  in  (20),  such 
that  f{a/w )  =  0.32.  The  resulting  equations  for  ac  are  independent  of  w.  In  this  limit,  the 
indent  is  sufficient  large  (but  still  not  deep!)  such  that  the  critical  crack  at  C  is  embedded  in 
a  locally  uniform  residual  stress  corresponding  to  ogy  =  0.24<rv.  The  effect  of  the  residual 
stress  on  the  total  stress  intensity  factor  comes  in  solely  through  the  elementary  result  given 
in  (10).  It  follows  that  the  prediction  for  the  limiting  critical  crack  radius  due  to  moderately 
shallow  indents  can  be  carried  out  directly  using  (10)  together  with  (13)  and  (14). 

Consider  the  implications  for  two  materials  given  amaJoy  =  5.  For  Ti-6A1-4V  (oy  = 
950  MPa  and  A  K°H  =  5  MPa  yfm  (Ritchie  et  al.,  1999)),  the  transition  indentation  diameter 
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Figure  17.  Transition  range  of  normalized  indentation  size  as  a  function  of  omax/^y  for  moderately  shallow 
indents.  Indents  below  the  transition  have  essentially  no  influence  on  the  critical  crack  size,  while  indents  above 
have  the  reduced  critical  crack  size. 


>.00 


Figure  18.  The  normalized  critical  crack  threshold  ac  computed  from  full  finite  element  result  as  a  function  of 
^ applied*  f°r  a  range  of  indentation  sizes  w  with  omax/ay  = 


(w  =  2)  is  about  w  =  0.05  mm.  If  Applied*  then  a j;  =  0.09  mm,  which  can  be  compared 
with  a®  =  0.2  mm  for  no  FOD.  Clearly,  a  very  small  FOD  will  have  an  effect  on  the  critical 
crack  threshold  for  this  particular  material.  By  contrast,  for  mild  steel  which  has  a  lower  yield 
stress  and  a  higher  threshold,  (oy  =  200  MPa  and  A KjH  =  15  MPa  y/m)>  and  the  transition 
occurs  at  a  much  larger  indent  diameter,  w  =  11  mm.  Now,  for  /?appiied  =  0.1,  one  obtains 
aj:  =  1 8  mm,  which  can  be  compared  with  a®  =  43  mm  for  no  foreign  object  damage. 
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5.  Accuracy  of  the  analytical  formulation  and  further  results 

The  analysis  underlying  the  plots  in  Figure  16  relies  on  the  accuracy  of  the  formula  (20)  for 
the  effect  of  the  residual  stress  on  the  stress  intensity  factor  of  the  surface  crack.  Formula  (20) 
has  been  obtained  by  fitting  the  finite  element  results  over  a  range  of  the  load  parameter  L 
within  the  moderately  shallow  regime.  Outside  this  regime  (20)  loses  accuracy.  The  smallest 
indents  in  Figure  16  (those  with  w  =  2-4)  are  very  shallow  such  that  the  accuracy  of  these 
curves  is  suspect.  The  results  of  Figure  16  have  been  recalculated  using  the  full  finite  element 
determination  of  Krcs ,  without  recourse  to  the  approximation  (20),  and  therefore  valid  for  all 
L.  The  plot  from  the  full  finite  element  calculation  is  shown  in  Figure  18.  These  are  again 
for  the  case  om ax/<ry  =  -  and  can  be  compared  directly  with  the  previous  plots  based  on  the 
approximate  formula  (20)  in  Figure  16.  While  there  is  some  discrepancy  between  the  two 
plots  for  the  smaller  values  of  w,  the  characterization  of  the  transition  by  2  <  w  <  5  remains 
robust.  Moreover,  the  limiting  value  of  the  reduced  critical  crack  radius,  a is  unchanged 
because  the  indent  size  associated  with  this  limit  is  within  the  regime  of  moderately  shallow 
indents.  The  same  remarks  apply  to  the  results  for  the  other  values  of  <rmax/<rv,  for  which 
the  transition  range  of  the  indentation  size  has  been  given  in  Figure  17.  In  conclusion,  even 
though  (20)  loses  accuracy  for  very  shallow  indents,  the  consequences  for  the  predictions  of 
the  transition  from  essentially  no  effect  due  to  FOD  to  a  reduced  critical  crack  size  is  relatively 
minor. 

A  comparison  is  made  in  Figure  19  between  the  normalized  critical  crack  radius  in  the 
absence  of  any  indent,  a and  the  normalized  limiting  critical  crack  radius,  a^y  for  moder¬ 
ately  shallow  indents  is  made  for  a  wide  range  of  loadings.  The  normalized  critical  crack 
radius  is  plotted  versus  the  applied  load  ratio  /Applied*  for  four  values  of  crmax/orv.  The  curves 
in  Figure  19a  are  obtained  from  full  finite  element  simulations,  while  those  in  Figure  19b 
make  use  of  the  analytic  approximation  (20)  for  As  already  anticipated,  the  analytical 
approximation  is  highly  accurate  for  determining  af:.  Over  much  of  the  cyclic  loading  space, 
(omax/av,  ^applied),  the  effect  of  moderately  shallow  indents  is  relatively  small  in  that  a £  is 
only  slightly  below  the  critical  crack  radius  with  no  indent  a®.  However,  large  effects  of  the 
indent  on  reducing  the  critical  crack  size  occur  at  high  values  of  /?app lied  and  also  at  low  values 
of  ^applied  when  crmax/av  is  small. 

6.  Conclusion 

Fracture  due  to  foreign  object  damage  is  a  rather  new  topic,  which  brings  together  contact 
mechanics,  crack  mechanics  and  fatigue  analysis.  In  this  paper,  finite  element  methods  have 
been  used  to  investigate  the  residual  stresses  due  to  a  spherical  indentation  and  their  influence 
on  the  stress  intensity  of  a  surface  crack  emerging  at  a  critical  location  at  the  indent.  A  com¬ 
plete  framework  has  been  established  to  analyze  the  effect  of  the  residual  stresses  on  the  crack 
growth  due  to  subsequent  cyclic  loading.  In  particular,  the  critical  crack  size  associated  with 
threshold  fatigue  crack  growth  has  been  emphasized.  While  detection  of  cracks  of  the  critical 
size  may  be  extremely  difficult,  or  even  impossible  in  high  strength  materials,  the  fact  that  the 
critical  crack  size  is  reduced  by  FOD  is  in  itself  useful  knowledge. 

The  work  presented  here  is  just  a  beginning  in  that  it  has  primarily  focussed  on  a  limited 
range  of  indentations,  referred  to  here  as  being  moderately  shallow.  In  addition,  attention 
has  been  directed  to  surface  cracks  emerging  from  only  one  location  just  outside  the  indent. 
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Figure  19.  The  normalized  critical  crack  radius  for  shallow  indentation,  d|?  for  no  indents  and  afr  for  sufficiently 
large  indents,  for  a  range  of  /?applied  and  <*max/oy  values,  (a)  full  finite  element  result,  (b)  analytical  result  from 
(24). 

Experimental  observations  suggest  that  other  locations  may  be  equally,  or  even  more,  criti¬ 
cal  in  deeper  indentations.  Subsequent  work  will  be  needed  to  extend  these  findings  in  both 
directions.  We  conclude  by  listing  the  main  findings  and  implications  of  the  current  research: 

1 .  Three  indentation  regimes  were  identified  with  distinct  residual  stress  patterns:  very  shal¬ 
low,  moderately  shallow  and  deep  indents.  The  present  paper  focused  primarily  on  the 
moderately  shallow  regime  corresponding  to  0.006  <  L  <  0.4,  where  L  —  P  j  (^n  D2oy) 
is  the  load  parameter.  The  friction  coefficient  ix  and  the  elastic  yield  strain,  oy / E,  have 
minor  influence  on  the  residual  tensile  hoop  stress.  Estimates  for  the  load  factor  and  the 
depth  of  penetration  in  terms  of  the  kinetic  energy  of  an  impacting  sphere  are  given. 
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2.  For  moderately  shallow  indents,  the  effect  the  residual  stress  on  a  surface  crack  located 
just  outside  the  indent  (point  C  in  Figure  10)  has  been  determined  and  an  accurate  analytic 
approximation  for  the  stress  intensity  factor  has  been  presented. 

3.  The  combination  of  cyclic  fatigue  loading  and  the  residual  stress  due  to  the  FOD  for 
fatigue  crack  growth  has  been  explored,  with  emphasis  on  the  largest  (critical)  crack  size 
that  remains  below  the  fatigue  crack  growth  threshold.  For  cracks  at  moderately  shallow 
indents,  FOD  can  reduce  the  critical  crack  size  by  as  much  as  60%,  depending  on  the 
cyclic  loading  history.  The  non-dimensional  parameter  controlling  the  reduction  of  the 
critical  crack  size  is  ui  =  w/(AK^H/ay)2,  where  w  is  the  diameter  of  the  indent  and 
A  K%  is  the  stress  intensity  variation  at  R  =  0  associated  with  threshold  crack  growth 
in  the  material.  When  crmax/<7v  =  j,  for  values  of  w  less  than  about  2,  the  indent  has 
little  effect  on  the  crack  growth  threshold;  for  values  of  w  greater  than  about  5,  the  full 
reduction  in  the  critical  crack  size  is  attained.  Similar  results  have  been  given  for  other 
values  of  amax/o>  (cf.,  Figure  17). 
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Abstract 

The  current  study  assesses  the  residual  stresses  and  remnant  damage  caused  by  a  spherical  projectile  impacting  upon 
a  flat  surface.  The  immediate  application  of  this  information  is  to  the  problem  of  foreign  object  damage  (FOD)  as¬ 
sociated  with  the  ingestion  of  debris  into  an  aircraft  turbine  engine  and  the  subsequent  reduction  in  component  lifetime. 
The  work  is  focused  on  two  primary  features:  (i)  the  development  of  numerical  models  for  the  evaluation  of  the  de¬ 
formation  and  stresses  associated  with  the  impact  process  and  (ii)  the  use  of  spatially  resolved  residual  stress  mea¬ 
surements  to  verify  experimentally  the  numerical  analysis.  As  a  first  approximation,  a  quasi-static  numerical  model  was 
developed  by  ignoring  time-dependent  effects  (i.e.,  strain-rate  sensitivity,  wave  and  inertia  effects,  etc.),  where  the  effects 
of  velocity  were  approximated  by  adjusting  the  depth  and  diameter  of  the  resulting  impact  crater  to  match  that  of  actual 
impact  craters  at  the  corresponding  velocity.  The  computed  residual  stresses  and  associated  elastic  strain  gradients  were 
compared  to  experimentally  measured  values,  obtained  using  synchrotron  X-ray  diffraction  (XRD)  methods.  This 
comparison  indicated  that  the  quasi-static  numerical  analysis  was  adequate  for  moderate  impact  conditions  (veloc¬ 
ity  =  200  m/s,  energy  =  2.7  J);  however,  under  more  aggressive  conditions  (velocity  =  300  m/s,  energy  =  6. 1  J),  there  was 
significant  discrepancy  between  the  numerical  predictions  and  experimental  measurements.  Such  discrepancy  may  be 
attributed  to  several  factors  that  can  occur  at  higher  impact  velocities,  including  strain-rate  sensitivity,  microcrack 
formation,  and  shear-band  formation.  A  dynamic  simulation,  where  the  time-dependent  effects  of  strain-rate  sensitivity 
and  elastic-wave  interactions  were  approximated,  provided  results  in  closer  agreement  with  the  experimental  diffraction 
observations.  ©  2001  Published  by  Elsevier  Science  Ltd. 
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1.  Introduction 

Foreign  objects  ingested  by  turbine  engines 
during  operation  can  cause  significant  damage  to 


*  Corresponding  author.  Tel:  +1-510-486-5798;  fax:  +1-510- 
486-4881. 

E-mail  address:  roritchie@lbl.gov  (R.O.  Ritchie). 


compressor  airfoils.  Under  the  influence  of  sub¬ 
sequent  high-cycle  fatigue  loading,  these  damage 
sites  can  lead  to  the  premature  formation  and 
propagation  of  incipient  cracks,  which  in  turn  can 
result  in  severe  reductions  in  the  lifetime  of  the 
component  (Aydinmakine,  1994;  DiMarco,  1994; 
Saravanamutto,  1994;  Larsen  et  al.,  1996;  Cowles, 
1996).  Indeed,  the  costs  associated  with  such 
foreign  object  damage  (FOD)  have  been  esti- 
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mated  at  $4  billion  annually  by  the  Boeing  Cor¬ 
poration  (Bachtel,  1998).  Despite  the  importance 
of  this  problem,  current  lifetime  prediction  and 
design  methodologies  for  turbine  engines  still  rely 
principally  on  empirical  safety  factors  to  account 
for  FOD,  rather  than  using  an  approach  based  on 
an  understanding  of  the  salient  mechanisms  in¬ 
volved. 

To  develop  an  understanding  of  how  FOD  de¬ 
grades  the  fatigue  life  of  a  component,  several 
factors  need  to  be  addressed:  (i)  the  stress  con¬ 
centration  associated  with  the  geometry  of  the 
damage  site,  (ii)  the  associated  microstructural 
distortion  (i.e.  shear  bands,  local  texturing),  (iii) 
the  presence  and  extent  of  incipient  microcracks 
induced  by  the  impact,  (iv)  the  residual  stress  field 
and  plastic  damage  distribution  (cold  work)  re¬ 
sulting  from  the  impact,  and  (v)  the  relaxation  or 
redistribution  of  such  residual  stresses  upon  sub¬ 
sequent  cycling. 

While  several  investigations  are  currently  un¬ 
derway  to  address  the  issues  associated  with  stress 
concentration,  microstructural  distortion  and  the 
creation  of  incipient  microcracks  in  order  to 
characterize  the  influence  of  FOD  on  fatigue  life 


(e.g.,  Peters  and  Ritchie,  2000;  Ruschau  et  al., 
2001),  the  issue  of  the  resulting  stress  and  dis¬ 
placement  fields  created  by  the  FOD  impact  has 
not  yet  been  experimentally  measured.  It  is  this 
damage  distribution  which  controls  the  initiation 
and  early  growth  of  fatigue  cracks  from  FOD 
sites  that  eventually  lead  to  the  overall  failure  of 
the  component.  Proper  characterization  should 
provide  critical  mechanistic  insight  into  the  re¬ 
sidual  stress  state  and  its  influence  on  fatigue 
behavior. 

The  nature  of  the  residual  stresses  around  a 
surface  damage  site  has  been  predominantly 
studied  by  two  communities:  (i)  those  interested  in 
the  residual  stresses  associated  with  hardness  in¬ 
dents  for  measuring  either  resistance  to  cracking 
or  prior  residual  stress  (Salomonson  et  al.,  1996; 
Suresh  and  Giannakopoulos,  1998;  Zeng  et  al., 
1998)  and  (ii)  those  interested  in  the  residual  stress 
field  formed  from  the  shot  peening  process 
(Johnson,  1968;  Studman  and  Field,  1977;  Yo- 
kouchi  et  al.,  1983;  Al-Obaid,  1990;  Li  et  al.,  1991; 
Kobayashi  et  al.,  1998).  The  literature  related  to 
stresses  around  hardness  indents  has  almost  ex¬ 
clusively  focused  on  the  problem  of  the  sharp 


Fig.  1 .  Two-phase  microstructure  of  the  bimodal  Ti-6A1-4V  alloy  under  investigation  consisting  of  HCP  a  (light  gray)  and  BCC  P 
(dark  gray).  The  a-phase  exists  in  both  the  globular  primary-ot  phase  and  the  lamellar  colonies  of  alternating  oc  and  p. 
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indenter,  which  is  most  commonly  used  for  esti¬ 
mates  of  cracking  resistance  or  prior  residual 
stress.  While  the  analysis  of  the  sharp  indenter 
problem  is  relevant  in  its  reliance  on  determining 
elastic-plastic  response,  the  quasi-static  velocities 
and  non-axisymmetric  geometry  limit  its  applica¬ 
bility  to  the  FOD  case. 

The  literature  on  the  residual  stress  state  cre¬ 
ated  by  shot  peening  has  focused  on  the  spherical 
impact  problem.  Here,  both  the  shape  and  ve¬ 
locity  of  the  impact  are  similar  to  the  FOD 
problem,  although  shot  peening  involves  multiple 
overlapping  impacts  whereas  FOD  is  associated 
with  a  single  impact.  In  the  case  of  shot  peening, 
the  multiple  overlapping  impacts  result  in  a  stress 
field  that  is  nominally  equi-biaxial  in  the  plane  of 
the  surface  and  varies  only  with  depth.  However, 
in  the  case  of  a  single  impact,  the  resulting  stress 
field  is  fully  three-dimensional  and  varies  in  both 
the  depth  and  along  the  surface.  It  is  this  dis¬ 
tinction  which  limits  the  applicability  of  tradi¬ 
tional  residual  stress  measurements  techniques, 
such  as  conventional  coarse-spot  X-ray  diffrac¬ 
tion,  layer-removal,  hole-drilling,  etc.,  to  this 
problem,  as  these  techniques  are  generally  applied 
to  less  complex  stress  states,  or  stress  states  that 
vary  in  only  one  direction. 

It  is  the  purpose  of  the  current  paper  to  present 
a  numerical  model  for  the  distribution  of  residual 
stresses  resulting  from  a  FOD  impact  and  to 
verify  such  stresses  using  synchrotron  X-ray  dif¬ 
fraction  (XRD)  techniques  on  a  Ti-6A1-4V  alloy 
subjected  to  sub-ballistic  impacts  by  chrome- 
hardened  steel  spheres  at  velocities  of  200  and 
300  m/s. 


2.  Approach 

2.L  Material 

The  material  studied  was  a  Ti-6A1-4V  alloy 
with  a  composition  (in  wt%)  of  6.30  Al,  4.17  V, 
0.19  Fe,  0.19  O,  0.013  N,  0.0035  H,  bal.  Ti.  It  was 
received  as  20-mm  thick  forged  plates  from  Tele¬ 
dyne  Titanium  after  solution  treating  1  h  at  925°C 
and  vacuum  annealing  for  2  h  at  700°C.  This  alloy, 
which  has  been  chosen  as  the  basis  of  a  compre¬ 


hensive  military/industry/university  program  on 
High  Cycle  Fatigue ,  has  a  microstructure  consist¬ 
ing  of  a  bimodal  distribution  of  ~  60  vol%  pri- 
mary-a  and  ~40  vol%  lamellar  colonies  of  a  -f  P 
(Fig.  1).  1  This  microstructure  displays  room 
temperature  yield  and  tensile  strengths  of  930  and 
970  MPa,  respectively,  and  a  Young’s  modulus  of 
116  GPa  (Eylon,  1998). 

Prior  to  impact,  35  x  35  x  20  mm3  rectangular 
specimens  were  machined  from  the  as-received 
plates.  Machining  damage  was  minimized  by 
chemical  milling  (H20,  HN03,  and  HF  in  a  ratio 
of  30:10:1  at  ambient  temperature)  to  remove 
more  than  100  pm  from  each  surface  of  the  spec¬ 
imen,  followed  by  a  stress-relief  anneal  at  700°C 
for  2  h  (with  a  vacuum  cool). 

2.2.  Impact  method 

In  this  study,  foreign  object  damage  was  simu¬ 
lated  by  shooting  spherical  projectiles  onto  a  flat 
specimen  surface  to  produce  a  single  hemispherical 
damage  site,  as  shown  in  Fig.  2.  Chrome-hardened 
steel  spheres,  3.2  mm  in  diameter  with  a  Rockwell 
C  hardness  of  60,  were  impacted  onto  the  flat 
surfaces  specimens  at  velocities  of  200  and  300  m/s 
(incident  kinetic  energies  of  2.7  and  6.1  J,  respec¬ 
tively)  using  a  compressed-gas  gun  facility.  These 
velocities  represent  typical  in-service  impact  ve¬ 
locities  on  aircraft  engine  fan  blades.  The  spheres 
were  accelerated  by  applying  gas  pressures  be¬ 
tween  2  and  7  MPa.  A  more  detailed  description  of 
the  impact  process,  resulting  damage  sites,  and  the 
associated  fatigue  behavior  can  be  found  in  Peters 
et  al.  (2000). 

2.3.  Numerical  simulation  of  impact 

As  an  initial  simulation  of  foreign  object 
damage,  a  quasi-static  numerical  model  was  es¬ 
tablished  consisting  of  a  spherical  indentation  on 
a  flat  surface  with  a  static  normal  indentation 
load  P  (Fig.  2).  The  indenter  was  modeled  as  rigid 


1  In  the  context  of  the  Air  Force  High  Cycle  Fatigue  program, 
this  microstructure  in  Ti-6A1~4V  has  been  referred  to  as 
“solution  treated  and  overaged”  (STOA). 
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Fig.  2.  Illustration  of  impact  of  a  spherical  indenter  of  diameter,  Z>,  with  incident  velocity  V  (or  in  the  case  of  quasi-static  loading, 
under  normal  load,  P),  on  a  flat  surface  resulting  in  a  crater  of  width,  W,  depth  below  the  nominal  surface,  <5,  and  pile-up  above  the 
nominal  surface,  <5P.  While  the  residual  stress  field  throughout  the  body  is  of  interest,  only  the  near-surface  layers  can  be  probed  with 
X-ray  diffraction.  Traditional  layer-removal  techniques  cannot  be  applied  due  to  the  three-dimensional  nature  of  the  stress  gradient 
and  geometry. 


with  a  diameter  equal  to  that  of  the  impact  ex¬ 
periments,  D  =  3.2  mm.  The  indentation  load  was 
then  removed  and  a  crater  formed  with  depth  <5, 
diameter  w,  and  plastic  pile-up  height  bp .  The  size 
of  the  crater  was  adjusted  by  controlling  P  such 
that  the  resulting  crater  dimensions  matched  with 
the  dimensions  measured  on  the  experimental 
FOD  impact.  The  substrate  material  was  taken  to 
be  elastic-perfectly  plastic  with  material  properties 
specified  for  the  bimodal  Ti-6A1-4V  alloy  de¬ 
scribed  in  the  previous  section.  Additionally,  as  a 
first  approximation,  impact  velocities  of  200  and 
300  m Is  impacts  were  simulated  by  quasi-static 
indentations  on  a  35  x  35  x  20  mm  rectangular 
specimen. 

Static  finite  element  (FEM)  calculations  were 
performed  using  the  commercial  code  ABAQUS 
version  5.8  (Hibbit,  Karlsson  &  Sorensen  Inc., 
1999)  based  on  the  implicit  integration  method. 


The  rigid  contact  surface  option  was  used  to 
simulate  the  rigid  indenter,  and  the  option  for 
finite  deformation  and  strain  was  employed.  In 
order  to  simplify  the  model  and  take  advantage 
of  the  axis-symmetric  approach,  the  substrate 
was  approximated  by  a  cylindrical  block  with 
diameter  35  mm  and  depth  20  mm.  An  axis- 
symmetric  mesh  was  developed  for  the  specimen 
comprising  of  4000  8-node  elements.  As  noted 
above,  the  substrate  material  was  taken  to  be 
elastic-perfectly  plastic,  with  a  Von  Mises  sur¬ 
face  to  specify  yielding.  Coulomb  friction  was 
invoked  in  all  calculations,  where  the  friction 
coefficient  n  is  taken  to  be  0.1  (nearly  friction¬ 
less). 

At  low  incident  velocities,  as  indicated  in  the 
following  section,  the  quasi-static  model  yields 
good  agreement  with  experimental  measurements. 
However,  for  300  m/s  impact  velocities  where  the 
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velocity  is  about  1/10  of  the  shear  wave  speed  of 
the  substrate  material,  dynamic  effects  come  into 
play.  In  order  to  account  for  dynamic  effects  such 
as  elastic  wave,  inertia  and  strain  rate  effects,  dy¬ 
namic  numerical  simulations  were  performed  by 
incorporating  the  explicit  integration  method  into 
the  finite  element  program.  The  rigid  spherical 
projectile  was  given  an  initial  velocity  of  200  or  300 
m/s,  which  then  made  contact  with  the  substrate 
and  bounced  back  in  about  5  |is  with  a  ricocheting 
speed  of  about  22%  of  the  incident  velocity.  After 
the  impact,  the  residual  stresses  at  the  surface  were 
subject  to  high-frequency  vibrations  and  the  stea¬ 
dy-state  residual  stress  field  was  obtained  after 
about  1  ms.  In  the  dynamic  numerical  simulation, 
the  substrate  was  given  the  same  material  prop¬ 
erties  as  in  quasi-static  finite  element  analysis,  ex¬ 
cept  that  the  strain  rate  sensitivity  was  included  in 
the  approach.  This  was  analytically  expressed  in  a 
power-law  form  as 


with  Z)  =  2  x  104  and  «  =  3,  (1) 

where  e  is  the  strain  rate,  ay(e)  is  the  strain-rate 
sensitive  yield  stress,  and  cr°  the  yield  stress  at 
a  =  0,  and  D  is  a  proportionality  constant  with 
units  of  s~L  This  relationship  is  largely  consistent 
with  the  experimental  data  of  Meyer  (1984)  in 
tension  in  that  it  shows  a  substantial  increase  in 
the  yield  stress  at  strain  rates  in  excess  of  103  s_1; 
however,  it  is  less  linear  than  the  experimental  data 
of  Follansbee  and  Gray  (1989)  for  testing  in 
compression. 

2.4.  Diffraction  analysis  of  residual  stress  state 

A  primary  objective  in  the  current  study  was  to 
compare  the  numerically  predicted  residual  stress 
states  to  experimental  observations.  To  this  end, 
spatially  resolved  residual  stress  measurements 
were  performed  using  synchrotron  X-ray  diffrac¬ 
tion  at  beamline  2-1  of  the  Stanford  Synchrotron 
Radiation  Laboratory  (SSRL).  The  advantage  of 
the  synchrotron  source  for  this  particular  appli¬ 
cation  was  (a)  a  low  divergence  (<  0.2  mrad) 


source/detector  configuration  to  minimize  sample 
displacement  errors  associated  with  the  coarse 
topography  of  the  indent,  and  (b)  a  photon  flux 
several  orders  of  magnitude  more  intense  than  a 
conventional  sealed-tube  source,  enabling  sub¬ 
millimeter  spatial  resolution  without  the  diver¬ 
gence  of  capillary  optics. 

For  comparison  to  numerical  predictions,  two 
modes  of  characterization  were  utilized.  A  rela¬ 
tively  fast  measurement  of  the  ^-spacing  normal  to 
the  surface  yielded  an  estimate  for  the  residual 
elastic  strain  component,  szz,  normal  to  the  surface. 
In  regions  of  particular  interest,  the  conventional 
sin2^  method  (Prevey,  1977;  Noyan  and  Cohen, 
1987)  was  employed  for  measuring  the  in-plane 
stresses.  These  two  techniques  are  described  in 
more  detail  in  the  following  paragraphs.  It  should 
be  noted  that  all  experimental  comparisons  to  the 
finite  element  results  were  restricted  to  the  speci¬ 
men  surface  because  traditional  layer-removal 
techniques  to  observe  the  subsurface  stress  gradi¬ 
ent  cannot  be  applied  here  due  to  the  three-di¬ 
mensional  nature  of  the  stress  gradient  and  crater 
geometry. 

Out-of-plane  strain  measurement :  The  most 
readily  determined  component  of  residual  elastic 
strain  is  the  component  normal  to  the  specimen 
surface,  eZ2 .  Note  that  the  z-direction  is  normal  to 
the  specimen  surface,  as  shown  in  the  coordinate 
axes  defined  in  Fig.  2.  Under  conditions  of  sym¬ 
metric  diffraction,  where  the  incident  and  dif¬ 
fracted  X-rays  are  at  equal  angles  to  the  specimen 
surface,  the  d-spacing  of  planes  coplanar  with  the 
specimen  surface  are  measured.  By  comparing  the 
rf-spacing  of  a  stressed  region  to  that  of  an  un¬ 
stressed  reference  <i-spacing,  the  z2Z  component  can 
be  assessed: 

d-do  sin  0O  . 

ezz  *  J  -  *  /)  1  *  (2) 

d0  sm  9 

The  measured  ezz  values  provide  a  comparison  of 
the  relative  residual  strain  distributions  formed 
under  various  conditions  (material,  velocity,  ind- 
enter  size,  etc.).  Conversion  of  the  s a  strain  value 
to  a  stress  requires  knowledge  of  the  stress  state  at 
that  location;  for  example,  if  the  stress  state  is 
equi-biaxial  (orr  =  o q0),  as  in  the  case  of  a  shot 
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peened  surface,  the  stresses  can  be  derived  by  using 
the  appropriate  2  elastic  constants: 


While  this  approach  is  valid  when  a  residual  stress 
state  is  known  or  assumed  at  a  particular  surface 
location  (e.g.  equi-biaxial  at  the  crater  floor),  it  is 
not  possible  to  convert  unambiguously  the 
values  measured  by  this  technique  into  stress 
components  without  some  knowledge  of  the  stress 
state  elsewhere.  Nevertheless,  for  the  purpose  of 
evaluating  the  validity  of  a  finite  element  model,  it 
may  not  be  necessary,  or  beneficial,  to  convert  to 
stress,  but  rather  to  directly  compare  the  numerical 
and  experimental  values  of  the  elastic  residual 
strain  distribution, 

Measurement  of  in-plane  stresses :  In  the  present 
work,  the  well-documented  sin2  ^  technique  (Pre- 
vey,  1977;  Noyan  and  Cohen,  1987)  was  used  to 
measure  the  local  stresses  in  the  plane  of  the 
specimen.  In  conventional  powder  diffraction,  as 
well  as  the  previously  described  experiment  for 
measuring  out-of-plane  strain,  the  diffraction  vec¬ 
tor  is  normal  to  the  specimen  surface  and  the  in¬ 
terrogated  diffraction  planes  are  coplanar  with  the 
surface,  as  shown  in  Fig.  3.  However,  the  sin2  \j/ 
technique  interrogates  crystallographic  planes  til¬ 
ted  at  multiple  angles,  from  the  surface-normal. 
The  variation  in  J-spacing  with  tilt-angle,  \j/  is 
uniquely  correlated  to  the  stress  components  in  the 
interrogation  volume.  In  the  special  case  where 
<ju  =  Gn  =  <j0z  =  0,  such  as  exists  at  a  free  surface, 
the  variation  in  ^-spacing  is  expected  to  be  linear 
with  respect  to  sin2  \j/.  Moreover,  the  slope  of  the 
linear  relationship  between  ^-spacing  and  sin2  ^  is 
proportional  to  the  stress  component,  0^90,  in  the 
plane  of  the  specimen,  along  the  direction  of  the 
diffraction  vector  at  \j/  =  90°: 


2  For  these  experiments,  “X-ray”  elastic  constants  are  gener¬ 
ally  generated  experimentally  by  in  situ  loading  of  a  tensile 
specimen  to  known  levels  of  stress,  and  by  correlation  to  the 
observed  change  in  d-spacing.  In  the  case  of  a  crystal  with 
anisotropic  elastic  constants,  this  calibration  must  be  applied  to 
the  same  set  of  planes  as  used  for  the  interrogation  (Prevey, 
1977). 


Fig.  3.  Illustration  of  (a)  general  powder  diffraction  where  the 
incident  and  exiting  beams  make  equal  angles  with  the  specimen 
surface  and  the  diffraction  vector  ( k  -  k0i  dotted  line)  is  per¬ 
pendicular  to  the  surface.  In  this  case,  the  interrogated  planes 
are  coplanar  with  the  specimen  surface  and  the  observed  strain 
component  is  normal  to  the  specimen  surface  along  the  direc¬ 
tion  of  the  diffraction  vector,  (b)  By  tilting  to  non-zero  \j/  angles, 
the  planes  of  interrogation  are  no  longer  coplanar  with  the 
surface,  and  again  the  <7-spacings  are  measured  in  the  direction 
of  the  diffraction  vector. 

— —  —  $ ^_9Q sin  {orr  +  oee)'  (4) 

d0  E  E 

When  this  linear  relationship  between  ^-spacing 
and  tilt  angle,  \f/,  is  observed,  the  corresponding 
stress  in  the  plane  of  the  specimen  can  be  deduced. 
A  nonlinear  relationship  may  be  an  indication  of 
non-negligible  out-of-plane  stresses  near  the  free 
surface  or  strong  texture  and  requires  a  more  so¬ 
phisticated  analysis.  A  more  complete  description 
of  the  assumptions  and  potential  errors  associated 
with  the  sin2 1//  technique  is  given  in  Noyan  and 
Cohen  (1987). 

Independent  validation  of  both  the  out-of-plane 
strain  measurement  technique  and  the  sin2  ij/  tech¬ 
nique  was  achieved  by  applying  known  strain  levels 
to  a  standard,  similar  to  that  used  in  previous  dif¬ 
fraction-based  residual  stress  studies  (Prevey, 
1977).  A  strain-gauged  Ti-6A1~4V  tensile  specimen 
was  loaded  in  an  in  situ  tensile  load  frame  to  var¬ 
ious  levels  of  strain  ranging  from  0  to  6000  pe 
corresponding  to  uniaxial  stresses  in  the  range  of  0- 
700  MPa.  The  elastic  strains  measured  by  the  X-ray 
method  were  found  to  be  within  300  \xe  of  the  ob¬ 
served  strain  gauge  values.  It  should  be  noted  that 
in  the  case  where  the  diffraction  vector  (the  bisector 
of  the  incident  and  diffracted  beam)  is  normal  to 
the  specimen  surface,  the  observed  strain  compo¬ 
nent  is  also  normal  to  the  specimen  surface,  and  is 
the  Poisson  response  to  the  applied  strain. 
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3.  Results 

3.1.  Numerical  results 

In  the  current  study,  numerical  simulations 
were  performed  for  two  impact  velocities  (200  and 
300  m/s),  using  two  methods:  an  initial  quasi-static 
analysis  and  explicit  dynamic  analysis.  There  were 
several  general  features  that  were  consistent  for 
both  velocities  and  both  simulation  methods.  The 
results  in  Fig.  4  focus  on  the  hoop  stress  compo¬ 
nent,  gqq,  as  the  hoop  stress  component  superim¬ 
poses  on  the  applied  load  during  fatigue  crack 
initiation  and  growth  (Peters  et  al.,  2000;  Chen  and 
Hutchinson,  2001).  A  consistent  result  from  the 
two  methods  was  the  existence  at  both  impact 
velocities  of  two  primary  zones  of  tension  in  the 
immediate  vicinity  of  the  indent;  these  regions  of 
tensile  residual  stress  serve  to  increase  the  local 
mean  stress  during  subsequent  fatigue  loading, 
thereby  accelerating  the  initiation  and  propagation 
of  fatigue  cracks.  These  tensile  zones  were:  (i)  a 
small  but  intense  region  at  the  surface  immediately 
outside  the  crater  rim,  and  (ii)  a  broad  region 
approximately  one  crater  radius  away  from  the 
crater  where  the  maximum  stresses  in  this  region 
are  well  below  the  surface.  In  both  tensile  zones, 
the  maximum  tensile  stress  was  on  the  order  of 
40%  of  the  yield  stress.  The  most  substantial 
compressive  stresses,  conversely,  are  formed  in  a 
large  zone  directly  beneath  the  crater,  and  show  a 
maximum  value  of  approximately  1|  times  the 
yield  stress,  roughly  one  crater  radius  below  the 
crater  floor.  These  observations  are  consistent  for 
both  impact  velocities. 

While  the  quasi-static  and  dynamic  finite  ele¬ 
ment  analyses  predict  almost  identical  residual 
stress  fields  away  from  the  surface  of  the  speci¬ 
men,  the  results  are  quite  different  at  the  notch 
surface  where  the  dynamic  effects  are  of  most 
concern.  In  particular,  by  ignoring  the  elastic 
wave  and  inertia  effects,  the  quasi-static  model 
predicted  a  more  compressive  g0b  at  the  crater 
floor  and  a  more  tensile  ae0  at  the  rim,  compared 
with  dynamic  simulation.  Specific  values  of  <r0e 
calculated  at  surface  locations  of  interest  are 
compared  with  parallel  experimental  data  in  the 
next  section.  Indeed,  as  discussed  below,  the  dy- 


Fig.  4.  Contour  plots  of  the  residual  <t00  stress  field  in  the  vi¬ 
cinity  of  crater  floor  predicted  from  dynamic  finite  element 
analysis,  showing  the  stress  distribution  for  (a)  200  m/s  and  (b) 
300  m/s  impact  velocities.  The  residual  stress  fields  are  nor¬ 
malized  by  the  yield  stress  at  zero  strain  rate,  a ay. 

namic  finite  element  simulation  based  on  the  ex¬ 
plicit  integration  method  is  more  effective  in 
stimulating  the  impact  process,  and  hence  yields 
results  closer  to  experimental  observations.  In 
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Figs.  4(a)  and  (b),  contour  plots  of  the  residual 
hoop  stress  field  Gee  around  the  notch,  determined 
from  dynamic  finite  element  approach,  are  shown 
for  the  cases  of  200  and  300  m/s  impact  velocities, 
respectively. 

The  prominent  residual  compressive  stress  field 
can  also  be  seen  in  Fig.  4  beneath  the  impact  crater 
floor,  with  the  stress  gradient  being  fairly  large  at 
the  surface.  At  the  300  m/s  impact,  for  example, 
the  compressive  residual  Gee  stress  directly  below 
the  crater  was  seen  to  vary  from  about  -0.1  cr®  at 
the  surface  of  the  crater  floor  to  -0.8a°  at  ~100 
pm  below  the  surface  and  continues  to  decrease  to 
a  maximum  compressive  stress  of  ~  -1.5 a°y  at  a 
depth  of  1.4  mm,  as  shown  in  Fig.  4(b).  Two 
prominent  residual  tensile  regions  are  developed 
after  impact:  one  right  at  the  crater  rim,  and  the 
other  located  southeast  of  the  crater  rim  (below 
the  surface),  where  the  maximum  value  of  residual 
age  stress  is  about  0.4cr°.  Both  regions  are  likely  to 
provide  fatigue  crack  initiation  sites  during  sub¬ 
sequent  cyclic  loading,  where  the  residual  tensile 
Gee  is  proven  to  be  one  of  the  primary  driving 
forces  (Peters  et  al.,  2001).  The  crater  floor  is  an¬ 
other  potential  fatigue  crack  formation  site  due  to 
the  higher  elastic  stress  concentration  factor  com¬ 
pared  with  the  rim,  especially  at  lower  impact 
speeds.  At  high  incident  velocity  (300  m/s),  the 
microcracks  that  are  formed  on  impact  in  the  pile- 
up  of  material  at  the  crater  ridge,  plus  the  residual 
tensile  Gee  stress  field,  act  in  concert  to  promote 
fatigue-crack  growth;  such  growth  initiates  from 
these  microcracks  when  the  applied  cyclic  stresses 
are  high  compared  to  the  magnitude  of  the  maxi¬ 
mum  tensile  residual  stresses.  Conversely,  when 
the  applied  cyclic  stresses  are  comparable  in 
magnitude  to  the  residual  stress  levels,  fatigue 
cracks  can  initiate  below  the  sample  surface  away 
from  the  impact  crater,  specifically  in  the  region  of 
high  residual  tensile  stress  (Peters  et  al.,  2001). 

3.2.  Experimental  results 

As  a  basis  for  comparison  with  the  numerical 
results,  the  gradient  in  residual  strain  was  mea¬ 
sured  from  the  crater  rim  and  emanating  away 
from  the  crater.  To  evaluate  strain,  the  (2131) 
diffraction  peak  at  ~1 1O.5°20  (energy  =  8048  keV) 


was  chosen  to  provide  (i)  a  sufficiently  high  29 
angle  to  project  a  small  “footprint”  on  the  sam¬ 
ple,  (ii)  a  sufficient  intensity  to  allow  accurate 
peak  fitting,  and  (iii)  to  have  similar  elastic  be¬ 
havior  to  that  of  the  overall  sample  (unlike  basal 
or  prism  planes  which  have  significantly  different 
elastic  behavior  due  to  crystal  anisotropy).  A  spot 
size  was  chosen  such  that  the  projected  X-ray 
footprint  on  the  sample  was  500  x  500  pm2.  This 
spot  size  was  a  compromise  between  the  need  for 
small  spatial  scale  to  map  out  the  strain  gradient 
which  varies  over  several  millimeters,  and  the 
need  for  a  sufficiently  large  spot  size  to  sample 
many  grains  for  powder  diffraction  analysis. 
During  ^-tilting  experiments,  the  spot  size  was 
adjusted  for  every  i/i- tilt  to  keep  the  sampling 
area  constant.  The  500  x  500  pm2  sampling  area 
was  estimated  to  interrogate  at  least  300  grains 
simultaneously,  whereas  at  least  100  grains  are 
generally  considered  sufficient  for  powder  dif¬ 
fraction  analysis.  To  increase  the  number  of 
grains  properly  oriented  for  diffraction,  the  sam¬ 
ple  was  rocked  ±2°  on  the  6  axis  for  each  28 
position. 

The  out-of-plane  strain  measurement,  where  the 
diffraction  vector  was  perpendicular  to  the  speci¬ 
men  surface,  was  useful  for  mapping  out  the  spa¬ 
tial  distribution  of  the  e ^  component  normal  to  the 
surface.  An  example  of  a  two-dimensional  spatial 
strain  map  around  a  200  m/s  impact  crater  is 
shown  in  Fig.  5.  This  crater  map  shows  a  local 
maximum  tensile  strain  at  the  crater  floor,  which 
corresponds  to  an  equi-biaxial  stress  of  about 
-500  MPa  (assuming  that  the  stress  state  at  the 
crater  is  indeed  equi-biaxial  and  the  strain  normal 
to  the  surface  is  the  Poisson  response  to  the  equi- 
biaxial  stress). 

At  specific  points  of  interest,  a  more  thorough 
sin2  \j/  analysis  was  performed  to  determine  the  in¬ 
plane  stresses,  Gee  and/or  a„.  Because  of  time 
constraints,  a  spatial  map  of  the  stresses  was  not 
feasible;  a  two-dimensional  map  of  the  in-plane 
stresses  similar  to  the  map  presented  in  Fig.  5  for 
strain  would  require  more  than  three  weeks  of 
synchrotron  time  using  the  current  experimental 
setup.  An  example  of  the  variation  of  ^-spacing 
with  sin2  ij/  is  presented  in  Fig.  6.  As  is  expected  in 
the  case  of  a  negligible  out-of-plane  stress  com- 
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Residual  Elastic  Strain,  szz  (xIO6) 


Fig.  5.  Two  views  of  a  two-dimensional  surface-normal  strain  (ezz)  survey  around  a  site  of  damage  formed  from  a  200  m/s  impact.  The 
tensile  value  of  eZ2  at  the  center  of  the  impact  crater  is  the  Poisson  strain  response  to  the  equi-biaxial  compressive  stresses  that  exist  at 
the  center  of  the  crater  floor. 


the  numerical  models.  For  this  evaluation,  there 
were  two  primary  modes  of  comparison:  (i)  a 
qualitative  comparison  of  the  spatial  gradient  in 
residual  stress  (or  residual  elastic  strain)  to  ensure 
that  the  size-scale  and  nature  of  the  stress  state 
was  captured  appropriately,  and  (ii)  a  quantita¬ 
tive  comparison  of  residual  stress  values  at 
specific  key  locations  to  aid  in  understanding  the 
driving  force  for  crack  formation  and  propaga¬ 
tion. 

Qualitative  comparison  of  gradient  shape :  A 
comparison  of  the  spatial  gradient  corresponding 
to  three  residual  elastic  strain  components  is 
shown  in  Fig.  7.  The  relative  shape  of  each  of  the 
three  gradients  is  quite  similar  between  the  FEM 
prediction  and  the  diffraction  (XRD)  analysis.  A 
more  direct  comparison  of  the  ezz  strain  gradient 
emanating  away  from  the  rim  is  presented  in  Fig. 
8.  Here,  the  comparison  is  between  the  diffraction 
data  and  the  quasi-static  FEM  analysis.  Again,  the 
shape  of  the  gradient  is  quite  similar  between  ex¬ 
perimental  and  numerical  analysis,  although  at  the 
higher  impact  velocity  the  magnitude  of  the  pre¬ 
dicted  strains  are  considerably  higher  than  the 
observed  strains.  This  discrepancy,  which  was 
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Fig.  6.  Variation  of  ^/-spacing  with  tilt-angle,  \j/  as  sampled  next 
to  the  crater  rim.  This  linear  behavior  is  typically  observed  for 
both  200  and  300  m/s  impact  velocities. 

ponent  and  low  to  moderate  texture,  the  rf-spacing 
varies  linearly  with  sin2 

4.  Discussion 

4.1.  Comparison  of  numerical  and  experimental 
results 

The  primary  motivation  behind  the  experi¬ 
mental  XRD  work  was  to  evaluate  the  validity  of 
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Fig.  7.  Spatial  gradient  in  elastic  strain  components,  s„,  eee  and  es,  emanating  away  from  the  crater  rim  as  predicted  by  the  finite 
element  method,  FEM  (line),  and  observed  by  X-ray  diffraction,  XRD  (points).  In  the  diffraction  results,  su  was  obtained  by  symmetric 
diffraction,  s„.  was  obtained  from  the  sin2  \p  technique,  and  see  was  calculated  from  the  other  two  data  sets,  assuming  that  =  0  in  the 
interrogation  volume  (<  10  pm  from  the  free  surface).  For  all  three  components  of  strain,  the  shape  of  the  gradient,  as  well  as  the 
relative  location  of  extremes,  are  consistent  between  numerical  predictions  and  experimental  observations. 
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Fig.  8.  Comparison  of  sa  strain  gradients  observed  by  X-ray 
diffraction  (data  points)  and  predicted  by  FEM  (lines)  using  a 
quasi-static  analysis.  While  the  gradient  associated  with  the  200 
m/s  impacts  appears  to  be  in  agreement  between  the  two 
methods,  the  magnitude  of  the  300  m/s  impact  gradient  is  not 
well  captured  by  the  quasi-static  analysis. 

observed  only  at  the  higher  impact  velocity,  is 
discussed  in  detail  below. 

Quantitative  comparison  of  stresses  at  key  loca¬ 
tions  (Table  1):  The  center  of  the  crater  floor  and 
the  crater  rim  were  two  key  locations  for  the 
comparison  of  stresses,  based  on  evidence  of  crack 


formation  in  these  regions  during  subsequent  fa¬ 
tigue  loading  (Peters  and  Ritchie,  2000).  The  role 
of  residual  stresses  on  fatigue  crack  formation  at 
these  locations  was  discussed  in  the  last  section. 
These  locations  were  also  the  most  challenging  for 
both  the  FEM  model  and  the  XRD  experiments 
due  to  the  high  degree  of  plastic  deformation.  For 
purposes  of  comparison,  the  stress  values  from  the 
numerical  model  were  extracted  from  6  pm  below 
the  surface  (the  average  X-ray  penetration  depth) 
and  averaged  over  0.5  mm2  (the  X-ray  footprint 
size).  The  stress  component  of  most  importance  is 
the  component  acting  along  the  6  direction,  oqq , 
because  it  is  this  component  which  is  acting  in  the 
same  direction  as  the  subsequent  fatigue  loading, 
and  therefore  driving  fatigue-crack  nucleation 
(Peters  et  al.,  2000;  Chen  and  Hutchinson,  2001). 

The  most  important  observation  of  the  current 
study  is  that  the  quasi-static  calculation  of  the 
stresses  associated  with  a  200  m/s  impact  was  lar¬ 
gely  consistent  with  experimental  observation. 
However,  there  was  a  large  discrepancy  in  the  stress 
values  predicted  for  the  300  m/s  impact  using  the 
quasi-static  numerical  approximation.  This  dis¬ 
crepancy  was  reduced  substantially  by  taking  into 
account  three  time-dependent  effects,  specifically 
the  strain  rate  sensitivity,  inertia  effect,  and  elastic- 
wave  interactions.  The  potential  sources  for  the 
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Table  1 

Comparison  of  relevant  stresses  at  key  locations  as  predicted  by  the  finite  element  method  (FEM)  and  measured  by  X-ray  diffraction 
(XRD)  _ 


Method 

arr  at  center  of  crater 
floor  (MPa) 

gqb  at  crater  rim 
(MPa) 

Height  of  crater  depth  +  pile  up  (mm) 

0  +  V 

200  m/s 

XRD,  dynamic 

-523 

150 

0.43 

FEM,  quasi-static 

-505 

267 

0.43 

FEM,  dynamic 

-420 

150 

0.42 

300  m/s 

XRD,  dynamic 

56 

0 

0.67 

FEM,  quasi-static 

-846 

503 

0.67 

FEM,  dynamic 

-82 

309 

0.67 

remnant  discrepancy  are  largely  non-continuum 
effects  that  are  not  easily  captured  in  a  continuum- 
based  model.  During  the  impact  process  and  prior 
to  fatigue  loading,  two  features  were  observed  in 
the  specimens  following  300  m/s  impact:  micro¬ 
cracks  (2-50  pm)  which  were  formed  at  the  crater 
rim  and  shear  bands  that  emanated  into  the  interior 
of  the  specimen  under  the  indent  (Fig.  9).  These 
localized  effects  would  not  be  readily  modeled  in 
the  continuum-based  FEM  calculations  and  would 
serve  to  reduce  the  intensity  of  the  local  stresses, 
consistent  with  the  observed  discrepancy  between 
the  FEM  model  and  diffraction  measurements. 
Moreover,  the  absence  of  these  features  for  200  m/s 
impacts  is  consistent  with  the  agreement  between 
the  two  methods  at  the  lower  velocity. 

4.2.  Implications 

The  residual  stresses  left  by  high  velocity  im¬ 
pacts  are  thought  to  play  an  important  role  in 
promoting  premature  fatigue  failure  in  airfoils  and 
fan  components  that  have  suffered  foreign  object 
damage  due  to  the  ingestion  of  debris  into  a  tur¬ 
bine  engine.  Cyclic  loading  studies  on  fatigue 
specimens  with  simulated  foreign  object  damage, 
identical  to  the  hemispherical  damage  sites  pre¬ 
sented  in  this  work,  have  shown  that  in  many 
cases,  knowledge  of  the  initial  residual  stress  dis¬ 
tribution  left  by  the  impacting  process  is  not  suf¬ 
ficient  to  evaluate  the  driving  force  for  crack 
formation  and  propagation  (Peters  et  al.,  2001). 
The  elastic  stress  concentration  factor,  ku  associ¬ 
ated  with  the  shape  of  the  indent  amplifies  the 
applied  stresses  most  substantially  at  the  crater 


floor  (kt  =  1.6  from  a  300  m/s  impact),  and  at  the 
rim  ( kt  =  1.25  from  a  300  m/s  impact).  Even  more 
important  is  the  formation  of  microcracks  at  the 
crater  rim,  which,  in  the  simplest  sense,  provides  a 
much  higher  (crack-like)  local  stress  concentration 
factor. 

Recent  studies  have  also  shown  that  the  initial 
residual  stress  state  is  substantially  reduced  by 
relaxation  or  redistribution  during  subsequent  fa¬ 
tigue  cycling.  For  example,  during  fatigue  loading 
at  the  smooth-bar  107-cycle  fatigue  limit  in  the 
bimodal  Ti-6A1-4V  alloy,  i.e.,  at  <7max  =  500  MPa, 
the  residual  stresses  at  the  rim  and  crater  floor  of 
an  indent  formed  by  quasi-static  indentation  are 
reduced  by  30-50%  after  the  first  fatigue  cycle.  To 
probe  this  behavior  analytically,  the  numerical 
model  was  modified  to  take  into  account  the 
Bauschinger  effect  (nonlinear  cyclic  stress-strain 
relationship  with  a  yield  surface  similar  to  kine¬ 
matic  hardening)  based  on  cyclic  stress-strain  ex¬ 
periments.  The  numerical  model  showed  a  very 
similar  relaxation  effect:  a  reduction  of  residual 
stresses  on  the  order  of  40%  after  the  first  cycle  due 
to  the  change  in  yield  surface  during  cycling  and 
the  consequential  plastic  flow  leading  to  stress  re¬ 
distribution.  This  redistribution  or  first-cycle  re¬ 
laxation  of  the  residual  stresses  is  important,  as  it 
indicates  that  the  initial  residual  stress  state  is 
more  aggressive  than  the  residual  stress  state  at  the 
time  of  crack  initiation  and  propagation. 

The  current  results  also  have  implications  to 
shot  peening.  There  are  many  similarities  (and 
some  notable  differences)  between  the  current 
study,  which  primarily  focused  on  the  impact  of  a 
single  spherical  projectile  on  a  flat  surface,  and  the 
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after  impact 
+  fatigue 


Fig.  9.  Features  found  in  300  m/s  impacts  but  not  in  200  m/s  impacts,  which  are  not  captured  in  the  FEM  model,  (a)  SEM  micrograph 
of  a  ~6  pm  microcrack  formed  at  the  crater  rim  due  to  the  impact  process  (insert)  and  the  subsequent  growth  of  the  microcrack  to 
50  pm  during  fatigue  loading  (nominally  applied  <7max  =  500  MPa,  R  =  0.1,  N  —  29,000  cycles),  (b)  Optical  cross-section  of  the  crater 
floor  showing  shear  band  formation  along  planes  of  maximum  shear  (courtesy  J.O.  Peters). 


case  of  shot  peening,  where  multiple  spherical 
projectiles  are  impacted  on  a  flat  surface  in  suc¬ 
cession.  Perhaps  the  most  noteworthy  observation 
is  the  presence  of  significant  tensile  stresses  at  the 
crater  rim. .  In  the  case  of  multiple  overlapping 
shots,  in  the  simplest  sense,  the  tensile  zone  at  the 
rim  of  a  single  shot  is  offset  when  the  compressive 
crater  floor  of  a  successive  shot  is  centered  on  the 
rim  of  the  first.  This  is  consistent  with  shot  peening 
observations  that  indicate  that  incomplete  peening 
coverage  of  the  surface  will  leave  uncompressed 
rims,  leading  to  a  degradation  in  the  fatigue  life¬ 
time.  As  reported  by  Wohlfahrt  (1982),  such  in¬ 
complete  peening  coverage  results  in  local  zones  of 
tensile  residual  surface  stresses,  which  can  act  to 
promote  crack  formation. 


5.  Conclusions 

Based  on  the  numerical  (finite  element  analysis) 
and  experimental  (synchrotron  X-ray  diffraction) 
evaluation  of  a  spherical  hard-body  impact  on  a 
flat  surface  at  velocities  of  200  and  300  m/s  in  a  Ti- 
6A1^4V  alloy,  the  following  conclusions  have  been 
made: 

1 .  The  residual  stress  distribution  associated  with 
a  spherical  hard-body  impact  has  been  modeled 
by  quasi-static  and  dynamic  FEM  analysis.  The 
hoop  stresses,  which  would  superimpose  on  ap¬ 
plied  loads  along  the  loading  axis,  are  tensile  in 
two  regions:  (i)  a  small  but  intense  region  at  the 
surface  immediately  outside  the  crater  rim,  and 
(ii)  a  broad  region  approximately  one  crater  ra- 
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dius  away  from  the  crater  where  the  maximum 
stresses  in  this  region  are  below  the  surface. 
Substantial  compressive  stresses  are  formed  in 
a  large  zone  directly  beneath  the  crater;  the 
most  intense  of  these  are  located  approximately 
one-half  a  crater  radius  below  the  crater  floor. 

2.  The  maximum  values  of  these  residual  stresses 
were  found  to  be  approximately  40%  of  the 
yield  stress  in  both  tensile  regions,  and  1|  times 
the  yield  stress  in  the  compressive  region  below 
the  base  of  the  crater.  These  observations  are 
consistent  for  both  impact  velocities. 

3.  The  shape  of  the  spatial  strain  gradient  pre¬ 
dicted  by  the  FEM  model  is  consistent  with  ex¬ 
perimental  observations  made  by  spatially 
resolved  XRD. 

4.  A  200  m/s  impact  can  be  modeled  using  a  quasi¬ 
static  approach,  ignoring  time-dependent  effects 
and  simply  simulating  the  effect  of  velocity  by 
matching  the  relative  shape  of  the  crater 
(depth-to-diameter  ratio).  The  quasi-static 
model  of  the  200  m/s  indent  is  quite  similar  to 
experimentally  observed  residual  stress  values 
and  strain  gradients.  There  is  a  small  discrep¬ 
ancy  (~  1 50  MPa)  in  predicted  versus  measured 
residual  stresses  at  the  rim,  which  can  be  re¬ 
duced  by  incorporating  dynamic  effects  into 
the  numerical  model. 

5.  There  are  substantial  errors  arising  from  the  ap¬ 
plication  of  a  quasi -static  analysis  to  the  simu¬ 
lation  of  a  300  m/s  impact.  These  errors  are  in 
part  attributable  to  time-dependent  effects 
(strain-rate  sensitivity,  elastic-wave  interac¬ 
tions);  indeed,  they  are  substantially  reduced 
by  incorporating  such  time-dependence  into 
the  numerical  model.  Remnant  discrepancy  be¬ 
tween  the  numerical  model  and  diffraction- 
based  results  may  be  associated  with  observed 
non-continuum  effects,  such  as  microcracking 
and  shear-band  formation. 
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Abstract:  -  Foreign-object  damage  associated  with  the  ingestion  of  debris  into  aircraft 
turbine  engines  can  lead  to  a  marked  degradation  in  the  high-cycle  fatigue  life  of  turbine 
components.  This  degradation  is  generally  considered  to  be  associated  with  the  premature 
initiation  of  fatigue  cracks  at  or  near  the  damage  sites;  this  is  suspected  to  be  due  to,  at 
least  in  part,  the  impact-induced  residual  stress  state,  which  can  be  strongly  tensile  in 
these  locations.  However,  recent  experimental  studies  have  shown  the  unexpected 
propensity  for  impact-induced  fatigue  crack  formation  at  locations  of  compressive 
residual  stress  in  the  vicinity  of  the  impact  site.  To  address  this  issue,  in  situ  and  ex  situ 
spatially-resolved  X-ray  diffraction  and  numerical  modeling  are  utilized  to  show  that  the 
initial  residual  stress  state  can  be  strongly  relaxed  during  the  fatigue  loading  process. 
The  magnitude  and  rate  of  relaxation  is  strongly  dependent  on  the  applied  loads.  For  a 
Ti-6A1-4V  turbine  blade  alloy,  little  relaxation  was  observed  for  an  applied  maximum 
stress  of  325  MPa  (0.35ay,  where  ay  is  the  yield  stress),  and  cracks  tended  to  form  in 
subsurface  zones  of  tensile  residual  stress  away  from  the  damage  sites.  In  contrast,  at  an 
applied  maximum  stress  of  500  MPa  (0.54ay),  equal  to  the  smooth-bar  107-cycle 
endurance  strength,  cracks  tended  to  form  at  the  damage  sites  in  zones  of  high  stress 
concentration  that  had  initially  been  in  strong  compression,  but  had  relaxed  during  the 
fatigue  loading. 
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1.  Introduction 


The  ingestion  of  airborne  objects  or  debris  into  aircraft  turbine  engines  can  lead  to 
severe  reductions  in  the  expected  high-cycle  fatigue  (HCF)  life  of  impact-damaged 
components  [1,2].  In  a  simplified  simulation  of  such  damage  using  high-velocity  impacts 
of  hard  spherical  objects  onto  a  Ti-6A1-4V  blade  alloy,  studies  [3,4]  have  shown  that  the 
endurance  strength  can  be  reduced  by  as  much  as  50%  and  the  number  of  cycles  to  failure 
at  a  given  stress  amplitude  decreased  by  several  orders  of  magnitude.  The  reduction  in 
fatigue  life  due  to  such  foreign-object  damage  (FOD)  was  reasoned  to  be  associated  with 
four  main  factors:  (i)  impact-induced  residual  stresses,  (ii)  microcracks  formed  upon 
impact,  (iii)  the  stress-concentrating  effects  of  the  impact  site,  and  (iv)  distortion  of  the 
microstructure. 

In  an  effort  to  specifically  quantify  the  contribution  of  residual  stresses,  spatially- 
resolved  synchrotron  X-ray  diffraction  experiments  were  carried  out  to  measure  local 
residual  stress  values  in  the  vicinity  of  the  impact  sites  [5].  While  the  presence  of  such 
local  stresses  was  thought  to  influence  the  premature  initiation  of  fatigue  cracks  and  their 
subsequent  early  growth  during  subsequent  fatigue  cycling,  these  preliminary  studies  [4- 
7]  indicated  the  potential  relaxation  of  the  impact-induced  residual  stresses  during  fatigue 
loading,  implying  that  in  this  relaxed  state,  the  residual  stresses  might  not  be  a  significant 
driving  force  (or  mitigating  force)  in  crack  formation  and  propagation. 

It  is  the  purpose  of  the  current  paper  to  evaluate  the  redistribution  and/or  relaxation  of 
impact-induced  residual  stresses  during  mechanical  fatigue  loading  using  in  situ  and  ex 
situ  synchrotron  X-ray  diffraction,  to  compare  the  observed  behavior  with  numerical 
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modeling  of  the  damage  and  subsequent  relaxation  processes,  and  to  use  this  information 
to  develop  a  better  understanding  of  the  driving  force  for  the  initiation  and  subsequent 
propagation  of  cracks  at  sites  of  impact  damage  during  high-cycle  fatigue  loading. 


2.  Background 

The  residual  stress  state  left  by  the  impact  of  a  projectile  onto  a  metallic  surface  can 
be  significantly  altered  during  subsequent  fatigue  loading.  Such  mechanical  cycle- 
dependent  redistribution  of  residual  stresses  is  often  termed  “cyclic  relaxation”  or 
“fading”,  and  has  been  studied  predominantly  with  respect  to  shot  peening  and  welding 
induced  residual  stresses.1  Although  there  is  little  information  on  single  impact  damage, 
multiple  impact  shot  peening  studies  in  steels  have  identified  four  regimes  of  relaxation 
of  the  residual  compressive  stresses  under  fully  reversed  loading  [8,9]  (Fig.  1):  (I)  the 
compressive  portion  of  the  first  cycle,  (II)  the  tensile  portion  of  the  first  cycle,  (HI)  the 
subsequent  cycles  up  to  crack  initiation,  and  (IV)  cycles  after  crack  initiation.  During  the 
first  cycle,  i.e.,  in  regimes  I  and  II,  stress  relaxation  occurs  when  the  superposition  of  the 
applied  and  residual  stresses  exceeds  the  yield  stress2.  Thereafter,  the  residual  stresses 
are  often  observed  to  decay  at  a  rate  proportional  to  the  logarithm  of  the  number  of 
loading  cycles  [8,9].  This  decay  is  typically  associated  with  the  reordering  of  the 
dislocation  substructure  and  is  thought  to  be  related  to  the  occurrence  of  cyclic  softening, 

1  It  should  be  noted  that  the  term  “relaxation”  can  also  be  used  to  refer  to  thermally-driven  redistribution  of 
residual  stresses.  This  is  a  separate  driving  force  from  the  purely  mechanical  relaxation  discussed  herein. 

2  The  yield  stress  referred  to  in  stage  II  (where  the  applied  and  residual  stresses  are  of  an  opposite  sense)  is 
the  reverse  yield  stress;  its  magnitude  is  often  smaller  than  the  monotonic  yield  stress  due  to  the 
Bauschinger  effect. 
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i.e.,  the  reduction  in  the  flow  stress  during  cyclic  loading.  Upon  the  formation  of  a 
fatigue  crack,  however,  the  relaxation  rate  can  increase,  presumably  due  to  the  stress¬ 
concentrating  effect  and  plasticity  associated  with  the  crack.  For  each  of  the  four 
regimes,  there  is  a  material-dependent  threshold  stress  amplitude  below  which  no 
relaxation  is  seen. 

In  addition  to  relaxing  the  residual  stresses,  fatigue  cycling  can  also  cause  a  decay  in 
the  dislocation  density  or  cold  work  associated  with  the  residual  stresses,  as  shown  by  a 
reduction  in  the  Bragg  peak  width  (FWHM).  Again,  results  on  steels  (AISI  4140)  show 
the  Bragg  peak  width  to  decay  linearly  with  the  logarithm  of  the  number  of  cycles  after 
shot  peening  at  room  temperature  [9].  There  is  a  threshold  stress  amplitude  below  which 
the  peak-widths  are  unaltered  by  cycling.  In  this  steel,  the  threshold  is  several  hundred 
MPa  higher  than  the  threshold  for  (type-I)  residual  stress  relaxation,  indicating  that  at 
intermediate  stress  amplitudes,  the  macroscopic  residual  stress  state  can  decay  with 
cycling  while  the  degree  of  plastic  damage  remains  constant.  Similar  observations  have 
been  reported  for  AISI  304  steel  and  AZ31  magnesium  alloys,  where  residual  stresses 
relaxed  substantially  during  fatigue  loading,  whereas  the  peak-widths  remained 
essentially  constant  [10]. 

Corresponding  results  on  peening-induced  residual  stresses  in  titanium  alloys, 
specifically  a  comparison  of  “near-a”  IMI-685  (in  a  p  annealed  condition)  and  “«+/?’  Ti- 
6A1-4V  (in  a  condition  similar  to  that  of  the  present  study),  show  the  marked  effect  of 
cyclic  deformation  properties  on  relaxation  [1 1].  In  IMI-685,  which  undergoes  very  little 
cyclic  softening,  cycling  at  a  maximum  stress  of  0.75ay  (where  cry  is  the  yield  stress)  led 
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to  a  small  (-10%)  reduction  in  the  peak  longitudinal  stress.  In  contrast,  cycling  IMI-318 
at  0.83ay  caused  a  much  larger  (-60%)  reduction,  consistent  [12]  with  the  fact  that  this 
alloy  experiences  substantial  cyclic  softening.  It  is  thought  that  this  difference  in 
softening  behavior  is  more  related  to  the  differences  in  the  microstructure  and  not  as 
much  due  to  differences  in  chemical  composition. 

3.  Approach 

3.1  Material 

The  material  studied  in  this  investigation  was  a  Ti-6A1-4V  alloy  with  composition  (in 
wt.%)  of  6.30  Al,  4.17  V,  0.19  Fe,  0.19  O,  0.013  N,  0.0035  H,  bal.  Ti.  It  was  received  as 
20-mm  thick  forged  plates  from  Teledyne  Titanium  after  solution  treating  1  hr  at  925°C 
and  vacuum  annealing  for  2  hr  at  700°C.  This  alloy,  which  has  been  chosen  as  the  basis 
of  a  comprehensive  military/industry/university  program  on  High  Cycle  Fatigue,  has  a 
microstructure  consisting  of  a  bimodal  distribution  of  —60  vol.%  primary-a  and  —40 
vol.%  lamellar  colonies  of  a  +  p  (Fig  2).3  At  ambient  temperatures,  this  structure  displays 
yield  and  tensile  strengths  of,  respectively,  930  and  970  MPa,  and  a  Young’s  modulus  of 
116  GPa  [13]. 

Prior  to  impact  or  quasi-static  indentation,  specimens  were  machined  from  the  as- 
received  plates  into  a  threaded  tensile  dogbone  geometry  (similar  to  the  so-called  Kb  bar 
geometry),  as  shown  in  Fig.  3.  After  machining,  surface  damage  was  minimized  by  a 

3  In  the  context  of  the  Air  Force  High  Cycle  Fatigue  program,  this  microstructure  in  Ti-6A1-4V  has  been 
referred  to  as  “solution  treated  and  overaged”  (STOA). 


standard  chemical  milling  proedure  (H2O,  HNO3,  and  HF  in  a  ratio  of  30:10:1  at  ambient 
temperature),  followed  by  a  stress-relief  anneal  at  700°C  for  2  hr  (with  a  helium  cool). 

3.2  Simulation  of  foreign  object  damage 

As  in  our  previous  studies  [4-7],  foreign-object  damage  was  simulated  by  firing  Cr- 
hardened  steel  spheres  of  diameter  1  or  3.2  mm  at  the  flat,  nominally  stress-free  surface 
of  the  dogbone  specimens  at  velocities  of  200  to  300  m/s  using  a  compressed-gas  gun. 
For  comparison,  similar  states  of  damage  were  also  induced  using  quasi-static 
indentation.  A  3.2  mm  diameter  sphere  was  indented  into  the  surface  to  a  maximum  load 
of  9  or  22  kN  to  produce  a  residual  indent  with  dimensions  equivalent  to  those  produced 
by  dynamic  200  or  300  m/s  impacts,  respectively.  Interestingly,  the  residual  stresses  for 
the  quasi-static  indentations  were  larger  than  for  the  dynamic  impacts,  especially  at  the 
key  locations  of  the  crater  floor  and  rim;  however,  no  microcracking  was  observed  around 
the  rim  of  the  indents,  as  is  seen  during  dynamic  impact  in  this  alloy  [4].  Because  the 
quasi-static  indentations  generated  the  higher  compressive  and  tensile  residual  stresses, 
this  method,  rather  than  dynamic  impacting,  was  principally  used  in  the  present  study  of 
the  relaxation  of  the  residual  stresses  during  subsequent  fatigue  cycling. 

3.3  Fatigue  loading 

3.3.1  Ex  situ  residual  stress  measurements:  Following  indentation,  specimens  were 
subjected  to  a  fatigue  loading  at  a  fixed  stress  ratio  R  =  amjn/amax  =  0.1  with  a  constant 
applied  maximum  stress,  CTmax,  of  500  MPa  (0.54ay)  or  325  MPa  (0.35ay).  500  MPa 
represents  the  smooth-bar  107-cycle  endurance  strength  (or  fatigue  limit)  at  this  load  ratio 
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in  this  alloy  [4-7].  Specimens  were  cycled  on  an  automated  MTS  servo-hydraulic  testing 
machine,  and  periodically  removed  for  residual  stress  measurements  after  1,10, 100,  and 
1000  cycles.  Stresses  were  measured  at  two  specific  locations  at  the  damage  sites, 
namely  the  crater  floor  and  rim;  both  locations  represent  potential  initiation  sites  for 
fatigue  failure  [4-7].  The  crater  floor  was  of  particular  interest  because  moderately  high 
compressive  stresses  were  found  for  the  initial  residual  stress  state;  such  stresses  are 
seemingly  inconsistent  with  observations  that  fatigue  cracks  generally  initiated  at  this 
location  following  lower  velocity  (200  m/s)  impact  damage. 

3.3.2  In  situ  residual  strain  measurements  during  cyclic  loading:  In  a  separate  set  of 
experiments,  the  first  several  cycles  were  applied  in  an  in  situ  tensile  loading  frame  that 
permitted  the  X-ray  diffraction  experiments  to  be  performed  on  the  specimen  under  loads 
up  to  12  kN.  In  this  way,  the  response  of  the  residual  stresses  to  cyclic  loading  could  be 
monitored  at  several  steps  along  the  fatigue  cycle,  specifically  at  N  =  0,  0.2,  0.5,  1,  1.5, 
10,  and  5000  cycles.  (The  latter  5000  cycles  were  not  applied  in  situ).  In  this  experiment 
the  mode  of  characterization  focused  on  establishing  a  spatial  map  of  the  surface  normal 
strains  (e^)  and  the  Bragg  peak  widths  as  they  evolved  during  fatigue  loading. 

3.4  Experimental  evaluation  of  residual  stress  and  strain  gradients 

Spatially  resolved  residual  stress  measurements  were  performed  using  synchrotron  X- 
ray  diffraction  at  beamline  2-1  of  the  Stanford  Synchrotron  Radiation  Laboratory.  The 
advantage  of  the  synchrotron  source  for  this  particular  application  was  the  low  divergence 
(<0.2  mrad)  source/detector  configuration  to  minimize  sample  displacement  errors 
associated  with  the  coarse  topography  of  the  indent,  and  a  photon  flux  several  orders  of 


8 


magnitude  more  intense  than  a  conventional  sealed-tube  source,  enabling  spatial 
resolution  on  the  order  of  a  few  hundred  micrometers  without  the  divergence  of  capillary 
optics. 

Two  modes  of  characterization  were  utilized.  A  relatively  fast  measurement  of  the 
lattice-plane  (/-spacings  normal  to  the  surface,  d±,  yielded  an  estimate  for  the  residual 
elastic  strain  component,  &&,  normal  to  the  surface,  when  compared  to  the  unstressed 
lattice  constant,  d0.  Application  of  Bragg’s  law  indicates  that  this  surface  normal  strain 
is  related  to  the  ratio  of  the  sines  of  the  unstressed  and  stressed  Bragg  angles,  6b  and  0, 
respectively: 


d±  -d0  _  sin#0 
d0  sin# 


(1) 


As  these  measurements  do  not  yield  values  for  any  of  the  stress  components  (without 
additional  restrictions  on  the  stress  state),  the  conventional  sin2 ^method  [14,15]  was 
used  to  interrogate  specific  locations  at  the  damage  sites,  namely,  the  crater  rim  and  floor. 
This  method  permits  measurement  of  the  individual  stress  components  with  a  precision 
that  is  much  less  sensitive  to  the  exact  value  of  the  (/-spacing.  In  this  technique,  the 
diffraction  vector  is  tilted  away  from  the  surface  normal  at  various  angles  if/.  In  many 
cases,  the  (/-spacing  varies  linearly  with  sin2  ^  (hence  the  name  of  the  technique);  in  these 
instances,  the  slope  of  this  variation  can  be  related  to  the  stress  component  along  the 
direction  of  the  diffraction  vector  at  \j/  =  90°  via  the  X-ray  elastic  constants  (typically 
characterized  experimentally  for  a  particular  Bragg  reflection): 
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(2) 


dy,  <h 

d0 


1  +  v 


V=90Sin  y'-  —  (<Trr+°Oe)  • 


Independent  validation  of  both  the  out-of-plane  strain  measurement  technique  and  the 
sin2  y/  technique  was  achieved  by  applying  known  strain  levels  to  a  standard,  similar  to 
that  used  in  previous  diffraction-based  residual  stress  studies  [15].  A  strain-gauged  Ti- 
6A1-4V  tensile  specimen  was  loaded  in  an  in  situ  tensile  load  frame  to  various  levels  of 
strain  ranging  from  0  to  6000  fis  corresponding  to  uniaxial  stresses  in  the  range  of  0  to 
700  MPa.  The  elastic  strains  measured  by  the  X-ray  method  were  found  to  be  within  300 
/u£  of  the  observed  strain  gauge  values. 


3.5  Numerical  methods  for  estimating  residual  stress  states 

The  numerical  simulation  was  performed  with  the  finite  element  method  (FEM)  using 
the  commercial  ABAQUS  code  [16].  To  make  connection  with  experiments,  the  exact 
specimen  geometries  were  used.  A  typical  mesh  for  the  three-dimensional  indentation 
model  comprised  more  than  54,000  27-node  three-dimensional  brick  elements  (with 
reduced  integration).  The  rigid  contact  surface  option  was  used  to  simulate  the  rigid 
indenter,  and  the  option  for  finite  deformation  and  strain  employed.  Coulomb  friction 
was  invoked  in  the  calculations,  with  the  friction  coefficient  taken  to  be  0.1 . 

The  hardening  law  used  for  the  Ti-6A1-4V  alloy  was  defined  taking  into  account  the 
Bauschinger  effect.  In  continuum  mechanics,  this  effect  is  conveniently  regarded  as  a 
nonlinear  isotropic/kinematic  (mixed)  hardening  material  feature  in  a  constitutive  model. 
With  the  reduction  in  flow  stress  after  a  reversal  in  strain  direction,  additional  plastic 
deformation  can  occur  at  relatively  low  applied  cyclic  load.  Consequently,  both 
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compressive  and  tensile  residual  stresses  are  relaxed.  In  the  present  work,  the  flow  rule 
of  the  mixed  hardening  model  consisted  of  two  components:  a  purely  kinematic 
hardening  term,  which  describes  the  translation  of  the  yield  surface  in  stress  space 
through  the  backstress  tensor,  a,  and  an  isotropic  hardening  term,  which  relates  the  size 
of  the  yield  surface  with  the  accumulated  plastic  deformation.  Throughout,  the  kinematic 
hardening  law  was  taken  as  [16]: 

d  -ra,p  (3) 

where  tp  =  ijjlj}  is  the  equivalent  plastic  strain  rate  and  cr0  is  the  equivalent  stress 
defining  the  yield  surface.  C  and  y  are  material  parameters;  both  equal  zero  for  isotropic 
hardening.  The  size  of  the  yield  surface,  <x0,  is  a  function  of  ep  through  isotropic 
hardening. 

Experimentally,  the  Bauschinger  effect  was  characterized  by  conducting  a  symmetric 
strain-controlled  cyclic  experiment  at  a  strain  range  Ae-±3% .  The  resulting  uniaxial 
stress-strain  relationship  taken  over  five  load  cycles  is  shown  in  Fig.  4.  A  functional  fit  to 
these  data  yielded  kinematic  hardening  parameters  of  C  =  1.38-10"  Pa  and  y  =  635 .  It 
is  apparent  that  the  Bauschinger  effect  in  this  alloy  is  fairly  large,  i.e.,  the  reversed  yield 
stress  is  small  (0.2%  offset  yield  of  -600  MPa  compared  to  930  MPa  for  monotonic 
loading)  ,  such  that  the  non-linearity  of  the  cyclic  stress-strain  behavior  is  fairly  strong. 
The  stabilized  constitutive  relationship  was  thus  obtained  after  just  two  load  cycles  and 
behaved  essentially  the  same  as  kinematic  hardening. 
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To  perform  the  calculation,  after  the  initial  indentation,  a  number  of  loading  cycles  at 
an  applied  maximum  stress  of  crmax  =325  MPa  (or  500  MPa)  at  R  =  0.1  was  applied  to 
the  specimen,  with  the  cyclic  stress  acting  in  the  longitudinal  direction.  The  calibrated 
Bauschinger  effect  was  incorporated  into  the  three-dimensional  finite  element  program  by 
using  the  empirical  data  from  Fig.  4.  The  predictions  from  numerical  simulations  are 
compared  below  with  the  corresponding  experimental  measurements  in  section  4.3. 


4.  Results  and  Discussion 

4. 1  Initial  residual  stress  state 

The  initial  residual  stress  state,  prior  to  fatigue  loading,  due  to  the  impact  or  quasi¬ 
static  indentations  has  been  determined  previously  by  a  combination  of  experimental  X- 
ray  diffraction  and  finite  element  analysis  [5,17];  however,  it  is  worthwhile  to  emphasize 
some  key  features  of  this  residual  stress  distribution  here.  An  overview  of  the  general 
shape  of  the  residual  stress  field,  illustrated  in  Fig.  5,  reveals  two  primary  zones  of 
tension  in  the  immediate  vicinity  of  the  indent,  namely  (i)  a  small  but  intense  region  at  the 
surface  immediately  outside  the  crater  rim,  and  (ii)  a  broader  region  approximately  one 
crater  radius  away  from  the  impact  site  where  the  maximum  stresses  are  well  below  the 
surface.  The  most  substantial  compressive  stresses,  which  counterbalance  the  regions  of 
residual  tension,  are  formed  in  a  large  zone  directly  beneath  the  crater,  and  show  a 
maximum  of  approximately  VA  times  the  yield  stress  at  roughly  one  crater  radius  below 
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the  crater  floor.  The  residual  stresses  remain  compressive  at  the  surface  of  the  crater 
floor,  although  they  are  substantially  smaller. 

While  the  absolute  magnitudes  of  the  stresses  are  affected  by  whether  the  indentation 
is  achieved  quasi-statically  or  dynamically,  the  general  features  of  the  residual  stress  field 
are  the  same  in  both  cases.  In  the  present  study  where  the  quasi-static  indentation  of  a  Kb 
tensile  specimen  was  examined,  the  resulting  indent  had  a  diameter  of  2.05  mm  and  a 
depth  of  300  pm,  i.e.,  similar  to  the  size  of  an  indent  produced  dynamically  at  an  impact 
velocity  of  200  m/s.  With  this  configuration,  quantitatively  the  initial  residual  stress  state 
before  fatigue  cycling  consisted  of  compressive  residual  stresses  at  the  crater  floor  of 
magnitude  -0.50cry,  tensile  hoop  stresses  at  the  crater  rim  of  magnitude  0.45ay  and 
compressive  radial  stresses  at  the  rim  of -0.40ay. 

4.2  Baseline  response  of  undamaged  surface  state 

It  is  known  from  studies  in  both  high-strength  aluminum  alloys  [18,19]  and  SAE  1040 
steel  [20]  that  fatigue  loading  by  itself  can  induce  surface  residual  stresses  due  to 
inhomogeneous  flow  of  the  material.  To  evaluate  the  evolution  (if  any)  of  such  fatigue- 
induced  residual  stresses,  a  nominally  stress-free  surface  was  cycled  under  identical 
conditions  as  used  for  the  mechanically  damaged  samples  in  this  study,  i.e.,  at  Omax  =  325 
or  500  MPa  (~0.3  or  0.5  ay)  at  R  =  0.1.  However,  over  the  range  of  cycles  of  interest,  i.e., 
over  the  first  1000  cycles,  no  alteration  in  the  surface  residual  stress  state  induced  by  the 
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applied  load  levels  could  be  detected.  Consequently,  this  effect  was  not  considered 
further  in  this  study. 

4.3  Evolution  of  residual  stress  state  during  fatigue  loading 

For  the  quasi-static  indents,  of  a  size  matched  to  that  of  a  200  m/s  impact,  the 
numerically  predicted  and  experimentally  measured  change  in  residual  stress  levels  due  to 
fatigue  loading  at  applied  maximum  stresses  of  a,nax=  325  MPa  (~0.3ay)  and  500  MPa 
(~0.5ay)  is  shown  in  Fig.  6.  It  is  apparent  that  due  to  the  additional  plastic  deformation 
induced  by  the  applied  cyclic  loads: 

•  the  residual  stresses,  both  at  the  crater  floor  and  crater  rim,  were  reduced,  i.e.,  the  rim 
stresses  became  less  tensile  and  the  crater  floor  stresses  less  compressive, 

•  the  effect  was  most  significant  for  the  higher  applied  stress  level  (amax=500  MPa), 

•  the  longitudinal  residual  stresses  (along  the  direction  of  loading)  were  subject  to  the 
most  relaxation, 

•  the  vast  majority  of  the  effect  occurred  in  the  first  cycle,  with  little  evidence  of  a 
continuous  decay  over  subsequent  cycles. 

Indeed,  by  cycling  at  a  CW  of  500  MPa,  the  longitudinal  residual  stresses  were  reduced 
by  as  much  as  50%  within  the  first  cycle;  the  transverse  stresses  were  also  reduced,  but 
only  by  -20%.  With  further  cycling  out  to  1000  cycles,  there  was  little,  if  any,  additional 
change  in  the  residual  stress  state  at  the  floor  or  the  rim  of  the  damage  sites.  Here,  an 
improved  stress  resolution  may  have  revealed  a  very  slight  decay,  although  the  current 
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observations  show  almost  no  change  in  residual  stress  levels  over  three  decades  in  life. 
Moreover,  the  numerical  and  experimental  results  in  Fig.  6  give  an  identical  result  in  this 
regard. 

It  should  be  noted  that  the  maximum  applied  stress  is  small  compared  to  the  yield 
stress  (amax/<Ty  <  0.6)  and  the  stress-concentration  factors  associated  with  the  indent  are 
typically  in  the  range  1.15  to  1.5.  Consequently,  in  the  absence  of  the  Bauschinger  effect, 
the  plastic  deformation  and  ensuing  relaxation  of  the  residual  compressive  stress  would 
not  have  occurred.  We  therefore  conclude  that  the  Bauschinger  effect  and  nonlinear 
cyclic  stress-strain  behavior  of  Ti-6A1-4V  represent  the  primary  reason  behind  the 
fatigue-induced  relaxation  of  the  residual  stresses  in  the  vicinity  of  the  damage  sites.  The 
Bauschinger  effect  is  especially  significant  in  this  particular  alloy,  where  the  reverse  yield 
stress  is  quite  small  compared  to  the  forward  yield  stress.  Specificically,  the  reverse  yield 
stress  is  —600  MPa  estimated  using  the  0.2%  offset  method  and  first  deviation  from 
linearity  occurs  almost  immediately  upon  compression  at  values  — 20  MPa  compared  to 
the  forward  yield  stress  of  ~930  MPa.  The  first-cycle  relaxation  occurs  when  the 
superposition  of  applied  and  residual  stresses  exceed  the  appropriate  yield  condition, 
leading  to  some  plastic  accommodation  of  pre-existing  elastic  strains  associated  with  the 
initial  residual  stress  state.  The  impact-induced  residual  stresses  can  be  thought  of  simply 
as  an  elastic  clamp  bearing  down  on  a  plastically  oversized  region,  i.e.,  a  plastic  clamp 
contained  in  an  elastic  region,  with  the  relaxation  attributed  to  plastic  accommodation  of 
initial  incompatibility  between  the  elastic  and  plastic  regions. 
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These  observations  are  consistent  with  the  existing  literature  on  mechanical  relaxation 
[8,9,1 1].  Specifically,  at  sufficiently  low  applied  stresses,  relaxation  is  either  minimal  or 
completely  absent,  as  shown  by  behavior  at  Gmax  =  325  MPa  (~0.3cyy).  In  contrast,  at 
intermediate  applied  stresses,  relaxation  is  almost  entirely  associated  with  the  first  cycle 
of  loading,  again  as  shown  by  the  present  study  at  500  MPa  (~0.5ay).  Although  not 
captured  in  finite  element  model  which  does  not  take  into  account  the  localized 
reordering  of  the  dislocation  substructure,  the  observed  relaxation  of  stresses  did  not 
progress,  with  logarithmic  decay,  much  beyond  this  first  cycle;  such  behavior  is  generally 
associated  with  much  higher  applied  cyclic  stresses  closer  to  the  yield  stress,  and  with  the 
development  of  significant  cyclic  softening  with  continued  cycling  [8,9].  This  apparent 
lack  of  any  decay  in  residual  stress  after  the  first  cycle  may  have  been  due  to  the  fact  that 
residual  stresses  were  only  characterized  in  the  present  during  the  first  ~1%  of  the  total 
fatigue  life. 

4.4  Spatial  maps  of  evolving  surface-normal  strain  and  peak  widths 

To  further  probe  the  spatial  redistribution  of  the  stress  state  caused  by  relaxation,  a 
specimen  of  the  same  nominal  starting  conditions  (a  quasi-static  indent  with  dimensions 
identical  to  those  caused  by  a  200  m/s  impact)  was  loaded  using  the  in  situ  loading  rig. 
The  surface-normal  strain  distribution  was  mapped  in  a  quadrant  around  the  indent  at 
several  load  levels  during  the  first  cycle  and  subsequent  cycles  up  to  5000  cycles,  as 
shown  in  Fig.  7.  From  this  figure,  it  is  apparent  that  at  a  low  initial  applied  stress  (aappiied) 
of  200  MPa  (~0.2oy),  the  residual  strain  distribution  has  merely  been  amplified  by  the 


16 


applied  stresses.  However,  at  higher  loads,  there  appears  to  be  a  distortion  in  the  residual 
stress  state  most  notably  in  the  reduction  in  elastic  strain  at  the  center  of  the  crater.  When 
the  applied  stress  reaches  500  MPa  (~0.5ay),  the  crater  floor  undergoes  local  yielding  due 
to  the  superposition  of  the  residual  stresses  and  the  applied  stress  multiplied  by  the  stress- 
concentration  factor  in  this  location  (~1.5).  A  von  Mises  estimate  for  the  required  applied 
stress  to  exceed  local  yielding  at  the  surface  is  indeed  in  the  vicinity  of  500  MPa.  At  the 
lower  applied  stress  of  200  MPa,  stress  relaxation  did  not  occur  as  the  local  stresses  were 
not  sufficient  to  cause  yielding  in  this  location. 

During  unloading  of  the  first  cycle  there  is  a  further  slight  decay  or  redistribution  in 
the  strain  map,  albeit  much  less  pronounced  than  during  the  loading  portion  of  the  cycle. 
The  strain  maps  at  1  and  10  cycles  look  very  similar,  supporting  the  notion  that  the 
redistribution  occurs  almost  entirely  in  the  first  cycle.  However,  there  does  appear  to  be 
some  small  degree  of  further  redistribution  between  10  and  5000  cycles. 

Also  of  interest  are  the  spatial  maps  of  the  Bragg  peak  widths  (FWHM)  that  give  an 
indication  of  the  degree  of  plasticity;  these  are  plotted  along  side  the  strain  maps  in  Fig.  7. 
During  loading  in  the  first  cycle,  some  broadening  of  the  Bragg  peak  can  be  seen,  which 
is  most  pronounced  in  the  center  of  the  crater  where  the  stress-concentration  factor  is  the 
highest.  Nevertheless,  by  the  end  of  10  cycles,  the  peak  widths  return  to  their  initial 
values  (or  even  slightly  below),  and  are  essentially  stabilized  with  little  evidence  of 
further  evolution  out  to  5000  cycles.  This  indicates  that  the  nature  of  the  plasticity,  e.g., 
dislocation  substructure,  is  not  significantly  altered  by  the  fatigue  cycles  under  these 
loading  conditions.  Therefore,  one  can  conclude  that  the  fatigue  initiation  and  growth 
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characteristics  are  only  altered  by  the  relaxing  residual  stresses,  and  not  by  a  relaxation  of 
the  plastic  damage  due  to  fatigue  loading.  Here  again,  under  higher  applied  stresses  (not 
considered  in  this  study),  this  relaxation  of  plastic  damage  would  likely  ensue  and  its 
evolving  role  on  the  fatigue  behavior  should  be  considered. 


5.  Implications  for  foreign  object  damage 

Recent  studies  [4-7]  on  the  effects  of  simulated  foreign  object  damage  on  the  high- 
cycle  fatigue  behavior  of  Ti-6A1-4V  have  shown  that  for  applied  cyclic  stresses  of  amax= 
500  MPa  (~0.5ay),  fatigue  cracking  tends  to  initiate  at  the  damage  crater  rim  for  the 
highest  velocity  (300  m/s)  impacts  and  at  the  crater  floor  for  the  lower  velocity  (200  m/s) 
impacts.  Although  the  stress  concentration  associated  with  the  crater  is  smaller  at  the  rim 
compared  to  the  floor  (£t, floor  ~  1.5,  ~  1.15),  fatigue  cracks  initiate  there  after  higher 

impact  velocities  due  to  the  presence  of  impact-induced  microcracking.  At  lower 
velocities  (and  for  quasi-statically  loaded  indents),  such  microcracking  is  absent  and  the 
higher  stress-concentration  factor  at  the  floor  of  the  crater  promotes  fatigue  crack 
initiation  there  instead.  When  considering  the  presence  of  the  residual  stresses,  this  latter 
conclusion  is  at  first  sight  somewhat  surprising  because  of  the  relatively  high 
compressive  residual  stresses  of  -400  MPa  (-0.4ay)  initially  present  at  the  crater  floor, 
compared  to  the  substantial  tensile  stresses  of  500  MPa  (0.5<ry)  at  the  crater  rim. 
However,  the  current  observations  provide  a  feasible  explanation  why  crack  initiation  can 
occur  in  this  location  by  revealing  an  immediate  relaxation  of  these  compressive  residual 
stresses  on  fatigue  cycling  at  500  MPa. 
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At  lower  applied  stresses  (crmax  =  325  MPa)  where  relaxation  is  far  less  pronounced, 
cracks  no  longer  form  at  the  crater  floor  of  lower  velocity  and  quasi-static  impact  sites, 
presumably  due  to  the  presence  of  unrelaxed  compressive  stresses  there.  In  these 
instances,  fatigue  cracks  tend  to  initiate  at  subsurface  regions  of  residual  tension  at  the 
side  of  the  crater  (see  Fig.  5)  [4],  Numerical  calculations,  confirmed  by  X-ray  diffraction 
experiments,  suggest  that  the  residual  tensile  stresses  present  in  this  subsurface  zone  are 
on  the  order  of  370  MPa  (~0.4ay).  By  considering  the  sum  of  the  (marginally  relaxed) 
residual  stresses  and  stress-concentration  corrected  applied  stresses  along  the  direction  of 
loading,  the  resultant  stresses  in  this  region  are  comparable  with  those  at  the  crater  rim; 
however,  as  the  rim  tensile  zone  is  considerably  smaller  and  surrounded  by  a  zone  of 
compression,  this  may  promote  crack  formation  in  the  much  broader  subsurface  zone  of 
tensile  residual  stresses  at  the  side  of  the  indent. 

It  should  be  noted  here  that  the  presence  of  such  unrelaxed  residual  stresses  does  not 
necessarily  change  the  primary  driving  force  for  fatigue  crack  initiation  or  growth,  i.e., 
the  amplitude  of  the  local  stress  and  strain;  however,  it  does  change  the  local  mean  stress 
and  strain,  and  hence  the  local  load  ratio  R,  which  can  still  have  a  significant  effect  on  the 
limiting  conditions  for  crack  initiation  and  growth. 

From  a  perspective  of  how  this  information  can  be  used  to  develop  design  rules  for 
the  onset  of  FOD-induced  high-cycle  fatigue  failures  in  blade  alloys  such  as  Ti-6A1-4V, 
our  previous  work  [4]  has  demonstrated  the  utility  of  the  Kitigawa-Takahashi  approach 
[21]  in  evaluating  the  limiting  conditions  for  such  failures.  Where  applied  stresses  are 
high  and  comparable  to  the  magnitude  of  the  residual  stress,  such  that  significant  stress 
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relaxation  occurs  and  fatigue  cracks  are  initiated  directly  at  the  impact  site,  the  limiting 
threshold  conditions  for  HCF  failures  can  be  defined  in  terms  of  the  stress-concentration 
corrected  (smooth-bar)  fatigue  limit  at  microstructurally-small  crack  sizes  and  a  “worst- 
case”  (large-crack)  fatigue-crack  growth  threshold  at  crack  sizes  larger  than  the  scale  of 
microstructure.  For  smaller  applied  stresses  where  significant  stress  relaxation  does  not 
occur  and  fatigue  cracks  are  initiated  away  from  the  impact  site,  an  additional  correction 
must  be  made  to  the  local  load  ratio  to  allow  for  the  presence  of  the  stable  residual 
stresses.  Using  this  approach,  described  in  more  detail  in  ref.  [4],  “threshold  stresses 
for  the  likelihood  of  high-cycle  fatigue  failure  can  be  defined  in  the  aftermath  of  foreign- 
object  damage. 

6.  Conclusions 

Based  on  a  numerical  (finite  element  analysis)  and  experimental  (synchrotron  X-ray 
diffraction)  evaluation  of  the  fatigue  loading-induced  relaxation  of  localized  residual 
stresses  formed  around  a  site  of  simulated  foreign-object  damage  in  a  forged  Ti-6A1-4V 
alloy,  the  following  conclusions  can  be  drawn: 

1.  The  initial  residual  stress  state  associated  with  foreign-object  damage  can  decay 
during  subsequent  mechanical  loading,  e.g.,  by  fatigue,  and  therefore  may  only  have  a 
limited  bearing  on  the  driving  forces  for  crack  initiation  and  growth.  The  degree  and 
rate  of  this  relaxation  of  residual  stresses  is  dependent  on  the  magnitude  of  the  applied 
stresses  (in  relation  to  the  yield  stress)  during  the  fatigue  cycling. 
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2.  At  a  low  applied  maximum  stress  of  325  MPa  (equivalent  to  35%  of  the  yield  strength 
CTy),  where  the  local  stresses  at  the  impact  crater  floor  and  rim  were  computed  to  be 
0.50ay  and  0.42cy,  respectively,  only  a  slight  mechanical  relaxation  in  the  damage- 
related  residual  stresses  was  observed. 

3.  At  a  higher  applied  stress  of  500  MPa  (0.54ay),  the  smooth-bar  fatigue  limit,  where 
the  local  stresses  at  the  floor  and  rim  were,  respectively,  0.78ay  and  0.64ay, 
significant  relaxation  was  seen,  with  the  longitudinal  residual  stresses,  i.e.,  along  the 
loading  direction,  decaying  by  as  much  as  50%  from  their  initial  values.  This  decay 
was  observed  only  during  the  first  cycle;  subsequent  cycles  showed  little,  if  any, 
further  relaxation.  The  lack  of  a  logarithmic  decay  in  residual  stresses  with  number  of 
cycles,  as  has  been  reported  for  shot-peened  steels,  was  reasoned  to  be  associated  with 
the  lower  applied  stresses  (compared  to  the  yield  stress)  utilized  in  the  current  study. 

4.  Numerical  modeling  which  incorporated  the  experimentally-determined  cyclic  yield 
surface,  i.e.,  Bauschinger  reversed  yield  stress,  was  found  to  predict  this  first-cycle 
relaxation  phenomenon  with  reasonable  accuracy,  and  to  yield  residual  stress  values 
close  to  those  measured  using  synchrotron  X-ray  diffraction.  This  lends  credence  to 
the  notion  that  the  mechanism  for  this  relaxation  is  associated  with  localized  yielding 
in  the  vicinity  of  the  damage  site,  based  on  the  monotonic  or  (where  appropriate) 
reversed  yield  strength. 

5.  Spatial  surface-normal  strain  maps,  derived  from  in  situ  synchrotron  X-ray  diffraction 
measurements  during  loading,  were  consistent  with  a  mechanism  of  first-cycle 
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relaxation  involving  local  plastic  yielding  caused  by  the  superposition  of  the  applied 
and  residual  stresses. 

6.  The  relaxed  residual  stress  state,  combined  with  the  product  of  the  applied  stress  and 
appropriate  stress-concentration  factor  at  the  damage  site,  provides  a  means  to 
estimate  the  driving  force  for  crack  nucleation  during  subsequent  high-cycle  fatigue 
loading.  This  approach  explains  in  large  part  the  propensity  for  crack  formation  at  the 
floor  of  the  impact  crater  at  high  applied  stresses  (amax  ~  0.5ay)  and  at  subsurface 
locations  at  lower  applied  stresses  (ow  ~  0.3(iy). 
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List  of  Figure  Captions 

Figure  1.  Schematic  illustrations  of  the  relaxation  behavior  as  a  function  of  applied 
stress  observed  in  shot  peened  AISI 4140  steel  subjected  to  fully  reversed  (R  = 
-1)  fatigue  loading,  showing  (a)  relaxation  of  residual  stresses  and  (b) 
relaxation  of  plastic  damage  as  described  by  the  Bragg  peak  width  [9]. 

Figure  2.  Optical  micrograph  of  the  two-phase  microstructure  of  the  bimodal  Ti-6A1-4V 
forged  plate  alloy,  consisting  of  the  hexagonal  closed-packed  a-phase  and 
body-centered  cubic  p-phase.  Kroll’s  etchant  preferably  attacks  the  phase 
boundaries  of  globular  and  lamellar  alpha  phase  giving  contrast  to  optical 
microscopy.  The  a-phase  exists  in  both  the  globular  primary-a  phase  and  in 
the  lamellar  colonies  of  alternating  a  and  p.  (etched  in  3.5%  HN03-5%  HF). 

Figure  3.  Tensile  dogbone  specimens  in  the  so-called  K\>  geometry  typically  used  to 
mimic  the  purely  tensile  fatigue  loading  condition  of  centrifugally-loaded 
rotating  blades.  All  dimensions  are  in  millimeters. 

Figure  4.  Experimentally  measured  cyclic  uniaxial  stress-strain  behavior  of  the  Ti-6A1- 
4V  alloy  loaded  under  strain  control  to  a  total  strain  +/-  3%  for  5  cycles. 
Strain  was  measured  axially  in  the  gage  section  using  an  extensometer. 

Figure  5.  General  shape  of  the  residual  aee  stress  field  associated  with  a  hemispherical 
damage  site.  This  hoop  stress  component  is  the  component  that  acts  in  the 
direction  of  the  subsequent  applied  fatigue  loading  (and  thus  to  first 
approximation  would  superimpose  on  the  applied  fatigue  stresses).  Both 
quasi-static  and  dynamic  impacts  produces  similar  stress  fields,  although  the 
magnitudes  of  the  stresses  are  different.  Stress  field  is  based  on  the  FEM 
analysis  of  Chen  and  Hutchinson  [17]  and  consistent  with  spatially-resolved 
residual  stress  measurements  on  the  surface  [9]. 

Figure  6.  Cyclic  response  of  the  residual  stresses  at  the  floor  and  rim  of  the  damaged 
crater,  following  fatigue  loading  at  two  maximum  stress  levels  of  325  and  500 
MPa  at  R  =  0.1 .  Results  are  represented  both  by  the  FEM  predictions  (lines) 
and  the  spatially-resolved  X-ray  diffraction  measurements  (points).  It  is 
apparent  that  the  most  significant  relaxation  occurred  during  the  first  cycle, 
and  for  the  highest  applied  stress  level. 

Figure  7.  In  situ  X-ray  diffraction  measurements  showing  the  surface-normal  strain  (left 
column)  and  Bragg  peak  width  (FWHM)  maps  (right  column)  for  a  quasi¬ 
static  loaded  indent  (equivalent  in  dimension  to  a  200  m/s  impact)  during  the 
process  of  subsequent  fatigue  cycling  out  to  N=  5000  cycles. 
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Figure  1.  Schematic  illustrations  of  the  relaxation  behavior  as  a  function  of  applied 
stress  observed  in  shot  peened  AISI 4140  steel  subjected  to  fully  reversed  (R  =  -1)  fatigue 
loading,  showing  (a)  relaxation  of  residual  stresses  and  (b)  relaxation  of  plastic  damage  as 
described  by  the  Bragg  peak  width  [9]. 
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Figure  2.  Optical  micrograph  of  the  two-phase  microstructure  of  the  bimodal  Ti-6A1-4V 
forged  plate  alloy,  consisting  of  the  hexagonal  closed-packed  a-phase  and  body-centered 
cubic  P-phase.  Kroll’s  etchant  preferably  attacks  the  phase  boundaries  of  globular  and 
lamellar  alpha  phase  giving  contrast  to  optical  microscopy.  The  a-phase  exists  in  both 
the  globular  primary-a  phase  and  in  the  lamellar  colonies  of  alternating  a  and  p.  (etched 
in  3.5%  HN03-5%  HF). 
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Figure  3.  Tensile  dogbone  specimens  in  the  so-called  K\,  geometry  typically  used  to 
mimic  the  purely  tensile  fatigue  loading  condition  of  centrifugally-loaded  rotating  blades. 
All  dimensions  are  in  millimeters. 
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Figure  5.  General  shape  of  the  residual  cree  stress  field  associated  with  a  hemispherical 
damage  site.  This  hoop  stress  component  is  the  component  that  acts  in  the  direction  of 
the  subsequent  applied  fatigue  loading  (and  thus  to  first  approximation  would 
superimpose  on  the  applied  fatigue  stresses).  Both  quasi-static  and  dynamic  impacts 
produces  similar  stress  fields,  although  the  magnitudes  of  the  stresses  are  different. 
Stress  field  is  based  on  the  FEM  analysis  of  Chen  and  Hutchinson  [17]  and  consistent 
with  spatially-resolved  residual  stress  measurements  on  the  surface  [5]. 
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Figure  6.  Cyclic  response  of  the  residual  stresses  at  the  floor  and  rim  of  the  damaged 
crater,  following  fatigue  loading  at  two  maximum  stress  levels  of  325  and  500  MPa  at  R 
=  0.1.  Results  are  represented  both  by  the  FEM  predictions  (lines)  and  the  spatially- 
resolved  X-ray  diffraction  measurements  (points).  It  is  apparent  that  the  most  significant 
relaxation  occurred  during  the  first  cycle,  and  for  the  highest  applied  stress  level. 
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Figure  7.  In  situ  X-ray  diffraction  measurements  showing  the  surface-normal  strain  (left 
column)  and  Bragg  peak  width  (FWHM)  maps  (right  column)  for  a  quasi-static  loaded 
indent  (equivalent  in  dimension  to  a  200  m/s  impact)  during  the  process  of  subsequent 
fatigue  cycling  out  to  N=  5000  cycles. 
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10  Abstract 

1 1  The  role  of  foreign-object  damage  (FOD)  and  its  effect  on  high-cycle  fatigue  (HGF)  failures  in  a  turbine  engine  Ti- 

12  6AMV  alloy  is  examined  in  the  context  of  the  use  of  the  Kitagawa-Takahashi  diagram  to  describe  the  limiting  con- 

13  ditions  for  such  failures.  Experimentally,  FOD  is  simulated  by  firing  1  and  3.2  mm  diameter  steel  spheres  onto  the  flat 

14  specimen  surface  of  tensile  fatigue  specimens  at  velocities  of  200  and  300  m/s.  Such  damage  was  found  to  markedly 

15  reduce  the  fatigue  strength  of  the  alloy,  primarily  due  to  four  factors:  stress  concentration,  microcrack  formation, 

1 6  impact-induced  plasticity  and  tensile  residual  stresses  associated  with  the  impact  damage.  Two  groups  of  fatigue  failures 

17  could  be  identified.  The  first  group  initiated  directly  at  the  impact  site,  and  can  be  readily  described  through  the  use  of  a 

18  fatigue-crack  growth  threshold  concept.  Specifically,  a  Kitagawa-Takahashi  approach  is  presented  where  the  limiting 

19  threshold  conditions  are  defined  by  the  stress-concentration  corrected  smooth-bar  fatigue  limit  (at  microstructurally 

20  small  crack  sizes)  and  a  “worst-case”  fatigue-crack  growth  threshold  (at  larger  crack  sizes).  The  second  group  of 

21  failures  was  caused  by  fatigue  cracks  that  initiated  at  locations  far  from  the  impact  site  in  regions  of  high  tensile  residual 

22  stresses,  the  magnitude  of  which  was  computed  numerically  and  measured  experimentally  using  synchrotron  X-ray 

23  diffraction.  Specifically,  these  failures  could  be  rationalized  due  to  the  superposition  of  the  residual  stresses  on  the  far- 

24  field  applied  mean  stress,  leading  to  a  locally  elevated  load  ratio  (ratio  of  minimum  to  maximum  loads).  The  effects  of 

25  residual  stress,  stress  concentration,  and  microstructurally  small  cracks  are  combined  in  a  modified  Kitagawa-Ta- 

26  kahashi  approach  to  provide  a  mechanistic  basis  for  evaluating  the  detrimental  effect  of  FOD  on  HCF  failures  in  Ti- 

27  6A1-4V  blade  alloys.  ©  2002  Published  by  Elsevier  Science  Ltd. 

28  Keywords:  Ti-6A1-4V;  Foreign-object  damage;  High-cycle  fatigue;  Residual  stress;  Fatigue-crack  initiation;  Fatigue-crack  growth 

29  threshold 
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30  1.  Introduction 


31  High-cycle  fatigue  (HCF)  of  turbine  engine  disk  and  blade  components  represents  one  of  the  major 

32  concerns  limiting  the  readiness  and  safety  of  military  aircraft.  Since  in-flight  HCF  conditions  invariably 

33  involve  high  cyclic  frequencies,  small  crack  sizes  and  (in  some  airfoil  locations)  very  high  mean  stress  levels, 

34  a  preferred  fracture-mechanics  based  approach  for  design  against  HCF  can  be  based  on  the  concept  of  a 

35  limiting  threshold  for  no  fatigue-crack  growth  [1-7].  Foreign-object  damage  (FOD)  by  hard  particles,  such 

36  as  stones  ingested  into  the  compressor,  has  been  identified  as  one  of  the  key  factors  associated  with  such 

37  HCF  related  failures  in  titanium  alloy  blades  [1-4],  Specifically,  FOD  has  been  found  to  reduce  the  fatigue 

38  strength  of  fan  and  compressor  blades,  principally  by  causing  stress-raising  notches  [5,6]  and  microcracks 

39  [6]  at  impact  sites;  this,  in  association  with  the  plastic  deformation  [4]  and  tensile  residual  stresses  [4]  re- 

40  suiting  from  such  impacts,  can  lead  to  the  early  nucleation  and  growth  of  fatigue  cracks. 

41  Recent  studies  [8-10]  on  the  HCF  properties  of  an  a  +  p  processed  Ti-6A1-4V  blade  alloy,  where  FOD 

42  was  simulated  using  high-velocity  impacts  of  steel  shot  on  a  flat  surface,  have  focused  primarily  on  the 

43  definition  of  threshold  conditions  for  crack  initiation  and  growth  during  subsequent  fatigue  cycling.  The 

44  mechanistic  effect  of  FOD  was  considered  in  terms  of  (i)  the  possibility  of  microcrack  formation  in  the 

45  damage  zone,  (ii)  the  stress  concentration  associated  with  the  shape  of  the  impact  crater,  (iii)  micro- 

46  structural  damage  from  FOD-induced  plastic  deformation,  and  (iv)  the  presence  of  localized  tensile  residual 

47  hoop  stresses  in  the  vicinity  of  the  impact  site.  Although  all  of  these  factors  play  an  important  role  under 

48  certain  conditions,  in  the  case  of  high  impact  velocities  (300  m/s)  the  formation  of  damage-induced  mi- 

49  crocracks  appears  to  be  the  primary  contributor  to  lifetime  reduction.  During  subsequent  cycling  after 

50  impact,  these  microcracks,  which  are  formed  in  the  pile-up  of  material  around  the  rim,  can  act  as  preferred 

51  sites  for  propagating  fatigue  cracks.  When  applied  stresses  are  large  compared  to  the  impact-induced  tensile 

52  residual  stresses,  and  in  the  presence  of  relatively  large  (~30-50  pm)  impact-induced  microcracks,  HCF 

53  failures  (within  105-106  cycles)  initiate  directly  at  the  impact  site  and  lead  to  short  fatigue  lives.  In  contrast, 

54  at  low-applied  stresses  relative  to  the  residual  stresses,  HCF  failures  (after  107— 10s  cycles)  initiate  in  lo- 

55  cations  away  from  the  impact  site  at  regions  of  peak  tensile  residual  stress,  and  the  necessity  for  crack 

56  nucleation  leads  to  longer  fatigue  lives. 

57  In  analyzing  the  high  stress  failures,  it  was  found  that  FOD-initiated  microcracks,  together  with  the  stress 

58  concentration  of  the  indent,  were  the  prime  reasons  that  the  HCF  failures  initiated  at  the  FOD  sites.  The 

59  microcracks  (some  as  small  as  1  pm)  grew  at  applied  stress  intensities  as  low  as  AK  =  1  MPa  ^/m,  which  is 

60  well  below  the  “worst-case”  AATth  threshold  in  this  material  [1 1]  of  1 .9  MPa  ,/m  based  on  the  propagation 

61  of  large  cracks  (macroscopic  “homogeneous  continuum-sized”  cracks  which  are  considerably  larger  than 

62  the  scale  of  the  microstructure).  This  worst-case  threshold  had  previously  been  defined  at  elevated  mean 

63  loads  (or  load  ratios,  fie.,  the  ratio  of  minimum  to  maximum  loads,  in  excess  of  R  =  0.9)  in  an  attempt  to 

64  eliminate  effects  of  crack  closure  and  to  provide  a  lower-bound  threshold  for  propagation  [11].  However,  it 

65  is  clear  that  this  threshold  is  Only  relevant  to  cracks  larger  than  the  scale  of  the  microstructure,  i.e.,  ~ 50— 100 

66  pm  length  in  the  current  riiicrostructure.  Since  the  microcracks  associated  with  impact  damage  are  more 

67  than  an  order-of-magnitude  smaller  than  this,  an  alternative  approach  was  proposed  [9,10]  to  describe  the 

68  threshold  HCF  conditions  in  the  presence  of  FOD.  This  approach  was  based  on  a  Kitagawa-Takahashi 

69  diagram  where  the  limiting  conditions  for  failure  in  this  case  were  defined  in  terms  of  the  stress-concen- 

70  tration  corrected  smooth-bar  fatigue  limit  (at  microstructurally  small  cracks  sizes)  and  the  worst-case 

71  threshold  (at  larger,  homogeneous  continuum-sized  crack  sizes). 

72  In  contrast  to  HCF  failures  under  such  high-applied  stresses,  at  low-applied  stress  ranges  failures  were 

73  caused  by  fatigue  cracks  that  initiated  at  locations  far  from  the  impact  site,  specifically  in  regions  of  high 

74  tensile  residual  stresses.  Accordingly,  it  is  the  primary  purpose  of  this  study  to  further  examine  the  utility  of 

75  the  Kitagawa-Takahashi  approach  to  provide  a  general  description  of  HCF  failures  in  impact  damaged  Ti- 

76  6A1-4V.  Specifically,  we  investigate  the  role  of  the  relative  magnitudes  of  the  applied  and  residual  stresses  in 
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77  dictating  the  sites  for  the  initiation  of  HCF  failures,  in  order  to  provide  a  methodology  to  describe  the 

78  limiting  threshold  conditions  for  such  failures  at  both  low-  and  high-applied  cyclic  stresses.  To  achieve  this 

79  objective,  the  magnitudes  of  the  residual  stresses  in  the  vicinity  of  various  damage  sites  are  computed 

80  numerically  [12]  and  measured  experimentally  using  spatially  resolved  synchrotron  X-ray  diffraction  (with 

81  spot  sizes  on  the  order  of  300  x  300  pm2)  [13].  Such  stresses  are  thought  to  alter  the  local  mean  stress  (or 

82  load  ratio)  for  subsequent  fatigue  cracking.  The  role  of  load  ratio  on  fatigue  life  is  evaluated  by  determining 

83  smooth-bar  stress-life  ( S-N )  curves  over  a  wide  range  of  load  ratios  from  R  ~  -1  to  0.8.  Using  such  results, 

84  a  modified  Kitagawa-Takahashi  approach  is  presented  to  provide  a  phenomenological  understanding  of 

85  the  effect  of  FOD  on  HCF  failures  in  Ti-6AMV. 


86  2.  Experimental  procedures 

87  2.1 .  Material 

88  The  Ti-6AMV  alloy  under  investigation  was  part  of  a  set  of  forgings  produced  specifically  for  the  U.S. 

89  Air  Force  sponsored  National  High-Cycle  Fatigue  Program,  and  is  representative  of  material  typically  used 

90  in  the  front  compressor  stages  of  the  turbine  engine.  The  chemical  composition  is  given  in  Table  1.  The 

91  bimodal  microstructure  of  the  plate  material,  consisting  of  ~60%  primary  a  (grain  size  ~  20  pm)  within  a 

92  lamellar  a+  (3  matrix,  is  shown  in  Fig.  1;  this  condition  has  also  been  termed  “solution  treated  and  ov- 

93  eraged”  (STOA).  Material  and  processing  details  are  given  in  Refs.  [8,14].  Uniaxial  tensile  properties,  based 

94  on  tests  parallel  to  the  length  of  the  plate,  are  listed  in  Table  2. 


Table  I 

Chemical  composition  of  Ti-6A1-4V  bar  stock  material  in  wt.%  [14] 


Ti 

Al 

V 

Fe 

O 

N 

H 

Bal. 

6.30 

4.19 

0.19 

0.19 

0.013 

0.0041 

Fig. 


Optical  micrograph  of  the  bimodal  (STOA)  microstructure  of  forged  Ti-6AMV  plate  material. 
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Table  2 

Uniaxial  tensile  properties  of  bimodal  Ti-6AI-4V 


E  (GPa)  cto.2  (MPa)  UTS  (MPa) 

0{  (MPa) 

Elong.  (%) 

RA  (%) 

110  915  965 

1310 

19 

45  ; 

E:  Young’s  modulus,  cr0.2:  yield  stress,  UTS:  ultimate  tensile  strength,  a{:  true  fracture  stress,  Elong.:  tensile  elongation,  RA:  reduction 
of  area  at  fracture;  strain  rate  8  x  10-4  s-1. 


95  2.2.  Simulation  of  foreign-object  damage 

96  FOD  was  simulated  by  firing  1  or  3.2  mm  diameter  chrome-hardened  steel  spheres  onto  a  flat  specimen 

97  surface  of  tensile  fatigue  (so-called  “KR”)  specimens  at  angles  of  60°  and  90°  (see  Fig.  2),  and  at  velocities  of 

98  200  and  300  m/s  using  a  compressed-gas  gun  facility.  Such  impact  velocities  represent  typical  in-service 

99  impact  velocities  on  aircraft  engine  fan  blades,  with  the  300  m/s  velocities  representing  a  worst-case.  The 

100  impact  damage  craters  are  also  of  a  size  typical  of  those  seen  in  service,  with  root  radii  similar  to  those  of 

101  actual  damage  sites  [6]. 

102  2.3.  Fatigue  test  methods 

103  To  evaluate  the  smooth-bar  fatigue  limit  of  the  bimodal  Ti-6A1-4V  alloy,  previous  S-N  data  [15]  have 

104  been  complemented  by  25  Hz  tests  (for  shorter  lives  <106  cycles)  and  1000  Hz  tests  (for  longer  lives  >106 

105  cycles)  on  hourglass  specimens  with  minimum  diameters  of  3.0  mm  (25  Hz)  and  5.4  mm  (1000  Hz).  (No 

106  effect  of  frequency  on  near-threshold  fatigue-crack  propagation  is  apparent  in  this  alloy  between  50  and 

107  20,000  Hz  for  tests  in  ambient  air  environments  [11].)  Specifically,  1000  Hz  tests  were  conducted  on  an 

108  automated  MTS  servo-hydraulic  testing  machine,  with  a  newly  developed  system  using  a  voice-coil  ser- 

109  vovalve  (further  details  are  described  in  Ref.  [16]).  To  obtain  a  nominally  stress-free  surface,  specimens  were 

1 1 0  stress  relieved  in  vacuo  for  2  h  at  705  °C  prior  to  chemically  milling  in  a  solution  of  50  ml  HF,  500  ml  HNO3 

111  and  1500  ml  H20.  For  all  tests,  the  loading  direction  of  the  specimen  was  parallel  to  the  long  axis  of  the 

112  forged  plate. 

113  A'b  specimens  were  used  to  study  the  effect  of  FOD  on  the  fatigue  strength  of  Ti-6A1— 4V.  These  samples 

114  have  a  rectangular  cross-section  of  3.2  x  7.2  mm2,  a  gauge  length  of  20  mm  and  cylindrical  buttonhead 

115  ends.  As  with  the  hourglass  samples,  they  were  prepared  with  a  “stress-free”  surface  (in  the  gauge  length) 

116  using  stress  relief  and  chemical-milling  procedures.  After  impacting  with  the  steel  spheres  to  simulate  FOD, 

117  the  damaged  regions  wefe  examined  for  the  presence  of  potential  crack  initiation  sites  or  microcracks  in  a 


Fig.  2.  Schematic  illustration  showing  impact  angles  with  respect  to  specimen  geometry  and  loading  axis  for  fatigue  tests.  In  this  study, 
normal  (90°)  and  inclined  (60°)  impact  angles  were  chosen. 
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high-resolution  LEO  1550  field-emission  scanning  electron  microscope  (SEM),  prior  to  cycling  at  maximum 
stress  values  between  225  and  500  MPa  at  R  —  0.1  and  0.5  (with  a  sinusoidal  waveform).  Throughout 
fatigue  testing,  specimens  were  periodically  removed  from  the  test  frame  and  the  progress  of  crack  initiation 
and  growth  at  the  surface  of  the  impact  site  was  examined  in  the  SEM.  The  position  of  the  crack  front 
during  crack  extension,  both  on  the  surface  and  depthwise,  was  determined  from  two  sets  of  measurements. 
The  surface  crack  length  was  measured  periodically  during  the  fatigue  test  in  the  SEM;  the  crack  depth  was 
estimated  by  subsequent  fractography  as  the  local  crack  front  is  oriented  perpendicular  to  the  “river 
markings’’.  For  the  bimodal  Ti-6AMV  alloy,  growing  fatigue  cracks  had  an  approximate  crack  depth,  a , 
to  surface  crack  length,  2c,  ratio  of  a/2c  ~  0.45  [8].  After  converting  the  surface  crack  length  into  crack 
depth,  the  rate  of  crack  extension  caused  by  the  fatigue  loading  was  computed  using  standard  finite-dif¬ 
ference  procedures  (with  no  smoothing  routines)  and  expressed  in  terms  of  average  crack  extension  per 
cycle  (daldN). 

To  define  stress-intensity  values  for  the  thresholds  and  early  fatigue-crack  growth  conditions  associated 
with  microcracks  at  the  impact  site,  the  relationship  of  Lukas  [17]  for  small  cracks  at  notches  was  utilized, 
which  includes  both  indentation  geometry  and  stress-concentration  effects: 


A K  = 


0.7*, 

y/l+4.5(a/p) 


A  vyfna. 


0) 


In  Eq.  (1),  kt  is  the  elastic  stress-concentration  factor,  A<x  is  the  stress  range,  a  is  the  crack  depth,  and  p  is  the 
indentation  radius.  The  factor  of  0.7  is  based  on  the  stress-intensity  boundary  correction  and  the  crack- 
shape  correction  factors  for  semi-elliptical  surface  cracks  (ajlc  ~  0.45)  [18]. 

Table  3  lists  the  impact  site  dimensions  and  the  resulting  elastic  stress-concentration  factors  according  to 
photoelastic  experiments  [19].  The  stress  concentration  is  at  a  maximum  at  the  base  of  the  impact  inden¬ 
tation  sites,  with  values  ranging  from  *,  =  1.8  (for  1  mm  shot  at  300  m/s)  to  kt  —  1 .4  (for  3.2  mm  shot  at  200 
m/s).  Corresponding  values  at  the  crater  rim  range  from  kt—  1.3  (1  mm  shot,  300  m/s)  to  *,  =  1.15  (3.2  mm 
shots,  200  m/s).  These  *, -values  for  the  crater  rim  are  identical  to  those  computed  recently  by  three-di¬ 
mensional  numerical  analysis  [12];  however,  values  for  the  indent  base  are  ~10%  higher.  Corresponding 
elastic  stress-concentration  factors  for  inclined  impacts  are  also  listed  in  Table  3. 

It  should  be  noted,  that  there  might  be  some  concern  over  the  application  of  linear-elastic  fracture 
mechanics  to  such  microcracks  where  crack  sizes  may  be  comparable  to  the  scale  of  the  microstructure  and 
crack-tip  plasticity.  With  respect  to  the  scale  of  microstructure,  it  is  known  that  misorientations  between 
individual  a  grains  and  the  high  density  of  grain  boundaries  in  globular  or  bimodal  titanium  alloys  sig- 


Table  3 


Ti-6A1-4V,  summary  of  impact  conditions,  fatigue  loading  and  crack  initiation  sites 


Impact 

condition 

Velocity 

(m/s) 

Crater 

width 

(mm) 

Crater 

depth 

(mm) 

kt 

(base) 

kt  (rim) 

0max> 

R  =  0.1 
(MPa) 

Crack  initiation 

Cycles  at  failure 

1  mm,  90° 

300 

0.93 

0.26 

1.8 

1.30 

500 

Rim 

3.2  x  105 

1  mm,  90° 

300 

0.93 

0.26 

1.8 

1.30 

325 

Interior 

1.3  x  10s 

3.2  mm,  90° 

300 

2.67 

0.67 

1.6 

1.25 

500 

Rim 

3-6  x  104 

3.2  mm,  90° 

300 

2.67 

0.67 

1.6 

1.25 

325 

Rim,  interior,  side* 

5  x  lO5-!.?  x  107 

3.2  mm,  90° 

200 

2.14 

0.43 

1.4 

1.15 

500 

Base 

8  x  104— 1 .4  x  105 

3.2  mm,  90° 

200 

2.14 

0.43 

1.4 

1.15 

325 

Side* 

1.5  x  107 

3.2  mm,  60° 

300 

2.58 

0.67 

1.6 

1.25 

500 

Rim 

5  x  104 

3.2  mm,  60° 

300 

2.58 

0.67 

1.6 

1.25 

325 

Rim 

5  x  105 

3.2  mm,  60° 

200 

1.93 

0.34 

1.3 

1.10 

500 

Rim 

1.2  x  105 

3.2  mm,  60° 

200 

1.93 

0.34 

1.3 

1.10 

325 

Interior 

1.5  x  108 

*  Side  face  of  K%  sample. 
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148  nificantly  affect  local  driving  forces  and  hence  the  crack-growth  rates  of  micr ©structurally  small  cracks 

149  [15,20,21],  However,  in  case  of  FOD  impacts,  the  resulting  highly  plastically  deformed  microstructure  with 

150  its  inherently  high  dislocation  density  [9]  effectively  tends  to  lessen  this  influence  of  the  local  orientation  of 

151  microstructural  features.  With  respect  to  the  corresponding  scale  of  the  plastic  zone  ahead  of  the  crack  tip, 

152  in  the  near-threshold  regime  of  A AT  ~  1-2  MPa  y/m,  computed  maximum  plastic  zone  sizes  are  only  ~0.2-l 

153  pm  for  1-10  pm  sized  cracks,  and  therefore  such  conditions  are  close  to  those  of  small-scale  yielding. 

154  Furthermore,  the  contribution  of  the  residual  stresses  is  not  included  in  the  AK  calculation  in  Eq.  (1),  since 

155  to  the  first  approximation  these  stresses  will  not  change  the  value  of  the  stress-intensity  range.  They  do, 

156  however,  affect  the  mean  stress  and  hence  alter  the  local  load  ratio,  as  is  specifically  addressed  in  this  paper. 


157  3.  Results  and  discussion 

158  3.1.  Smooth-bar  fatigue:  surface  vs.  subsurface  initiation 

159  To  investigate  the  role  of  impact-induced  tensile  residual  stresses  acting  as  a  mean  stress  superimposed  on 

160  the  applied  fatigue  stress  range,  smooth-bar  S-N  fatigue  tests  were  performed  over  a  wide  range  of  mean 

161  stress  values,  i.e.,  over  a  range  of  load  ratios  from  7?  =  —  1  to  0.8.  Resulting  smooth-bar  S-N  fatigue 

162  properties  of  the  bimodal  Ti-6A1-4V  material  are  shown  in  Fig.  3(a)  and  (b)  in  terms  of  the  cyclic  maxi- 


la) 

Cycles  to  Failure,  N , 


Fig.  3.  Stress-life  (S- N)  curves  for  bimodal  Ti-6AMV,  determined  using  smooth-bar  specimens  at  load  ratios  from  R  =  -1  to  0.8  in 
terms  of  (a)  maximum  stress,  <rmax,  and  (b)  stress  range,  Act.  Previously  published  results  from  Ref.  [15]  are  complemented  by  20  and 
1000  Hz  data.  Also  shown  are  S-N  data  (open  symbols)  of  the  same  material  published  by  Bellows  et  al.  [22]. 
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Fig.  4.  Subsurface  failure  envelope  for  smooth-bar  bimodal  Ti-6A1^4V  specimens,  determined  at  load  ratios  ranging  from  R  =  —  2  to 
0.7.  The  failure  envelope  indicates  the  occurrence  of  subsurface  crack  initiation  with  both  decreasing  stress  amplitude,  <7a,  and 
maximum  stress  values,  omiX. 


163  mum  stress  and  cyclic  stress  range,  together  with  previously  published  fatigue  results  [15,22],  These  data 

164  indicate  that  an  increase  in  mean  stress,  and  hence  load  ratio,  leads  to  an  increase  in  the  limiting  value  of 

165  maximum  applied  stress  necessary  to  cause  HCF  failure  (Fig.  3(a));  however,  the  corresponding  limiting 

166  applied  stress  range  A  a  is  markedly  decreased  (Fig.  3(b)). 

167  Crack  initiation  sites  were  examined  as  a  function  of  the  maximum  and  alternating  stresses.  Under  fully 

168  reversed  loading  (R  =  —  1),  fatigue  cracks  were  found  to  initiate  at  the  specimen  surface  [15],  whereas  at 

169  positive  load  ratios  ( R  —  0. 1-0.8),  initiation  was  generally  subsurface.  The  occurrence  of  subsurface  crack 

170  initiation  in  smooth-bar  test  specimens  can  be  best  described  in  a  plot  of  stress  amplitude  vs.  maximum 

171  stress  (Fig.  4).  The  resulting  subsurface  failure  envelope  displayed  in  Fig.  4  clearly  shows  that  interplay  of 

172  both  relatively  low  stress  amplitude  and  maximum  stress  level  results  in  subsurface  cracking  in  smooth-bar 

173  samples.  In  addition,  it  was  found  that  the  crack  initiation  site  moved  from  regions  close  to  the  surface 

174  (~40-100  pm)  to  farther  into  the  interior  (~250-450  pm)  with  decreasing  stress  amplitude;  this  led  to  a 

175  corresponding  increase  in  fatigue  life  at  a  given  load  ratio.  Specifically,  at  fatigue  lives  greater  than 

176  ~5  x  107  cycles,  cracks  initiated  in  regions  250-450  pm  below  the  surface  (cf.  Fig.  5(a)  and  (b)  for  R  =  0.1). 

177  An  example  of  such  a  high-i*  (=  0.7)  fatigue-crack  initiation  farther  in  the  interior  is  shown  in  Fig.  6(a).  As 

178  reported  previously  for  Ti-6A1-4V  [22,23],  at  even  higher  maximum  applied  stresses  exceeding  the  yield 

179  stress,  fatigue  failures  occur  entirely  by  ductile  rupture,  as  shown  for  high-i?  loading  in  Fig.  6(b). 

180  Subsurface  crack  initiation  is  not  common  in  fatigue,  but  has  become  increasingly  reported  of  late  for 

181  fatigue  failures  under  very  long  life  conditions,  particularly  in  titanium  alloys  and  steels  [24-27].  Most 

182  traditional  explanations  for  this  phenomenon  rely  on  the  presence  of  processing-induced  surface  corn- 

183  pressive  residual  stresses,  i.e.,  due  to  heat  treatment,  case-hardening,  or  shot-peening  procedures.  Other 

184  explanations  include  the  formation  of  compressive  residual  stresses  due  to  preferential  plastic  deformation 

185  at  the  surface  under  tension-tension  loading  [28],  or  the  larger  volume  of  material  contained  in  the  interior 

186  compared  to  the  surface  and  hence  the  higher  probability  of  finding  a  stress-raising  defect  (e.g.,  inclusions 

187  in  steels)  or  a  weak  microstructural  orientation  (e.g.,  in  titanium  alloys).  In  the  present  experiments,  the  as- 

188  tested  surfaces  were  nominally  stress  free  (verified  by  X-ray  diffraction),  and  therefore  it  is  believed  that  the 

189  subsurface  initiation  is  the  result  of  the  latter  effect.  Indeed,  Evans  and  Bache  [29]  have  recently  pointed  out 

190  the  significance  of  such  weak  microstructural  orientations,  and  the  related  stress  redistribution  between 

191  individual  grains  to  the  cause  of  premature  crack  initiation  in  titanium  alloys. 

192  A  typical  subsurface  HCF  crack  initiation  site  in  the  bimodal  Ti-6AMV  alloy  is  shown  in  Fig.  7(a). 

193  Higher  magnification  imaging  (Fig.  7(b))  revealed  a  facet-type  fracture  surface,  involving  crack  initiation 
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Fig.  5.  At  low  load  ratio  of  R  -  0.1,  fatigue  cracks  initiated  (a)  close  to  the  surface  (<7max  =  525  MPa,  Nr  =  4.8  x  107  cycles),  and  (b)  in 
the  interior  away  from  the  surface  =  500  MPa,  Nf  =  9.6  x  107  cycles). 

194  and  early  growth  along  planar  slip  bands.  The  facets  of  fractured  a  grains,  which  were  aligned  perpen- 

195  dicular  to  stress  axis,  were  of  near-basal  orientation,  based  on  electron  backscattered  diffraction  (EBSD) 

196  analysis. 


197  3.2.  Impact-induced  damage  state 

198  A  wide  variety  of  impact  conditions  was  investigated  in  this  study.  The  flat  surface  of  the  rectangular 

199  gauge  section  of  Kb.  specimens  was  impacted  at  angles  of  90°  (normal  impact)  and  60°  (Fig.  2)  using  impact 

200  velocities  of  200-300  m/s.  Steel  shot  of  3.2  mm  diameter  was  used  for  normal  and  inclined  impacts;  ad- 

201  ditionally,  1  mm  steel  shot  was  also  used  for  300  m/s  normal  impact  experiments.  All  impact  conditions  and 

202  consequent  impact  geometries  used  in  this  study  are  listed  in  Table  3.  Examples  of  damage  sites  on  the  flat 

203  surface  of  Kb  specimens,  resulting  from  300  m/s  normal  impacts  (90°)  with  1  and  3.2  mm  steel  shot,  show 

204  similar  features.  From  dimensional  analysis,  the  indentation  depth,  crater  diameter  and  plastic  pile-up  scale 

205  with  the  size  of  the  foreign  object,  and  only  depend  on  the  impact  velocity.  Therefore,  the  resulting  geo- 

206  metric  features  of  the  impact  craters  are  virtually  the  same  for  300  m/s  normal  impacts  (90°)  with  either  size 

207  of  projectile,  despite  the  order-of-magnitude  difference  in  kinetic  energy  involved  [30]. 
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Fig.  6.  At  a  high  load  ratio  of  R  =  0.7  and  (a)  maximum  stress  values  below  yield  stress,  the  fatigue-crack  initiation  mechanism  is  the 
same  as  low  R  =  0.1  failures  (a„,ax  =  725  MPa,  Nf  =  9.8  x  107  cycles);  however,  (b)  maximum  applied  stress  values  exceeding  the  yield 
stress  resulted  in  gross  plasticity  and  ductile  tensile  fracture  (t7max  =  925  MPa,  Nf  =  1.7  x  104  cycles). 


208  Increasing  impact  velocity  has  previously  been  associated  with  increasingly  severe  damage  states  in  the 

209  present  material  [8-10].  For  impact  velocities  in  excess  of  ~250  m/s,  pile-up  of  material  at  the  crater  rim 

210  (Fig.  8)  resulted  in  the  formation  of  multiple  micronotches  and  microcracks  (inset  in  Fig.  9).  Moreover, 

211  rings  of  circumferentially  oriented  shear  bands  were  formed  within  the  impact  crater,  emanating  from  the 

212  surface  into  the  material  beneath  the  damaged  site.  For  both  the  3.2  and  1  mm  diameter  steel  shot,  the 

213  microcracks  (~2-50  pm  in  length)  formed  in  300  m/s  impacts  provided  the  nucleation  sites  for  crack  growth 

214  on  subsequent  cycling  (Fig.  9).  Such  microcracking  was  not  apparent  at  slower  200  m/s  impacts.  For  this 

215  reason,  we  believe  that  low-velocity  or  quasi-static  indentations  do  not  provide  a  worst-case  simulation  of  FOD 

2 1 6  conditions  [8-10]. 

217  Scanning  electron  micrographs  and  cross-sections  of  300  m/s  impacts  using  3.2  mm  steel  spheres  for  90° 

218  and  60°  impact  angles  are  shown  in  Figs.  10  and  11,  respectively.  Whereas  the  90°  impact  angle  resulted  in 

219  symmetrical  impact  site,  the  60°  impact  angle  created  a  significantly  larger  plastic  pile-up  at  the  exit  side  of 

220  the  crater  rim  as  compared  to  the  entry  side.  However,  the  depth  of  the  impact  site,  the  maximum  size  of 

221  pile-up  and  the  associated  micronotch/microcrack  formation  at  crater  rim  were  similar  for  both  60°  and  90° 

222  impact  angles  (Table  3). 
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Fig.  7.  Fracture  surfaces  of  an  S~N  sample  tested  at  a  high  load  ratio  of  R-  0.7,  <xmax  =  725  MPa  (N{  =  9.8  x  107  cycles),  showing  (a) 
subsurface  crack  initiation  site  (350  jim  below  surface)  and  (b)  crack  initiation  and  early  growth  along  planar  slip  bands  leading  to 
facet-type  fracture  surface  (specimen  tilt:  70°).  EBSD  analysis  of  fractured  a  grains  (numbered  1-3)  revealed  a  near-basal  orientation  of 
fracture  plane. 

223  In  addition  to  the  formation  of  FOD-induced  microcracks,  the  distribution  of  tensile  residual  stresses  in 

224  the  A^b  specimens  was  also  of  importance  for  crack  initiation.  X-ray  diffraction  [1 3]  revealed  tensile  residual 

225  stresses  on  the  side  surface  of  the  rectangular  gauge  section.  These  tensile  stresses,  which  are  formed  on  the 

226  side  faces  of  the  tensile  specimen  due  to  the  proximity  of  the  side  surface  to  the  impact  crater,  proved  to  be 

227  important  in  the  case  of  low  stress,  high-cycle  behavior  in  the  107-108  cycles  regime.  Confirmed  by  nu- 

228  merical  analysis  [12,13],  these  tensile  stresses  counterbalance  the  compressive  residual  stress  field  directly 

229  beneath  the  indentation.  The  numerically  estimated  distribution  of  these  FOD-induced  stresses  in  the 

230  specimen  are  shown  in  Fig.  12(a)  and  (b)  for  300  m/s  normal  impacts  (90°)  using  1  and  3.2  mm  steel  shot, 

231  respectively.  The  residual  stress  fields  are  calculated  with  the  finite  element  method  using  the  ABAQUS/ 

232  Explicit  code,  which  is  based  on  the  explicit  time  integration  method  [12].  The  dynamic  effects,  such  as 

233  inertia,  strain  rate  sensitivity,  and  stress  wave  interactions,  are  included  in  the  simulation.  To  make  con- 

234  nection  with  experiments,  the  exact  KB  geometries  are  used,  with  a  clamped-clamped  boundary  condition 

235  prescribed.  The  substrate  is  assumed  to  be  elastic-perfectly  plastic  with  a  Von  Mises  surface  to  specify  yield. 

236  The  yield  stress  does  not  vary  with  strain,  but  is  a  function  of  the  strain  rate  [30].  The  rigid  contact  surface 

237  option  is  used  to  simulate  the  rigid  projectile,  and  the  option  for  finite  deformation  and  strain  is  employed. 

238  Full  details  are  given  in  Refs.  [12,13,30]. 
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II 


Fig.  8.  Gauge  section  of  modified  K B  specimens  for  simulated  FOD  studies  after  high-velocity  impacts  using  (a)  1  mm  diameter  steel 
sphere  and  (b)  3.2  mm  diameter  steel  sphere  (normal  impact  angle). 


239  The  residual  stress  distributions  for  normal  impacts  display  an  axis-symmetric  stress  field  with  tensile 

240  residual  stresses  (in  longitudinal  direction)  as  high  as  ~220  MPa  (033 /ay  =  0.24)  to  385  MPa 

241  (033 / <ry  =  0.42),  where  oy  is  the  yield  stress,  and  033  the  residual  stress  in  longitudinal  direction.  The 

242  magnitude  of  these  tensile  stresses  was  verified  by  X-ray  diffraction.  The  corresponding  residual  stress 

243  distribution  for  an  inclined  (60°)  impact  is  illustrated  in  Fig.  12(c)  for  the  case  of  a  200  m/s,  3.2  mm 

244  projectile  and  shows  a  highly  asymmetric  stress  field,  although  the  peak  residual  stresses  are  similar  to  those 

245  of  normal  impacts.  In  particular,  the  residual  stress  field  on  the  exit  side  of  the  K#  specimen  is  of  same 

246  magnitude  as  the  normal  impact  at  the  same  impact  velocity,  whereas  residual  stress  field  on  the  entry  side 

247  corresponds  to  that  of  lower  speed  normal  impacts  [30].  Furthermore,  the  residual  stresses  at  the  base  of  the 

248  indents  are  also  of  similar  magnitude  for  both  90°  and  60°  impacts  [30],  Such  residual  stresses  can  have  a 

249  significant  effect  on  the  initiation  sites  of  fatigue  cracks  and  on  the  value  of  the  fatigue-crack  growth 

250  thresholds,  as  discussed  below. 

251  3.3.  FOD-affected  fatigue  properties 

252  Stress-life  ( S-N)  data  in  Fig.  13  clearly  show  the  detrimental  effect  of  FOD  on  fatigue  strength.  The 

253  reduced  lifetimes  following  impact  damage  were  seen  for  both  projectile  sizes,  at  both  low  and  moderate 
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Fig.  9.  SEM  micrograph  of  a  fatigue  crack  that  formed  at  a  FOD-induced  microcrack  (small  inserts).  3.2  mm  steel  shot,  300  m/s  impact 
velocity.  Nominally  applied  crmax  —  500  MPa,  R  —  0.1,  N  —  29,000  cycles. 

254  load  ratios  (R  =  0.1  and  0.5),  and  both  impact  angles  (although  only  normal  impact  data  are  displayed).  As 

255  discussed  previously  [8-10],  this  detrimental  effect  of  FOD  can  be  considered  in  terms  of  premature  fatigue- 

256  crack  initiation  resulting  fromr  four  major  factors:  (i)  the  stress  concentration  of  the  indent,  (ii)  FOD-in- 

257  duced  microcracking,  (iii)  plastically  deformed  microstructure  and  (iv)  residual  stresses  associated  with  the 

258  impact  damage.  .  .  : 

259  Two  distinct  groups  of  failures  can  be  identified  in  Fig.  13,  depending  upon  the  magnitude  of  the  applied 

260  stresses  relative  to  the  tensile  residual  stresses.  At  high-applied  stresses,  HCF  failures  initiate  directly  at  the 

261  impact  crater,  either  at  the  rim  or  the  base  of  the  crater.  Under  these  conditions,  the  initiation  of  a  growing 

262  fatigue  crack  is  observed  at  the  crater  rim  at  300  m/s  due  to  the  presence  of  microcracks;  conversely,  such 

263  initiation  is  observed  at  the  base  of  the  indent  at  200  m/s  due  to  the  high  local  stress  concentration  and  the 

264  absence  of  microcracks  elsewhere.  In  contrast,  at  low-applied  stresses  (and  lower  impact  velocities),  where 

265  FOD-indhced  mief qcracks  were  not  formed  or  were  much  smaller,  fatigue  cracks  were  found  to  initiate 

266  away  from  the  indent  crater,  in  regions  of  substantial  tensile  residual  stresses. 

267  An  example  of*  fatigue-crack  initiation  at  low-applied  cyclic  stresses  (<xmax  =  325  MPa,  R  =  0.1)  in  regions 

268  away  from  the- damage  site  in  the  interior  of  the  specimen  is  shown  in  Fig.  14(a)  and  (b)  for  300  m/s  impacts 

269  by  1  and  ^2ritim  diameter  shot,  respectively.  A  further  example  (at  <rmax  =  300  MPa,  R  =  0.1),  where 

270  initiation  occurred  close  to  surface  at  the  side  face  of  the  specimen,  is  shown  in  Fig.  14(c).  Similarly,  fatigue- 

271  crack  initiation  remote  from  the  damage  site  was  observed  to  occur  in  the  interior  of  a  60°  inclined  im- 

272  pacted  specimen,  as  shown  in  Fig.  14(d)  (<7max  =  325  MPa,  R  =  0.1).  In  all  cases,  fatigue  cracking  initiated 
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Fig.  10.  (a)  Scanning  electron  micrograph  and  (b)  cross-section  of  impact  site  after  300  m/s  normal  (90°)  impact  using  3.2  mm  steel 
shot. 


273  in  regions  of  the  high  tensile  residual  stresses  away  from  the  indent;  specifically,  these  residual  stresses  were 

274  on  the  order  of  300  MPa,  based  on  synchrotron  X-ray  diffraction  measurements  [13]  and  numerical 

275  computations  [12,13]  (Fig.  12). 

276  As  noted  previously,  such  tensile  residual  stresses  act  to  elevate  the  local  mean  stress  (or  load  ratio),  when 

277  simply  superimposed  on  the  applied  far-field  fatigue  stresses.  Based  on  FOD-related  failures  at  applied 

278  cyclic  stresses  of  Act  =  270-300  MPa  at  R  =  0.1  and  250  MPa  at  R  —  0.5,  superimposing  a  tensile  residual 

279  stress  of  ~300  MPa  increases  these  JR-ratios  from  0.1  to  ~0.5  and  from  0.5  to  ~0.7,  assuming  no  relaxation 

280  (Table  4).  The  corresponding  increase  in  the  maximum  stress  by  this  superposition  is  marked  by  arrows  in 

281  the  S-N  diagram  shown  in  Fig.  13.  From  these  S-N  results,  it  is  clear  that  simple  superposition  of  initial 

282  tensile  residual  stress  onto  applied  far-field  stresses  provides  a  significant  contribution  to  the  reduction  in 

283  fatigue  life  due  to  FOD. 

284  3.4.  FOD-ajfected  fatigue  thresholds  and  fatigue-crack  propagation 

285  Thresholds  for  fatigue-crack  growth  and  the  subsequent  near-threshold  fatigue-crack  growth  rates  of  all 

286  impacted  samples  are  compared  to  results  for  naturally  initiated  small  cracks  (~4 5-1 000  jim)  [15]  and 

287  through-thickness  large  (>5  mm)  [1 1,31]  cracks  in  undamaged  material  in  Fig.  1 5(a)  (for  /^-ratios  of  0.1  and 

288  0.5),  in  Fig.  15(b)  (for  projectile  sizes  of  1  and  3.2  mm),  and  in  Fig.  15(c)  (for  impact  angles  of  90°  and  60°). 

289  The  FOD-initiated  crack -growth  rate  data  are  shown  as  a  function  of  surface  crack  length,  2c,  and  the 
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Fig.  1 1 .  (a)  Scanning  electron  micrograph  and  (b)  cross-section  of  impact  site  after  300  m/s  inclined  (60°)  impact  using  3.2  mm  steel 
shot. 


290  approximate  applied  stress-intensity  range  (corrected  for  the  stress  concentration  of  the  indent  using  Eq. 

291  (1)).  Crack-growth  rate  data  of  tjie  EOD-induced  microcracks  (2c  ~  5-100  pm),  which  are  truly  micro- 

292  structurally  small  cracks, fill  into  a  single  scatter  band  for  all  impact  conditions  under  study  (Fig.  15(a)- 

293  (c)).  Specifically,  comparable  growth-rate  data  of  microcracks  at  low  ( R  =  0.1)  and  moderate  ( R  =  0.5)  load 

294  ratios  indicate  that  riieah.  stresses  play  little  role  in  small-crack  propagation  (Fig.  15(a)).  In  general,  the 

295  growth  rates  of  the  FOD-iriifiated  small  cracks  were  at  least  an  order-of-magnitude  faster  than  the  cor- 

296  responding  large-crack  results  at  near-threshold  levels.  Such  an  effect  is  typical  for  cracks  with  dimensions 

297  comparable  .to  mic^pstftiefiiral  size-scales  [32-35].  However,  the  large  and  small-crack  results  tend  to  merge 

298  above  a  AAT  of  ;MPa  y/m,  as  the  small  cracks  grow  to  dimensions  substantially  larger  than  the  mi- 

299  crostructure,  consistent  with  the  development  of  crack  closure  associated  with  the  progressively  increasing 

300  wake  of  the  small  cracks.  In  addition,  at  these  higher  A K  levels,  the  progressively  increasing  length  of  the 

301  crack  front  experiences  a  statistical  sampling  of  a  representative  average  of  all  microstructural  barriers, 

302  similar  to  the  large  cracks. 

303  An  additional  factor  associated  with  the  faster  growth  rates  of  the  FOD-initiated  microcracks  is  the 

304  microstructural  changes  associated  with  impact-induced  plasticity.  This  is  evident  from  shot-peening  ex- 

305  periments  on  Ti-6A1-4V  where,  by  separating  the  effect  of  deformation  from  residual  stresses,  it  has  been 
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Fig.  12.  Residual  stress  distribution  in  plane  perpendicular  to  longitudinal  axis  of  specimen,  after  300  mis  normal  (90°)  impact  using 
(a)  1  mm  and  (b)  3.2  mm  diameter  steel  shot,  or  (c)  200  m/s  inclined  (60°)  impact  using  3.2  mm  steel  shot.  After  Chen  and  Hutchinson 
[12].  On  =  normal  residual  stress,  oy  =  yield  stress  (915  MPa). 

306  observed  that  the  deformed  microstructure,  with  its  inherently  high  dislocation  density,  showed  a  reduced 

307  resistance  to  crack  growth  [26,27]. 

308  As  discussed  elsewhere  [11,31],  the  large-crack  thresholds  shown  in  Fig.  15  were  determined  up  to  the 

309  highest  load  ratios  (R  ~  0.91-0.95)  under  constant-^max/increasing-A^mjn  loading  conditions  chosen  to 

310  minimize  the  effect  of  crack  closure.  Accordingly,  for  the  bimodal  Ti-6AMV  microstructure,  the  measured 

311  threshold  of  ~1 .9  MPa  ^m  at  R  —  0.95  is  considered  to  be  a  worst-case  threshold  for  cracks  of  dimensions 

312  large  compared  to  the  scale  of  the  microstructure.  However,  observations  show  that  the  smallest  FOD- 

313  initiated  cracks,  which  have  dimensions  comparable  with  microstructural  size-scales  (~2-10  pm),  can 

314  propagate  at  stress  intensities  well  below  these  worst-case  thresholds,  specifically  at  applied  stress  intensities 

315  as  low  as  AK  ~  1  MPa  y'm,  presumably  due  to  biased  sampling  of  the  “weak  links’"  in  the  microstructure. 

316  Based  on  the  results  shown  in  Fig.  15,  it  is  clear  that  a  concept  of  a  worst-case  threshold  (determined  under 
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Fig.  13.  S-N  data  showing  reduced  fatigue  life  due  to  simulated  FOD,  as  compared  to  smooth-bar  specimens  in  bimodal  Ti-6A1-4V. 
2c,  is  the  surface  crack  length  of  FOD-induced  microcracks.  For  failures  at  107-108  cycles,  the  effect  of  local  tensile  residual  stress 
(~300  MPa)  in  increasing  the  local  maximum  stress  (and  hence  the  local  load  ratio)  is  illustrated  by  arrows  and  open  symbols. 


Fig.  14.  Lower  stress  fatigue  loading  after  300  m/s  impact  (90°)  using  1  or  3.2  mm  diameter  steel  shot  caused  crack  initiation  away  from 
the  indent  site  (marked  by  arrows):  (a)  1  mm  steel  shot,  nominally  applied  =  325  MPa,  R  =  0.1,  Nf  -  1.3  x  108  cycles,  (b)  3.2  mm 
steel  shot  (90°),  nominally  applied  am ^  =  325  MPa,  R  =  0.1,  Nf  =  1.6  x  107  cycles,  and  (c)  nominally  applied  amax  =  300  MPa, 
R  =  0.1,  Nr  =  1.3  x  107  cycles,  (d)  200  m/s  inclined  impact  (60°)  using  3.2  mm  steel  shot,  nominally  applied  <rmax  =  325  MPa,  R  -  0.1, 
A^r  =  1.5  x  108  cycles. 

317  R  — >  1  conditions  that  minimize  crack  closure)  applies  strictly  for  homogeneous  continuum-sized  cracks 

318  larger  than  microstructural  size-scales.  This  concept  does  not  provide  a  lower-bound  threshold  stress  in- 
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Table  4 


Superposition  of  initial  tensile  residual  stress  on  nominally  applied  cyclic  stress 


Load  ratio,  R 

(^min/ ^max) 

°min 

°Ynax 

<xres 

°min,efT 
(^min  T  Ores) 

°max,efr 
(0"niax  “f"  Ores) 

Effective  load  ratio,  J?eir 

(^min.efT  /  Omax,eff) 

0.1 

30 

300 

300 

330 

600 

0.55 

0.1 

33 

325 

300 

333 

633 

0.53 

0.5 

250 

500 

300 

550 

850 

0.69 

<xmin:  applied  minimum  stress,  omax:  applied  maximum  stress,  <rres:  residual  stress,  crmin,err :  effective  minimum  stress,  <rmaXieff:  effective 
maximum  stress.  All  stresses  are  in  MPa. 


319  tensity  for  cracks  on  the  scale  of  microstructural  dimensions,  as  can  be  the  case  in  the  earliest  stages  of 

320  FOD-induced  fatigue  failure. 

321  The  full  quantitative  effect  of  the  FOD-induced  residual  stresses  on  fatigue  failures  at  105-106  cycles 

322  where  fatigue  cracks  initiated  directly  at  the  impact  site  is  still  under  study.  Although  simple  superposition 

323  of  the  residual  and  applied  stresses  was  considered  above  for  low-applied  stresses  (<rmax  =  325  MPa, 

324  R  =  0.1),  recent  numerical  modelling  and  in  situ  synchrotron  X-ray  diffraction  results  have  indicated  that  at 

325  high-applied  stresses  ((Xmax  =  500  MPa,  R  —  0.1)  during  the  first  few  fatigue  cycles,  significant  relaxation  of 

326  both  the  tensile  and  compressive  residual  stresses  (by  typically  ~30%),  can  occur  [13]. 

327  What  is  interesting  here  is  that  due  to  plastic  deformation  (aided  by  the  Bauschinger  effect)  at  the  FOD 

328  indentation  site  when  the  high  stresses  (relative  to  the  level  of  residual  stresses)  are  applied,  the  compressive 

329  stresses  at  the  base  of  the  crater  are  partially  relaxed,  permitting  crack  initiation  to  occur  there  for  low 

330  impact  velocities  due  to  the  higher  stress  concentration  [8,9].  The  tensile  residual  stresses  at  the  crater  rim 

331  are  also  relaxed,  but  due  to  the  presence  of  microcracks  following  300  m/s  impacts  this  still  is  the  preferred 

332  site  for  crack  initiation  at  higher  impact  velocities.  Thus,  for  subsequent  fatigue  cycling  at  high-applied 

333  stresses,  the  FOD-induced  residual  stresses  do  not  play  a  major  role  on  the  initial  crack  growth  of  FOD- 

334  induced  microcracks  (2c  ~  5-100  pm)  due  to  their  relaxation  on  cyclic  loading. 

335  There  are  conditions,  however,  where  relaxation  does  not  occur  or  substantial  residual  stresses  are  stable 

336  during  cycling.  Most  specifically,  the  rate  and  extent  of  relaxation  is  a  function  of  the  applied  stresses. 

337  When  the  applied  stresses  are  low  enough,  the  residual  stresses  are  stable  and  relaxation  is  not  observed. 

338  Therefore,  the  regions  closest  to  the  indent  exhibit  the  greatest  degree  of  relaxation,  due  to  the  stress 

339  concentrating  effects  of  the  indent  on  the  applied  stresses.  It  is  thought  that  this  explains  the  stability  (and 

340  hence  importance)  of  the  tensile  residual  stresses  far  from  the  indent  even  under  conditions  where  the  re- 

341  sidual  stresses  near  the  indent  show  substantial  relaxation. 

342  Moreover,  the  stress  field  ahead  of  a  propagating  crack  can  potentially  serve  to  further  relax  the  residual 

343  stresses.  This  crack-driven  relaxation  becomes  increasingly  important  as  the  crack  grows  to  larger  crack 

344  sizes  under  a  fixed  load  amplitude,  due  to  the  increase  in  the  A K  field  ahead  of  the  tip.  This  may  explain  the 

345  factor-of-six  longer  life  exhibited  by  an  indent  formed  by  a  1  mm  projectile  compared  to  a  3.2  mm  projectile 

346  (both  formed  at  300  m/s).  In  spite  of  the  similar  features  (pile-up,  microcracking,  shear  bands),  and  similar 

347  aspect  ratio  of  the  craters,  the  absolute  proximity  of  the  retarding  compressive  zone  beneath  the  crater  base 

348  is  different.  As  illustrated  in  Fig.  16,  the  rim-crack  formed  in  the  smaller  indent  is  still  quite  small  (2c  ~  0.7 

349  mm)  by  the  time  it  reaches  any  mitigating  residual  compressive  stresses  beneath  the  base,  whereas  the  rim- 

350  crack  formed  in  the  large  indent  has  grown  to  a  substantial  size  (2c  ~  2.5  mm)  by  the  time  it  has  reached  the 

351  compressive  zone  beneath  the  base.  It  is  thought  that  the  larger  crack  size  results  in  more  substantial  re- 

352  laxation  of  any  mitigating  compressive  residual  stresses,  thereby  leading  to  a  shorter  propagation  time. 

353  Moreover,  larger  impact  indentation  sites  also  lower  the  overall  fatigue  life  due  to  initial  crack  size  effects. 

354  Once  a  growing  fatigue  crack  initiates,  the  effective  initial  crack  size  is  larger  in  the  case  with  larger  in- 

355  dentation  site,  and  hence  it  propagates  initially  faster. 
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Fig.  1 5.  Fatigue  crack-growth  rate  data  of  FOD-induced  small  cracks  emanating  directly  from  FOD  impacts  as  a  function  of  (a)  load 
ratio  (R  =  0.1  and  0.5),  (b)  projectile  size  (1  and  3.2  mm),  and  (c)  impact  angle  (60°  and  90°).  FOD-initiated  small-crack  growth-rate 
data  are  compared  to  naturally  initiated  small-crack  [15]  and  through-thickness  large-crack  results  in  undamaged  bimodal  Ti-6AI-4V. 
Large-crack  growth  rates  for  R  =  0.1  and  0.8  were  derived  from  constant  load-ratio  tests,  whereas  for  R  =  0.95  constant-Afmax/in- 
creasing-ATmin  testing  was  used  [11,31]. 
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Fig.  16.  Schematic  display  of  progressive  positions  of  crack  fronts  and  relative  sizes  of  cracks  at  the  point  when  the  cracks  encounter 
the  prominent  compressive  residual  stress  region  beneath  indentation  site  of  (a)  1  mm  and  (b)  3.2  mm  steel  shot  impacts. 

356  3.5 .  Threshold  conditions  based  on  the  Kitagawa-Takahashi  diagram 

357  Previous  work  [9,10]  has  illustrated  the  utility  of  the  Kitigawa-Takahashi  diagram  [36]  in  evaluating  the 

358  limiting  conditions  for  FOD-induced  HCF  failures  when  the  applied  stress  ranges  are  high  (relative  to  the 

359  magnitude  of  the  residual  stress)  and  cracks  are  formed  directly  at  the  impact  site.  Here,  the  limiting 

360  threshold  conditions  were  defined  by  the  stress-concentration  corrected  smooth-bar  fatigue  limit  (at  mi- 

361  crostructurally  small  crack  sizes)  and  a  worst-case  fatigue-crack  growth  threshold  (at  larger  homogeneous 

362  continuum-sized  crack  sizes).  A  more  favorable  representation  of  the  failure  envelopes  for  the  two  load 

363  ratios  of  0.1  and  0.5  in  Fig.  17  can  be  made  using  the  El  Haddad  et  al.  [37]  empirical  quantification  of 

364  Kitagawa-Takahashi  approach;  this  approach  introduces  a  constant,  termed  the  intrinsic  crack  length,  2c0, 

365  such  that  the  stress  intensity  is  defined  as  A K  —  YA<ry/n(2c  T  2c0),  where  Y  is  the  geometry  factor. 

366  It  is  now  possible  to  extend  the  application  of  the  Kitigawa-Takahashi  diagram  to  include  cracks  formed 

367  far  from  the  indent  by  evaluating  the  effective  i^-ratio  induced  by  the  superposition  of  stable  residual 

368  stresses.  Using  the  fatigue  failures  plotted  in  Fig.  17  as  data  points  at  surface  crack  lengths  of  2c  =  1  pm, 

369  and  superimposing  the  measured  tensile  residual  stress  of  ~300  MPa,  the  i^-ratios  are  increased  from  0.1  to 

370  ~0.5  and  from  0.5  to  ~0.7  at  far-field  stress  range  of  ~300  MPa  (Table  4).  Accordingly,  such  failures  at 

371  both  load  ratios  can  still  be  described  by  the  proposed  Kitagawa-Takahashi  approach,  provided  the 

372  limiting  conditions  are  given  by  the  stress  concentration  and  residual  stress  corrected  smooth-bar  fatigue 

373  limit  at  small  crack  sizes  and  the  “worst-case  threshold”  for  larger  crack  sizes. 


374  4.  Conclusions 

375  Based  on  a  study  of  the  role  of  FOD  in  affecting  HCF  failures  in  a  turbine  engine  Ti-6AMV  alloy  with  a 

376  bimodal  (STOA)  microstructure,  the  following  conclusions  can  be  made: 
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Surface  Crack  Length,  2c  (^m) 

Fig.  17.  Modified  Kitagawa-Takahashi  diagram  representing  the  limiting  threshold  crack-growth  conditions  (da/dAl  =  10-|,-I0“,°  ml 
cycle)  at  R  =  0.1  and  0.5  for  FOD-induced  small  cracks  in  bimodal  Ti-6A1-4V.  Plotted  is  the  threshold  stress  range  as  a  function  of 
surface  crack  length.  The  limiting  conditions  are  defined  by  the  worst-case  A/fTH  threshold  for  homogeneous  continuum-sized  cracks 
(at  large  crack  sizes)  and  the  smooth-bar  fatigue  limited,  corrected  for  stress  concentration  and  residual  stresses  (at  smaller  crack  sizes). 
Accordingly,  data  points  are  corrected  for  the  stress  concentration  of  the  FOD  indents. 


377  1.  FOD,  simulated  by  the  high-velocity  (200-300  m/s)  impact  of  steel  spheres  (1  and  3.2  mm  diameter)  at 

378  impact  angles  of  60°  and  90°  on  a  flat  specimen  surface,  markedly  reduced  the  fatigue  performance.  The 

379  principal  effect  of  FOD  was  to  induce  preferred  sites  for  the  premature  initiation  of  fatigue  cracks. 

380  2.  Premature  crack  initiation  was  caused  by  the  interplay  of  a  number  of  factors,  specifically  (i)  the  stress 

381  concentration  due  to  the  FOD  indentation,  (ii)  the  creation  (at  highest  impact  velocities  only)  of  micro- 

382  cracks  at  the  crater  rim  of  the  damaged  zone,  (iii)  microstructural  damage  from  FOD-induced  plastic 

383  deformation,  and  (iv)  the  localized  presence  of  tensile  residual  stresses  around  the  indent. 

384  3.  Since  such  microcracking  at  the  crater  rim  (and  indeed  the  shear  band  formation)  could  only  be  detected 

385  at  the  sites  of  the  higher  velocity  impacts,  it  is  concluded  that  low-velocity  or  quasi-static  indentations 

386  cannot  provide  a  worst-case  simulation  of  FOD. 

387  4.  The  magnitudes  of  the  residual  stresses  in  the  vicinity  of  the  damage  sites  have  been  computed  numer- 

388  ically  and  measured  experimentally  using  synchrotron  X-ray  diffraction.  Prior  to  fatigue  cycling,  peak 

389  tensile  values  of  these  residual  stresses  are  on  the  order  of  300  MPa  and  are  located  in  the  interior  ad- 

390  jacent  to  the  highly  deformed  region  beneath  the  indentations. 

391  5.  Two  groups  of  FOD-induced  HCF  failures  could  be  identified.  The  first  group  involved  the  initiation  of 

392  growing  fatigue  cracks  directly  at  the  impact  site  and  caused  failures  within  105— 106  cycles.  At  stress-con- 

393  centration  corrected  stress  ranges  from  250  to  560  MPa,  FOD-initiated  microcracks  (~2— 10  pm  in  size) 

394  propagated  from  both  60°  and  90°  impact  sites  at  applied  stress  intensities  below  a  A K  of  1  MPa  ^/m  (at 

395  both  R  —  0.1  and  0.5)  and  showed  no  pronounced  threshold  behavior,  i.e.,  small-crack  growth  occurred 

396  at  driving  forces  well  below  the  worst-case  AKm  threshold  of  1.9  MPa  ,/m  for  cracks  larger  than  the 

397  characteristic  microstructural  size-scales  in  this  alloy.  The  proposed  criterion  for  such  failures  has  been 

398  described  by  a  modified  Kitagawa-Takahashi  approach,  where  the  limiting  threshold  conditions  are  de- 

399  fined  by  the  stress-concentration  corrected  smooth-bar  fatigue  limit  (at  microstructurally  small  crack 

400  sizes)  and  the  worst-case  AATth  threshold  (at  larger  homogeneous  continuum-sized  crack  sizes). 

401  6.  The  second  group  of  failures  at  107— 108  cycles  initiated  at  locations  remote  from  impact  damage  in  re- 

402  gions  of  high  tensile  residual  stresses.  It  was  found  that  simple  superposition  of  the  initial  tensile  residual 

403  stresses  onto  the  applied  stresses  provided  a  significant  contribution  to  the  reduction  in  fatigue  strength 
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404  by  affecting  the  local  mean  stress  and  load  ratio.  Accordingly,  the  modified  Kitagawa-Takahashi  ap- 

405  proach  proposed  above  must  be  additionally  corrected  for  the  presence  of  tensile  residual  stresses  to  ac- 

406  count  for  such  failures.  With  this  correction,  this  approach  provides  a  rational  basis  for  the  effect  of 

407  FOD  on  HCF  failures  in  Ti-6A1-4V. 
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Abstract 

High  cycle  fatigue  testing  to  long  lives  requires  high  frequency  equipment.  For  example,  a  109 
cycle  test  takes  over  seven  months  in  a  traditional  50  Hz  servohydraulic  testing  machine,  but 
only  11  days  at  1,000  Hz.  In  response  to  these  needs,  and  in  order  to  study  frequency  and 
temperature  effects  in  the  vibrational  loading  regime,  a  servohydraulic  system  capable  of  load- 
controlled  testing  at  1 ,000  Hz  and  high  temperature  has  been  developed.  This  paper  describes 
modifications  which  are  necessary  to  the  load  frame  and  servovalve  design,  the  control 
algorithms,  and  the  calibration  procedures.  It  also  describes  an  approach  to  measuring  crack 
opening  displacement  at  high  temperature  and  1,000  Hz,  and  some  preliminary  results. 
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Introduction 


Significant  interest  has  developed  recently  in  high  cycle  fatigue  testing  of  aircraft  engine 
structural  materials.  This  has  been  driven  by  the  US  Air  Force,  which  is  in  search  of  new 
methodologies  for  life  prediction  and  design  against  high  cycle  fatigue  failure.  Typically, 
fatigue  problems  emanate  from  a  damage  site,  such  as  a  compressor  blade  airfoil  which  has 
been  damaged  by  a  bird  strike  or  an  ingested  hard  particle,  or  a  dovetail  face  which  has  been 
damaged  by  fretting.  Fatigue  failure  occurs  when  these  damaged  sites  lead  to  crack 
propagation,  driven  by  vibrational  stresses,  and  usually  at  high  mean  stresses  but  low  stress 
amplitudes.  Since  the  vibrational  frequencies  are  high  and  the  stress  amplitudes  are  low,  real 
data  is  scarce.  Lifetimes  of  up  to  1CT  cycles  are  of  interest.  These  lifetimes  are  difficult  to 
come  by  in  standard  testing  machines.  As  an  example,  a  fatigue  test  conducted  to  10  cycles  at 
50  Hz  in  a  traditional  servohydraulic  testing  machine  would  take  over  7  months  (23 1  days)  to 
complete  Few  laboratories  can  afford  to  tie  up  a  servohydraulic  machine  for  7  months  in  order 
to  obtain  just  one  data  point,  and  the  likelihood  of  completing  a  7  month  test  without  a 
mechanical  failure  or  power  outage  is  very  low. 

In  response  to  these  needs,  and  in  order  to  study  frequency  effects  at  high  frequencies,  new 
types  of  machines  are  being  developed.  Several  different  design  philosophies  are  being 
explored,  but  documentation  is  lacking  since  the  efforts  are  all  recently  initiated.  One  approach 
being  developed  at  Southwest  Research  Institute  is  to  set  up  a  resonance  condition  using 
piezoelectric  drivers  [1].  Frequencies  near  2  kHz  can  be  achieved,  but  frequency  is  limited  to 
the  resonance  point  and  is  a  function  of  the  specimen  and  grips.  At  Wright  Patterson  Air  Force 
Base,  two  approaches  are  being  pursued  [2]:  in  the  first  approach,  electrodynamic  shakers 
are  used  in  conjunction  with  pneumatic  chambers  (which  apply  the  mean  stress);  in  the  second 
approach,  prototypes  are  being  developed  which  utilize  a  magnetostrictive  material  as  an 
actuator.  The  “shakers”  run  at  350  -  600  Hz,  depending  on  the  size  of  the  machine,  the  grips 
and  specimen.  The  magnetostrictive  actuator  machine  runs  at  about  2  kHz.  Finally,  m  the 
approach  described  in  this  paper,  servohydraulic  machines  are  being  modified  to  run  at 
frequencies  up  to  1  kHz.  Each  of  these  design  approaches  has  advantages  and  disadvantages 
when  compared  to  the  alternatives.  For  each  design,  the  durability  remains  to  be  established. 

This  paper  describes  a  servohydraulic  machine,  capable  of  1  kHz,  which  has  been  developed  by 
MTS  Systems  Corporation.  The  system  will  be  integrated  for  high  temperature  fatigue  testing 
and  crack  growth  testing  at  Michigan  Technological  University.  Crack  opening  displacement 
will  be  measured  by  a  capacitive  displacement  probe  which  is  capable  of  measuring 
displacement  in  the  kHz  frequency  range  and  at  temperatures  up  to  1000°C.  At  the  time  of  this 
paper,  the  machine  had  been  constructed  and  had  successfully  accomplished  several 
demanding  room-temperature  test  sequences. 


High  Frequency  Servohydraulic  Fatigue  Testing 
Evolution  of  the  Present  System 

MTS  developed  expertise  in  high  frequency  testing  due  to  a  market  need  in  the  elastomeric 
materials  community.  Elastomers  utilized  for  vibration  damping  materials  (such  as  automobile 
engine  mounting  fixtures)  must  be  characterized  for  damping  behavior  over  a  range  of 
frequencies.  Typically,  these  “elastomer  systems”  perform  short  duration  bursts  of  varying  load 
levels,  while  sweeping  through  a  wide  range  of  frequencies,  from  20  to  1,000  Hz.  These 
systems  are  designed  to  keep  load  frame  resonance  frequencies  out  of  the  full  range  ot 
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2W  tNraFT65 C  e? yud,fferent  ‘n  physical  aPPearance  from  the  more  traditional  MTS 
250  kN  (50  bp)  systems  which  are  generally  used  for  metals  testing. 

,firSt  ^-regime  machine  designed  by  MTS  specifically  for  high  cycle  fatigue  testing  was 
based  on  the  elastomer  system.  The  changes  to  the  system  were  subtle.  Dual,  as  opposed  to 
sing  e,  high  frequency  servovalves  were  used  to  achieve  higher  flow  rates  resulting  in  actuator 
displacements  of  +/-0.065  mm  at  1,000  Hz.  Although  the  frequencies  utilized  by  the  elastomer 
researchers  are  high,  the  duration  of  each  test  is  generally  short,  so  little  information  is 
currently  available  about  the  expected  durability  of  these  systems  in  an  HCF  environment. 

More  recently,  the  traditional  250  kN  frame  was  fitted  with  a  high  performance,  high  flow 
voice  coil  servovalve.  (Servovalve  issues  are  discussed  in  the  next  section.)  The  goal  behind 
this  new  combination  of  servovalve  and  frame  type  was  to  design  a  low  cost,  high  frequency 
system  capable  of  achieving  higher  actuator  displacements  in  the  vicinity  of  1,000  Hz.  To  meet 
these  requirements,  the  traditional  250  kN  frame  was  redesigned.  The  height  of  the  base  plate 
was  reduced  to  limit  deflection  and  increase  the  stiffness  of  the  frame,  thus  minimizing 
vibration  effects.  The  column  height  was  also  reduced  to  eliminate  any  high  frequency  “tuning 
fork”  effects.  A  tie  bar  across  the  top  of  the  columns  was  added  for  stability.  The  crosshead  was 
modified  to  tighten  tolerances,  increase  stiffness  and  achieve  better  alignment.  The  actuator 
was  coated  with  a  wear  resistant  ceramic  coating,  to  prevent  potential  wear  of  the  actuator  (rod 
banding).  With  these  changes,  the  system  is  capable  of  approximately  +/-0.1  mm  of 
displacement  and  dynamic  loads  of  around  +/-20  kN  at  1 ,000  Hz. 


A  note  regarding  the  resonance  frequencies  of  the  system:  the  design  intention  of  the  present 
system  was  to  develop  a  discrete  high  frequency  system  for  metals  applications.  Unlike  the 
elastomer  rigs,  the  modified  250  kN  system  was  not  designed  for  resonance-free  operation  over 
a  full  range  of  testing  frequencies.  Frame  resonant  frequencies  do  exist.  They  are  variable  and 
are  dependent  upon  the  particular  system  configuration,  in  particular  crosshead  height  and  grip 
mass.  Once  the  test  configuration  is  determined,  a  frequency  sweep  can  be  performed  to 
determine  the  resonance-free  areas  of  operation.  In  the  MTU  system,  with  the  axial  grips 
installed,  resonance  points  exist  at  approximately  630  and  930  Hz 


Servovalve  Issues 

The  most  critical  design  decision  in  the  present  system  was  the  choice  of  the  appropriate 
servovalve.  Two  goals  were  agreed  upon:  first,  to  increase  the  flow  rate  and  response  speed  to 
o  tain  large  deflections  at  1,000  Hz;  and  second,  to  prevent  possible  premature  fatigue  failure 
of  the  servovalve.  In  machines  that  can  run  109  cycles  in  1 1  days,  fatigue  failure  of  the  testing 
machine  is  a  real  concern. 

A  cross  section  of  a  traditional  servovalve  is  shown  in  Figure  1.  In  the  first  stage,  a  torque 
motor  is  used  to  bend  the  so-called  “flexure  tube”  and  move  the  “nozzle  flapper.”  The 
subsequent  pressure  change  due  to  the  movement  of  the  flapper  controls  spool  position  and 
ultimately  actuator  displacement.  The  expected  life  of  traditional  servovalves  is  “greater  than  a 
billion  cycles”,  but  the  concern  was  that  the  flexure  tube  might  fail  after  only  one  or  two  long¬ 
term  HCF  tests.  Further,  the  flow  capacity  of  the  nozzle  flapper  valve  is  limited.  Therefore  it 
was  decided  that  an  alternative  approach  would  be  pursued. 
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Figure  1 .  Cross  section  of  a  traditional  servovalve  (MTS  model  252).  The  flapper 
and  flexure  tube  may  be  subject  to  fatigue  failure. 

The  approach  used  in  the  current  system  was  a  “voice  coil”  servovalve,  shown  schematically  in 
Figure  2.  The  voice  coil  valve  uses  an  electrodynamic  pilot  stage,  driven  in  the  same  way  as  an 
audio  speaker.  The  voice  coil  moves  a  spool  in  the  pilot  stage  back  and  forth,  and  this  spool 
acts  exactly  like  the  spool  in  a  traditional  servovalve.  Hydraulic  fluid  from  the  pilot  stage  is 
used  to  drive  the  spool  in  the  main  stage  servovalve.  Essentially,  the  main  stage  acts  as  a 
hydraulic  amplifier  of  the  pilot  stage.  There  is  no  torque  tube  or  flapper,  and  the  only  parts 
which  are  mechanically  stressed  are  the  coil  springs  in  the  pilot  stage. 


Voice  Coil 
Connector 


Figure  2.  Cross  section  of  a  voice  coil  servovalve  (MTS  model  257).  The  only 
mechanically-stressed  parts  are  the  coil  springs  in  the  pilot  stage. 
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In  addition  to  the  expected  increase  in  durability,  the  voice  coil  valve  has  superior  high 
frequency  response  and  higher  flow  rates,  characteristics  which  are  both  crucial  to  achieving 
larger  actuator  displacements  at  very  high  frequencies.  Yet  further  consideration  was  given  to 
the  expected  modes  of  failure.  Failure  of  the  flapper  valve  is  likely  to  occur  by  rupturing  of  the 
internal  flexure,  the  aftermath  being  a  high  pressure  fine  spray  of  oil  in  the  test  area.  When  the 
voice  coil  valve  fails,  however,  there  is  no  external  rupturing;  the  oil  is  self-contained.  The 
failure  would  most  likely  be  observed  as  an  error  detected  in  the  outer-loop  control  circuit,  as 
the  programmed  load  end  levels  would  not  be  maintained. 


Acceleration  Compensation  of  the  Load  Cell 

Acceleration  effects  due  to  moving  mass  of  the  load  train  are  significant  at  high  frequencies  and 
must  be  compensated  for  in  the  control  loop.  Actual  acceleration  measurements  are  discussed 
in  the  ‘‘preliminary  results”  section  of  this  paper.  The  inaccuracy  in  the  load  signal,  if  the  load 
cell  is  not  compensated  for  acceleration  effects,  has  been  determined  to  be  approximately  25% 
at  1,000  Hz  with  the  axial  grips.  There  are  two  methods  of  compensating  for  acceleration,  each 
of  which  utilizes  an  accelerometer  positioned  on  the  active  elements  of  the  load  cell. 

The  first  method  is  quick  and  simple.  The  system  is  run  at  frequency  in  displacement  control 
with  only  the  grip  masses  attached.  With  no  specimen  inserted  and  the  load  train  open,  the 
acceleration  effects  can  be  seen  as  load  output  from  the  system  load  cell.  The  affiliated  load  cell 
acceleration  signal  is  then  conditioned  and  inverted.  The  user  then  gradually  sums  this  inverted 
signal  into  the  system  load  cell  feedback  signal  via  potentiometer  adjustment  or  a  digital  slide 
bar,  depending  on  the  controller  being  used.  This  is  done  until  no  further  load  output  is 
monitored.  This  method  brings  the  load  values  to  within  8%  of  actual  values. 

The  second  and  preferred  method  is  essentially  a  dynamic  load  verification  test  with  a  strain 
gaged  specimen  closing  the  load  train.  The  specimen  strains  are  first  statically  calibrated  as  a 
function  of  load  using  the  system  load  cell.  An  initial  test  is  then  performed  at  actual  test 
conditions.  The  difference  between  the  system  load  cell  signal  and  that  from  the  measured 
specimen  strain  is  monitored.  Via  the  same  procedure  as  in  the  first  method,  the  acceleration 
compensation  circuit  is  then  adjusted  until  the  difference  between  the  two  load  signals  is 
nulled. 


The  Controller 

The  digital  “TestStar”  controller  which  runs  traditional  servohydraulic  systems  also  runs  the  1 
kHz  system;  the  only  modifications  are  the  acceleration  compensation  boards,  and  the  use  of 
an  adaptive  control  scheme  which  yields  steady-state  load  control  at  1,000  Hz.  The  digital 
controller  utilizes  a  patented  phase  amplitude  compensator  (PAC)  to  detect  and  correct 
amplitude  roll-off  and  phase  lag  in  sinusoidal  command  waveforms.  An  analog  controller 
version,  based  on  the  MTS  458  system,  is  also  under  development. 
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HCF  and  FCP  Testing  at  Ambient  and  Elevated  Temperatures 


Grips.  Fixtures,  and  Loading  Strategies 

One  advantage  of  the  servohydraulic  approach  to  high  frequency  fatigue  testing  is  that  very  few 
modifications  to  standard  fatigue  lab  procedures  are  necessary.  The  MTU  system  has  axial 
grips  that  are  capable  of  fully  reversed  loading  and  high  temperature  testing  with  induction 
heating.  Traditional  pin-and-clevis  grips  for  compact  tension  specimens  should  work  as  well. 
There  are  only  two  constraints  on  grips  and  fixtures:  first,  the  mass  of  the  grips  should  be 
minimized  for  optimum  system  response;  and  second,  the  length  of  the  load  train  should  be 
short,  to  minimize  load  frame  motion  and  potential  resonance.  The  axial  grips  add  about  one 
kilogram  of  mass  to  the  actuator,  and  it  would  not  be  advisable  to  use  grips  that  are  much 
bulkier  than  these. 

Much  of  the  FCP  research  in  this  program  will  be  accomplished  in  4-point  bending.  The 
reasons  for  this  are:  the  experimental  setup  is  simple  and  easy  to  align;  the  grips  and  fixtures 
weigh  less  than  400  grams;  and  it  is  possible  to  conduct  Mode  II  and  Mixed  Mode  I/II  testing 
by  using  an  asymmetric  4-point  bending  geometry  [3]. 


Measurement  of  Crack  Length  in  FCP  Testing  M 1 ,000  Hz  and  High  Temperature 

A  major  experimental  challenge  at  high  temperatures  and  high  frequencies  is  measurement  of 
crack  length.  Because  of  the  high  temperatures,  techniques  like  back-face  strain  gage  and 
surface-mounted  metal  foils  that  measure  remaining  ligament  length  are  not  possible.  Because 
of  the  high  frequencies  and  temperatures,  traditional  crack  opening  displacement  (COD)  gages 
will  not  work.  Measuring  compliance  from  actuator  displacement  and  load  may  be  possible, 
but  this  technique  may  lack  the  necessary  sensitivity,  and  it  may  be  necessary  to  slow  the  test 
down  (or  stop  it  completely)  to  accurately  measure  the  compliance.  This  is  not  desirable  in 
high  temperature  testing,  because  slowing  down  or  stopping  the  test  will  influence  time- 
dependent  and  rate-dependent  processes,  and  therefore  the  crack  growth  rates. 

It  is  highly  desirable  to  measure  crack  length  dynamically  and  with  as  little  lag  time  as 
possible.  Two  techniques  appear  to  be  promising.  The  first  is  the  potential  drop  technique 
[4,5],  and  the  second  is  the  use  of  a  capacitive  COD  probe.  Neither  of  these  have  been 
demonstrated  at  1,000  Hz,  and  the  technological  challenges  associated  with  developing  them 
are  not  trivial.  Both  will  require  significant  development  and  testing,  and  it  is  not  known  at  this 
time  what  degree  of  success  will  be  attainable.  In  this  research  program,  the  use  of  the  non- 
contact  capacitive  COD  probe  will  be  explored  first.  The  system  is  described  below. 

Capacitec,  Inc  [6]  manufactures  non-contact  displacement  probes  capable  of  temperatures  up 
to  1  000°C  and  frequencies  up  to  5  kHz.  Depending  on  the  probe  diameter,  the  absolute 
accuracy  can  be  as  small  as  0.25  pm.  The  probes  measure  the  gap  between  the  tip  of  the  probe 
and  any  metal  plate  which  is  connected  to  ground.  The  unit  provides  a  0-10  V  DC  signal  that 
can  be  calibrated  to  displacement.  It  is  important  to  note  that  a  “wide-band”  amplifier  must  be 
specially  ordered  from  the  manufacturer  to  apply  the  capacitive  approach  to  1  kHz  frequencies 
[6].  A  schematic  of  the  intended  configuration  in  4-point  bending  is  shown  in  Figure  3.  The 
probes  can  also  be  used  with  compact  tension  specimens,  or  as  simple  axial  extensometers.  A 
major  challenge  will  be  developing  mounting  procedures  for  the  probes  that  do  not  shake  off 
during  1,000  Hz  loading. 
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Figure  3.  Schematic  diagram  of  the  4-point  bend  geometry  and  the  capacitive 
COD  probe. 


During  fatigue  testing,  a  dedicated  PC  with  a  200  kHz,  16  bit  data  acquisition  card  will  be  used 
to  acquire  the  DC  waveform  corresponding  to  COD.  Analysis  software  and  calibration  data 
will  be  used  to  calculate  crack  length  from  COD  and  provide  a  0-10  V  DC  “crack  length” 
signal  to  the  digital  controller  which  is  running  the  fatigue  test.  In  this  way,  K-controlled 
fatigue  testing  at  1,000  Hz  and  1,000°C  should  be  possible. 


Preliminary  Results 

A  1020  steel  specimen  with  the  geometry  shown  in  Figure  3  was  cycled  in  4-point  bending  at 
1 ,000  Hz  for  4  minutes.  The  test  was  designed  and  conducted  only  as  a  demonstration  of  the  4- 
point  bend  geometry  at  1 ,000  Hz,  and  so  ASTM  procedures  for  pre-cracking  and  testing  were 
not  followed.  The  specimen  was  notched  with  a  250  ^im  thick  water-cooled  abrasive  wheel, 
and  then  loaded  at  AK  «  10  MPaVm  and  R  =  0.1.  The  test  ran  well,  with  no  apparent  fretting 
under  the  loading  pins.  About  2  mm  of  crack  growth  was  observed  in  4  minutes,  which  is  in 
the  expected  range  for  this  steel  and  stress  intensity  factor  [7].  From  this  test,  it  appears  that 
bend  testing  at  1,000  Hz  should  be  achievable.  Crack  length  was  not  monitored  by  the 
capacitive  probe,  and  the  development  of  this  technique  is  currently  underway. 

A  4140  steel  smooth-bar  specimen  was  cycled  in  the  axial  grips,  between  5  and  55  MPa  (100  to 
1,000  lbs).  This  test  was  intended  to  demonstrate  the  feasibility  of  testing  to  109  cycles  with 
stable  long-term  control  and  durability.  The  test  ran  flawlessly  for  over  8  days,  to  840  million 
cycles.  The  load  waveform  at  the  end  of  the  test  was  identical  to  that  at  the  beginning  of  the 
test.  At  840  million  cycles,  the  machine  shut  itself  down  due  to  a  hydraulic  system  interlock, 
apparently  related  to  an  irregularity  in  the  incoming  cooling  water  pressure.  The  test  was 
successfully  re-started  after  the  interlock  was  reset,  and  continued  until  970  million  cycles,  at 
which  time  the  test  room  was  no  longer  available  and  the  test  was  manually  aborted. 

During  this  test,  accelerometers  were  mounted  in  various  places  on  the  load  frame.  The 
acceleration  output  on  the  crosshead  and  base  plate  measured  10.5  g’s.  Those  on  the  upper  grip 
attached  directly  to  the  load  cell  showed  25  g’s  of  acceleration.  The  largest  accelerations  were 
measured  on  the  lower  grip  mass  attached  directly  to  the  moving  actuator  rod.  These  were 
found  to  be  as  high  as  121  g’s.  As  per  the  earlier  discussion  regarding  acceleration 
compensation  of  the  load  cell,  the  effect  due  to  the  moving  mass  of  the  load  train  are 
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significant.  The  uncompensated  vs  compensated  load  comparisons  are  very  dependent  on  the 
specimen  spring  rate,  load  and  frequency  test  conditions,  and  grip  mass.  For  the  conditions  of 
this  particular  test,  the  difference  between  uncompensated  and  compensated  values  was  found 
to  be  up  to  25%. 

After  the  completion  of  the  long-term  test,  various  components  of  the  load  frame  were 
inspected.  The  actuator  rod  was  examined  with  a  profilometer  and  microscope.  There  were  no 
indications  of  rod  banding.  The  servovalve  was  taken  off  and  the  various  step  responses  and 
valve  specifications  were  re-verified  on  the  test  bench.  The  springs  were  also  inspected.  All 
conditions  were  normal.  The  load  cell  was  disassembled  for  inspection  as  well  and  was  found 
to  be  fine.  This  test  leads  to  some  confidence  that  long-term  1,000  Hz  testing  will  be  feasible. 


Summary 

HCF  testing  to  109  cycles  at  room  temperature  and  1,000  Hz  has  been  achieved  in  the  current 

system,  with  no  apparent  deterioration.  FCP  testing  in  4-point  bending  has  been  demonstrated. 

Current  efforts  are  aimed  at  developing  a  capacitive  COD  probe  which  will  be  capable  of 

measuring  crack  length  at  1,000°C  and  1,000  Hz. 
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Abstract 

Fatigue  crack  propagation  tests  were  conducted  on  the  powder  metallurgy  nickel-base  superalloy  KM4  at  room  temperature.  Two 
different  heat  treatments  were  investigated,  one  which  produced  a  relatively  coarse  grain  size  around  55  pm,  and  another  which 
produced  a  very  fine  grain  size  around  6  pm.  Tests  were  conducted  at  50  Hz  and  1000  Hz  in  an  advanced  servohydraulic  testing 
machine  at  7?-ratios  between  0.4  and  0.7.  There  was  no  effect  of  frequency  on  the  fatigue  behavior  at  room  temperature,  which  is 
expected  in  this  type  of  alloy,  and  this  result  yields  confidence  in  the  reliability  of  the  servohydraulic  fatigue  testing  system.  The 
threshold  stress  intensity  for  fatigue  crack  propagation  decreased  with  decreasing  grain  size  and  with  increasing  7?-ratio,  again  as 
expected.  With  increasing  grain  size,  the  crack  path  tortuosity  and  the  crystallographic  facet  size  on  the  fracture  surface  both 
increased  substantially,  leading  to  increases  in  roughness-induced  closure  and  a  higher  apparent  threshold.  The  threshold  AK  values 
measured  at  10"10  m/cycle  corresponded  to  essentially  infinite  lifetimes,  as  very  small  decreases  in  A K  from  the  threshold  values 
resulted  in  complete  crack  arrest,  and  led  to  difficulty  in  restarting  the  crack  growth  at  higher  A K  levels.  Finally,  comparisons  of 
the  observed  thresholds  with  existing  models  revealed  significant  discrepancies  between  the  predicted  and  measured  values.  ©  1 999 
Elsevier  Science  Ltd.  All  rights  reserved. 

Keywords:  Fatigue;  High  cycle  fatigue;  Fatigue  crack  propagation;  Fatigue  thresholds;  Nickel-base  alloys;  Superalloys 


1.  Introduction 

Nickel-base  superalloys  are  high  performance 
materials  subject  to  severe  operating  conditions  in  the 
high  temperature  turbine  section  of  gas  turbine  engines. 
Turbine  blades  in  modem  engines  are  fabricated  from 
Ni-base  alloy  single  crystals  which  are  strengthened  by 
ordered  y'  precipitates.  Turbine  discs  are  made  from 
polycrystalline  Ni-base  alloys  because  these  components 
have  less  stringent  creep  resistance  requirements  (due  to 
lower  temperatures)  but  higher  strength  requirements 
(due  to  higher  stresses). 

Damage-tolerant  design  philosophies  have  allowed  the 
calculation  of  residual  life  in  turbine  disks,  by  assuming 
a  flaw  exists  in  a  critical  location  which  is  as  large  as 
can  be  reliably  detected  by  non-destructive  inspection 
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techniques.  The  predicted  lifetime  is  then  calculated  by 
integrating  the  da/cLV  vs  ISK  curve  from  this  assumed 
flaw  size  to  some  critical  size  [1,  pp.  13-14].  This 
approach  works  well  for  low  cycle  fatigue  (LCF)  load¬ 
ing,  and  has  been  an  unqualified  success  at  reducing  LCF 
failures  while  at  the  same  time  extending  the  useful  lives 
of  critical  components.  With  these  advances,  the  most 
common  cause  of  military  engine  component  failures  is 
now  high  cycle  fatigue  (HCF)  [2].  These  incidents  are 
related  to  engine  vibrations,  and  are  therefore  typically 
found  at  very  high  frequencies  (in  the  kHz  range),  as 
well  as  low  stress  amplitudes  and  high  i?-ratios.  No 
design  methodology  exists  for  these  types  of  failures, 
since  they  often  initiate  from  a  damage  site  such  as  a 
manufacturing  defect,  fretting  defect,  or  foreign  object 
damage,  and  involve  small  fatigue  crack  propagation  at 
very  high  frequency  [2].  This  results  in  very  short  lives, 
in  terms  of  time  to  failure,  even  at  crack  propagation 
velocities  near  the  typical  threshold  rates  of  10" 10 
m/cycle  [3].  Therefore,  a  design  philosophy  which 
would  be  useful  in  this  regime  should  be  based  on 
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fatigue  crack  propagation  thresholds.  This  study,  which 
is  part  of  the  Air  Force  Multi-University  Research 
Initiative  (MURI)  on  High  Cycle  Fatigue,  is  aimed  at 
studies  of  onset  of  fatigue  crack  propagation  in  the 
nickel-base  turbine  components  of  military  engines.  In 
another  paper  [3],  similar  threshold  studies  of  a  titanium 
compressor  alloy  are  reported.  Some  of  the  important 
issues  in  high  cycle  fatigue,  including  the  interaction  of 
small  or  short  cracks  with  microstructure,  are  discussed 
in  this  report  [3].  This  paper  gives  results  on  a  turbine 
disk  alloy  at  room  temperature,  while  future  research 
will  focus  on  high  temperature  behavior  in  both  disk 
alloys  and  single  crystal  blade  alloys.  Effects  of  tempera¬ 
ture,  frequency,  microstructure,  and  damage  state  will 
be  evaluated. 


2.  Material 

The  turbine  disk  material  studied  in  this  program  was 
the  alloy  designated  KM4  [4],  developed  by  GE  Aircraft 
Engines  and  Pratt  and  Whitney.  It  is  a  powder  metal¬ 
lurgy  alloy,  which  is  consolidated  by  hot  extrusion  and 
then  forged.  Like  all  nickel-base  superalloys,  KM4  is 
strengthened  by  the  formation  of  Y  precipitates  based 
on  Ni3Al.  The  nominal  composition  of  the  alloy  is  given 
in  Table  1,  and  a  detailed  report  of  its  microstructure 
and  deformation  behavior  is  given  elsewhere  [5].  All 
specimens  studied  in  this  program  were  cut  from  a  tur¬ 
bine  disk  forging  that  was  heat  treated  by  GE  Aircraft 
Engines. 

The  material  is  typically  heat  treated  in  two  different 
ways  [6].  If  it  is  solution  treated  below  the  Y  solvus 
temperature,  some  of  the  Y  remains  undissolved,  and 
this  pins  the  grain  boundaries.  After  quenching  and  age¬ 
ing,  the  grain  size  is  only  6  pm,  as  shown  in  Fig.  1(a). 
This  will  be  referred  to  as  the  ‘sub-solvus*  material  in 
this  paper.  The  large  particles  seen  in  Fig.  1(a)  are  the 
undissolved  y\  which  are  not  present  in  Fig.  1(b).  If, 
however,  the  alloy  is  solution  treated  above  the  y'  solvus 
temperature,  all  the  Y  *s  dissolved,  which  allows  the 


Table  1 

Composition  of  KM4 


Element 

wt% 

Co 

18 

Cr 

12 

Mo 

4 

Al 

4 

Ti 

4 

Nb 

2 

B 

0.03 

C 

0.03 

Zr 

0.03 

Ni 

balance 

grains  to  grow  during  the  solutionizing  treatment.  It  is 
then  forced-air  quenched  and  aged.  The  result  is  a 
material  with  a  grain  size  of  about  55  pm,  as  shown  in 
Fig.  1(b).  This  microstructure  will  be  referred  to  as  the 
‘super-solvus’  material  in  the  remainder  of  this  paper. 
At  a  finer  size  scale,  both  materials  contain  a  bi-modal 
distribution  of  Y  particles,  with  coarse  particles  on  the 
order  of  300  nm  and  fine  particles  on  the  order  of  50  nm 
in  size  [5].  The  super-solvus  material  contains  a  slightly 
higher  fraction  of  Y  within  the  grains  (55%  vs  45%) 
because  of  the  lack  of  grain  boundary  y7.  At  650°C,  the 
super-solvus  alloy  has  a  yield  strength  of  about  1050 
MPa,  while  the  sub-solvus  material  has  a  yield  strength 
of  about  1150  MPa  [5].  The  difference  in  strength 
between  room  temperature  and  650°C  is  negligible  in 
these  types  of  alloys  [7],  and  so  the  room  temperature 
values  should  be  about  the  same. 

3.  Procedures  for  high  frequency  FCP  testing 

Fatigue  crack  propagation  tests  were  conducted  on  an 
MTS  servohydraulic  testing  machine  which  was 
specifically  designed  for  testing  at  frequencies  from  0  to 
1000  Hz.  The  details  of  the  machine  are  described  else¬ 
where  [8],  but  it  is  noted  here  that  the  machine  is  quite 
flexible,  with  dynamic  load  capacities  to  25  kN.  Fatigue 
crack  propagation  tests  were  conducted  largely  in  com¬ 
pliance  with  ASTM  E647,  on  four-point  bend  bars  with 
the  dimensions  shown  in  Fig.  2.  Four-point  bending  was 
chosen  because  effects  of  mode-mixity  will  be  examined 
later  in  asymmetric  four-point  bending,  and  it  was  desir¬ 
able  to  keep  the  geometry  constant. 
Increasing/decreasing  K  tests  were  conducted  several 
times  to  verify  the  observed  threshold  behavior,  but  only 
the  increasing  part  of  the  tests  have  been  given  in  the 
figures.  The  ^-solution  of  Tada  [9]  for  pure  bending, 
corrected  for  finite  width,  was  utilized  to  calculate  stress 
intensity  factors.  Plots  of  da/dN  vs  A K  were  obtained 
using  the  secant  method,  per  ASTM  E647. 

In  an  earlier  paper  [8],  a  capacitive  crack  opening  dis¬ 
placement  (COD)  gage  was  described  which  is  capable 
of  measuring  COD  at  1000  Hz.  The  intention  was  to  use 
this  gage  to  measure  crack  length  in  the  current  project. 
However,  while  the  gage  was  capable  of  measuring 
COD  quite  well  at  1000  Hz,  it  was  not  possible  to  use 
this  measurement  to  reproducibly  measure  crack  length, 
since  the  crack  length  function  was  highly  sensitive  to 
very  small  changes  in  measured  COD,  zero  position,  and 
temperature.  It  was  not  possible  to  measure  the  dynamic 
compliance  due  to  slight  noise  in  the  signals  at  1000 
Hz.  Therefore,  crack  lengths  were  measured  by  using  a 
Questar  telescope  with  a  2  pm  resolution.  The  entire  test 
was  videotaped,  and  the  crack  length  was  measured 
manually  from  the  videotape.  Post-test  fractographic 
measurements  verified  the  Questar  crack  lengths  to  a 
high  degree  of  confidence. 
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Fig.  I .  Optical  microstructures  of  KM4  after  heat  treatment,  (a)  Sub-solvus  heat  treatment,  showing  large  f  particles  which  did  not  dissolve 
during  solution  treatment.  Grain  boundaries  are  not  resolved,  but  are  decorated  by  the  large  f  particles,  (b)  Super-solvus  heat  treatment,  showing 
larger  grain  size  and  lack  of  undissolved  f  precipitates.  In  both  cases,  finer  y'  which  is  responsible  for  strengthening  is  too  small  to  be  resolved 
at  this  magnification. 


Fig.  2.  Dimensions  of  the  four-point  bend  specimens,  with  loading 
points  indicated  by  heavy  arrows. 


4.  Results  and  discussion 

4.1.  Effects  of  frequency 

Sub-solvus  KM4  specimens  were  tested  in  the  Paris 
regime  at  50  and  1000  Hz  at  an  7?-ratio  of  0.5.  The 
curves  are  shown  in  Fig.  3.  Within  experimental  error, 
the  curves  are  indistinguishable,  indicating  no  effect  of 
frequency  at  room  temperature.  This  was  expected,  since 
nickel-base  superalloys  do  not  become  highly  rate  sensi¬ 
tive  until  temperatures  in  excess  of  700°C  [7],  and  pre¬ 
vious  research  by  our  group  found  almost  no  frequency 
effect  on  the  yield  strength  of  KM4  at  650°C  [5].  The 
major  implication  of  this  result  is  that  the  newly- 
developed  servohydraulic  testing  machine  gives  reliable 
results  at  frequencies  of  1000  Hz.  Similar  results  have 
been  found  for  the  titanium  alloy  [3]. 


Fig.  3.  Fatigue  crack  propagation  curves  for  sub-solvus  KM4  in  the 
Paris  regime  at  frequencies  of  50  and  1000  Hz  at  R- 0.5. 


4.2.  Effects  of  microstructure 

Fig.  4  shows  FCP  curves  for  sub-solvus  and  super- 
solvus  materials  at  a  frequency  of  1000  Hz  and  R=0J. 
It  is  evident  that  the  Paris  slopes  were  similar  (~4),  but 
the  sub-solvus  material  had  a  consistently  higher  fatigue 
crack  propagation  rate  (at  equivalent  A^Q  as  well  as  a 
lower  threshold.  The  measured  threshold  values  (10” 10 
m/cycle  growth  rates)  at  this  i?-ratio  were  6.8  MPaVm 
(sub-solvus)  and  9.9  MPaVm  (super-solvus).  Decreasing 
the  A K  level  by  only  0.1  MPaVm  led  essentially  to  crack 
arrest;  no  propagation  was  detected  even  after  200 
million  cycles.  When  this  was  allowed  to  occur,  it 
became  very  difficult  to  restart  the  crack,  suggesting  an 
oxide-induced  'coaxing’  phenomenon  [10].  This 
behavior  suggests  that  the  measured  threshold  at  10" 10 
m/cycle  is  truly  a  'no  growth’  A K  value,  and  that  essen¬ 
tially  infinite  life  would  result  at  constant  A K  levels 
below  the  measured  values. 
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Fig.  4.  Fatigue  crack  propagation  curves  for  sub-solvus  and  super- 
solvus  KM4  in  the  threshold  and  early  Paris  regimes  at  1000  Hz 
and  £=0.7. 


The  lower  threshold  and  higher  FCP  rates  were 
observed  in  the  sub-solvus  material,  which  had  a  grain 
size  an  order  of  magnitude  finer  than  the  super-solvus 
material,  as  discussed  earlier  and  shown  in  Fig.  1. 
Optical  micrographs  of  the  crack  paths  seen  at  the  sur¬ 
face  in  sub-solvus  and  super-solvus  materials  are  shown 
in  Fig.  5.  It  is  evident  that  there  was  substantially  more 
crack  path  tortuosity  in  the  coarse-grained  super-solvus 
material  which  exhibited  a  higher  threshold  and  a  lower 
FCP  rate.  Measurements  of  the  actual  crack  length  div¬ 
ided  by  the  projected  crack  length  in  the  Mode  I  plane 
resulted  in  ratios  of  1.6  for  the  super-solvus  and  1.2  for 
the  sub-solvus,  confirming  quantitatively  that  the  crack 
path  tortuosity  did  increase  with  grain  size.  Numerous 
previous  investigators  [11-20]  have  found  similar  effects 
of  grain  size  on  FCP  rates  in  similar  nickel-base  superal¬ 
loys  tested  at  low  temperatures.  The  difference  in  the 
FCP  behavior  with  grain  size  has  been  attributed  to 
intrinsic  factors  such  as  slip  reversibility  and  extrinsic 
factors  such  as  increases  in  roughness-induced  closure; 


however,  these  factors  are  often  interrelated  [18].  The 
large  grain  size  leads  to  increases  in  heterogeneity  of 
deformations  and  this  heterogeneity  leads  to  better  slip 
reversibility  [12,17-19]  as  well  as  larger  crystallographic 
facets  on  the  fracture  surfaces  which  leads  to  more 
roughness-induced  closure  [18].  Further,  the  crack  paths 
become  more  tortuous  and  deviate  from  the  Mode  I 
plane  [18].  All  of  these  effects  combine  to  reduce  the 
crack  growth  rates  and  increase  the  thresholds  as  the 
grain  size  is  increased.  Evidence  supporting  these 
phenomena  in  KM4  at  1000  Hz  is  clearly  present  in  Figs. 
5  and  6.  Fig.  5  shows  the  increase  in  crack  path  tortu¬ 
osity  and  the  deviation  from  the  Mode  I  plane,  while 
Fig.  6  shows  the  substantial  increase  in  crystallographic 
facet  size  for  the  larger-grained  material.  Finally,  the 
super-solvus  material  exhibited  faceted  growth  up  to  a 
high  transition  A X  level  of  35  MPaVm,  compared  to  only 
13  MPaVm  for  the  sub-solvus,  indicating  that  non-con¬ 
tinuum  microstructural  effects  are  playing  a  larger  role 
in  the  large-grained  material,  as  would  be  expected.  This 
high  transition  AX  level  for  super-solvus  leading  to 
greater  crack  path  tortuosity  results  in  bursts  in  crack 
growth  and  hence  more  scatter  in  data. 

4.3.  Effects  of  load-ratio 

The  effect  of  load  ratio  (i?=0.4  and  0.7)  on  the  fatigue 
crack  propagation  behavior  at  1000  Hz  is  illustrated  in 
Figs.  7  and  8,  and  threshold  values  are  summarized  in 
Table  2.  The  figures  and  tables  show  that  the  effect  of 
.fi-ratio  is  higher  in  the  near-threshold  regime  of  crack 
growth.  The  sub-solvus  curves  show  expected  behavior, 
such  that  an  increase  in  i?-ratio  gives  higher  crack 
growth  rates  and  a  lower  threshold,  which  can  generally 
be  explained  by  attendant  crack  closure  effects.  The 
super-solvus  material  also  exhibited  a  slightly  reduced 
threshold  at  the  higher  i?-ratio.  However,  the  super- 
solvus  material  displayed  anomalous  behavior  in  the  AX 


Fig.  5.  Optical  micrographs  of  the  crack  paths  in  KM4  tested  at  1000  Hz.  EDM  notches  are  visible  at  the  left,  (a)  Sub-solvus  material  (6  pm 
grain  size),  showing  relatively  planar  crack,  (b)  Super-solvus  material  (55  pm  grain  size),  showing  substantial  crack  path  tortuosity.  Crack  branching 
was  also  observed  in  the  super-solvus  material. 
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Fig.  6.  Scanning  Electron  Micrographs  of  the  fracture  surfaces  in  the  near-threshold  regime.  KM4  at  1000  Hz  and  R=0.1.  (a)  Sub-solvus,  showing 
very  fine  facets,  (b)  Super-solvus,  showing  significantly  larger  crystallographic  facets  related  to  the  larger  grain  size.  Note  magnification  in  (a)  is 
4x  higher  that  in  (b),  so  the  differences  in  facet  size  are  even  greater  than  apparent  on  first  glance. 
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Fig.  7.  Fatigue  crack  propagation  curves  for  super-solvus  KM4  at 
1000  Hz  and  two  different  #ratios. 


Fig.  8.  Fatigue  crack  propagation  curves  for  sub-solvus  KM4  at  1000 
Hz  and  two  diferent  #ratios. 


Table  2 

Measured  threshold  stress  intensity  values  (10~10  m/cycle) 


Grain  size. 

AKth, 

MPaVm 

Heat 

treatment 

pm 

cry,  MPaa 

#=0.4 

#=0.7 

Sub-solvus 

6 

1150 

8.4 

6.8 

Super-solvus 

55 

1050 

10.3 

9.9 

a  Estimated  from  value  measured  in  [5]  at  650°C. 


region  above  threshold,  since  the  crack  growth  rates  at 
the  two  different  ^-ratios  are  basically  indistinguishable. 
Anomalous  crack  growth  behavior  in  the  Paris  regime 
for  super-solvus  specimen  with  increasing  R  could  be  a 
stochastic  phenomenon  (since  there  was  much  more 
scatter  in  the  data  in  the  supersolvus  specimens)  or  it 
could  be  due  to  the  fact  that  monotonic  modes  of  fracture 
superimpose  on  cyclic  modes  of  fracture  at  higher  R- 
ratios  [21].  Crack  path  tortuosity  showed  a  slight 
increase  as  R  was  increased.  The  ratio  of  the  actual  crack 
length  to  projected  crack  length  was  1.45  for  7?-0.4  and 
1.59  for  R=0J.  This  implies  that  there  might  be  a  Km.dx 
effect  on  threshold.  The  Kmax  values  increase  rapidly  as 
the  crack  length  increases.  Since  faceted  growth  is 
observed  well  into  the  regime  where  Paris-Law  is 
obeyed,  higher  /^-ratios  (and  hence  higher  Kmax  values) 
lead  to  facilitation  of  mode-I  fracture  which  in  turn 
shows  up  as  better  defined  facets  in  the  crack  path.  This 
may  explain  the  increase  in  crack  path  tortuosity  and 
slightly  slower  crack  growth  rates  as  R  increases  in  the 
super-solvus  specimen. 

4.4.  Intrinsic  thresholds 


It  is  desirable  for  the  development  of  a  HCF  design 
method  to  obtain  the  intrinsic  threshold  A K  value  below 
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which  cracks  will  not  propagate,  in  the  absence  of  extrin¬ 
sic  effects  such  as  crack  closure.  In  our  earlier  paper  [3] 
it  was  found  that  this  value  could  be  reliably  obtained 
for  a  Ti-6-4  alloy  by  conducting  long  crack  FCP  tests 
at  i?~0.9.  The  threshold  only  increased  by  about  10% 
when  going  from  R= 0.92  to  i?= 0.8,  and  based  on  this  it 
is  reasonable  to  assume  that  the  thresholds  measured 
here  at  R= 0.7  are  within  20%  or  better  of  the  actual 
intrinsic  thresholds.  These  measured  values  can  be  com¬ 
pared  to  existing  theoretical  models,  as  discussed  below. 

Sadananda  and  Shahinian  [22]  gave  an  expression  for 
threshold  stress  intensity  based  on  dislocation  emission 
from  the  crack  tip  as 


Kth- 


t  ap 

-In rr-+ 


pb 


Y  CTys 


A  [4n(l-v)  b  4;r(l-v)p  ^  2  J 


.  0) 


where  the  four  terms  on  the  right  hand  side  are,  respect¬ 
ively,  contributions  from  self  energy  of  the  dislocation, 
image  force,  surface  energy  of  the  ledge  formed  and  the 
friction  stress  which  is  taken  to  be  the  0.2%  yield  stress 
of  the  material  divided  by  two.  Here  p  is  the  shear  modu¬ 
lus,  y  is  ti\e  surface  energy,  p  is  the  dislocation  distance 
from  the  crack  tip,  a  is  the  dislocation  core  constant,  b 
is  the  Burgers  vector,  v  is  Poisson’s  ratio  and  A  is  the 
orientation  factor  of  the  slip  plane  given  by 
cos(0/2)-sin(0/2)*cos(30/2),  where  0  is  the  angle  between 
the  actual  crack  propagation  direction  and  the  pure 
Mode-I  direction.  The  threshold  stress  intensity  range, 
A Kf  can  be  represented  in  terms  of  Kth  as 

AKth=Kthil-R)  (2) 


Substituting,  0=45°,  p=b= 2.54x10“ 10  m,  a- 4,  p-11 
GPa,  v=0.3,  7=1 .7  J/m2  and  <7ys=l  100  Mpa  for  the  super¬ 
alloy  into  Eqs.  (1)  and  (2)  gives  a  predicted  threshold  AK 
value  of  2.3  MPaVm  at  R=QJ,  which  is  clearly  too  low. 

Weertman’s  analysis  [23]  of  intrinsic  thresholds  con¬ 
sisted  of  modifying  limiting  conditions  for  emission  of 
a  dislocation  from  an  atomically  sharp  Griffith  crack. 
The  Weertman  intrinsic  threshold  is  given  by 


A*,*=2g 


2yE 

1-v2 


1/2 


(3) 


where  E  is  the  Young’s  modulus,  y  is  the  true  surface 
energy  of  the  solid  and  v  is  Poisson’s  ratio.  The  mod¬ 
ifying  parameter  g  describes  the  degree  of  ductility  (and 
varies  from  0.6  to  1.0,  with  the  latter  representing  the 
perfectly  brittle  case)  and  is  a  function  of  the  ratio  of 
the  theoretical  tensile  strength  to  the  theoretical  shear 
strength.  Using  this  approach  with  reasonable  values  for 
the  material  parameters,  the  intrinsic  threshold  for  KM4 
was  predicted  to  be  around  1.7  MPaVm.  Again,  this 
value  is  too  low. 

Finally,  Lin  and  Fine  [24]  suggested  a  relation  for 
intrinsic  threshold,  which  involved  activation  of  a  source 


identified  by  dislocation  cell  wall  at  a  distance  from  the 
crack  tip,  given  by 


AKth=mpb 


(4) 


where  p  is  the  shear  modulus,  m  is  the  average  orien¬ 
tation  factor  which  varies  between  2  and  3  for  random 
polycrystals,  d  is  the  dislocation  cell  size  and  b  is  the 
Burgers  vector.  This  model  predicts  an  intrinsic  thres¬ 
hold  value  of  -1  MPaVm  for  KM4  and  is  again  an  under¬ 
estimate. 

The  predicted  intrinsic  thresholds  are  given  for  all 
three  models  in  comparison  with  the  data  in  Table  3.  It 
is  clearly  seen  that  the  models  under-predict  the  actual 
fatigue  threshold.  Further,  the  same  trend  was  found  in 
the  other  report  on  the  Ti-6— 4  alloy  [3]  and  potential 
reasons  for  the  discrepancies  between  measured  and  pre¬ 
dicted  values  are  discussed  in  that  paper.  It  is  clear  that 
this  is  a  fruitful  area  for  further  research. 


5.  Summary 

KM4,  a  new  generation  powder  metallurgy  turbine 
disk  alloy,  behaved  in  a  similar  fashion  to  other  alloys 
in  its  class.  It  exhibited  a  grain  size  effect  on  FCP  rates 
and  thresholds,  such  that  finer  grain  sizes  led  to  lower 
thresholds  and  higher  FCP  rates.  Further,  increasing  R- 
ratios  resulted  in  decreasing  thresholds.  Fractographic 
observations  were  consistent  with  similar  alloys,  in  that 
faceted  fracture  associated  with  crystallographic  slip 
planes  was  observed  at  low  AK  levels,  and  facet  size 
scaled  with  grain  size.  The  measured  thresholds  at  10“ 10 
m/cycle  corresponded  to  essentially  infinite  lifetimes,  as 
very  small  decreases  in  A K  from  the  threshold  values 
resulted  in  complete  crack  arrest,  and  led  to  difficulty  in 
re-starting  the  crack  growth  at  higher  A K  levels.  Existing 
threshold  models  predicted  threshold  A K  values  that 
were  substantially  different  from  those  observed  exper¬ 
imentally. 

The  two  main  contributions  of  this  research  are  dem¬ 
onstrating  that: 

•  The  trends  in  thresholds,  grain  size  effects,  and  R- 
ratio  effects  in  this  polycrystalline  nickel-base  super¬ 
alloy  at  room  temperature  were  the  same  at  1000  Hz 


Table  3 

Predicted  intrinsic  threshold  values 


Model 

A tflh,  MPaVm 

Sadananda  and  Shahinian  [20] 

2.3  (R= 0.7) 

Weertman  [21] 

1.7 

Lin  and  Fine  [22] 

I 
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as  they  were  in  studies  by  previous  investigators  con- 
ducted  on  similar  alloys,  mainly  at  50  Hz; 

•  Crack  growth  rates  as  a  function  of  A K  for  the  alloy 
studied  here  were  the  same  at  50  Hz  and  at  1000  Hz 
in  the  Paris  regime. 

These  two  results,  taken  with  the  results  on  the  titanium 
alloy  in  the  parallel  study,  make  it  clear  that  there  is  no 
effect  of  frequency  on  fatigue  crack  propagation 
behavior  of  polycrystalline  nickel-base  superalloys 
between  50  and  1000  Hz  at  room  temperature. 
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Deformation  and  Strength  Behavior  of  Two  Nickel-Base 
Turbine  Disk  Alloys  at  650  °C 

SHUBHAYU  SINHAROY,  PAULINE  VIRRO-NIC,  and  WALTER  W.  MILLIGAN 

Two  powder  metallurgy  nickel-base  turbine  disk  alloys,  RENE’ 95*  and  KM4,  were  studied  for 

*RENE’95  is  a  trademark  of  General  Electric  Company,  Fairfield,  CT. 

strength  and  deformation  behavior  at  650  °C.  Two  classes  of  microstructures  were  investigated: 
unimodal  size  distributions  of  y'  precipitates  with  particle  sizes  ranging  from  0.1  to  0.7  /zm  and 
commercially  heat-treated  structures  with  bimodal  or  trimodal  size  distributions  of  y'  precipitates. 
The  strength  and  deformation  mechanisms  were  heavily  influenced  by  the  microstructure.  In  both 
alloys,  deformation  during  compression  tests  consisted  of  a  combination  of  a/2(l  10)  antiphase  bound¬ 
ary  (APB)-connected  dislocation  pairs  and  a/3(l  12)  partials  creating  superlattice  intrinsic  stacking 
faults  (SISFs).  In  unimodal  alloys,  the  fault  density  increased  with  decreasing  particle  size  and 
decreasing  strain  rate.  These  trends,  observed  in  compression  testing,  are  consistent  with  earlier  studies 
of  similar  alloys,  which  were  tested  in  creep.  As  the  y'  size  was  reduced,  the  nature  of  the  faults 
changed  from  being  isolated  within  single  precipitates  to  being  extended  across  entire  grains.  Commer¬ 
cially  heat-treated  alloys,  containing  a  bimodal  distribution  of  y'  particles,  exhibited  significantly 
more  faulting  than  unimodal  alloys  at  the  same  cooling  y'  size.  This  augmentation  of  the  faulting  in 
commercial  alloys  was  apparently  due  to  the  presence  of  the  fine,  aging  y'  particles.  The  two  typical 
commercial  heat  treatments  (supersolvus  and  subsolvus)  resulted  in  different  deformation  structures: 
the  subsolvus  behavior  was  similar  to  that  of  unimodal  alloys  with  y'  sizes  between  0.2  and  0.35 
yum,  while  the  supersolvus  deformation  was  similar  to  that  of  unimodal  alloys  with  the  0.1  /zm  y' 
size.  These  differences  were  attributed  to  differences  in  the  size  of  the  fine,  aging  y'  particles. 
Creep  deformation  in  a  commercially  heat-treated  material  at  650  °C  occurred  solely  by  SISF-related 
mechanisms,  resulting  in  a  macroscopic  slip  vector  of  (112).  The  effects  of  alloy  chemistry,  APB 
energy,  and  microstructure  on  the  deformation  and  mechanical  behavior  are  discussed  in  detail,  and 
possible  effects  of  the  faulting  mechanisms  on  the  mechanical  behavior  are  explored.  Finally,  models 
for  yield  strength  as  a  function  of  microstructure  for  bimodal  alloys  with  large  volume  fractions  of 
precipitates  are  found  to  be  in  need  of  development. 


I.  INTRODUCTION 

NlCKEL-BASE  alloys  are  subjected  to  severe 
operating  conditions  in  commercial  and  military  gas  turbine 
engine  disks.  In  recent  years,  a  damage-tolerant  design  phi¬ 
losophy  has  emerged,  which  uses  fracture-mechanics  con¬ 
cepts  to  predict  crack  growth  rates  and  guide  engine 
inspection  schedules.  Crack  propagation  due  to  creep 
fatigue,  accentuated  by  environmental  embrittlement  due  to 
oxygen,  has  been  identified  as  a  major  concern  in  turbine 
disks.  KM4,  an  alloy  which  was  patented  by  General  Electric 
(GE)  in  1992,111  is  a  material  which  was  specifically  designed 
to  optimize  hold-time  crack  growth  rates  in  turbine  disk 
applications.  In  this  article,  fundamental  deformation  mecha¬ 
nisms  which  occur  at  650  °C  in  KM4  and  RENE’ 95  (a  first- 
generation  powder  metallurgy  disk  alloy)  are  presented  and 
discussed.  (RENE’95  will  be  abbreviated  as  R95  in  the 
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remainder  of  this  article.)  Both  alloys  are  prepared  by  powder 
processing,  followed  by  extrusion  and  forging,  and  both 
contain  approximately  55  pet  of  the  strengthening  y '  precipi¬ 
tates.121  Typical  alloy  compositions  for  the  two  materials  are 
given  in  Table  I. 

The  microstructures  that  develop  during  commercial  heat 
treatments  in  large  components,  such  as  turbine  disks,  typi¬ 
cally  contain  a  bimodal  y'  size  distribution.  Large  y'  parti¬ 
cles,  varying  in  diameter  from  0.2  to  0.5  /mi,  form  on  cooling 
from  the  solutionizing  temperature;  finer  y '  particles,  typi¬ 
cally  less  than  0.1  fim  in  diameter,  form  upon  aging  or 
cooling  from  the  aging  treatment.  In  order  to  determine 
fundamental  deformation  mechanisms  in  these  alloys  as  a 
function  of  y'  size  via  transmission  electron  microscopy 
(TEM),  heat-treatment  schedules  were  designed  to  produce 
a  monosized  (unimodal)  y '  particle  distribution  in  KM4  and 
R95.  The  heat  treatments  produced  an  equilibrium  volume 
fraction  of  yr  particles  with  a  unimodal  size  distribution, 
with  average  sizes  ranging  from  0.1  to  0.7  /mi.  Commercial 
heat  treatments  were  also  studied  for  KM4.  In  addition  to 
microstructural  effects,  two  strain  rates  were  investigated, 
to  better  understand  the  deformation  obtained  in  the  plastic 
zone  ahead  of  a  crack  under  creep  conditions.  Finally,  a 
specimen  that  had  been  subjected  to  creep  testing  at  650  °C 
was  studied. 
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Table  I.  Topical  Alloy  Compositions  (Weight  Percent) 


Element 

KM4 

R95 

Co 

18 

8 

Cr 

12 

13 

Mo 

4 

3.5 

A1 

4 

3.5 

Ti 

4 

2.5 

Nb 

2 

3.5 

W 

0 

3.5 

B 

0.03 

0.01 

C 

0.03 

0.06 

Zr 

0.03 

0.05 

Ni 

balance 

balance 

II.  EXPERIMENTAL  PROCEDURES 

The  R95  and  KM4  slabs  were  received  from  GE  Aircraft 
Engines  (Evendale,  Ohio).  The  slabs  had  been  fabricated  by 
a  combination  of  powder  processing  and  hot  working,  by 
proprietary  processes.  One  of  the  KM4  slabs  received  a 
solutionizing  treatment  at  1 140  °C  (referred  to  as  the  subsol- 
vus  treatment),  which  is  below  the  y '  solvus  temperature 
of  1170  °C.  The  other  KM4  slab  and  the  R95  slab  were 
solutionized  at  1 180  °C  (referred  to  as  the  supersolvus  treat¬ 
ment).  The  KM4  slab  that  was  creep  tested  received  a 
supersolvus  treatment. 

In  order  to  study  the  deformation  behavior  of  unimodal 
alloys,  cylindrical  rods  approximately  15  mm  in  diameter 
were  machined  from  the  slabs.  The  specimens  were  solu¬ 
tionized  in  air  at  1 1 80  °C  for  30  minutes,  followed  by  quench¬ 
ing  in  air,  water,  oil,  or  a  high-temperature  salt  bath  at 
temperatures  between  500  °C  and  850  °C.  The  quenched 
specimens  were  aged  at  870  °C  or  980  °C  for  times  from 
15  minutes  to  500  hours.  Commercial  microstructures  in 
KM4  were  produced  by  GE  using  proprietaiy  processes. 
These  consist  of  a  partial  or  complete  solutionizing  step, 
followed  by  rapid  controlled  cooling  and  a  double  aging 
treatment. 

Cylindrical  tension  specimens  were  machined  from  the 
heat-treated  cylinders  and  the  as-received  slabs.  It  was  found 
that  quench  cracks  were  present  in  some  heat-treated  speci¬ 
mens  (especially  the  R95),  and  so  specimens  broke  either 
in  machining  or  during  initial  loading  in  tension  tests.  There¬ 
fore,  mechanical  testing  was  conducted  under  compression 
on  cylindrical  specimens  which  were  6  mm  in  diameter  and 
approximately  10  mm  in  height  Identical  specimens  were 
also  made  from  the  heat-treated  KM4  slabs.  Specimens  were 
induction  heated  to  650  °C,  using  nickel-base  superalloy 
loading  platens  which  were  also  heated  by  the  induction 
coil.  The  temperature  was  measured  and  controlled  with  a 
thermocouple  which  was  welded  directly  on  the  surface  of 
the  compression  specimen,  at  the  midpoint  of  the  specimen 
height.  Temperature  gradients  were  measured  by  scanning 
the  surface  with  a  radiation  pyrometer,  and  the  induction 
coil  was  adjusted  until  the  temperature  was  within  10  °C  of 
650  °C  along  the  entire  length  of  the  specimen.  Strain  was 
measured  by  a  high-temperature  extensometer,  with  quartz 
rods  attached  to  the  superalloy  loading  platens,  in  close 
proximity  to  the  platen/specimen  interface.  Loading  was 
accomplished  in  a  servohydraulic  testing  machine,  in  dis¬ 
placement  control,  at  displacement  rates  that  corresponded 
to  strain  rates  of  approximately  10“3  and  10~5  s-1.  The 


“fast”  tests  lasted  approximately  1  minute,  while  the  “slow” 
tests  were  completed  after  approximately  90  minutes  and, 
therefore,  contained  a  component  of  “creep”  loading.  Tests 
were  interrupted  for  deformation  studies  after  between  2  and 
5  pet  plastic  strain.  For  the  unimodal  alloys,  one  test  was 
conducted  for  each  combination  of  y'  size  and  strain  rate 
for  R95,  and  two  to  four  tests  were  conducted  for  KM4. 
One  test  was  also  conducted  for  each  combination  of  com¬ 
mercial  heat  treatment  (sub/supersolvus)  and  strain  rate  on 
the  KM4  slab. 

The  grain  size  was  characterized  by  optical  and  scanning 
electron  microscopy,  after  etching  in  a  solution  of  33  pet 
acetic  acid,  33  pet  nitric  acid,  33  pet  water,  and  1  pet  hydro¬ 
fluoric  acid.  Disks  of  3  mm  in  diameter  for  TEM  studies 
were  obtained  by  electrical  discharge  machining  of  rods 
from  the  middle  of  the  compression  specimens  and  then 
slicing  them  into  disks  of  400  fim  in  thickness  with  a  water- 
cooled  wafering  saw.  The  disks  were  obtained  from  the 
mid-height  positions  of  the  compression  and  creep-tested 
specimens,  where  the  loading  was  uniaxial  and  the  tempera¬ 
ture  was  very  close  to  650  °C.  Thin  foils  were  prepared  for 
TEM  by  twin-jet  electropolishing  in  a  solution  of  10  pet 
perchloric  acid  and  35  pet  butyl  cellusolve  in  ethanol,  at 
-20  °C  and  30  to  40  V.  Precipitate  sizes  were  measured  by 
TEM  and  also  by  scanning  eletron  microscopy  (SEM)  at 
the  larger  particle  sizes.  Several  hundred  precipitates  were 
measured  at  each  heat-treatment  condition  to  determine  aver¬ 
age  yr  sizes.  In  the  case  of  cuboidal  precipitates  (which  are 
oriented  along  (001)  directions  and  which  have  sizes  above 
about  0.2  fim),  sizes  were  measured  with  TEM  micrographs 
using  (001)  beam  directions,  so  the  sizes  measured  have 
little  error.  In  the  case  of  spherical  precipitates,  the  particle 
diameter  was  measured.  No  correction  was  made  for  finite 
foil  thickness.  Because  the  matrix  always  thins  at  a  higher 
rate  than  the  precipitate  in  these  alloys,  the  fine  yf  (less 
than  0.07  ft m)  which  is  contained  in  the  matrix  is  rarely 
truncated,  and,  therefore,  the  measurements  of  average  parti¬ 
cle  diameter  should  be  quite  precise.  Precipitate  sizes  around 
0.1  ft m,  which  is  close  to  the  foil  thickness,  might  have 
some  error  due  to  the  assumption  of  a  planar  section. 

Deformation  structures  were  characterized  by  standard 
two-beam  and  weak-beam  TEM  techniques.  One  KM4  creep 
specimen  (with  a  commercial  microstructure),  which  was 
tested  by  GE  Aircraft  Engines  at  650  °C  and  800  MPa,  was 
also  studied  via  TEM. 

III.  RESULTS:  MICROSTRUCTURES 

A.  KM4  and  R95  with  Unimodal  Size  Distributions  of 
yr  Particles 

The  goal  of  the  heat  treatment  was  to  develop  monosized 
yf  particles,  with  sizes  varying  between  0.1  and  0.7  fim. 
These  structures  would  encompass  the  yf  sizes  found  in 
commercial  heat  treatments,  in  which  bimodal  distributions 
are  typically  encountered,  with  primary  y '  particles  between 
0.1  and  0.5  fim  and  fine  yf  particles  below  0.1  fi m. 

Rods,  15  mm  in  diameter,  were  solutionized  at  1180  °C 
and  quenched  in  several  quenching  media.  Air  cooling,  a 
forced  air  quench,  oil  quenching,  water  quenching,  and  high- 
temperature  salt  bath  quenching  were  all  investigated.  For 
R95,  only  water  quenching  was  successful;  the  salt  bath 
resulted  in  catastrophic  quench  cracks,  while  the  air,  forced 
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gas,  and  oil  resulted  in  bimodal  y'  distributions.  For  KM4, 
both  water  and  oil  were  successful.  The  as-quenched  y' 
sizes  for  both  alloys  were  between  0.08  and  0.10  jam.  The 
yf  particle  sizes  reported  in  this  article  correspond  to  diame¬ 
ters  of  spherical  particles,  or  cube-edge  lengths  for  cuboidal 
particles.  Grain  sizes  for  the  unimodal  alloys  were  approxi¬ 
mately  55  jam. 

Aging  was  conducted  at  980  °C,  for  times  up  to  500 
hours.  Particle  sizes  of  y'  ranging  from  0.1  to  0.7  jam 
were  obtained,  and  both  alloys  coarsened  at  similar  rates.  A 
reasonably  unimodal  size  distribution  was  maintained  during 
aging.  Particle  shapes  were  cuboidal  at  particle  sizes  of  0.2 
jam  and  up  and  were  spherical  at  particle  sizes  of  0.1  jam 
and  below.  This  was  the  case  for  both  alloys,  in  the  unimodal 
condition  and  in  the  commercially  heat-treated  condition. 

Average  particle  sizes  that  develop  during  diffusion-con¬ 
trolled  coarsening  are  expected  to  follow  a  relationship  of 
the  form 

rn  -  rg  =  at  [1] 

where  r  is  the  particle  size,  r0  is  the  initial  size,  t  is  the  time, 
a  is  a  constant,  and  the  exponent,  «,  is  equal  to  3  if  classical 
Lifshitz-Slyozov-Wagner  coarsening  kinetics13’4,51  are 
obeyed.  Previous  studies*5,6,71  of  coarsening  in  nickel-base 
alloys  with  large  y'  volume  fractions  have  demonstrated 
that  Eq.  [1],  with  an  exponent  of  3,  describes  the  behavior 
quite  well,  as  long  as  coherency  is  maintained  and  the  parti¬ 
cles  do  not  adopt  a  plate  shape  during  aging.*61  A  least- 
squares  analysis  of  the  980  °C  aging  data  using  Eq.  [1] 
resulted  in  a  good  fit,  with  an  exponent  of  3.7,  which  is 
reasonably  close  to  the  classical  value  and  that  of  earlier 
studies. 

The  mechanical  properties  of  unimodal  alloys  were  stud¬ 
ied  at  four  nominal,  average  precipitate  sizes:  0.1,  0.2,  0.35, 
and  0.7  jam.  Standard  deviations  were  measured  on  average 
particle  sizes  and  were  found  to  be  as  follows:  0.02,  0.05, 
0.06,  and  0.16  jam ,  in  order  of  increasing  y'  size  from  0.1 
to  0.7  jam. 

B.  KM4  with  Commercial  Heat  Treatment 

Commercial  heat  treatments  of  turbine  disk  materials 
result  in  bimodal  or  trimodal  particle-size  distributions.  A 
subsolvus  heat  treatment  is  typically  used  if  the  designer 
desires  a  fine  grain  size  and  the  maximum  strength.  In  this 
case,  the  material  is  partially  solutionized  just  below  the 
y'  solvus  temperature,  resulting  in  some  undissolved  y' 
particles  that  coarsen,  remain  on  the  grain  boundaries,  and 
limit  grain  growth.  This  “primary”  y'  is  visible  in  the  optical 
micrograph  of  Figure  I.  The  subsolvus  treatment  resulted 
in  a  grain  size  of  about  6  ja m,  and  the  primary  y'  particles 
are  seen  as  the  large  white  precipitates  which  form  a  necklace 
structure  and  delineate  the  grain  boundaries.  If  the  material 
is  subjected  to  a  supersolvus  heat  treatment,  which  is  a 
complete  solutionizing  treatment  above  the  yf  solvus,  the 
primary  yf  dissolves,  and  the  grains  coarsen  substantially. 
Figure  2  shows  optical  microstructures  of  the  supersolvus 
heat  treatment,  including  the  lack  of  primary  y'  particles 
and  the  larger  grain  size  of  about  55  jam .  At  a  finer  length 
scale,  both  subsolvus  and  supersolvus  heat  treatments  result 
in  a  bimodal  particle-size  distribution  inside  the  grains,  as 
shown  in  the  TEM  micrograph  in  Figure  3.  The  larger  parti¬ 
cles  are  referred  to  as  “cooling”  y'  and  form  upon  cooling 


Fig.  1 — Optical  micrograph  of  subsolvus  treated  KM4,  showing  fine  grain 
size  and  large,  primary  yf  precipitates,  which  did  not  dissolve  during 
incomplete  solution  treatment. 


Fig.  2 — Optical  micrograph  of  supersolvus  treated  KM4,  showing  coarser 
grain  size  and  lack  of  primary  y’  precipitates. 


Fig.  3 — Bright-field  TEM  micrograph  of  precipitate  structure  inside  the 
grains,  supersolvus  heat  treatment,  showing  bimodal  y*  size  distribution, 
g  «  <1I1>. 
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Table  II.  Microstructures  in  KM4  (Commercial  Heat  TVeatment) 


Primary  y' 

Cooling  y 

Aging  y' 

Size 

(/u.m) 

f 

Size 

(/im) 

Standard 
Deviation  (/mi) 

/ 

Size 

(Mm) 

Standard 
Deviation  (/tm) 

/ 

Total/ 

Supersolvus  — 

Subsolvus  ~2 

0.11* 

0.36 

0.29 

0.19 

0.14 

0.45* 

0.35* 

0.04 

0.07 

0.03 

0.05 

0.10** 

0.09** 

0.55 

0.55 

*  Measured  by  quantitative  stereology. 

**  Obtained  by  subtracting  measured /s  from  total/.  Total /of  0.55 

was  determined  to  a  high  degree  of  precision  by  another  group.121 

from  the  solutionizing  treatment.  The  smaller  particles  are 
referred  to  as  “aging’’  y9  and  form  either  during  the  aging 
treatment  or  upon  cooling  from  one  of  the  aging  steps. 
Therefore,  subsolvus  materials  have  a  trimodal  size  distribu¬ 
tion  (primary  y '  on  the  grain  boundaries,  and  cooling  and 
aging  y'  inside  the  grains),  while  supersolvus  materials  have 
a  bimodal  size  distribution  (cooling  and  aging  y ' 
throughout). 

Quantitative  analysis  of  the  different  y'  particle  distribu¬ 
tions  was  performed  via  TEM  and  SEM,  and  the  results 
for  average  particle  sizes  and  volume  fractions,  as  well  as 
standard  deviations  of  average  particle  sizes,  are  given  in 
Table  II.  Aging  y'  volume  fractions  are  approximately  con¬ 
stant  at  about  0.10  for  both  treatments,  although  the  size  of 
the  aging  yf  particles  was  larger  for  the  subsolvus  material. 
Conversely,  the  supersolvus  material  had  substantially  more 
cooling  y9  (45  vs  35  pet),  and  the  size  of  the  cooling  y9 
particles  was  larger  for  the  supersolvus  material  (0.36  vs 
0.29  /mi).  Finally,  as  already  discussed,  only  the  subsolvus 
heat  treatment  results  in  primary  y',  at  a  size  of  about  2  /mi 
and  a  volume  fraction  of  0.1 1.  Fine  carbides  were  observed 
occasionally  in  both  microstructures,  as  well  as  in  the  uni- 
modal  heat  treatments. 

IV.  RESULTS:  YIELD  STRENGTHS 

Compression  tests  were  conducted  to  between  2  and  5 
pet  plastic  strain  at  650  °C  on  R95  specimens  that  had  been 
water  quenched  and  aged,  on  KM4  specimens  that  had  been 
oil  quenched  and  aged,  and  on  the  commercially  treated 
KM4  specimens.  The  unimodal  R95  and  KM4  specimens 
aged  for  8  hours  or  longer  at  980  °C  had  virtually  identical 
average  y9  sizes  of  approximately  0.2,  0.35,  and  0.70  /tm. 
For  the  smallest  y9  size  of  0.1  /mi,  the  R95  was  aged  at 
870  °C  for  8  hours,  while  the  KM4  specimen  was  aged  for 
15  minutes  at  980  °C.  Tests  were  conducted  in  displacement 
control.  Average  strain  rates  calculated  from  the  displace¬ 
ment  rates  and  the  specimen  heights  were  approximately 
10“3  s_1  (designated /as*  in  the  remainder  of  this  article) 
and  10"5  s“*  (designated  slow). 

The  yield  strengths  (0.2  pet  offset)  are  reported  in  Tables 
III  (unimodal  distributions)  and  IV  (commercial  heat  treat¬ 
ments.)  Average  values  are  plotted  as  a  function  of  cooling 
y  size  in  Figure  4.  The  following  conclusions  can  be  drawn 
from  these  tables  and  figures. 

(1)  For  unimodal  y9  microstructures,  the  R95  was  stronger 
than  the  KM4  at  all  conditions  tested,  and  both  alloys 
were  stronger  at  finer  y9  sizes. 

(2)  The  commercial  KM4  alloys  were,  however,  substan¬ 
tially  stronger  than  unimodal  R95  at  equivalent  cooling 


Table  III.  Yield  Strengths  of  Unimodal  R95  and  KM4  at 
650  °C 


Yield  Strength  (0.2  Pet  Offset),  MPa 

10  3s 

-i 

10~V 

-* 

y  Size,  /t m 

KM4 

R95 

KM4 

R95 

0.1 

970* 

1250** 

1040* 

1290** 

0.22  (R95) 

0.20  (KM4) 

840f 

970** 

850* 

1020** 

0.33  (R95) 

0.36  (KM4) 

740t 

880** 

750* 

870** 

0.7  (R95) 

0.68  (KM4) 

610** 

790** 

650* 

890** 

*  Average  of  two  tests. 
**One  test  result. 
tAverage  of  three  tests. 


Table  IV.  Yield  Strengths  of  KM4  at  650  °C  (Commercial 
Heat  IVeatments) 


Yield  Strength  (0.2  Pet 
Offset),  MPa 

_ y  Size,  /tm _ lO^s"1 _ 10~5sl 

Supersolvus 

0.36  (cooling  y') 

0.04  (aging  y') 

Subsolvus 

0.29  (cooling  yf) 

0.07  (aging  y') 

*  Average  of  two  tests. 

**One  test  result. 


y  sizes.  Among  the  commercial  alloys,  the  subsolvus 
treatment  resulted  in  the  highest  strength. 

(3)  Finally,  it  is  also  evident  that  the  strength  exhibited  a 
negative  strain-rate  sensitivity,  as  the  slower  strain  rates 
resulted  in  slightly  higher  strengths  for  nine  out  of  the 
ten  cases  listed  in  Tables  III  and  IV. 

While  the  general  trends  in  strength  are  self-consistent 
and  consistent  with  literature  results  on  similar  alloys,  and 
while  there  was  not  a  large  amount  of  scatter  in  the  duplicate 
and  triplicate  tests  that  were  conducted,  it  should  be  men¬ 
tioned  that  small  numbers  of  tests  were  generally  conducted 
(one  to  three  at  each  condition).  Because  of  this,  the  degree 
of  statistical  confidence  in  the  average  strengths  reported 
here  could  be  better. 


960*  1050** 

1080*  1160** 
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Fig.  4 — Average  yield  strengths  (0.2  pet  offset)  at  various  cooling  y'  sizes 
and  strain  rates. 


Fig.  5 — Bright-field  TEM  micrograph  of  compression  deformation  in  uni- 
modal  R95  with  0.7  fim  y*  size.  Deformation  is  solely  by  a! 2(1 10)  pairs, 
seen  most  often  pressed  into  precipitate  interface.  Fast  test,  ep  =  3.8  pet, 
and  g  =  (200). 


V.  RESULTS:  DEFORMATION  BEHAVIOR 

A.  General  Observations 

The  TEM  foils  were  prepared  and  studied  from  compres¬ 
sion  specimens  at  each  yl 2 3 4 5  size  and  strain-rate  tested,  for 
both  the  unimodal  alloys  and  commercially  treated  alloys. 
The  TEM  foils  from  the  creep-tested  commercial  KM4  spec¬ 
imen  were  also  studied.  The  compression  specimens  which 
were  examined  had  been  subjected  to  2  to  5  pet  plastic  strain 
at  650  °C.  This  section  outlines  the  major  trends  that  were 
observed,  and  details  are  provided  in  subsequent  sections.  In 
general,  the  following  trends  were  observed  in  the  unimodal 
KM4  and  R95  alloys  deformed  in  compression: 

(1)  The  initial  defect  density  was  extremely  low.  While  it 
was  not  quantified,  less  than  ten  dislocations  (and  an 
occasional  isolated  stacking  fault)  were  typically 
observed  in  an  entire  foil  of  an  as-heat-treated  material. 

(2)  At  the  largest  yr  size  of  0.7  /xm,  y'  shearing  by 
a! 2(110)  dislocation  pairs  was  the  only  deformation 
mechanism  observed. 

(3)  At  smaller  yr  sizes,  an  increasing  number  of  superlattice 
intrinsic  stacking  faults  (SISFs)  were  present  after  defor¬ 
mation.  The  density  of  faults  increased  as  the  y*  size 
decreased  and  as  the  strain  rate  decreased.  These  faults 
coexisted  with  a/2(110)  pairs. 

(4)  The  SISFs  observed  at  the  0.2  and  0.35  /xm  y'  sizes  were 
generally  confined  to  individual  cooling  yf  precipitates, 
while  those  observed  at  the  0.1  jx m  y '  size  extended 
long  distances  through  both  the  matrix  and  the  precipi¬ 
tates  and  often  across  entire  grains. 

(5)  The  density  of  SISFs  was  significantly  higher  in  R95 
than  in  KM4  at  equivalent  particle  sizes. 

The  following  observations  were  made  in  the  case  of  the 
commercially  heat  treated  KM4: 

(1)  All  commercially  treated  compression  specimens  exhib¬ 
ited  both  a/2(110)  pairs  and  SISF  deformation. 

(2)  Subsolvus  compression  specimens  generally  had  a  lower 


density  of  SISFs  than  supersolvus  specimens,  and  the 
SISFs  in  the  subsolvus  specimens  were  confined  to  the 
larger  y*  precipitates;  conversely,  supersolvus  compres¬ 
sion  specimens  (which  contained  a  higher  density  of 
SISFs)  also  contained  many  faults,  which  extended  long 
distances  across  the  matrix  and  precipitates. 

(3)  In  both  microstructures,  the  slower  strain  rate  qualita¬ 
tively  contained  a  higher  density  of  SISFs. 

(4)  For  the  creep-tested  supersolvus  specimen,  extended 
stacking  faults  were  found  to  exist  in  the  matrix,  as  well 
as  to  extend  over  several  yf  particles.  No  evidence  of 
a/2(110)  pair  shearing  was  found. 

These  observations  are  now  discussed  and  supported  in 
detail.  Section  V-B  discusses  unimodal  microstructure 
deformation  behavior,  while  Section  V-C  presents  commer¬ 
cial  microstructure  deformation  mechanisms.  Finally,  Sec¬ 
tion  V-D  includes  a  complete  analysis  of  the  stacking  faults 
(which  were  found  to  be  SISFs,  as  discussed  in  Section  V-D) 
and  the  partial  dislocations  responsible  for  creating  them. 

B.  Unimodal  Microstructures 

Figure  5  shows  a  TEM  micrograph  of  an  R95  specimen 
with  0.7  /xm  yr  particles.  Visible  are  a  large  number  of 
dislocation  pairs  in  the  matrix,  near  the  yly*  interfaces. 
There  are  also  a  few  dislocations  trapped  inside  y*  particles. 
Weak-beam  analysis  of  several  of  these  y' -trapped  disloca¬ 
tions  indicated  that  they  were  antiphase  boundary  (APB) 
pairs.  Other  areas  in  the  foils  exhibited  planar  slip  bands  with 
dislocation  pairs  cutting  the  precipitates,  and  the  structures 
observed  in  R95  and  KM4  were  similar.  Therefore,  it  may 
be  concluded  that  at  the  coarsest  y'  sizes,  both  R95  and 
KM4  deform  by  the  classical  mechanism  involving  planar 
slip  bands  and  APB-coupled  a/ 2(110)  dislocation  pairs. 

Figure  6  is  a  micrograph  of  a  KM4  specimen  with  0.35  /x m 
y*  deformed  at  the  fast  strain  rate.  In  addition  to  interfacially 
trapped  dislocations  and  dislocations  within  the  y\  there 
are  a  number  of  stacking  faults  (analyzed  in  the  next  section) 
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Fig.  6 — Bright-field  TEM  micrograph  of  compressive  deformation  in  uni- 
modal  KM4  with  0.35  fim  y'  size.  Deformation  debris  consists  of  a/2(l  10> 
pairs  as  well  as  isolated  SISFs  in  the  matrix  and  precipitates.  Fast  test, 
ep  -  2  pet,  and  g  =  (200). 


Fig.  7— Bright-field  TEM  micrograph  of  compression  deformation  in  uni- 
modal  R95  with  0.2  pm  y*  size.  o/2(l  10)  pairs  are  present,  but  SISFs  (still 
mostly  confined  to  individual  precipitates)  are  much  more  numerous.  Slow 
test,  ep  —  3.4  pet,  and  g  =  (200). 


visible  in  both  the  y*  and  the  matrix.  Figures  7  and  8  show 
R95  specimens  at  0.2  and  0.1  fim  y'  sizes,  respectively, 
which  contain  an  increasing  density  of  stacking  faults.  It  is 
clear  from  Figures  5  through  8  that  the  fault  density  increased 
substantially  from  the  0.7  to  0.1  /zm  yr  size  range.  Another 
change  which  is  visible  in  the  micrographs  is  that  the  faults 
are  generally  confined  to  individual  y*  particles  or  matrix 
channels  in  the  0.2  to  0.35  jjl m  y'  size  range,  while  the 
faults  extend  across  many  yf  particles  (and  through  the 
intervening  matrix  channels)  at  the  smallest  yr  size  of  0.1 
/xm.  Qualitative  studies  of  a  relatively  large  number  of  foils 
(two  to  three  foils,  for  most  conditions)  indicated  that  the 
fault  densities  were  noticeably  higher  at  the  slower  strain 
rate. 


Fig.  8 — Bright-field  TEM  micrograph  of  compression  deformation  in  uni- 
modal  R95  with  0.1  fx m  y’  size.  High  density  of  SISFs  are  present,  which 
are  no  longer  confined  to  individual  precipitates.  Slow  test,  sp  =  2.5  pet, 
and  g  =  (200). 


Fig.  9— Bright-field  TEM  micrograph  of  compressive  deformation  in 
KM4  subsolvus  material,  showing  unresolved  APB  pairs  as  well  as  SISFs, 
which  are  mostly  confined  to  individual  precipitates.  Slow  test, 
Ep  —  2.1  pet,  and  g  =  (200). 


C.  KM4 — Commercial  Microstructures 

Figure  9  shows  a  bright-field  micrograph  of  a  deformed 
bi modal  subsolvus  KM4  specimen  tested  at  the  slow  strain 
rate.  The  faults  were  confined  mainly  within  the  particles, 
and  dislocation  pairs  were  present  at  the  yffyr  interfaces. 
Few  extended  faults  were  observed  in  this  case,  but  the  SISF 
density  was  qualitatively  higher  than  that  observed  in  the 
unimodal  alloys  at  the  same  primary  y'  size.  Weak-beam 
microscopy  (not  shown)  also  revealed  the  presence  of  APB- 
coupled  dislocation  pairs  inside  the  y'  precipitates. 

Figure  10  shows  a  bright-field  micrograph  of  a  deformed 
bimodal  supersolvus  KM4  specimen.  While  the  photo  is  not 
ideal  due  to  the  rapidly  changing  thickness  in  this  foil,  it 
does  illustrate  a  major  difference  in  deformation  modes 
between  the  subsolvus  and  supersolvus  material.  Figure  10 
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Fig.  10 — Bright-field  TEM  micrograph  of  compression  deformation  in 
KM4  supersolvus  material,  showing  SISFs,  which  are  extended  across 
multiple  precipitates  and  the  matrix.  Fast  test,  ep  =  2.8  pet,  and  g  =  (200). 


Fig.  11 — Bright-field  TEM  micrograph  of  deformation  in  a  supersolvus 
creep  specimen  (800  MPa,  650  °C,  and  sp  <  1  pet).  The  only  deformation 
debris  observed  was  highly  extended  SISFs,  and  no  af 2(1 10)  dislocations 
were  present  anywhere  in  the  foils,  g  =  (111). 


shows  that  the  SISFs  observed  in  the  supersolvus  material 
were  extended,  traversing  many  precipitates  and  the 
intervening  matrix.  This  mode  was  verified  in  another 
supersolvus  foil,  but  was  not  observed  in  subsolvus  foils. 
Therefore,  the  subsolvus  material  deformed  in  a  similar  man¬ 
ner  to  the  unimodal  microstructures  with  y9  sizes  of  0.2  to 
0.35  yum,  while  the  supersolvus  material  behaved  like  the 
unimodal  microstructures  with  a  y9  size  of  0.1  /zm.  This  is 
explored  further  in  Section  VI-C. 

A  supersolvus  creep  specimen,  which  had  been  crept  by 
GE  at  800  MPa  and  650  °C  to  a  strain  of  less  than  1  pet,  was 
also  studied  by  TEM.  Figure  1 1  shows  a  typical  deformation 
structure.  The  only  deformation  debris  found  in  this  speci¬ 
men  was  SISFs,  and  no  a! 2(110)  dislocations  were  present 
in  these  foils.  The  SISFs  are  extended  across  many  precipi¬ 
tates  and  the  intervening  matrix,  similar  to  the  faults  seen 


Fig.  12 — Bright-field  TEM  micrograph  showing  heavy  faulting  mostly 
confined  to  individual  particles,  R95  with  0.2  /*m  y'  size.  Slow  test,  ep 
-  3.4%,  and  g  =  [ill].  The  fault  labeled  “A”  was  analyzed  in  detail 
(Fig.  13). 


in  the  supersolvus  compression  tests.  The  only  difference  is 
that  the  compression  tests  also  contained  a  substantial  num¬ 
ber  of  a/2(110)  dislocations,  in  addition  to  the  SISFs. 

Finally,  in  the  subsolvus  specimens,  the  large,  primary 
y9  particles  observed  in  the  grain  boundaries  did  contain 
substantial  dislocation  debris  after  testing.  The  deformation 
substructures  in  the  primary  yf  were  always  APB-coupled 
pairs  in  planar  bands,  and  no  SISFs  were  observed. 

D.  Analysis  of  the  Stacking  Faults 

As  discussed  previously,  there  were  two  different  classes 
of  stacking  faults  observed  in  this  study.  Faults  that  extended 
across  multiple  precipitates  and  the  intervening  matrix  were 
found  after  compression  testing  in  unimodal  alloys  with  a 
y9  size  of  0.1  jmm  and  after  creep  testing  and  compression 
testing  of  the  supersolvus  KM4.  Isolated  faults,  confined  to 
individual  precipitates  for  the  most  part,  were  found  in  all 
other  conditions  except  at  the  largest  y9  size  (which  con¬ 
tained  no  faults).  It  was  not  possible  to  analyze  the  partial 
dislocations  which  created  the  extended  faults,  since  the 
faults  were  so  large,  and  since  the  leading  and  trailing  partials 
were  never  both  within  the  usable  thin  area  of  a  foil.  Standard 
dark-field  imaging  was  used  on  the  extended  faults,  however, 
and  they  were  found  to  be  always  intrinsic  in  nature,  confirm¬ 
ing  that  they  were  SISFs. 

It  was  possible  to  analyze  the  isolated  faults.  A  detailed 
study  was  conducted  on  an  unimodal  R95  specimen  with  a 
0.2  fim  yf  size  strained  at  the  slow  strain  rate,  which  con¬ 
tained  many  isolated  faults.  Figure  12  shows  the  area  of 
interest,  which  contained  a  number  of  faulted  y9  particles. 
The  marked  fault,  whose  associated  leading  partial  only 
traversed  part  of  a  y9  particle  before  the  mechanical  test 
was  interrupted,  was  studied  by  standard  bright-field,  dark- 
field,  and  weak-beam  techniques.  The  stereographic  projec¬ 
tion  was  determined,  and  ten  different  two-beam  g-vectors 
were  utilized,  not  all  of  which  are  presented  here.  Figures 
13(a)  and  14  show  the  fault  in  dark-field  mode  with  the 
deviation  parameter  (w)  equal  to  0.  The  [111]  g-vector  points 
away  from  the  light  fringe  in  this  imaging  mode,  consistent 
with  a  SISF.183  The  intrinsic  nature  of  the  fault  was  confirmed 
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(a)  g  =  [1 1 1]  CDF,  w  =  0  0.2  [im  (*)  g  =  [220],  WB 


(c)  g  =  [202],  WB  {d)g  =  [022],  WB 


Fig.  13 — ( a )  through  ( d )  Selected  TEM  photos  from  an  analysis  involving  ten  unique  g  vectors  in  the  area  of  Fig.  12.  The  fault  marked  “A”  in  Fig.  12  is 
contained  in  the  precipitate  on  the  left.  CDF  —  centered  dark  field,  and  WB  =  weak  beam  micrograph.  Refer  to  the  text  for  discussion.  In  (c),  pairs  are 
indicated  by  double-arrows. 


a/2[0 11]  pairs 


Fig.  14 — Schematic  diagram  illustrating  the  dislocation  and  fault  arrange¬ 
ment  present  in  Figs.  12  and  13.  Dislocations  labeled  “a”  and  “b”  are  also 
labeled  in  Fig.  13(c),  but  dislocation  “a”  actually  consists  of  a  superpartial 
and  a  Shockley. 

with  dark-field  imaging  under  the  [200]  reflection  as  well. 
Figures  13(b)  through  (d)  show  three  weak-beam  micro¬ 
graphs  in  which  the  fault  is  invisible,  satisfying  g  *  Rf  0 
and  indicating  consistently  that  the  fault  lies  on  the  (111) 
plane.  The  plane  of  the  fault  was  confirmed  by  tilting  experi¬ 
ments.  These  three  reflections  are  included  here  because  the 
lack  of  fault-fringe  contrast  aids  in  the  identification  of 
bounding  partial  dislocations.  _ 

A  single  SISF  is  created  on  (1 1 1)  when  the  y'  is  sheared 
by  an  a/3(l  12)  partial,  formed  by  one  of  the  following  fami¬ 
lies  of  dislocation  reactions: 


|  [101] [121]  +  |  [112] 

[2] 

a[101]  -►  |  [2ll]  +  |  [112] 

[3] 

Four  more  similar  reactions  are  possible  on  this  plane, 
two  each  from  the  (1 11)[01 1]  slip  system  and  the  (1 1 1)[1 10] 
slip  system.  The  leading  partial  is  invisible  in  Figure  13(b), 
for  which  g  =  [220].  Since  g  ■  b  =  0  for  this  condition, 
and  the  fault  created  by  the  dislocation  lies  on  (111),  the 
leading  partial  is  unambiguously  identified  as  (1 1  l)tf/3[l  12]. 
Dislocation  contrast  under  all  other  reflections  verified  this. 
This  indicates  that  the  fault  was  formed  either  by  one  of  the 
two  reactions  given  in  Eqs.  [2]  and  [3]  or  by  one  of  the 
following  two  reactions,  each  of  which  can  yield  an  a! 3[1 12] 
partial  and  an  SISF  on  (111): 


\  [011]  —  |  [211]  +  |  [112] 

[4] 

a[011]^|[T21]  +  2[112] 

[5] 

Identification  of  the  trailing  partial  (and,  therefore,  the 
reaction)  is  not  as  straightforward  as  identifying  the  leading 
partial  and  the  fault  plane.  Difficulties  arise  from  the  “pillow¬ 
shaped”  y  particles  which  result  from  electropolishing  the 
matrix  at  a  slightly  higher  rate  than  the  y'  particles,  as  well 
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as  the  interfacial  elastic  strain  and  the  possibility  that  more 
than  one  dislocation  is  in  close  proximity  to  the  interface. 
For  example,  if  the  y'  is  being  sheared  mainly  by  pairs  of 
APB-coupled  a/2[101]  dislocations,  and  dissociation  of  a 
leading  a/2[101)  superpartial  occurs  suddenly  at  an  interface 
by  the  reaction  given  in  Eq.  [2],  then  two  dislocations  will 
remain  at  the  interface:  the  a/6[121],  which  is  in  the  interface 
and  anchored  to  the  fault,  and  the  trailing  a/2[101]  superpar¬ 
tial,  which  is  in  the  matrix  close  to  the  interface.  A  further 
complication  is  the  presence  of  fault  fringes  under  most  two- 
beam  imaging  conditions. 

Despite  these  difficulties,  the  analysis  was  able  to  identify 
the  reaction  with  a  good  degree  of  certainty.  Close  inspection 
of  Figure  13  reveals  several  features  which  clarify  the  analy¬ 
sis.  First,  there  were  a  number  of  dislocation  pairs  in  the 
matrix,  some  of  which  are  marked  in  Figure  13(c).  g  *  b 
analysis  revealed  that  these  were  a/2[011]  dislocation  pairs 
lying  on  (111),  the  same  plane  as  the  SISF.  Trace  analysis 
revealed  that  the  majority  of  these  were  nearly  pure  screw. 
Figure  13(d)  shows  that  the  projected  line  directions  of  these 
pairs  are  nearly  parallel  to  the  [022]  vector  corresponding 
to  both  g  and  b,  and  tilting  analysis  showed  that  the  projected 
lengths  were  maximized  under  this  reflection  (as  seen  in 
Figure  13(d)),  both  consistent  with  the  screw  nature  of  the 
pairs.  Second,  the  dislocation  arrangements  at  the  interface 
where  the  fault  was  formed  are  slightly  complicated,  but 
consistent  with  the  rest  of  the  structure,  and  with  a  decompo¬ 
sition  of  a  leading  a/2[01 1]  superpartial  by  the  reaction  given 
in  Eq.  [4].  The  dislocation  marked  “a”  in  Figure  13(c)  is 
actually  two  dislocations,  as  can  be  seen  by  close  inspection; 
the  dislocation  marked  “b”  in  Figure  10(c),  which  was  identi¬ 
fied  as  an  a/2[011]  superpartial,  is  on  a  parallel  slip  plane 
(as  can  be  seen  in  the  tilting  from  Figure  13(c)  to  (d))  and  had 
nothing  to  do  with  the  interface  reaction.  This  arrangement 
occurred  as  follows:  a  pair  of  a/2[011]  partials,  similar  to 
those  in  close  proximity  to  the  fault  (marked  in  Figure  1 3(c)), 
encountered  a  yf  particle;  the  leading  partial  decomposed 
by  Eq.  [4]  to  an  a/3[112],  which  sheared  the  y'  and  created 
the  SISF,  as  well  as  an  a/6[121],  which  remained  trapped 
at  the  interface  due  to  the  APB  energy  (APBE);  the  a/6[121] 
(in  the  interface)  and  the  trailing  a/2[011]  (in  the  matrix) 
did  not  shear  the  precipitate  and  were  left  behind  in  close 
proximity  to  each  other.  Figure  14  shows  a  schematic  dia¬ 
gram  of  the  dislocation  arrangement  in  Figures  12  and  13 
and  helps  to  visualize  the  development  of  the  substructure. 
The  g  *  b  analyses  using  the  micrographs  in  Figure  13,  as 
well  as  seven  other  unique  weak-beam  g-vectors,  verified 
the  dislocation  arrangement  sketched  in  Figure  14  to  a  high 
degree  of  confidence.  This  arrangement  is  consistent  with 
many  recent  analyses  conducted  on  similar  alloys  which  had 
been  subjected  to  creep  at  650  °C  to  850  °C.19”161 

It  should  be  pointed  out  that  while  pairs  of  a/2(l  10)  dislo¬ 
cations  were  often  observed  in  association  with  faults,  SISF 
formation  only  requires  a  single  dislocation  to  decompose 
at  the  interface.  Pairs  are  naturally  present  because  the  domi¬ 
nant  slip  mode  is  APB-coupled  a/2(110)  pairs,  even  when 
a  substantial  number  of  faults  are  present. 

VI.  DISCUSSION 

A.  Effects  of  Faulting  on  Mechanical  Behavior 

In  all  cases,  during  compression  testing,  y'  shearing  by 
a! 2(110)  pairs  was  observed.  This  was  the  only  deformation 


mechanism  observed  at  the  largest  unimodal  yr  size  of  0.7 
pm  and  occurred  even  in  the  finest  unimodal  y'  size  of  0.1 
pm.  However,  as  the  y'  size  was  reduced,  an  increasing 
density  of  SISFs  was  observed.  The  presence  of  a  large 
number  of  SISFs  in  a  thin  foil  can  be  misleading,  however, 
in  that  an  extended  fault  is  left  behind  by  the  passage  of  a 
single  partial  dislocation  with  a  slip  offset  of  only  0.2  nm. 
If  the  fault  is  extended,  as  in  the  case  of  the  creep  specimen, 
the  supersolvus  KM4  compression  specimens,  and  the  0.1 
pm  unimodal  y'  sizes,  then  the  slip  vector  will  be  (112) 
for  the  partials  causing  the  faults  and  (110)  for  the  APB 
pairs.  This  is  the  case  because  the  a/2(l  10)  superpartial  that 
decomposed  at  the  interface  recombined  on  exiting  the  y' 
particle  and  left  behind  a  faulted  loop  as  debris.19" 12,141  If 
the  faults  are  confined  to  the  yf  particles,  as  in  the  case  of 
the  subsolvus  alloy  and  the  0.2  to  0.35  pm  unimodal  alloys, 
then  the  slip  vector  will  be  (110). 

The  effects  of  the  faulting  mechanism  on  the  mechanical 
properties  of  high- volume-fraction  superalloys  are  generally 
unknown,  with  the  exception  of  the  primary  creep  of  blade 
alloys  at  about  750  °C.  In  that  case,  it  is  well  established 
that  the  macroscopic  slip  vector  is  (112),  as  observed  by 
lattice  rotations  of  single  crystals.117,181  This  is  consistent 
with  the  present  study  at  650  °C,  where  the  deformation 
mode  after  creep  was  found  to  be  solely  one  that  leaves 
extended  stacking  faults  behind  (Figure  11).  However,  the 
dislocation  reaction  responsible  for  the  (112)  slip  is  still 
uncertain;  Leverant  and  Kear1171  proposed  a  mechanism 
involving  SISF/superlattice  extrinsic  stacking-fault  pairs  and 
a  combination  of  different  a! 2(1 10)  dislocations  at  the  inter¬ 
face,  but,  to  our  knowledge,  this  mechanism  has  never  been 
validated  by  more-recent  researchers.  The  most  likely  reac¬ 
tion,  based  on  this  study  and  others,19"161  seems  to  be  the 
decomposition  of  an  a! 2(1 10)  dislocation  ( via  Eq.  [2]),  which 
does  not  recombine  on  exiting  the  particles.  In  this  case,  the 
net  slip  vector  is  (112)  (consistent  with  the  lattice  rotation 
studies),  and  large  extended  faults  similar  to  those  shown 
in  Figures  8,  10  and  11  should  be  found. 

Additional  effects  of  the  presence  of  the  fault  and  the 
partial  dislocations  which  cause  them  are  likely  to  exist, 
even  when  the  faulting  mechanisms  coexist  with  APB-pair 
deformation.  For  example,  Milligan  and  Antolovich114,191 
proposed  that  the  unique  behavior  of  PWA1480  single  crys¬ 
tals,  which  exhibit  a  20  pet  reduction  in  strength  from  room 
temperature  to  400  °C,  correlated  exactly  with  the  tempera¬ 
ture  dependence  of  an  SISF-based  mechanism.  Even  if  the 
faults  do  not  have  a  large  effect  on  yield  strength,  it  seems 
reasonable  that  the  deformation  debris  seen  in  Figures  6 
through  10  would  have  some  effect  on  strain  hardening  and, 
particularly,  on  cyclic  strain  hardening  and  slip  reversibility 
during  fatigue  deformation.  Such  effects  might  explain  some 
of  the  large  differences  in  the  fatigue  behavior  of  superalloys 
with  similar  microstructures  and  yield  strengths.  This  is  a 
complex  problem  that  deserves  further  attention. 

B.  Influence  of  Microstructure  and  Strain  Rate  on 
Deformation 

It  has  been  demonstrated  here  that  there  were  an  increasing 
number  of  SISFs  in  the  deformation  substructures  (1)  as  the 
y'  size  was  reduced;  (2)  as  the  strain  rate  was  reduced;  and 
(3)  in  bimodal  alloys,  which  contained  very  fine,  aging  y' 
particles.  As  discussed  subsequently,  these  observations  are 
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consistent  with  those  found  for  similar  alloys  in  earlier  stud¬ 
ies.  However,  generally,  these  earlier  studies  were  conducted 
on  creep  specimens;  it  was  somewhat  surprising  to  find  such 
a  high  density  of  SISF  debris  in  these  alloys  after  testing  at 
conventional  strain  rates. 

Concerning  particle  size,  Caron  et  al.  ’s  study11  11  of  particle 
shearing  during  creep  in  CMSX-2  (a  blade  alloy  with  a  high 
volume  fraction  of  y' )  at  760  °C  suggested  that,  for  a  given 
SISF  energy,  shearing  of  particles  by  SISFs  became  more 
common  as  the  particle  size  decreased  and  as  the  particle 
shape  became  more  spherical.  This  is  accordance  with  the 
observations  in  this  study.  Mukherji  et  alSl5]  studied  stack¬ 
ing-fault  formation  in  an  IN738LC  alloy,  which  had  been 
heat  treated  to  give  unimodal  y'  sizes  of  about  0.09  and 
0.4  /mm,  then  subjected  to  mechanical  testing  at  elevated 
temperatures.  At  large  particle  sizes  during  creep,  deforma¬ 
tion  consisted  of  APB  pairs  and  SISFs  which  were  confined 
to  individual  particles.  However,  for  small  particle  sizes, 
deformation  primarily  consisted  of  extended  stacking  faults 
which  spread  through  the  matrix.  These  results  are  quite 
similar  to  those  reported  in  the  current  study.  Bhowal  et 
al.['3]  observed  similar  deformation  in  R95  at  650  °C,  during 
creep  and  stress-rupture  testing.  They  observed  that  speci¬ 
mens  having  small  cooling  y'  sizes  exhibited  planar  slip 
and  extended  stacking  faults,  while  specimens  with  a  large 
y'  size  deformed  by  bowing  and  looping  of  aI2{\  10)  partials. 

In  the  bimodal  alloys  studies  here,  there  was  a  propensity 
to  form  extended  stacking  faults,  which  is  likely  due  to  the 
presence  of  the  fine  y'  in  these  structures.  Quantitative  data 
from  this  study  shows  an  interesting  effect  of  y'  size  in  the 
bimodal  alloys,  which  were  commercially  heat  treated:  the 
supersolvus  specimens  contained  substantially  finer  aging 
y'  than  the  subsolvus  specimens  (40  nm  for  supersolvus  vs 
70  nm  for  subsolvus.  Table  II),  and  this  corresponded  to  a 
change  in  SISF  structure  from  extended  faults  (40  nm  for 
supersolvus.  Figure  10)  to  faults  which  were  contained  inside 
y'  precipitates  (70  nm  for  subsolvus.  Figure  9).  This  is 
completely  consistent  with  the  unimodal  alloys,  which 
underwent  a  transition  from  isolated  faults  inside  precipitates 
to  extended  faults  as  the  y1  decreased.  However,  it  should  be 
noted  that  the  cooling  y'  is  actually  larger  in  the  supersolvus 
material  than  in  the  subsolvus.  Therefore,  in  the  commercial 
alloys  at  least,  it  appears  that  the  fine,  aging  yr  is  more 
important  to  the  nature  of  the  SISFs  produced  than  the  cool¬ 
ing  y\  As  the  aging  y'  size  decreases,  the  propensity  for  the 
a! 2(1 10)  partials  to  recombine  after  exiting  the  precipitates  is 
reduced,  leading  to  macroscopic  (112)  slip  and  extended 
faults.  This  effect  of  the  fine  y'  particles  on  deformation 
mechanisms  merits  further  research. 

Concerning  strain-rate  effects,  the  fault  density  was  found 
to  increase  in  specimens  tested  at  lower  strain  rates,  and  this 
was  more  pronounced  for  the  unimodal  alloys  than  for  the 
bimodal  alloys.  Mukheiji  et  al.[l5]  reported  similar  behavior 
for  unimodal  IN738,  and  most  of  the  studies  in  the  literature 
of  SISFs  were  produced  by  creep  loading.  The  occurrence 
of  such  high  densities  of  SISFs  in  this  study  was,  therefore, 
surprising,  because  of  the  relatively  modest  temperatures 
and  tensile  test-type  strain  rates.  It  is  possible  that  the  disso¬ 
ciation  reaction  in  Eq.  [2]  is  thermally  activated,  thus  facili¬ 
tating  a  higher  density  of  faults  at  slower  strain  rates. 


C.  Strength  of  Commercial  Disk  Alloys 

Due  to  processing  constraints  (section  size  and  quenching 
limitations),  commercial  disk  alloys  have  bimodal  yr  sizes, 
with  cooling  y'  sizes  between  0.1  and  0.5  /zm.  It  is  of 
interest  to  develop  accurate,  predictive  models  of  mechanical 
behavior  as  a  function  of  heat  treatment  and  microstructure 
in  this  critical  range  of  cooling  y'  sizes.  These  models  can 
be  input  into  computational  design  schemes  to  accelerate 
new-material  introduction  and  to  facilitate  the  development 
of  new  alloys.  This  section  presents  a  preliminary  analysis 
of  these  two  alloys  in  the  cooling  yr  size  range  of  interest. 

Inspection  of  Figure  4  and  Tables  III  and  IV  in  the  cooling 
yf  size  range  from  0.1  to  0.5  /zm  reveals  the  following 
trends:  (1)  unimodel  R95  is  about  15  pet  stronger  than  uni¬ 
modal  KM4;  (2)  subsolvus  and  supersolvus  KM4  are  both 
about  25  pet  stronger  than  unimodal  KM4  at  an  equivalent 
cooling  y '  size;  and  (3)  it  appears  that  the  increase  in  strength 
(at  equivalent  cooling  yr  sizes)  due  to  the  commercial  heat 
treatments  is  larger  for  the  subsolvus  heat  treatment  than 
the  supersolvus,  but  further  testing  is  necessary  to  validate 
this  statistically.  Any  useful  model  of  the  yield  strength  will 
have  to  be  consistent  with  these  trends.  An  excellent  review 
of  the  pertinent  issues  is  contained  in  the  monograph  of 
Nembach.*201  Several  groups  have  proposed  strength  models 
for  high-volume-fraction  superalloy s,[2 1-281  and  two  have 
attempted  to  model  bimodal  microstructures.129’301  However, 
the  combination  of  large  volume  fractions  and  biomodal 
distributions  appears  to  remain  a  significant,  unsolved  chal¬ 
lenge.  This  is  complicated  further  by  a  Hall-Petch  effect, 
as  the  subsolvus  and  supersolvus  materials  have  grain  sizes 
which  are  approximately  one  order  of  magnitude  different. 
This  is  a  subject  of  current  research  and  will  not  be  discussed 
further  here.  Still,  models  developed  for  large  volume  frac¬ 
tions  with  unimodal  distributions  lent  some  insight  into  the 
differences  between  R95  and  KM4  and  are  briefly  dis¬ 
cussed  subsequently. 

In  this  article,  it  was  demonstrated  that  although  SISFs 
are  present  in  alloys  with  cooling  y'  sizes  in  the  range  of 
interest,  they  were  always  accompanied  by  APB  pairs 
(except  in  the  case  of  creep  in  commercial  alloys).  Therefore, 
let  us  assume  for  the  case  of  strength  modeling  that  the 
SISFs  might  affect  strain  hardening  and  slip  reversibility  in 
fatigue,  but  that  the  yield  strength  at  650  °C  is  controlled 
by  APB-coupled  a! 2(110)  dislocation  pairs.  This  is  consis¬ 
tent  with  our  observation  that  a/2(110)  dislocations  are  nec¬ 
essary  at  the  y/y'  interface  to  form  SISFs;  their  presence 
requires  that  the  operation  of  an  a/2(l  10)  dislocation  source 
(Le.y  yielding)  must  precede  SISF  formation.  With  this 
assumption,  existing  models  of  strength  can  be  applied  to 
unimodal  KM4  and  R95  at  650  °C. 

It  has  been  proposed*20,22"301  that  a  generalized,  empirical 
superposition  law  is  required  to  accurately  model  superalloy 
strength,  such  that 

r*  =  t*  +  A  Tpk  [6] 

where  ry  is  the  shear  strength  of  the  alloy,  rm  is  the  shear 
strength  of  the  matrix,  A rp  is  the  increase  in  shear  strength 
due  to  the  precipitates,  and  k  is  an  empirical  exponent  that 
varies  between  1  and  2.  At  the  peak  strength  in  unimodal 
alloys  containing  large  volume  fractions  of  yr  precipitates, 
these  types  of  models  postulate  that 
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VII.  CONCLUSIONS 


At  Peak  =  — - — - fmih 

P  b(7 T0)q)mJ  * 


where  T  is  the  APB  energy,  /  is  the  volume  fraction  of 
precipitates,  cor  and  coq  are  statistical  parameters  related  to 
the  particle-size  distributions,  and  ip  is  the  Schwarz-Labusch 
correction  factor  for  large  volume  fractions. 120,221  When  com¬ 
paring  similar  alloys  at  equilibrium  volume  fractions  and 
with  similar  statistical  distributions  of  precipitates,  most  of 
the  terms  in  Eq.  [7]  can  be  grouped  into  one  constant,  c, 
and  Eq.  [6]  becomes 

4  =  <  +  (ay  [8] 

Nitz  and  Nembach1271  determined  that  rm  =  40  MPa  and 
k  =  1.1  at  650  °C  for  NIMONIC  105,*  which  has  a  similar 


♦NIMONIC  105  is  a  trademark  of  INCO  Alloys  International,  INCO, 
Huntington,  WV. 


alloy  composition  and  y'  volume  fraction  as  R95  and  KM4. 
NIMONIC  105  has  a  yield  strength  in  shear  in  excess  of 
300  MPa,  indicating  that  A rp  accounts  for  approximately  90 
pet  of  the  alloy  strength.  Therefore,  the  only  parameter  that 
can  have  a  substantial  effect  on  strength,  keeping  equivalent 
volume  fractions  and  particle  size  distributions,  is  the  APBE 
(O  A  similar  conclusion  can  be  drawn  based  on  the  classical 
Copley-Kear  static  model  of  strength  for  high- volume-frac¬ 
tion  nickel-base  superalloys,1211  which  proposed  that 


_  X  +  (Tm  + 

Ty  2b  hr  2 


[9] 


where  T  is  the  line  tension,  r  is  the  average  particle  radius 
in  the  slip  plane,  and  rm  and  rp  are  the  friction  stresses  of 
the  matrix  and  precipitates.  The  term  in  T  accounts  for  over 
80  pet  of  the  strength,1211  again  implying  that  a  change  in 
the  APBE  from  one  alloy  to  another  with  similar  microstruc¬ 
tures  is  the  only  parameter  that  is  able  to  account  for  substan¬ 
tial  changes  in  yield  strength. 

Unimodal  R95  at  650  °C  is  approximately  15  to  20  pet 
stronger  than  that  of  unimodal  KM4  at  equivalent  precipitate 
size  and  strain  rate.  Assuming  that  the  exponent  k  is  in  the 
range  of  1.1  for  both  KM4  and  R95  (as  was  the  case  for 
NIMONIC  105,  a  similar  alloy),1271  this  implies  that  the 
APBE  of  R95  is  approximately  20  pet  higher  than  that  of 
KM4.  Inspection  of  Table  I  shows  that  the  significant  differ¬ 
ences  between  the  alloys  are  that  KM4  has  more  cobalt  and 
titanium,  but  less  niobium  and  tungsten,  while  the  remaining 
elements  are  similar.  Cobalt  partitions  to  the  matrix  and  has 
little  effect  on  the  APBE.1311  Tungsten,  niobium,  and  titanium 
all  increase  the  APBE. 132,33,341  The  sum  of  W  +  Nb  -f  Ti 
in  R95  is  9.5  pet,  while  it  is  only  6  pet  for  KM4.  Further, 
R95  contains  almost  twice  as  much  Nb  as  KM4,  and  Nb  is 
the  most  potent  APBE  booster  in  the  alloys.133,341 

The  increase  in  APBE  from  KM4  to  R95  is  apparent  not 
only  in  the  higher  strength,  but  also  in  the  deformation 
substructures.  As  discussed  in  Section  V,  R95  contained  a 
significantly  higher  number  of  SISFs  after  deformation  than 
KM4  at  the  same  particle  size.  The  SISFs  become  more 
energetically  favorable  as  the  ratio  of  SISF  energy  to  APB 
energy  decreases,114,351  so  it  is  not  surprising  that  an  increase 
in  APBE  of  20  pet  would  result  in  a  higher  density  of  SISFs, 
as  was  observed. 


Deformation  mechanisms  and  strengths  in  powder  metal¬ 
lurgy  turbine  disk  alloys  are  influenced  significantly  by 
microstructure.  The  main  conclusions  from  this  study  of 
RENE’95  and  KM4,  deformed  at  650  °C,  are  as  follows: 

In  both  alloys,  unimodal  microstructures  tested  in  com¬ 
pression  at  tensile-test  strain  rates  deformed  solely  by  APB 
pairs  at  the  largest  y'  size  of  0.7  fim.  As  the  precipitate  size 
was  reduced,  the  materials  tended  to  deform  by  both  APB 
pairs  and  SISFs,  which  formed  by  the  decomposition  of  an 
0/2(110)  superpartial  in  the  precipitate/matrix  interface.  At 
y'  sizes  of  0.2  to  0.35  jutm,  the  SISFs  were  isolated  within 
single  particles,  while  at  0.1  jl tm,  the  faults  were  widely 
extended  across  entire  grains.  The  fault  density  increased 
with  decreasing  particle  size  and  strain  rate.  These  trends, 
observed  in  compression  testing,  are  consistent  with  earlier 
studies  of  similar  alloys  which  were  tested  in  creep. 

Commercially  heat-treated  alloys,  containing  a  bimodal 
distribution  of  y'  particles,  exhibited  significantly  more 
faulting  than  unimodal  alloys  at  the  same  cooling  yf  size. 
This  augmentation  of  the  faulting  is  due  to  the  presence  of 
the  fine  y'  particles.  The  supersolvus  heat-treated  material, 
which  contained  the  finest  aging  y'  particles,  contained  a 
higher  density  of  faults  than  either  the  subsol  vus  or  unimodal 
material.  Further,  faults  were  typically  extended  in  the 
supersolvus  material  and  were  confined  to  single  particles 
in  the  subsolvus  material,  implying  that  the  aging  y'  precipi¬ 
tates  had  an  influence  on  the  partials  as  they  exited  the 
precipitates. 

The  presence  of  these  faults  on  mechanical  behavior  is 
unknown.  They  probably  do  not  have  a  large  affect  on  yield 
strength,  but  it  seems  reasonable  that  they  would  affect  strain 
hardening,  cyclic  strain  hardening,  slip  planarity,  slip  revers¬ 
ibility,  and,  therefore,  fatigue  performance. 

R95  was  stronger  than  KM4  in  all  conditions  tested,  and 
this  corresponded  to  a  higher  APBE  in  the  case  of  R95.  This 
increase  in  APBE  was  accompanied  by  an  increase  in  SISF 
density  after  deformation,  compared  to  KM4  at  equivalent 
precipitate  sizes.  Commercial  heat  treatments,  which 
resulted  in  bimodal  y'  size  distributions,  were  substantially 
stronger  than  unimodal  alloys  at  an  equivalent  yr  size.  No 
model  of  strength  in  bimodal  particle  distributions  at  high 
volume  fractions  was  found  to  be  suitable  for  these  materials. 

Supersolvus  KM4,  tested  in  creep  at  650  °C  to  less  than 
1  pet  strain,  did  not  contain  any  evidence  of  APB-pair  shear¬ 
ing.  Only  extended  SISFs  were  observed,  implying  a  macro¬ 
scopic  (112)  slip  vector. 
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Abstract 

High  frequency  fatigue  crack  propagation  tests  were  conducted  in  situ,  in  a  scanning  electron 
microscope,  on  single  crystals  of  the  nickel-base  superalloy  Rene  N5.  The  threshold  was  found 
to  be  around  2  MPaVm,  and  the  FCP  curve  appeared  to  be  consistent  with  that  of  a  similar 
polyciystalline  alloy  but  with  a  lower  threshold.  Crack  propagation  was  observed  to  occur  on 
{111}  as  well  as  {001}  planes  at  low  AK.  Strain  maps  were  measured  ahead  of  the  crack  tip 
with  the  DISMAP  stereo-imaging  technique.  SEM  images  of  plasticity  associated  with  the 
crack  tip  indicated  plastic  zone  sizes  mainly  consistent  with  isotropic  linear  elastic  fracture 
mechanics  estimates,  but  the  plasticity  was  concentrated  in  highly  planar  slip  bands  parallel  to 
the  crack,  and  the  shape  of  the  plastic  zone  and  strain  distribution  were  not  isotropic.  It  is 
suggested  that  the  threshold  behavior  may  be  related  to  the  fracture  surface  roughness,  since 
the  threshold  increased  in  from  single  crystal  to  fine-grain  polycrystal  to  coarse-grain 
polycrystal,  in  the  same  order  as  the  fracture  surface  roughness. 
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Introduction 


High  cycle  fatigue  has  emerged  as  one  of  the  most  common  failure  mechanisms  in  military 
turbine  engines  [  1  ].  Because  the  operating  frequencies  under  vibratory  high  cycle  fatigue  are  so 
high,  a  design  philosophy  has  emerged  which  is  based  on  the  concept  of  fatigue  crack 
propagation  thresholds  [2,  3].  For  this  reason,  threshold  behavior  of  nickel-base  superalloys 
used  in  turbine  engines  has  been  studied  in  this  research. 

In  related  research,  fatigue  crack  propagation  thresholds  were  determined  for  a  polycrstalline 
nickel-base  turbine  disk  alloy  at  ambient  and  elevated  temperatures,  and  frequencies  up  to  1,000 
Hz  [3,4].  Those  experiments  were  conducted  with  a  servohydraulic  testing  machine,  on  bulk 
specimens.  In  this  study,  tests  were  conducted  in  situ,  in  a  scanning  electron  microscope 
equipped  with  a  resonant  loading  stage  capable  of  frequencies  up  to  2,000  Hz.  Experiments 
were  conducted  on  the  nickel-base  superalloy  single  crystal  Rene  N5  [5],  in  order  to  examine 
micromechanisms  of  fatigue  crack  propagation  for  this  material. 

The  polycrystalline  alloy  has  about  the  same  volume  fraction  of  strengthening  y'  as  the  single 
crystal;  its  microstructure  and  mechanical  properties  are  fully  described  in  [6]. 


Experimental  Procedures 

A  specially  designed  and  built  resonant  loading  stage  was  fitted  inside  a  scanning  electron 
microscope  (SEM)  at  Southwest  Research  Institute  (SwRI).  This  instrument,  described  in  [7], 
is  capable  of  loading  specimens  at  frequencies  up  to  2  kHz,  depending  on  the  specimen 
geometry  and  associated  resonant  frequency.  The  specimens  cannot  be  imaged  while  they  are 
vibrating,  but  can  be  imaged  intermittently  by  stopping  the  vibration  and  holding  the  mean  load. 

Single  crystals  of  Rene  N5  were  cycled  along  <00 1>  at  a  load  ratio  of  0.8  and  a  frequency  of 
1,800  Hz.  The  specimens  had  been  pre-cracked  with  a  semi-elliptical  surface  crack,  by  EDM 
and  high  frequency  loading,  with  a  total  crack  length  of  approximately  1  mm.  The  samples  had 
a  hourglass  shape  with  a  rectangular  cross  section  approximately  15  mm  wide  by  8  mm  thick. 

Fatigue  crack  propagation  rates  and  thresholds  were  determined  by  intermittently  interrupting 
the  loading  and  measuring  the  crack  length  in  the  SEM,  and  using  a  standard  secant  method. 
Thresholds  were  determined  by  load  shedding,  and  were  compared  to  those  for  the 
polycrystalline  alloy. 

Strain  maps  were  generated  by  the  DISMAP  SEM  stereo-imaging  technique  developed  at 
SwRI  [8].  The  procedure  is  a  follows:  Images  are  taken  at  maximum  load  and  minimum  load; 
following  this,  a  feature  recognition  algorithm  is  used  to  discern  locations  that  appear  in  both 
images.  The  displacement  vectors  between  features  are  then  determined,  and  through  numeric 
differentiation,  the  strains  are  calculated.  The  strain  maps  were  compared  to  surface  slip  traces 
and  linear  elastic  fracture  mechanics  theory  to  study  the  plastic  zone  geometry  in  these  single 
crystals. 
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Results 


Figure  I  shows  the  near-threshold  fatigue  crack  propagation  curve  determined  by  load  shedding 
for  the  single  crystal  material,  in  comparison  with  two  different  microstructures  of  the 
polycrystalline  alloy  which  had  been  cycled  in  a  servohydraulic  machine  under  similar 
conditions.  The  single  crystal  was  cycled  at  1,800  Hz  and  R  -  0.8,  while  the  polycrystals  were 
cycled  at  1,000  Hz  and  R  =  0.7,  all  at  room  temperature.  The  curves  for  the  polycrystal  were 
obtained  in  increasing  K  tests,  and  therefore  more  of  the  Paris  regime  is  presented  for  those  tests. 

One  may  observe  that  the  FCP  curve  for  the  single  ciystal  material  appears  to  be  consistent  with 
the  curves  for  the  polycrystalline  material.  That  is,  had  the  polycrystal  not  reached  a  threshold 
value  of  AK  on  load  shedding,  its  FCP  curve  for  both  microstructures  would  have  joined  the 
single  crystal  curve.  This  indicates  that  the  FCP  rates  and  mechanisms  in  the  Paris  regime  are 
similar  for  the  single  crystal  and  both  the  fine-grain  and  coarse-grain  polycrystal,  but  that  the 
threshold  behavior  is  a  strong  function  of  microstructure. 
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Figure  1:  Crack  growth  rate  data  for  polycrystalline  KM4  and  single  crystalline  Rene  N5. 
Grain  size  for  coarse-grain  KM4  was  55  pm,  while  that  for  fine-grain  KM4 
was  6  pm. 


SEM  photomicrographs  obtained  during  growth  in  the  single  crystal  specimen  indicate  growth 
along  slip  bands  which  extend  some  20-30  pm  ahead  of  the  crack  tip,  Figure  2.  Such  slip  band 
extension  is  unlikely  in  the  polycrystalline  material  due  to  the  existence  of  the  grain 
boundaries.  Other  growth  behavior  of  interest  is  the  apparent  crack  growth  occurring  on  {100} 
at  low  AK,  rather  than  on  { 1 1 1 } ,  as  shown  in  Figure  3.  This  phenomena  coincides  with  growth 
behavior  observed  by  Telesman  and  Ghosn  [9]  in  similar  alloys. 
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Figure  3:  Crack  growth  on  {100}  (stepwise  fashion)  occurring  at  low  AK. 

Strain  maps  were  obtained  using  DISM  AP,  and  a  typical  result  is  shown  in  Figure  4.  The  strain 
map  is  clearly  not  isotropic,  as  would  be  expected  for  a  single  crystal  and  for  the  deformation 
pattern  seen  in  Figure  4(a).  Further  research  would  be  useful  to  correlate  the  strain  maps  with 
the  observed  deformation  behavior  and  crack  propagation  behavior. 
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Figure  4:  (a)  SEM  micrograph  and  (b)  strain  map  measured  by  DISMAP  in  the  same 
region,  with  the  crack  orientation  drawn  in.  Note  that  magnifications  are 
slightly  different,  and  image  is  shifted  between  the  strain  map  and  the  photo. 


An  estimate  of  the  plastic  zone  size  using  the  standard  linear  elastic  fracture  mechanics 
calculation  for  plane  stress  can  be  obtained  from: 


where  K  is  the  maximum  stress  intensity  factor  and  ay  is  the  yield  strength,  about  1  GPa.  The 
isotropic  LEFM  plastic  zone  size  is  predicted  to  be  43  pm  for  the  experimental  conditions 
associated  with  Figure  4.  Experimental  observations  showed  slip  band  extension  at  the  surface 
some  30-40  pm  ahead  of  the  crack  tip,  which  is  in  reasonable  agreement  with  the  LEFM 
prediction.  However,  the  shape  of  the  plastic  zone  and  the  strain  map  is  clearly  anisotropic,  as 
seen  in  Figure  4,  and  as  would  be  expected  in  a  single  crystal. 


Discussion 

Figure  1  is  a  demonstration  that,  at  least  at  room  temperature,  the  FCP  curves  of  single 
crystalline  and  polyciystalline  superalloys  with  similar  microstructures  are  similar  except  with 
regards  to  threshold.  The  natural  question  is  why  the  single  crystal  has  such  a  low  threshold 
compared  to  the  polycrystals.  The  conventional  explanation  is  that  the  grain  boundaries  act  a 
obstacles  to  crack  propagation  and  arrest  cracks.  An  alternative  explanation  might  be  based  on 
the  relative  near-threshold  fracture  surface  roughness  of  the  different  microstructures.  Figure  5 
shows  optical  micrographs  of  the  polycrystalline  material  crack  propagation,  at  a  magnification 
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about  I0X  lower  than  that  in  Figures  2-4  for  the  single  crystal.  It  is  clear  from  these  figures  that 
the  roughness  increases  from  the  single  crystal  to  the  fine-grain  polycrystal  to  the  coarse-grain 
polycrystal.  This  is  the  same  order  as  the  threshold  increases. 


(a)  (b) 

Figure  5:  Optical  micrographs  of  room  temperature  crack  propagation  in 
(a)  fine-grain  KM4,  and  (b)  coarse-grain  KM4.  From  [3] 


In  related  research  [4],  a  quantitative  relationship  was  found  to  exist  between  fracture  surface 
roughness  and  threshold  for  the  coarse-grain  polycrystal.  Further  research  is  necessary  to 
elucidate  the  mechanisms  and  likelihood  that  fracture  surface  roughness  is  actually  the 
controlling  mechanism  in  threshold  of  these  alloys  at  room  temperature. 
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Fatigue-Crack-Propagation  Thresholds  in  a  Nickel-Base 
Superalloy  at  High  Frequencies  and  Temperatures 


A.  SHYAM,  S.A.  PADULA  II,  SX  MARRAS,  and  W.W.  MILLIGAN 

Fatigue-crack-propagation  (FCP)  tests  were  conducted  on  the  powder  metallurgy  nickel-based  super¬ 
alloy  KM4  at  temperatures  of  20  °C,  550  °C,  and  650  °C.  Two  different  heat  treatments  were 
investigated,  one  yielding  a  relatively  coarse  grain  size  of  55  (i m  and  another  yielding  a  fine  grain 
size  of  6  fim.  Tests  were  conducted  at  100  Hz  and  1000  Hz  and  at  load  ratios  between  0.3  and  0.7. 
In  the  Paris  regime,  trends  observed  at  high  frequencies  for  KM4  were  identical  to  those  observed 
by  earlier  investigators  at  lower  frequencies:  coarse  grains,  low  load  ratios,  low  temperatures,  and 
higher  frequencies  generally  resulted  in  lower  crack-propagation  rates.  However,  in  contrast  to  the 
Paris-regime  behavior,  thresholds  were  a  complicated  function  of  microstructure,  load  ratio,  tempera¬ 
ture,  and  frequency,  and  the  only  variable  that  resulted  in  a  consistent  trend  in  threshold  was  the  load 
ratio.  For  example,  thresholds  increased  from  100  to  1000  Hz  for  the  fine-grained  material  at  550  °C, 
but  decreased  with  the  same  frequency  variation  at  650  °C.  One  reason  for  this  complexity  was  a 
change  to  intergranular  fracture  in  the  fine-grained  microstructure  at  650  °C,  which  was  beneficial  for 
high-frequency  thresholds.  Higher  load  ratios  and  lower  frequencies  promoted  intergranular  fracture. 
However,  not  all  of  the  complexity  could  be  explained  by  changing  fracture  mechanisms.  Scanning 
electron  microscope  (SEM)  stereofractography  was  utilized  to  determine  quantitative  measures  of 
fracture-surface  roughness.  The  most  useful  quantitative  measure  was  found  to  be  the  standard 
deviation  of  the  fracture-surface  height,  which  is  a  physically  meaningful  length  parameter  and  which 
corresponded  to  about  half  the  grain  size  during  room-temperature  fatigue  at  near-threshold  A  AT  levels. 
The  roughness  of  the  fracture  surface  was  found  to  increase  as  the  load  ratio  was  increased  for  both 
microstructures.  For  the  coarse-grained  microstructure,  there  was  a  direct  correlation  between  fracture- 
surface  roughness  and  FCP  threshold  over  the  entire  range  of  temperatures,  frequencies,  and  load 
ratios.  However,  measurements  of  closure  loads  indicated  that  roughness-induced  closure  was  not  the 
sole  reason  for  the  varying  FCP  thresholds. 


I.  INTRODUCTION 

NlCKEL-BASED  superalloys  are  used  in  gas  turbines 
because  of  their  superior  elevated-temperature  mechanical 
properties.  By  using  threshold  data  and  fatigue-crack- 
propagation  (FCP)  curves  to  predict  fatigue  lives,  failures 
in  turbine  engines  under  low-cycle  fatigue  (LCF)  conditions 
have  been  minimized  in  recent  years.  Because  of  this  suc¬ 
cess,  the  single  largest  cause  of  failure  in  military  aircraft 
gas  turbines  is  now  high-cycle  fatigue  (HCF). 11 1  The  reason 
that  this  remains  a  pervasive  problem  may  be  related  to  the 
highly  empirical  approach,  based  on  Goodman  diagrams, 
which  is  currently  employed  to  estimate  HCF  capability.  A 
fracture-mechanics,  threshold-based  HCF  approach  would 
be,  therefore,  highly  desirable.  Mechanisms  of  crack  arrest 
associated  with  FCP  thresholds  are  very  complex,  and  there 
is  a  large  discrepancy  between  results  predicted  from  theoret¬ 
ical  threshold  models  and  experimentally  determined  val- 
ues.,2J  These  models  deal  exclusively  with  either  intrinsic 
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or  extrinsic  factors  affecting  the  threshold,  without  taking 
into  account  their  synergistic  interactions.  To  address  these 
problems,  data  under  engine  HCF  conditions  (very  high 
frequencies  in  the  Kilohertz  range  and  high  R  values)  is 
necessary.  In  this  work,  elevated-temperature  long-crack 
FCP  tests  were  performed  at  high  frequencies  (up  to  1  kHz) 
in  a  Ni-based  turbine  disk  alloy  under  a  variety  of  experimen¬ 
tal  conditions.  Four  important  factors  affecting  threshold 
(temperature,  frequency,  microstructure,  and  load  ratio)  were 
systematically  varied  in  order  to  understand  the  relative 
importance  of  individual  factors  and  the  level  of  interaction 
between  them.  Similar  work  at  room  temperature  for  the 
same  alloy  has  been  reported  earlier.131 

II.  MATERIALS 

A  polycrystalline  Ni-based  superalloy  designated  KM4141 
was  studied  in  this  program.  It  was  developed  by  General 
Electric  (GE)  Aircraft  Engines  specifically  to  resist  creep 
FCP  and  is  similar  to  the  commercial  alloys  Rene95  and 
IN  100  in  its  microstructure  and  basic  mechanical  proper¬ 
ties.151  This  disk  alloy  was  produced  by  a  process  route 
involving  the  consolidation  of  atomized  powders  by  hot 
extrusion,  followed  by  forging.  The  nominal  composition 
of  the  alloy  is  given  in  Table  I,  and  the  details  of  its  micro¬ 
structure  and  deformation  characteristics  have  been  reported 
elsewhere.151  The  specimens  studied  in  this  work  were 
obtained  from  a  single  forging  of  KM4,  which  was  heat 
treated  by  GE  Aircraft  Engines. 
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Table  I.  KM4  Alloy  Composition 


Element 

KM4  Wt  Pet141 

Co 

18 

Cr 

12 

Mo 

4 

A1 

4 

Ti 

4 

Nb 

2 

B 

C 

0.03 

Zr 

0.03 

Ni 

balance 

Two  different  heat  treatments  were  performed  on  slabs  cut 
from  the  forging.  One  of  the  slabs  received  a  solutionizing 
treatment  at  1140  °C  (below  the  y'  solvus  temperature, 
henceforth  referred  to  as  the  “fine-grained”  material  in  this 
article).  After  quenching  and  aging,  a  relatively  small  grain 
size  of  6  fim  was  obtained.  An  optical  micrograph  of  this 
heat  treatment  is  presented  in  Figure  1(a).  The  particles 
shown  in  this  Figure  are  the  undissolved  “primary”  y'  parti¬ 
cles,  which  remain  as  a  result  of  the  incomplete  solutionizing 
treatment.  These  particles  limit  grain  growth  by  pinning 
the  grain  boundaries.  The  other  slab,  however,  received  a 
solutionizing  treatment  at  1180  °C  (above  the  y r  solvus 
temperature,  and,  henceforth,  referred  to  as  the  “coarse¬ 
grained”  material  in  this  article).  No  primary  y'  particles 
remain  during  this  heat  treatment,  allowing  grain  growth 
during  solutionizing.  A  much  coarser  microstructure  with 
an  average  grain  size  of  about  55  fxm  developed,  as  shown 
in  Figure  1(b).  On  a  finer  scale,  both  microstructures  con¬ 
tained  a  bimodal  distribution  of  y'  particles.151  Both  micro¬ 
structures  contained  about  55  pet  by  volume  of  the  coherent 
y'  precipitates,  and  the  size  distribution  of  these  particles 
is  discussed  in  Reference  5.  The  monotonic  mechanical  prop¬ 
erties  of  the  heat  treatments  for  both  the  coarse-grained  and 
fine-grained  materials  are  summarized  in  Table  II.161 

III.  EXPERIMENTAL  PROCEDURES 

The  FCP  tests  were  conducted  on  an  MTS  servohydraulic 
testing  system  at  100  and  1000  Hz  in  an  ambient  environ¬ 
ment.  This  instrument  is  described  elsewhere.171  The  FCP 
tests  were  accomplished  largely  in  compliance  with  the 
ASTM  E647  standard,  using  a  four-point-bend  geometry 
with  the  dimensions  shown  in  Figure  2.  This  setup  made  it 
convenient  to  wrap  an  induction  coil  around  the  midspeci¬ 
men  area  containing  the  crack.  Thermocouple  wires  were 
welded  on  both  faces  of  the  specimen  in  order  to  control 
the  temperature  and  also  to  ensure  that  no  significant  thermal 
gradients  were  present  through  the  thickness.  Using  this 
technique,  the  temperature  variation  through  the  thickness 
and  in  the  zone  of  crack  propagation  (from  the  notch  to  final 
failure)  was  ±5  °C.  One  of  the  faces  of  the  specimen  was 
coated  with  a  thin  layer  of  gold  to  improve  optical  contrast 
of  the  crack  at  high  temperatures.  Using  a  Questar  telescope, 
crack  lengths  could  be  measured  on  the  coated  face  with  a 
resolution  of  10  /tm.  The  entire  test  was  videotaped,  and 
the  crack  lengths  were  calculated  manually  from  the  tape. 

A  stepwise  load-shedding  procedure  was  used  to  obtain 


Fig.  1 — Optical  microstructures  of  KM4  after  heat  treatment:  (a)  fine-grain 
microstructure,  with  large  primary  y'  particles  and  a  6-fim  grain  size.  ( b ) 
Coarse-grain  microstructure,  with  no  primary  y '  particles  and  a  55-/im 
grain  size. 

the  fatigue  threshold  values.  The  load-shedding  rates  were 
substantially  lower  than  the  maximum  allowed  in  ASTM 
E647.  The  threshold  condition  was  defined  to  be  the  stress- 
intensity  range  corresponding  to  a  crack  growth  rate  of  10" 10 
m/cycle  for  the  room-temperature  tests  and  no  detectable 
growth  for  the  high-temperature  tests  (corresponding  to 
<  1 0" 11  m/cycle).  After  a  threshold  was  obtained  and  dupli¬ 
cated,  the  load  was  slightly  increased,  and  an  increasing- 
AA'  test  was  then  performed.  The  fatigue-crack-growth  data 
presented  in  this  article  are  only  from  this  increasing-Atf 
portion  of  the  test.  The  FCP  curves  were  constructed  by 
utilizing  the  secant  method,  as  described  in  ASTM  E647. 
Some  of  the  samples  were  broken  after  the  completion  of 
the  test,  and  the  fracture  surfaces  were  studied  using  stereo 
imaging  in  a  scanning  electron  microscope  (SEM).  The 
three-dimensional  (3-D)  fracture  surfaces  were  reconstructed 
and  quantitatively  measured  from  stereo  pairs  using  the  com¬ 
mercially  available  MeX  software  package.18’91  Details  of 
the  procedure  used  to  analyze  the  fracture  surfaces  are  given 
in  Section  V. 
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Table  II.  Basic  Mechanical  Properties  of  KM4 


Coarse  Grain 

Fine  Grain 

Temperature  (°C) 

E  (GPa) 

YS  (MPa) 

UTS  (MPa) 

E  (GPa) 

YS  (MPa) 

UTS  (MPa) 

RT 

230 

1069 

1448 

230 

1151 

1551 

202 

965 

1344 

202 

1069 

1448 

193 

945 

1317 

193 

1041 

1420 

Data  from  Ref.  6;  strain  rate  of  —10  4  s  K 

E  =  elongation,  YS  =  yield  strength,  and  UTS  =  ultimate  tensile  strength. 

32  mm 


8  mm  thick  |  , 

■  Welded 

i 

\  r\ 

J - T/C 

it 

A 

ij 

Induction  coil 

1  1 

A 

i 

64  mm 

w 

^ - 

◄ - 

82  mm 

- ► 

Fig.  2 — Dimensions  of  the  induction-heated  four-point  bend  specimen,  with 
loading  points  represented  by  pins  and  the  location  of  the  induction  coil 
indicated. 


Crack-closure  load  levels  were  measured  at  room  tempera¬ 
ture,  for  both  microstructures,  on  specimens  cycled  at  1000 
Hz  and  load  ratios  of  0.3,  0.4,  0.55,  and  0.7.  Closure  loads 
were  measured  by  using  a  high-resolution  Capacitec  COD 
gage,  which  was  fixed  to  the  specimen  during  cycling.  The 
procedure  was  as  follows.  The  FCP  threshold  was  reached 
by  the  load-shedding  techniques  described  previously,  and 
then  the  load  amplitude  was  slowly  reduced  to  zero  while  the 
mean  load  was  maintained.  (The  specimen  was  not  unloaded 
between  cycling  and  closure  measurements.)  The  load  was 
then  statically  increased  from  the  mean  load  to  a  level  corres¬ 
ponding  to  Kmax  at  threshold  during  the  previous  cycling. 
At  that  point,  unloading  compliance  was  measured  by  moni¬ 
toring  the  COD  vs  the  load.  The  closure  load  was  defined 
as  the  point  where  the  curve  deviated  from  linearity.  The 
system  was  calibrated  on  specimens  with  electrodischarge- 
machined  notches,  and  it  was  verified  that  the  unloading 
compliance  of  the  notched  specimens  was  completely  linear 
down  to  zero  load. 

In  order  to  explore  the  possibility  of  oxide-induced  closure 
at  elevated  temperatures,  similar  closure  measurements  were 
made  on  specimens  that  had  been  cycled  at  550  °C  and 
650  °C,  R  =  0.4,  and  a  frequency  of  1000  Hz.  In  these  tests, 
the  threshold  condition  was  obtained  by  load  shedding  at 
elevated  temperature,  as  described  previously.  The  specimen 
was  then  rapidly  cooled  (recall  that  the  heating  method  was 
induction),  while  the  mean  load  was  held.  After  reaching 
room  temperature,  the  COD  gage  was  fixed  to  the  specimen, 
and  unloading  compliance  was  determined. 


(a) 


Fig.  3 — Fatigue  crack  propagation  curves  for  (a)  coarse-grain  (CG)  and 
( b )  fine-grain  (FG)  microstructures  at  three  different  temperatures. 


IV.  CRACK-PROPAGATION  RATES  AND 
FATIGUE  THRESHOLDS 

A.  Effects  of  Temperature 

Typical  FCP  curves  for  both  microstructures  at  room 
temperature,  550  °C,  and  650  °C  under  identical  conditions 
(R  =  0.7  and  v  =  1000  Hz)  are  presented  in  Figure  3.  It  is 
evident  that  the  crack  growth  rates  increased  significantly 
as  the  temperature  increased. 

It  should  be  noted  that  the  FCP  curves  presented  in  this 
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Table  III.  FCP  Thresholds  (MPa  Tin) 


Fine  Grain 


r,  °C  Frequency,  Hz  R  —  030  R  —  0.40  R  -  0.55 


Coarse  Grain 


R  =  0.70  R  -  0.30  R  =  0.40  R  =  0.55 


4.0 

7.9 

7.3 

6.7 

4.4 

— 

6.2 

— 

5.0 

— 

6.2 

— 

4.7 

— 

4.6 

— 

3.9 

— 

5.6 

— 

R  =  0.70 

6.0 

5.6 
5.4 
4.0 

4.6 


article  do  not  always  extend  down  to  threshold  values,  for 
the  following  reasons.  At  elevated  temperatures,  there  was 
no  detectable  crack  growth  at  the  threshold  value,  and  the 
high-frequency  controller  required  a  complete  stop  in 
cycling  followed  by  a  manual  change  and  a  restart  in  order 
to  increase  the  Atf  level  and  start  the  crack  growth  again. 

At  elevated  temperatures,  this  process  sometimes  led  to  diffi¬ 
culty  in  restarting  the  crack  growth  without  a  fairly  substan¬ 
tial  increase  in  A K  level  above  the  threshold.  Therefore,  on 
the  increasing-Atf  curves,  there  is  often  a  “A K  gap”  of  up 
to  1  MPa^/m  between  the  first  data  point  and  the  measured 
threshold.  When  this  phenomenon  was  first  noticed,  multiple 
experiments  were  conducted  to  verify  that  the  lower  value 
was,  indeed,  the  threshold.  This  turned  out  to  be  true,  as 
repetitive  load-shedding  procedures  always  resulted  in  the 
lower,  originally  measured  threshold  value.  There  are  many 
possible  explanations  for  the  apparent  crack  retardation  on 
initiating  the  increasing-Atf  portion  of  the  test,  including 
oxidation,  closure,  and  crack  blunting  due  to  creep. 

Table  III  gives  a  summary  of  the  average  threshold  values 
determined  in  this  study  by  the  load-shedding  technique, 
and  the  values  at  load  ratios  of  0.4  and  0.7  are  plotted  as  a 
function  of  temperature  in  Figure  4.  The  threshold  values  f 

reported  in  Table  III  are  the  averages  of  the  measured  values.  £ 

These  values  were  verified  at  least  once,  and  in  most  cases,  5 
three  to  four  times  on  two  different  specimens.  In  every  ^ 
case,  individually  measured  threshold  values  were  within 
±0.15  MPa ^/m  of  the  reported  mean  values.  It  is  evident 
from  Figure  4(a)  and  Table  III  that  threshold  values  dropped 
between  room  temperature  and  650  °C  for  the  coarse-grained 
material.  However,  the  threshold  behavior  for  the  fine¬ 
grained  material  was  more  complicated:  at  1000  Hz,  the 
fine-grained  material’s  threshold  increased  between  20  °C 
and  550  °C,  then  decreased  between  550  °C  and  650  °C, 
however,  at  100  Hz,  the  650  °C  threshold  was  slightly  higher 
than  the  550  °C  threshold.  As  discussed  later,  the  increase 
in  threshold  from  550  °C  to  650  °C  for  the  fine-grained 
material  was  accompanied  by  a  change  in  crack-propagation 
mode  from  transgranular  to  intergranular,  while  there  was 
no  obvious  reason  for  the  increase  in  the  threshold  between 
room  temperature  and  550  °C. 

It  should  be  pointed  out  that  the  1000  Hz  room-tempera¬ 
ture  data  presented  in  this  article  are  not  consistent  with 
those  published  by  our  group  earlier.131  In  the  earlier  experi¬ 
ments,  FCP  thresholds  were  reported  at  values  significantly 
higher  than  those  reported  here.  It  was  found  that  the  digital 
controller  of  the  first-generation  MTS  1000  Hz  servohydrau- 
lic  machines  was  actually  overloading  the  specimens  when 
the  cycling  was  stopped  during  manual  load  shedding.  These 
overloads  led  to  apparent  threshold  behavior,  which  was 


Temp.  (°C) 

(b) 

Fig.  4 — Threshold  variation  with  temperature  for  (a)  coarse-grain  and  ( b ) 
fine-grain  material. 

actually  crack  arrest  due  to  overload.  After  this  was  discov¬ 
ered,  the  digital  controller  was  upgraded  so  the  load  ampli¬ 
tude  could  be  gradually  decreased  to  zero  to  stop  cycling. 
With  this  upgrade,  thresholds  at  1000  Hz  could  be  repro¬ 
duced  to  a  high  degree  of  accuracy  on  multiple  specimens, 
and  these  thresholds  were  as  much  as  a  factor  of  2  lower 
than  those  observed  in  the  initial  research. 

B.  Effects  of  Frequency  and  Microstructure 

As  reported  earlier,^  no  effect  of  frequency  exists 
between  50  and  1000  Hz  at  room  temperature.  This  was  not 
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Fig.  5 — Fatigue  crack  propagation  curves  for  ( a )  coarse-grain  and  ( b )  fine-  Fig.  6 — Fatigue  crack  propagation  curves  for  (a)  coarse-grain  and  ( b )  fine- 

grain  microstructures,  showing  the  effect  of  changing  the  frequency  by  an  grain  microstructures,  showing  the  effect  of  changing  the  frequency  by  an 

order  of  magnitude  at  650  °C.  order  of  magnitude  at  550  °C. 


generally  the  case  at  elevated  temperatures,  and  one  can 
observe  in  Figure  5  an  increase  in  fatigue-crack  growth  rates 
at  the  lower  frequency  of  100  Hz  for  both  microstructures 
at  650  °C.  Figure  6  shows  similar  results  for  the  fine-grained 
microstructure  at  550  °C;  however,  the  FCP  curves  for  the 
coarse-grained  material  are  indistinguishable  for  frequencies 
of  100  and  1,000  Hz  at  550  °C.  The  FCP  curves  from  both 
the  coarse-  and  fine-grained  microstructures  at  650  °C  for 
frequencies  of  100  and  1000  Hz  are  compared  in  Figure  7. 
Both  figures  indicate  slightly  enhanced  FCP  resistance  in  the 
Paris  regime  for  the  coarse-grained  material.  These  elevated- 
temperature  results  in  microstructural  effects  on  FCP  behav¬ 
ior  are  consistent  with  trends  reported  earlier  for  KM4  at 
room  temperature131  and  for  similar  superalloys  at  lower 
frequencies.110-191  It  should  be  noted  from  our  results  that 
the  beneficial  effects  of  the  coarse-grained  microstructure 
on  Paris  FCP  rates  diminished  as  the  temperature  increased. 

The  FCP  thresholds  were  more  complicated  than  the  Paris- 
regime  FCP  curves.  Inspection  of  Table  III  shows  that  the 
thresholds  were  a  complex  function  of  frequency,  tempera¬ 
ture,  and  microstructure.  At  650  °C,  thresholds  were  higher 
at  1000  Hz  (compared  to  100  Hz)  for  the  coarse-grained 
material  (by  10  to  25  pet,  depending  on  R  value),  while  they 


were  lower  at  1000  Hz  (compared  to  100  Hz)  for  the  fine¬ 
grained  material  (again,  by  10  to  25  pet).  At  550  °C,  the 
trends  reversed.  The  fine-grained  material  had  a  higher 
threshold  at  higher  frequency  (the  opposite  of  that  observed 
at  650  °C),  while  the  thresholds  were  relatively  insensitive 
to  frequency  for  the  coarse-grained  material  at  550  °C.  This 


complicated  threshold  behavior  is  discussed  in  detail  later.  Jg 


C.  Effects  of  Load  Ratio 

The  FCP  curves  for  both  microstructures,  at  two  different 
load  ratios  of  0.4  and  0.7  at  650  °C  and  100  Hz,  are  shown 
in  Figure  8.  As  can  be  observed,  the  load  ratio  has  a  larger 
effect  in  the  near-threshold  crack-growth  regime.  As  ex¬ 
pected,  an  increase  in  load  ratio  in  both  microstructures 
resulted  in  higher  growth  rates  and  lower  thresholds  in  every 
case.  The  decrease  in  the  threshold  value  as  the  load  ratio 
is  increased  has  been  illustrated  in  Figure  9  for  both  the 
coarse-and  fine-grained  materials  at  room  temperature.  It 
should  be  noted  that  the  variation  of  the  threshold  value  with 
load  ratio  is  approximately  linear  and  remarkably  similar  for 
both  microstructures.  The  coarse-grained  material  exhibited 
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Pig  7 — Fatigue  crack  propagation  curves  showing  the  effect  of  microstruc-  Fig.  8 — Effects  of  load  ratio  on  the  FCP  behavior  at  650  C  for  (a)  coarse- 

ture  at  650  °C  and  (a)  100  Hz  and  (6)  1000  Hz.  In  both  cases,  the  coarse-  grain  and  (6)  fine-grain  materials, 

grain  microstructure  exhibits  superior  crack  propagation  resistance  in  the 
Paris  regime. 


a  higher  threshold  value  by  around  2  MPa^/m  for  every  load 
ratio  at  room  temperature. 


D.  Summary  and  Interpretation 

After  examining  all  the  FCP  curves,  it  can  be  concluded 
that  FCP  behavior  in  the  Paris  regime  at  frequencies  up  to 
1000  Hz  is  similar  to  what  has  been  observed  by  previous 
investigators110-191  for  most  superalloys  at  traditional  test¬ 
ing  frequencies.  Lower  temperatures,  higher  frequencies, 
coarse-grained  microstructures,  and  lower  load  ratios  impede 
fatigue-crack  growth  in  the  Paris  regime.  However,  as  dis¬ 
cussed  subsequently,  the  variation  of  fatigue  thresholds  was 
not  as  straightforward  as  the  variation  of  FCP  behavior  in 
the  Paris  regime,  except  for  the  consistent  observation  of 
reducing  thresholds  with  increasing  load  ratios. 

Elevated-temperature  FCP  thresholds  are  plotted  as  a 
function  of  frequency  at  different  temperatures,  microstruc¬ 
tures,  and  load  ratios  in  Figure  10.  A  straight  line  has  been 
drawn  between  the  two  frequency  points  in  this  figure  for 


illustration  purposes  only  and  does  not  imply  a  linear  rela¬ 
tionship.  Several  conclusions  can  be  drawn  from  this  figure. 

(1)  The  basic  shapes  of  the  curves  are  not  a  function  of 
load  ratio.  Changing  the  load  ratio  simply  shifts  the 
curves  up  or  down.  Further,  the  reproducible  shape  of 
the  curves  at  different  load  ratios  lends  confidence  (sup¬ 
ported  by  duplicate  and  triplicate  testing)  that  the  rela¬ 
tively  small  variations  in  measured  thresholds  were  real, 
and  not  statistical  scatter,  since  different  load  ratios  were 
always  done  on  different  specimens. 

(2)  The  coarse-grained  microstructure  is  insensitive  to  fre¬ 
quency  (in  the  range  from  100  to  1000  Hz)  at  550  °C 
and  below. 

Besides  these  two  conclusions,  nothing  about  the  thresholds 
is  straightforward.  The  fine-grained  material's  threshold 
increased  with  frequency  at  550  °C,  but  decreased  with 
frequency  at  650  °C.  At  650  °C,  the  curves  for  the  fine-  and 
coarse-grained  materials  intersect,  such  that  the  fine-grained 
material  had  a  better  threshold  at  100  Hz,  but  a  worse  thresh¬ 
old  at  1000  Hz.  Quantitative  fractographic  studies  have 
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Fig.  9 — Effect  of  load  ratio  on  the  fatigue  threshold  value  for  both  micro¬ 
structures  at  room  temperature. 


revealed  some  correlations  between  the  threshold  and  near¬ 
threshold  fracture-surface  morphology,  and  results  from 
these  studies  are  presented  subsequently. 


Frequency,  Hz 


Fig.  10 — Summary  of  elevated  temperature  fatigue  thresholds.  Coarse  and 
Fine  refer  to  the  grain  sizes.  Increasing  the  load  ratio  simply  shifts  the 
curves  up,  but  there  are  no  other  obvious  trends  in  threshold  values  as  a 
function  of  temperature,  microstructure,  or  frequency.  Lines  are  drawn  to 
aid  in  identifying  trends  only  and  are  not  meant  to  imply  a  linear  relationship. 


V.  QUANTITATIVE  STEREOFRACTOGRAPHY 

It  has  now  been  well  established  that  the  roughness  of 
the  fatigue-fracture  surface  can  be  an  important  extrinsic 
factor  in  reducing  the  driving  force  for  FCP.  For  example,  our 
previous  room-temperature  results131  showed  that,  consistent 
with  many  earlier  studies,  the  fracture-surface  roughness 
correlated  qualitatively  with  threshold  values  at  different 
grain  sizes.  That  is,  the  coarser-grained  material  consistently 
had  a  rougher,  more  faceted  fracture  surface  with  a  higher 
degree  of  crack-path  tortuosity  and  also  a  higher  threshold 
value. 

Various  profile  and  surface-area  parameters  have  been 
used  in  previous  studies  to  represent  the  roughness  of  frac¬ 
ture  surfaces.  These  parameters  include  three  quantitative 
measures  of  roughness,  which  are  based  on  cross-sectional 
line  profiles  of  traced  fracture  surfaces  or  on  3-D  reconstruc¬ 
tions  of  fracture  surfaces  made  by  serial  sectioning  or  stereo- 
fractography:  the  ratio  of  the  total  length  of  a  line  profile 
to  its  projected  length  (/?l),I20J  the  ratio  of  the  actual  fracture- 
surface  area  to  its  projected  area  (/?5),,2Ij  and  the  standard 
deviation  of  the  height  distribution  obtained  from  multiple 
line  profiles  (<7//).1221  The  term  <rH  represents  the  deviations 
of  the  individual  asperity  height  about  the  mean  of  the  values. 

In  this  study,  all  the  specimens  were  quantitatively  charac¬ 
terized  by  SEM  stereofractography.  The  3-D  images  of  the 
fracture  surfaces  were  reconstructed  via  the  MeX  software, 
and  the  average  quantitative  values  of  the  roughness  parame¬ 
ters  were  determined  by  taking  80  to  200  line  profiles 
through  each  reconstructed  3-D  surface  fractograph.  Eighty 
horizontal  lines  were  used  to  calculate  aHy  while  100  hori¬ 
zontal  and  1 00  vertical  lines  were  used  to  calculate  Rs  and  RL . 
Determining  80  horizontal  line  profiles  on  the  fractographs  is 
the  equivalent  of  conducting  serial  sectioning  with  a  removal 
rate  of  4  jam  per  pass  (coarse-grained-specimen  micro¬ 
graphs)  or  0.8  jam  per  pass  (fine-grained-specimen  micro¬ 
graphs)  and  is  much  less  tedious.  To  obtain  good  statistical 
data,  at  least  eight  different  stereo  pairs  were  analyzed 


for  each  condition,  corresponding  to  eight  different  near¬ 
threshold  locations  on  the  fracture  surface.  The  mean  values 
of  Rl>Rs,  and  <rHy  which  were  measured  in  this  manner,  are 
reported  in  Table  IV.  While  each  of  the  roughness  parameters 
gives  some  information  about  roughness,  it  was  determined 
that  the  standard  deviation  of  the  fracture-surface  height 
(crH)  was  the  most  useful,  for  two  reasons.  First,  the  value 
of  aH  is  a  physically  meaningful  length  parameter;  that  is,  the 
standard  deviation  of  the  fracture-surface  height  is  directly 
related  to  the  average  asperity  height  on  a  fracture  surface. 
Second,  <rH  was  found  to  be  a  very  weak  function  of  magnifi¬ 
cation,  unlike  the  other  two  parameters.  For  these  reasons, 
orH  will  be  used  as  the  quantitative  measurement  of  fracture- 
surface  roughness  in  the  remainder  of  this  article.  Quoted 
values  of  “roughness”  correspond  to  measured  average  val¬ 
ues  of  aH. 

Figures  1 1  and  1 2  show  typical  near-threshold  fracture 
surfaces  at  room  temperature  and  550  °C  in  the  coarse¬ 
grained  and  fine-grained  materials,  respectively,  at  a  load 
ratio  of  0.7.  The  roughness  and  threshold  values  are  also 
indicated.  It  is  quite  clear  from  these  images  and  quantitative 
measurements  that  the  fracture  surfaces  were  substantially 
smoother  at  higher  temperatures.  It  is  interesting  to  note  that 
the  room- temperature  roughness  values  are  around  half  the 
grain  size  for  both  the  coarse-  and  fine-grained  materials. 
Slip  is  highly  planar  and  crystallographic  in  superalloys  at 
room  temperature,  and  inspection  of  the  fractographs 
revealed  that  fracture-surface  facets  generally  spanned  entire 
grains  at  room  temperature.  Since  the  roughness  value  indi¬ 
cates  the  deviation  from  the  mean  fracture-surface  height, 
and  since  most  crack  facets  spanned  entire  grains  at  room 
temperature,  it  is  reasonable  that  there  was  a  direct  relation¬ 
ship  between  the  grain  size  and  the  roughness  parameter. 
At  elevated  temperature,  as  seen  in  Figures  1 1(b)  and  12(b), 
fracture  was  much  less  crystallographic,  and  facets  generally 
did  not  span  entire  grains.  Accordingly,  the  roughness  param¬ 
eters  are  substantially  smaller  than  half  the  grain  size.  This 
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Table  IV.  Quantitative  Fracture  Surface  Roughness  Parameters  at  Threshold 


Fine 

Grain  R  = 

=  0.4 

Fine 

Grain  R  = 

0.7 

20  °C 

550 

°C 

650 

°C 

20  °C 

550 

°C 

650 

°C 

1000  Hz 

100  Hz 

1000  Hz 

100  Hz 

1000  Hz 

1000  Hz 

100  Hz 

1000  Hz 

100  Hz 

1000  Hz 

Rs 

1.61 

1.14 

1.15 

1.31 

1.17 

1.68 

1.17 

1.20 

1.41 

1.29 

Rl 

1.30 

1.07 

1.08 

1.17 

1.08 

1.38 

1.08 

1.11 

1.25 

1.16 

(th  (pm) 

2.5 

0.8 

1.1 

1.6 

0.8 

2.7 

1.0 

1.1 

2.7 

1.3 

AK,„  (MPa ,/m) 

5.2 

5.1 

5.9 

5.2 

4.3 

4.0 

4.4 

5.0 

4.7 

3.9 

Coarse  Grain  R 

=  0.4 

Coarse  Grain  R  = 

=  0.7 

20  °C 

550 

°C 

650 

°C 

20  °C 

550 

°C 

650 

°C 

1000  Hz 

100  Hz 

1000  Hz 

100  Hz 

1000  Hz 

1000  Hz 

100  Hz 

1000  Hz 

100  Hz 

1000  Hz 

Rs 

2.18 

1.19 

1.19 

1.07 

1.15 

2.38 

1.23 

1.22 

1.14 

1.19 

Rl 

1.68 

1.10 

1.10 

1.04 

1.08 

1.79 

1.14 

1.12 

1.07 

1.11 

<rH  (/im) 

24.1 

9.8 

9.4 

3.6 

8.0 

31.0 

12.8 

12.5 

7.2 

10.5 

AK,„  (MPa/m) 

7.3 

6.2 

6.2 

4.6 

5.6 

6.0 

5.6 

5.4 

4.0 

4.6 

Fig.  11 — SEM  micrographs  of  coarse-grain  material  showing  the  near¬ 
threshold  fracture  surfaces  at  1000  Hz  and  R  =  0.7  at  (a)  room  temperature 
and  ( b )  550  °C.  Roughness  values  correspond  to  the  standard  deviation  of  the 
fracture  surface  height,  determined  by  quantitative  SEM  stereofractography. 


AK0  =  5.0  MPa/m,  Roughness  =  1.14  \im 


(b) 

Fig.  12— SEM  micrographs  of  fine-grain  material  showing  the  near  thresh¬ 
old  fracture  surfaces  at  1000  Hz  and  R  =  0.7  at  (a)  room  temperature,  and 
(b)  550  °C. 
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AK0  =  4.0  MPaym,  Roughness  =  7.2  pm 


(a) 


AK0  =  4.6  MPa/m,  Roughness  -  1 0.5  pm 


(b) 

Fig.  13 — Near-threshold  fracture  surfaces  of  the  coarse-grain  material  at 
R  =  0.7  and  T  =  650  °C:  (a)  100  Hz  and  ( b )  1000  Hz. 


observation  illustrates  the  advantage  of  using  which 
contains  a  physically  relevant  length  scale,  as  the  roughness 
parameter:  the  quantitative  value  of  aH  can  be  used  to  gain 
insight  into  microstructural  effects  on  fracture  processes. 
This  is  not  the  case  when  using  the  traditional  roughness 
parameters  RL  and  Rs . 

Figure  13  shows  typical  near-threshold  fracture  surfaces 
in  the  coarse-grained  material  at  650  °C  and  two  different 
frequencies  of  100  and  1000  Hz  at  a  load  ratio  of  0.7.  The 
lower  frequency  created  a  smoother  fracture  surface  and 
also  had  a  lower  threshold.  Figure  14  shows  typical  fracture 
surfaces  for  the  fine-grained  material  in  the  near-threshold 
regime  under  the  same  two  frequencies.  In  this  case,  opposite 
to  the  behavior  of  the  coarse-grained  material,  the  lower 
frequency  created  a  rougher  surface,  but  again,  the  rougher 
surface  corresponded  to  a  higher  threshold.  Figure  15  shows 
another  typical  fracture  surface  in  the  coarse-grained  mate¬ 
rial  at  650  °C  and  100  Hz  at  a  lower  load  ratio  of  0.4.  When 
compared  to  Figure  1 3(a),  it  can  be  seen  that  the  roughness 
of  the  fracture  surface  was  reduced  by  a  factor  of  2  with  a 


AKn  =  4.65  MPa/m,  Roughness  =  2.7  pm 

(a) 


AK0  =  3.9  MPa/m,  Roughness  =  1.3  pm 


(b) 

Fig.  14 — Near-threshold  fracture  surfaces  of  the  fine-grain  material  at 
R  =  0.7  and  T=  650  °C:  (a)  100  Hz  and  ( b )  1000  Hz,  showing  intergranular 
propagation  at  100  Hz  and  partially  intergranular  propagation  at  1000 
Hz.  The  SHM  stereopairs  (not  shown)  clearly  revealed  the  intergranular 
propagation  mode. 


decrease  in  the  load  ratio.  Table  IV  demonstrates  that  the 
fracture  surfaces  became  rougher  with  increasing  load  ratio 
(with  all  other  variables  held  constant)  in  every  case. 

The  average  roughness  values  under  all  the  conditions  for 
which  the  threshold  tests  were  done  at  elevated  temperature 
are  plotted  as  a  function  of  frequency  in  Figure  16.  It  should 
be  once  again  mentioned  that  a  line  has  been  drawn  between 
the  two  frequency  points  in  this  figure  only  to  clarify  the 
trends,  not  to  imply  a  linear  relationship.  Two  conclusions 
can  easily  be  drawn  from  this  figure. 

(1)  There  is  some  similarity  in  the  shapes  of  Figures  10 
(threshold)  and  16  (roughness). 

(2)  As  the  load  ratio  increased,  the  slopes  of  the  curves 
remained  similar,  but  the  curves  shifted  up.  In  other 
words,  if  all  other  factors  are  equal,  increasing  the  load 
ratio  increases  the  fracture-surface  roughness. 
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AK0  =  4.6  MPa7m,  Roughness  «  3.6  pm 

Pig,  15 — Near-threshold  fracture  surface  of  the  coarse-grain  material  at 
R  as  0.4  and  T  =  650  °C  at  100  Hz.  This  should  be  compared  to  Fig. 
13(a),  which  shows  a  similar  fracture  surface  for  the  R  =  0.7  case. 


Frequency,  Hz 


Fig.  16 — Summary  of  the  average  of  the  elevated  temperature  near-thresh- 
old  fracture  surface  roughness  values.  Increasing  the  load  ratio  simply  shifts 
the  curves  up  without  an  appreciable  change  in  the  slope.  Lines  are  drawn  to 
aid  in  identifying  trends  only  and  are  not  meant  to  imply  a  linear  relationship. 


In  summary,  while  there  was  no  consistent  trend  in  thresh¬ 
old  behavior  as  a  function  of  microstructure,  frequency,  or 
temperature,  there  was  an  apparent  correlation  between  frac¬ 
ture-surface  roughness  and  threshold.  To  explore  this  further. 
Figure  17  is  a  plot  of  the  roughness  parameter  vs  the  meas¬ 
ured  threshold  for  every  test  conducted  in  this  study  at  load 
ratios  of  0.4  and  0.7,  including  data  based  on  fine  and  coarse 
grain  sizes  and  temperatures  of  20  °C,  550  °C,  and  650  °C. 
It  is  clear  that  the  relationship  between  fracture-surface 
roughness  and  threshold  is  dependent  upon  microstructure, 
as  noted  subsequently. 

(1)  For  the  coarse-grained  material,  the  threshold  value 
increased  as  the  near-threshold  fracture-surface  roughness 
increased;  that  is,  there  was  a  direct  relationship  between 
the  near-threshold  fracture-surface  roughness  and  the 


Standard  Deviation  of  Fracture  Surface  Height  (pm) 
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Standard  Deviation  of  Fracture  Surface  Height  (pm) 

(b) 


Fig.  ]7 — Relationship  between  fracture  surface  roughness  (standard  devia¬ 
tion  of  fracture  surface  height)  and  FCP  threshold  for  three  temperatures 
and  two  frequencies  for  load  ratios  of  0.4  and  0.7  for  the  ( a )  coarse-grain 
material  and  ( b )  both  microstructures. 


threshold  value.  This  increase,  however,  appears  to  plateau 
at  higher  values  of  roughness. 

(2)  On  the  other  hand,  there  does  not  seem  to  be  a  clear 
relationship  between  the  threshold  value  and  this 
roughness  parameter  for  the  fine-grained  material.  The 
roughness  decreased  by  a  factor  of  around  2.5  between 
room  temperature  and  550  °C  at  1000  Hz,  but  the  thresh¬ 
old  value  increased  by  15  to  25  pet  in  the  same  tempera¬ 
ture  range  for  this  microstructure.  Additionally,  for  the 
fine-grained  material  loaded  at  1000  Hz  at  a  load-ratio 
of  0.7,  comparing  between  550  °C  and  650  °C,  the 
smoother  fracture  surface  had  a  higher  threshold. 


VI.  DISCUSSION 

A.  General  Observations 

The  research  presented  here  represents  some  of  the  first 
results  of  FCP  thresholds  in  superalloys  at  elevated  tempera¬ 
tures  and  frequencies  around  1000  Hz.  An  important  conclu¬ 
sion  from  this  study  is  that  the  trends  observed  at  1000  Hz 
in  the  Paris  regime  are  completely  consistent  with  those 


10—  VOLUME  33A,  MONTH  2002 


METALLURGICAL  AND  MATERIALS  TRANSACTIONS  A 


observed  at  lower  frequencies  by  many  other  investigators: 
in  general,  high  load  ratios,  fine  grain  sizes,  and  low  frequen¬ 
cies  lead  to  higher  FCP  rates.  Of  course,  at  1000  Hz,  the 
strain  rates  are  high,  so  thermally  activated  processes  such 
as  diffusion  and  intergranular  fracture  may  be  shifted  in 
temperature  space,  as  would  be  expected. 

However,  it  is  clear  from  Figures  10  and  17  that  the 
benefits  of  the  coarse-grained  microstructure  do  not  always 
extend  to  the  measured  threshold  values.  The  coarse-grained 
microstructure  does  result  in  a  higher  threshold  at  tempera¬ 
tures  of  550  °C  and  lower.  However,  at  650  °C,  the  fine- 
grain  material  actually  has  a  higher  threshold  at  100  Hz  than 
the  coarse-grained  material.  The  reason  for  the  improved 
threshold  behavior  at  650  °C  in  the  fine-grained  material  is 
related  to  a  change  in  fracture  behavior  from  transgranular 
to  intergranular.  Intergranular  fracture  was  only  observed  in 
the  fine-grained  material  at  650  °C.  Fracture  near  the  thresh¬ 
old  was  completely  intergranular  at  R  =  0.7  and  100  Hz 
(Figure  14(a))  and  was  a  combination  of  intergranular  and 
transgranular  fracture  for  the  other  test  conditions  at  650  °C 
(for  example,  Figure  14(b)).  This  transition  from  transgranu¬ 
lar  to  intergranular  fracture  at  line  grain  sizes  has  been 
observed  in  similar  alloy  systems  at  lower  frequencies.114,171 
Another  interesting  result  is  that  the  higher  load  ratio  pro¬ 
moted  intergranular  crack  growth,  since  the  100  Hz  fracture 
surface  was  completely  intergranular  at  R  =  0.7  but  only 
partially  intergranular  at  R  =  0.4.  Further,  the  roughness 
parameter  at  the  condition  showing  completely  intergranular 
crack  propagation  increased  to  about  half  the  grain  size, 
similar  to  the  room-temperature  value  but  much  higher  than 
the  550  °C  value.  This  value  of  roughness  is  consistent 
with  cracks  propagating  through  grain  boundaries  and  being 
deflected,  on  average,  by  an  amount  equal  to  half  the 
grain  size. 

A  general  conclusion  which  may  be  reached  by  examining 
Table  III  and  Figures  10  and  17  is  that  there  is  remarkably 
little  variation  in  threshold  values  over  wide  changes  in 
microstructure,  temperature,  and  frequency.  At  a  constant 
load  ratio,  the  threshold  A  AT  values  all  fall  within  a  range 
of  3  MPa,/m  of  each  other,  even  though  the  grain  size  and 
frequency  both  varied  by  one  order  of  magnitude  and  the 
temperature  varied  from  20  °C  to  650  °C.  This  conclusion 
may  change  at  lower  frequencies,  or  after  introducing  a 
hold  time. 


B.  Mechanisms  of  Threshold 

Fundamental  intrinsic  models  of  FCP  thresholds  predict 
a  threshold  value  of  around  1  to  2  MPa^/m  for  KM4  at  R  = 
O.4.131  Since  the  thresholds  are  always  higher  than  this,  and 
since  there  is  significant  variation  in  the  threshold  with 
microstructure,  temperature,  and  frequency,  other  factors 
besides  dislocation  nucleation  at  the  crack  tip  must  be 
important  in  governing  the  FCP  threshold  over  the  range 
of  experimental  conditions  studied  here.  These  factors  are 
discussed  subsequently. 

1 .  Crack  closure 

A  natural  suspect  for  the  variation  seen  in  the  threshold 
value  is  roughness-induced  crack  closure,1231  since  Figure 
17(a)  is  a  clear  demonstration  that  there  is  a  direct  relation¬ 
ship  between  roughness  and  threshold  for  the  coarse-grained 
microstructure.  Wasen  and  Heier1221  have  shown  that,  for  a 
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Fig.  18 — Knn,  Km in,  and  Kc\Mmc  at  room  temperature  for  (a)  coarse-grain 
and  ( b )  Fine-grain  materials.  The  tests  were  done  at  room  temperature. 
Above  the  load  ratio  at  which  the  K^n  and  Kc,  lines  intersect,  the  crack 
remains  completely  open  during  cycling,  and  closure  effects  are  expected 
to  be  minimal. 


variety  of  steels  (with  grain  sizes  varying  by  roughly  two 
orders  of  magnitude  between  1  and  100  /mi),  the  experimen¬ 
tally  measured  roughness-induced  crack-closure  levels  are 
uniquely  determined  by  the  standard  deviation  of  the  height- 
distribution  roughness  parameter.  In  order  to  explore  the 
relative  importance  of  these  effects  in  the  present  study, 
closure  was  measured  in  selected  cases,  by  the  procedures 
described  earlier. 

Figure  18  is  a  plot  of  Kch  and  Kmax  at  threshold  vs 
the  load  ratio  for  both  the  coarse-  and  the  fine-grained  materi¬ 
als  at  room  temperature.  This  figure  shows  that  the  load 
ratio  above  which  the  crack  remains  completely  open  during 
cycling  is  around  0.60  (coarse-grained  material)  and  0.35 
(fine-grained  material).  Above  these  load  ratios,  the  thresh¬ 
old  value  should  remain  constant  as  the  load  ratio  is 
increased,  if  crack  closure  is  controlling  the  threshold  value. 
This  is  clearly  not  the  case,  as  seen  in  Figure  9,  which 
shows  that  the  threshold  values  keep  decreasing,  for  both 
microstructures,  in  a  linear  fashion  with  increasing  load 
ratios,  at  least  up  to  R  =  0.7.  Table  V  reveals  that  the  closure 
behavior  at  elevated  temperature  was  almost  identical  to  that 
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Table  V.  Closure  Results 


AKo 

AKC, 

A^cff 

Microstructure 

r,°c 

R 

MPaTin) 

MPa  yin) 

MPaVin) 

Fine  grain 

20  °C 

0.30 

5.9 

0.9 

5.0 

0.40 

5.2 

0 

5.2 

0.55 

4.7 

0 

4.7 

0.70 

4.0 

0 

4.0 

550  °C 

0.40 

5.9 

0 

5.9 

650  °C 

0.40 

4.3 

0 

4.3 

Coarse  grain 

20  °C 

0.30 

7.9 

2.2 

5.7 

0.40 

7.3 

1.2 

6.1 

0.55 

6.7 

0.8 

5.9 

0.70 

6.0 

0 

6.0 

550  °C 

0.40 

6.3 

1.0 

5.3 

650  °C 

0.40 

5.6 

0 

5.6 

All  tests  conducted  at  1000  Hz. 
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Standard  Deviation  of  Fracture  Surface  Height  (urn) 

Pig.  19 — Replot  of  Fig.  17(b),  using  threshold  values  corrected  for  crack 
deflection. 


at  room  temperature:  closure  was  not  observed  in  tests  at 
R  =  0.4  and  0.7,  except  under  one  condition  (the  coarse¬ 
grained  material,  R  ~  0.4,  and  550  °C),  and  the  A Kci  value 
of  1  MPa^/m  is  almost  identical  to  the  value  of  1.2 
MPa^/m  observed  at  room  temperature.  Since  the  room- 
temperature  tests  were  closure-free  at  R  =  0.7,  it  is  reason¬ 
able  to  assume  that  the  crack  remained  completely  open  for 
all  elevated-temperature  tests  at  this  load  ratio.  Figure  10 
shows  that  the  observed  threshold  properties  are  similar  for 
both  load  ratios  at  elevated  temperatures,  even  though,  once 
again,  the  crack-closure  contributions  are  expectedly  differ¬ 
ent,  as  discussed  previously.  Based  on  all  these  factors,  it 
can  be  concluded  that  roughness-induced  closure  is  not  the 
underlying  mechanism  by  which  roughness  is  related  to 
thresholds  in  the  conditions  studied  here. 

2.  Crack  deflection 

Another  potential  factor  contributing  extrinsically  to  the 
threshold  is  crack  deflection.  The  quantitative  fracture- 
surface  roughness  values  which  were  measured  in  this  study 
are  not  only  a  measure  of  roughness,  but  also  a  measure  of 
the  deflection  of  the  crack  from  the  pure  mode  I  plane. 
Suresh  has  shown124'251  that  microstructures  that  promote 
crack  deflection  lead  to  improved  crack-propagation  resist¬ 
ance  and  increased  apparent  threshold  values.  In  a  dual¬ 
phase  steel,  a  heat  treatment  which  promoted  large  deviations 
from  the  mode  I  fracture  plane  yielded  a  higher  threshold 
than  a  heat  treatment  which  promoted  more  planar  growth. 
The  mechanism  of  increasing  threshold  was  proposed  to 
be  due  more  to  mixed-mode-mechanics  mechanisms  than 
closure,  although  it  was  postulated  that  both  occur  and  that 
there  may  be  some  interaction  between  them.  This  is  consis¬ 
tent  with  the  current  study,  in  that  the  coarse-grained  micro¬ 
structure  promoted  more  crack  deflection  and  generally  had 
a  higher  threshold.  Suresh  used  linear-elastic  analysis  to 
calculate  a  corrected  A K  value  in  the  presence  of  kinked 
cracks: 

AATcorr  =  Atf,  *  cosW2)  [1] 

where  6b  is  the  angle  between  the  local  crack-growth  direc¬ 
tion  and  the  plane  perpendicular  to  the  loading  axis,  and 
A/Ccorr  is  the  corrected  stress-intensity  factor  due  to  kinking. 
The  term  6b  can  be  imagined  to  be  an  equivalent  orientation 
angle  and  can  be  estimated  by  the  following  relation:1261 


*-«*"(£)  [2> 

where  Rl  values  may  be  obtained  from  Table  IV.  This  meth¬ 
odology  of  estimating  0o  based  on  the  roughness  parameter 
Rl  can  be  done  based  on  the  example  of  Reference  26.  The 
line  profile  can  be  assumed  to  be  made  up  of  individual 
chords  of  an  equal  length  of  L,  (on  the  projecting  plane)  and 
having  an  angle  of  0,  with  the  plane  perpendicular  to  the 
loading  direction.  In  this  way,  the  parameter  RL>  which  is 
the  ratio  of  the  total  length  of  the  line  making  the  profile 
to  its  projected  length,  can  be  demonstrated  to  be 

2  (Li! cos  0,)  2  (l/cos  ft) 

o  *'=  i  _ —  iri _  m 


i—  1 

It  was  found  from  the  line-profile  data  that  Rl  can  be  calcu¬ 
lated  to  a  good  degree  of  precision  using  Eq.  [3].  Since  RL 
is  directly  related  to  the  orientation  of  the  individual  chords, 
which  make  up  the  line  profile,  it  is  reasonable  to  assume 
that  it  gives  an  indication  of  the  equivalent  orientation  angle 
by  Eq.  [2].  Figure  19  is  a  replot  of  Figure  17(b),  correcting 
A K  for  deflection  via  the  aforementioned  approach.  If  crack 
deflection  was  the  sole  cause  of  threshold  increases,  one 
would  predict  that  the  slope  should  be  zero,  /.<?.,  that  correct¬ 
ing  A K  for  deflection  would  eliminate  the  extrinsic  contribu¬ 
tion.  This  approach  may  have  some  merit,  as  Figure  19 
shows  that  the  deflection-corrected  AK  levels  observed  at 
threshold  are  fairly  insensitive  to  the  roughness  changes  in 
the  fracture  surface.  However,  the  scatter  observed  in  Figure 
19  may  lead  to  some  doubt  about  this  approach. 

3.  Intrinsic  mechanisms 

Vasudevan  and  co-workers[27'28'29)  have  argued  that  load- 
ratio  effects  on  the  threshold  are  not  generally  due  to  extrinsic 
effects  such  as  crack  closure  or  branching,  but  due  to  intrinsic 
FCP  mechanisms  which  change  with  microstructure,  envi¬ 
ronment,  or  loading  conditions.  They  proposed  a  model  for 
FCP  thresholds  which  depends  on  both  A K  and  Kmax .  For 
example,  aluminum  alloys  subjected  to  different  aging  treat¬ 
ments  exhibit  different  threshold  maps,  with  the  basic  shapes 
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of  the  AATthreshold  vs  Kmax  maps  being  constant,  but  with  their 
values  shifting  around  at  different  microstructures,  environ¬ 
ments,  or  loading  schemes.  It  is  plausible  that  this  approach 
may  be  able  to  explain  the  data.  Fracture-surface  roughness 
certainly  is  a  result  of  intrinsic  deformation  mechanisms  that 
change  with  temperature,  microstructure  and  frequency.  It 
is  possible  that  intrinsic  factors  such  as  slip  homogeneity, 
reversibility,  and  crack-tip  environmental  interactions  cause 
both  changes  in  threshold  and  changes  in  fracture-surface 
roughness.  This  argument  would  imply  that  the  fracture- 
surface  roughness  variation  is  simply  an  indication  of  chang¬ 
ing  mechanisms  leading  to  a  changing  threshold  and  not  the 
cause  of  it.  Figure  16  lends  further  support  to  this  argument; 
it  shows  a  consistent  decrease  in  roughness  values  as  the 
load  ratio  is  decreased  at  elevated  temperatures,  and  the 
same  behavior  has  been  observed  at  room  temperature  in 
other  work  done  by  this  group.  This  change  in  fracture- 
surface  roughness  can  also  be  suspected  to  be  due  to  a 
change  in  crack-tip  deformation  mechanisms. 

There  is  fractographic  evidence  for  a  substantial  change 
in  intrinsic  deformation  and  crack-propagation  modes  with 
grain  size.  Figures  11(b)  and  12(b)  show  coarse-grained 
and  fine-grained  fracture  surfaces  under  identical  conditions 
(550  °C,  R  =  0.7,  and  1000  Hz).  The  magnification  differ¬ 
ence  is  about  a  factor  of  5,  while  the  grain-size  difference 
is  about  a  factor  of  9.  Therefore,  if  Figure  1 2(b)  were  magni¬ 
fied  by  approximately  2  times  more,  both  micrographs  would 
span  an  equal  number  of  grains  and  should  have  a  similar 
appearance  if  the  fracture  mechanism  does  not  change.  It  is 
evident  by  inspecting  these  figures  that  this  is  not  the  case; 
that  is,  the  fracture  morphology  scaled  for  grain  size  is 
different  between  the  two  microstructures,  presumably  due 
to  differences  in  deformation  mechanisms.  Transmission 
electron  microscope  (TEM)  studies  of  deformation  are  in 
progress. 

As  already  mentioned,  the  relationship  between  roughness 
and  threshold  is  different  for  the  two  microstructures.  For 
the  same  microstructure,  this  relationship  depends,  among 
other  things,  on  the  mode  of  fatigue-crack  growth,  namely, 
transgranular,  intergranular,  or  mixed.  Intergranular  fracture 
was  observed  in  the  fine-grained  material  at  650  °C,  but 
nowhere  else.  Intergranular  fracture  is  mechanistically  quite 
different  from  transgranular  fracture  and  should  be  analyzed 
by  different  models.  If  one  removes  the  650  °C,  fine-grained- 
material  data  points  out  of  Figure  10,  because  they  were 
intergranular,  the  high-temperature  threshold  picture 
becomes  much  more  clear.  First,  increasing  the  load  ratio 
reduces  the  threshold.  Second,  the  coarse-grained  micro¬ 
structure  is  insensitive  to  frequency  at  550  °C.  Third,  coarse 
grains  are  always  better  than  fine  grains.  Finally,  where  there 
is  a  frequency  effect  without  intergranular  fracture  (the  fine¬ 
grained  material  at  550  °C  and  coarse-grained  material  at 
temperatures  up  to  650  °C),  increasing  the  frequency 
increases  the  threshold.  The  latter  point  is  consistent  with 
both  thermally  activated  deformation  and  thermally  acti¬ 
vated  environmental  interactions,  which  are  discussed  subse¬ 
quently.  It  is  interesting  to  note  that  the  onset  of  intergranular 
fracture  results  in  an  increase  in  both  the  roughness  and 
threshold  value.  In  the  fine-grained  material  fatigued  at  100 
Hz  at  650  °C,  which  was  almost  completely  intergranular 
at  R  =  0.7  and  partially  intergranular  at  R  =  0.4,  the  surface- 
roughness  and  threshold  values  were  both  higher  than  at 


1000  Hz  (where  fracture  was,  in  both  cases,  less  inter¬ 
granular).  This  was  the  only  case  where  the  threshold  was 
measurably  higher  at  the  lower  frequency. 

4.  Environmental  effects 

It  was  mentioned  earlier  that  after  the  crack  arrested  at 
threshold,  the  stress  intensity  was  increased  slightly  to  make 
the  crack  grow  again  at  high  temperatures.  When  this  was 
done,  the  resulting  minimum  crack  growth  rate  just  above 
threshold  (shown  in  Figure  3)  increased  substantially  as  the 
temperature  increased.  This  suggests,  consistent  with  many 
previous  studies,  that  oxidation  kinetics  plays  an  important 
role  in  elevated-temperature  near-threshold  FCP.1301 

For  more  oxide  to  form  on  the  crack  faces,  oxygen  should 
diffuse  to  the  crack  tip  and  through  the  already  existing 
oxide  layer  to  the  metal-oxide  interface.  Since  all  these 
processes  should  occur  in  series,  the  activation  energy  of 
the  entire  process  would  be  determined  by  the  process  having 
the  highest  activation  enthalpy.1311  In  this  case,  that  process 
is  diffusion  of  the  oxygen  atoms  through  the  oxide  layer.  In 
all  four  cases  (two  different  microstructures  between  550  °C 
and  650  °C  at  100/1000  Hz),  this  activation  energy  was 
calculated  from  the  crack  growth  rate  near  arrest  by  an 
Arrhenius-type  rate  equation  and  was  found  to  be  60±20 
kJ/mol.  This  result  is  comparable  to  the  similar  activation 
energies  found  for  Alloy  718  of  56±21  kJ/mol  by  Yuen 
et  al.{30]  and  for  Rene*  80  of  41  kJ/mol  by  Antolovich  et  alP2] 
This  indicates  that  environmental  interactions  at  the  crack 
tip  are  important  at  high  temperatures.  Vasudevan  et  ai[21] 
have  proposed  that  this  might  also  be  the  case  at  room 
temperature,  and  this  is  worthy  of  further  research. 

5.  Sources  of  the  roughness  variation 

The  natural  question  resulting  from  this  work  is  as  follows: 
what  changes  in  the  plastic-zone  deformation  mechanisms 
affect  threshold  values  and  crack-wake  roughness?  Prelimi¬ 
nary  results  indicate  that  the  most  important  factor  may  be 
heterogeneity  of  deformation.  Consider  the  coarse-grained 
microstructure.  Figure  1 1  (a)  shows  that  at  near- threshold 
Atf  values  at  room  temperature,  huge  facets  span  the  fracture 
surface,  while  almost  none  are  observed  at  550  °C  (Figure 
11(b)).  It  is  well  known  that  high-volume-fraction  super¬ 
alloys  continue  to  deform  by  planar  deformation  mecha¬ 
nisms  up  to  temperatures  of  750  °C,1331  so  the  change  in 
fracture  morphology  from  large  facets  to  smoother  surfaces 
cannot  be  ascribed  to  the  onset  of  wavy  slip,  which  occurs 
only  above  about  800  °C.l33J  A  possible  explanation  for 
the  change  observed  between  Figures  11(a)  and  (b)  is  that 
deformation  is  much  more  homogeneous  at  550  °C,  so  that 
fracture  along  heavily  damaged  planar  slip  bands  separated 
by  wider  terraces  of  virgin  material  is  less  likely  than  at 
room  temperature.  Support  for  this  notion  was  found  by 
fractography  of  the  room-temperature  specimen  in  the 
higher-Atf  regime:  the  roughness  was  reduced  from  25  /i m 
(at  threshold)  to  10  /im  (at  20  MPaVm),  and  the  large 
crystallographic  facets  were  no  longer  observed.  It  would 
be  expected  that  higher  A K  values  would  lead  to  more  intense 
plastic-zone  deformation  and,  likely,  to  more  even  distribu¬ 
tions  of  slip  bands.  At  the  moment,  this  is  speculative,  and 
studies  of  slip  traces  as  a  function  of  strain  (along  with 
quantitative  TEM  studies)  are  necessary  to  prove  this  postu¬ 
late.  These  studies  are  in  progress. 
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VII.  CONCLUSIONS 

The  general  behavior  of  KM4  at  frequencies  up  to  1000 
Hz  is  identical  to  similar  alloys  tested  at  more  traditional 
testing  frequencies  (10  to  100  Hz).  In  the  Paris  regime, 
coarse  grains,  low  load  ratios,  low  temperatures,  and  high 
frequencies  generally  resulted  in  lower  crack-propagation 
rates.  Thresholds  followed  similar  general  trends,  with  the 
exception  of  the  fine-grained  microstructure  at  650  °C,  which 
had  a  superior  threshold  to  the  coarse-grained  microstructure 
at  100  Hz  but  not  at  1000  Hz  and  which  exhibited  a  change 
to  intergranular  crack  propagation  at  650  °C.  Intergranular 
crack  propagation  in  the  fine-grained  material  became  more 
pronounced  both  with  decreasing  frequency  and  increasing 
load  ratio,  and  the  onset  of  intergranular  crack  propagation 
was  beneficial  for  high-frequency  thresholds. 

Quantitative  SEM  stereofractography  revealed  a  good 
correlation  between  fracture-surface  roughness  (defined  as 
the  standard  deviation  of  the  fracture-surface  height)  and 
the  threshold  for  the  coarse-grained  material,  but  not  for  the 
fine-grained  material  This  correlation  was  valid  over  the 
entire  range  of  temperatures,  load  ratios,  and  frequencies 
studied.  Further,  as  the  load  ratio  was  increased,  the  near¬ 
threshold  fracture-surface  roughness  also  increased.  It 
appears  that  quantifying  the  microscopic  fracture-surface 
roughness  can  lend  insight  into  the  changing  deformation 
and  fracture  mechanisms  that  control  threshold. 

Closure-load  measurements  showed  that  roughness- 
induced  crack  closure  alone  cannot  explain  the  threshold 
variations,  even  though  there  was  a  direct  correlation 
between  roughness  and  threshold  for  the  coarse-grained 
material.  It  appears  that  the  variation  in  the  crack-propaga¬ 
tion  threshold  with  load  ratio,  microstructure,  temperature, 
and  frequency  is  controlled  by  a  combination  of  both  intrin¬ 
sic  and  extrinsic  mechanisms,  but  further  research  is  neces¬ 
sary  to  establish  the  relative  importance  of  the  mechanisms. 

ACKNOWLEDGMENTS 

This  work  was  supported  by  the  MURI  on  “High  Cycle 
Fatigue,”  funded  at  Michigan  Technological  University  by 
the  Air  Force  Office  of  Scientific  Research,  Grant  No. 
F49620-96- 1-0478,  through  a  subcontract  from  the  Univer¬ 
sity  of  California  at  Berkeley.  We  thank  Dr.  David  L.  David¬ 
son,  retired  from  Southwest  Research  Institute,  for  helpful 
comments  on  this  manuscript. 


REFERENCES 

1.  B.A.  Cowles:  Int.  J.  Fract .,  1996,  vol.  80,  pp.  147-63. 


2.  R.O.  Ritchie,  B.L.  Boyce,  J.P.  Campbell,  O.  Roder,  A.W.  Thompson, 
and  W.W.  Milligan:  Int .  J.  Fatigue ,  1999,  vol.  21,  pp.  653-62. 

3.  S.A.  Padula  II,  A.  Shyam,  R.O.  Ritchie  and  W.W.  Milligan:  Int.  J. 
Fatigue ,  1999,  vol.  21,  pp.  725-31. 

4.  D.D.  Krueger,  J.F.  Wessels,  and  K.M.  Chang:  U.S.  Patent  5,143,563, 
Sept.  1,  1992 

5.  S.  Sinharoy,  P.  Virro-Nic,  and  W.W.  Milligan:  Metali  Mater.  Trans. 
A,  2001,  vol.  32 A,  pp.  2021-32. 

6.  K.R.  Bain:  General  Electric  Aircraft  Engines,  Evendale,  OH,  private 
communication.  May  31,  2000. 

7.  J.M.  Morgan  and  W.W.  Milligan:  in  High  Cycle  Fatigue  of  Structural 
Materials ,  W.O.  Soboyejo  and  T.S.  Srivatsan,  eds.,  TMS,  Warrendale, 
PA,  1997,  pp.  305-12. 

8.  MeX  Software,  Alicona  GmbH,  Berchtesgaden,  Germany, 
www.alicona.com. 

9.  O.  Kolednik,  S.  Scherer,  P.  Schwarzbock,  and  P.  Werth:  in  Fracture 
Mechanics:  Applications  and  Challenges,  Proc.  ECF13,  M.  Fuentes, 
M.  Elices,  A.  Marti n-Meizoso,  and  J.M.  Martinez-Esnaola,  eds., 
Elsevier,  Amsterdam,  2000,  paper  no.  1U.60  (CD-ROM). 

10.  S.D.  Antolovich  and  N.  Jayaraman:  in  Fatigue:  Environmental  and 
Temperature  Effects ,  J.J.  Burke  and  V.  Weiss,  eds.,  Plenum  Press,  New 
York,  NY,  1983,  pp.  119-44. 

1 1.  B.  Lerch,  N.  Jayaraman,  and  S.D.  Antolovich:  Mater.  Sci.  Eng.,  1984, 
vol.  66,  pp.  151-66. 

12.  L.A.  James  and  W.J.  Mills:  Eng.  Fract.  Mech.,  vol.  22,  1985,  pp. 
797-817. 

13.  R.V.  Miner  and  J.  Gayda:  Int.  J.  Fatigue ,  1984,  vol.  6,  pp.  189-93. 

14.  J.  Bartos  and  S.D.  Antolovich:  in  Fracture  1977 ,  D.M.R.  Taplin,  ed., 
University  of  Waterloo  Press,  Waterloo,  1977,  vol.  2,  pp.  996-1006. 

15.  S.  Floreen  and  R.H.  Kane:  in  Superalloys  I980y  J.K.  Tien  etal.y  eds., 
ASM,  Metals  Park,  OH,  1980,  pp.  595-664. 

16.  H.F.  Merrick  and  S.  Floreen:  Metali.  Trans.  Ay  1978,  vol.  9A,  pp. 
231-36. 

17.  J.  Gayda  and  R.V.  Miner:  Metali.  Trans.  Ay  1983,  vol.  I4A,pp.  2301-08. 

18.  B.A.  Cowles,  D.L.  Sims,  J.R.  Warren,  and  R.V.  Miner:  J.  Eng.  Mater. 
Tech  (Trans.  ASME)y  1980,  vol.  102,  pp.  356-63. 

19.  J.E.  King:  Mater.  Sci.  Techno!,  1987,  vol.  3,  pp.  750-64. 

20.  E.E.  Underwood  and  K.  Baneiji:  Mater.  Sci.  Eng.,  1986,  vol.  80,  pp. 
1-14. 

21.  T.  Ogawa,  K.  Tokaji,  and  K.  Ohya:  Fatigue  Fract.  Eng.  Mater.  Struct., 
1993,  vol.  16,  pp.  973-82. 

22.  J.  Wasen  and  E.  Heier.  Int.  J.  Fatigue ,  1998,  vol.  20,  pp.  737-42. 

23.  R.O.  Ritchie  and  S.  Suresh:  Metali.  Trans.  A,  1981,  vol.  13 A,  pp. 
937-40. 

24.  S.  Suresh:  Metali.  Trans.  A ,  1983,  vol.  14A,  pp.  2375-85. 

25.  S.  Suresh:  Metali.  Trans.  A ,  1985,  vol.  16A,  pp.  249-60. 

26.  J.  Wasen,  B.  Karlsson,  and  K.  Hamberg:  Acta  Stereo! ,  1987,  vol.  6, 
pp.  199-204. 

27.  A.K.  Vasudevan,  K.  Sadananda,  and  N.  Louat:  Mater.  Sci.  Eng.,  1994, 
vol.  A 188,  pp.  1-22. 

28.  K.  Sadananda  and  A.K.  Vasudevan:  Int.  J.  Fatigue ,  1997,  vol.  19(1), 
pp.  S193-S189. 

29.  A.K.  Vasudevan,  K.  Sadananda,  and  K.  Rajan:  Int.  J.  Fatigue ,  1997, 
vol.  19(1),  pp.  S151-S159. 

30.  J.L.  Yuen,  P.  Roy,  and  W.D.  Nix:  Metal!  Trans.  A,  1984,  vol.  15 A, 
pp.  1769-75. 

31.  A.K.  Jena  and  M.C.  Chaturvedi:  Phase  Transformations  in  Materials, 
1st  ed,  Prentice  Hall,  Englewood  Cliffs,  NJ,  1992,  p.  115. 

32.  S.D.  Antolovich,  R.  Baur,  and  S.  Liu:  in  Superalloys  1980,  J.K.  Tien 
eta!,  eds.,  ASM,  Metals  Park,  OH,  1980,  pp.  605-13. 

33.  W.W.  Milligan  and  S.D.  Antolovich:  Metal!  Trans .  A,  1987,  vol.  I8A, 
pp.  85-96. 


14— VOLUME  33 A,  MONTH  2002 


METALLURGICAL  AND  MATERIALS  TRANSACTIONS  A 


FRETTING 


A.E.  Giannakopoulos  and  S.  Suresh,  "A  Three-Dimensional  Analysis  of  Fretting 
Fatigue",  Acta  Mater.,  vol.  46,  1997,  pp.  177-92. 

A.E.  Giannakopoulos,  T.C.  Lindley,  and  S.  Suresh,  "Aspects  of  Equivalence  between 
Contact  Mechanics  and  Fracture  Mechanics:  Theoretical  Connections  and  a  Life- 
Prediction  Methodology  for  Fretting-Fatigue",  Acta  Mater.,  vol.  46,  1998,  pp.  2955- 
68. 

A.E.  Giannakopoulos,  T.A.  Venkatesh,  T.C.  Lindley,  and  S.  Suresh,  "The  Role  of 
Adhesion  in  Contact  Fatigue”,  Acta  Mater.,  vol.  47, 1999,  pp.  4653-64. 

J.W.  Hutchinson  and  M.R.  Begley,  “Plasticity  in  Fretting  of  Coated  Surfaces”,  Eng. 
Fract.  Mech.,  vol.  62, 1999,  pp.  145-64. 

A.E.  Giannakopoulos,  T.C.  Lindley,  S.  Suresh,  and  C.  Chenut,  "Similarities  of  Stress 
Concentration  in  Contact  at  Round  Punches  and  Fatigue  at  Notches:  Implication  to 
Fretting  Fatigue  Crack  Initiation”,  Fatigue  Fract.  Engin.  Mater.  Struct.,  vol.  23,  2001, 
pp.  561-71. 

T.A.  Venkatesh,  B.P.  Conner,  C.S.  Lee,  A.E.  Giannakopoulos,  T.C.  Lindley,  and  S. 
Suresh,  "An  Experimental  Investigation  of  Fretting  Fatigue  in  Ti-6A1-4V:  The  Role 
of  Contact  Conditions  and  Microstructure”,  Metall.  Mater.  Trans.  A,  vol.  32 A,  2001, 
pp.  1131-46. 

E.  W.  Andrews,  A.  E.  Ginannkopoulos,  E.  Plisson  and  S.  Suresh,  "Analysis  of  the 
Impact  of  a  Sharp  Indenter”,  Int.  J.  Solids  Struct.,  vol.  39,  2002,  pp.  281-95. 


Pergamon 


PII:  S 1 359-6454(97)002 1 0-3 


Acta  mater.  Vol.  46,  No.  1,  pp.  177-192,  1998 
(t.)  1997  Acta  Mclallurgica  Inc. 
Published  by  Elsevier  Science  Ltd.  All  rights  reserved 
Printed  in  Great  Britain 


1359-6454/98  $19.00  +  0.00 


A  THREE-DIMENSIONAL  ANALYSIS  OF  FRETTING 

FATIGUE 

A.  E.  GIANNAKOPOULOS  and  S.  SURESH 

Department  of  Materials  Science  and  Engineering,  Massachusetts  Institute  of  Technology,  Cambridge, 

MA,  02139,  U.S.A. 


(Received  20  February  1997;  accepted  26  June  1997) 


Abstract — Three-dimensional  finite  element  analyses  of  fretting  contact  fatigue  between  a  sphere  and  a 
flat  surface  of  the  same  material  are  presented.  A  radial  expansion  of  the  displacement  fields  around 
the  contact  center  is  used  to  map  the  entire  three-dimensional  fields  into  a  radial-axial  plane  of  refer¬ 
ence  which  contains  the  slip  direction.  The  computational  results  for  the  limiting  case  of  the  onset  of 
rigid  body  sliding  are  first  shown  to  be  in  agreement  with  known  theoretical  results.  The  present  com¬ 
putations  are  then  used  to  capture  the  evolution  of  surface  and  sub-surface  fields  for  different  levels  of 
partial  slip,  interfacial  friction  and  externally  imposed  mean  stress  values.  It  is  shown  that  the  magni¬ 
tude  as  well  as  distribution  of  the  fields  change  markedly  by  the  sign  of  the  superimposed  mean  stress; 
this  result  has  significant  implications  for  fretting  fatigue  in  the  presence  of  a  residual  surface  stress 
induced  by  shot  peening  or  coating.  The  computational  model  is  also  used  to  simulate  the  evolution  of 
fretting  damage  in  prior  experiments  conducted  on  a  bearing  steel  and  an  aluminum  alloy  with  the 
sphere  on  flat  surface  fretting  arrangement.  It  is  shown  that  the  model  captures  many  of  the  salient  fea¬ 
tures  of  fretting  damage  and  failure  documented  in  the  experiments.  Conditions  governing  the  occur¬ 
rence  of  elastic  shakedown  and  the  onset  of  surface  plasticity  are  also  briefly  examined  to  illustrate  the 
capability  of  the  present  computational  approach.  ©  /997  Acta  Metallurgica  Inc. 
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1.  INTRODUCTION 

Fretting  fatigue  commonly  refers  to  the  degradation 
in  the  fatigue  properties  of  a  material  due  to 
repeated  sliding  of  two  contacting  surfaces  over 
small  relative  displacements,  with  amplitudes  typi¬ 
cally  in  the  range  10-50  pm.  Examples  of  practical 
situations  where  fretting  wear  and  fretting  fatigue 
influence  mechanical  integrity  include  such  diverse 
applications  as  bolted  and  riveted  joints,  key-way- 
shaft  couplings,  shrink-fitted  couplings,  metallic  coil 
ropes  and  suspension  cables,  coil  wedges  of  genera¬ 
tor  rotors,  and  blade-dovetail  contact  sections  of 
turbine  engines  (e.g.  Ref.  [I]). 

The  reduction  in  the  fatigue  strength  of  a  ma¬ 
terial  due  to  fretting  can  be  influenced  in  a  complex 
manner  by  such  factors  as  (i)  the  elastic  and  plastic 
mismatch  in  properties  between  the  contacting  ma¬ 
terials,  (ii)  the  normal  contact  pressure,  (iii)  the 
roughnesses  of  the  mating  surface  asperities  and  the 
ensuing  frictional  forces,  (iv)  the  amplitude  of  slid¬ 
ing  displacement,  (v)  cyclic  frequency  and  wave¬ 
form,  (vi)  environment,  (vii)  test  temperature,  (viii) 
microstructural  changes  and  phase  transformations, 
if  any,  induced  by  local  heating  during  fretting,  and 
(ix)  residual  stresses  and  mechanical  loads  imposed 
on  the  specimen.  Experimental,  analytical  and  com¬ 
putational  studies  of  fretting  fatigue  have  sought  to 
quantify  the  role  of  many  of  these  factors  in  influ¬ 
encing  cyclic  damage  and  fatigue  cracking.  Detailed 
summaries  of  these  various  developments  can  be 


found  in  conference  proceedings  [1],  review 
articles  [2, 3]  and  research  monographs  [4, 5]. 

The  theoretical  basis  for  many  of  the  fretting  fati¬ 
gue  analyses  stems  from  the  works  of  Mindlin  [6], 
Mindlin  and  Deresiewicz  [7],  Deresiewicz  [8], 
Hamilton  and  Goodman  [9]  and  Hamilton  [10]. 
These  studies  collectively  led  to  analytical  elastic 
solutions  for  the  axisymmetric  case  involving  incipi¬ 
ent  full  slip  from  complete  stick,  and  partial  slip 
and  steady-state  global  sliding  of  a  sphere  on  a  pla¬ 
nar  surface.  Analytical  and  numerical  extensions  of 
this  problem  to  other  fretting  contact  situations 
involving  planar  or  axisymmetric  geometries  have 
been  reported  (for  reviews,  see  [4,5]).  Such  two- 
dimensional  idealizations  are  necessary  to  contain 
the  scope  of  the  analysis  to  within  reasonable  com¬ 
putational  resource  requirements.  To  our  knowl¬ 
edge,  essentially  all  numerical  modeling  of  the 
micromechanics  of  fretting  fatigue  reported  in  the 
open  literature  pertains  to  planar  and  axisymmetric 
analyses.  Indeed,  the  directionality  of  the  field 
quantities  produced  during  alternating  sliding  in 
fretting  inevitably  calls  for  three-dimensional 
models. 

This  paper  reports  three-dimensional  finite  el¬ 
ement  computations  of  repeated  fretting  contact 
between  a  metallic  sphere  and  a  flat  surface  of  an 
identical  material.  The  present  analyses  introduce 
several  novel  approaches  to  the  study  of  fretting 
fatigue: 
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•  A  radial  expansion  of  the  displacement  fields 
around  the  contact  center  is  used  to  map  the 
entire  field  into  a  radial-axial  (r,  z)  plane  of  refer¬ 
ence  that  includes  the  direction  of  sliding,  thereby 
capturing  the  three-dimensional  aspects  of  the 
problem. 

•  Prior  numerical  studies  (see,  for  example,  Ref.  [5]) 
have  analyzed  the  two-dimensional  cylindrical 
contact  wherein  the  surface  tractions  were  gener¬ 
ally  prescribed,  thus  circumventing  the  analysis  of 
the  actual  sliding  contact  problem.  The  present 
work,  to  our  knowledge,  attempts  for  the  first 
time  to  model  the  full  three-dimensional  sliding 
and  cyclic  fretting  contact  of  a  sphere  on  a  flat 
surface  including  the  elastic-plastic  material  re¬ 
sponse. 

•  An  outcome  of  the  present  numerical  formulation 
is  that  the  stress  and  strain  fields  around  the  fret¬ 
ting  contact  area  can  be  captured  for  any  partial 
slip  situation  including  conditions  where  plastic 
yielding  occurs.  Available  theories,  however,  are 
applicable  only  for  the  limited  case  of  incipient 
global  elastic  sliding  wherein  asymptotic  analyses 
are  needed  to  retrieve  the  field  values  at  the  sur¬ 
face  and  full  numerical  analysis  is  needed  to 
locate  the  maximum  field  variables. 

•  The  present  approach  easily  permits  the  superpo¬ 
sition  of  an  external  cyclic  load  as  well  as  an  in¬ 
ternal  stress  field  (such  as  that  arising  from  shot 
peening  and  other  surface  modifications)  on  the 
fretted  specimen. 

The  paper  is  arranged  in  the  following  manner.  A 
brief  summary  of  relevant  theories  of  fretting  fati¬ 
gue  is  first  given,  followed  by  details  of  the  present 
numerical  approach.  The  fields  in  the  vicinity  of  the 
contact  area  are  then  shown  to  be  in  good  agree¬ 
ment  with  the  classical  analytical  results  for  mono¬ 
tonic  incipient  sliding.  The  effective  stress 
distribution  at  the  periphery  of  the  contact  zone  is 
then  captured  numerically  during  the  imposition  of 
a  small  relative  cyclic  displacement  between  the 
sphere  and  the  flat  surface.  The  computational 
results  are  then  compared  with  the  experimental  ob¬ 
servations  of  Kuno  et  al.  [11,12]  and  Lamacq  el 
al.  [13]  for  two  model  systems  where  a  sphere  was 
repeatedly  fretted  against  a  flat  surface  of  the  same 
material:  a  bearing  steel  and  an  aluminum  alloy. 
These  direct  experimental  observations  were  found 
to  be  in  reasonable  accord  with  the  three-dimen¬ 
sional  numerical  predictions  of  the  size  and  shape 
of  the  fretting  damage  annulus  under  comparable 
test  conditions.  Systematic  and  parametric  analyses 
of  the  effects  of  the  following  key  fretting  par¬ 
ameters  on  the  evolution  of  cyclic  deformation 
fields  and  damage  evolution  were  then  performed: 
the  ratio  of  the  normal  to  the  shear  tractions  at  the 
contact  surface,  the  friction  coefficient,  the  relative 
cyclic  displacement  amplitude  of  the  mating  sur¬ 
faces,  and  the  mechanical  load  imposed  on  the 


fretted  material.  Possible  criteria  for  the  inception 
of  a  fretting  fatigue  crack  are  also  examined. 


2.  THEORETICAL  BACKGROUND 

A  full  description  of  the  implications  of  the  pre¬ 
sent  finite  element  simulations  requires  a  compari¬ 
son  with  known  analytical  formulations  for 
monotonic  incipient  sliding.  For  this  purpose  and 
to  introduce  the  necessary  nomenclature,  we  briefly 
examine  in  this  section  the  relevant  theoretical 
models  for  fretting  and  sliding. 

A  normal  force,  P ,  pressing  a  sphere  and  a  half¬ 
space  together,  gives  rise  to  a  well  characterized  cir¬ 
cular  contact  area  which  has  dimensions  given  by 
the  classical  Hertz  solution  [14],  Fig.  1.  Any  ten¬ 
dency  for  relative  slip  to  occur  between  the  two 
contacting  bodies  introduces  a  tangential  force  of 
friction,  I \  acting  on  each  surface  in  a  direction 
which  opposes  the  motion.  The  force  T  arises  from 
static  friction,  which  does  not  exceed  the  limiting 
friction  force  corresponding  to  the  onset  of  slip¬ 
ping. 

If  the  sphere  and  the  fretted  substrate  have  the 
same  elastic  constants,  their  surfaces  conform 
exactly  with  each  other  and  the  resultant  defor¬ 
mations  do  not  mutually  affect  the  distribution  of 
normal  pressure  [4],  Under  these  conditions,  the 
shape  and  size  of  the  contact  area  are  independent 
of  the  tangential  force  T.  When  the  coefficient  of 
limiting  friction  is  less  than  unity,  the  tangential 


Fig.  I.  (a)  Schematic  and  nomenclature  for  fretting  contact 
between  a  sphere  and  a  flat  surface,  (b)  The  view  from  the 
top  showing  the  circular  contact  region  and  the  cylindrical 
coordinate  system. 
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tractions  do  not  significantly  influence  the  normal 
pressure  and  the  contact  area.  We  neglect  this  influ¬ 
ence  throughout  the  analysis,  and  assume  that  the 
stresses  and  deformations  due  to  normal  pressure 
and  tangential  traction  are  independent  of  each 
other,  and  that  in  the  case  of  elasticity,  they  can  be 
linearly  superposed. 


2.1 .  Sliding  elastic  sphere  on  a  flat  surface 

The  tangential  tractions,  q ,  and  the  normal  press¬ 
ure,  /?,  in  sliding  contact  are  related  by  the 
Amonton/Coulomb  law: 


•Jh=  i 

Pmax  %/3 


(1  -2v)2  ( I  —  2v)(2  —  v)pn 

3  +  4 


(  (16  —  4u  +  lv2)p2n2  ^ 

64 

with  pmax  -  2Plif.ua1)  and  the  yield  criterion  in 
shear,  J2  =  iy,  where  ry  is  the  shear  yield  strength  of 
the  substrate.  Tangential  friction  also  enhances  the 
compressive  stress  at  the  front  edge  of  the  sliding 
contact  and  intensifies  the  tensile  stress  at  the  trail¬ 
ing  edge.  The  maximum  principal  tensile  stress 
occurs  at  the  surface  [10]. 


p  p 


(1) 


where  p  >  0  is  a  constant  coefficient  of  kinetic  fric¬ 
tion  (see,  for  example,  Refs  [15,16]).  For  a  sphere 
which  slides  over  a  plane  surface  in  a  contant  direc¬ 
tion,  as  shown  in  Fig.  1,  the  radius,  a ,  of  the  circu¬ 
lar  contact  area  and  the  pressure  distribution,  p(r), 
are  given  by  [14] 


where  the  indices  1  and  2  refer  to  the  sphere  and 
the  half-space,  respectively,  for  elastic  modulus  ( E ) 
and  Poisson  ratio  (v),  and  R  is  the  radius  of  the 
sphere.  If  the  sphere  and  the  planar  half  space  have 
the  same  elastic  properties,  as  in  the  present  case, 
E\~E2  =  E,  and  V|=v2=v.  The  tangential  traction 
at  incipient  sliding  is  [4, 5] 

<4» 

acting  parallel  to  the  sliding  direction  within  the 
contact  area.  Using  the  Cerruti  solution  [17]  for  a 
concentrated  tangential  force,  explicit  equations  for 
calculating  the  stress  components  have  been  given 
by  Hamilton  and  Goodman  [9]  and  Hamilton  [10], 
The  maximum  value  of  the  von  Mises  effective 
stress,  which  is  an  indicator  of  incipient  plasticity, 
can  also  be  extracted  from  the  foregoing  analyses. 
When  there  exists  only  a  normal  force  between  the 
sphere  and  the  planar  substrate,  the  maximum 
Mises  stress  occurs  below  the  surface  (for  example, 
for  v  =  0.3,  it  is  on  the  loading  axis  at  a  depth 
z «  0.5a  beneath  the  reference  planar  surface). 
Friction  increases  the  magnitude  of  the  Mises  stress 
and  moves  it  closer  to  the  surface  and  towards  the 
back  edge  of  the  sliding  contact.  For  p  >0.3,  the 
maximum  Mises  stress  appears  on  the  surface  and 
the  second  invariant  of  the  deviatoric  stresses,  J2,  is 
given  by  [10] 


2.2.  Partial  sliding 

A  tangential  force,  T,  which  is  smaller  than  the 
limiting  friction  force,  pP ,  does  not  cause  global 
sliding,  but  induces  frictional  traction  at  the  contact 
interface  leading  to  a  small  relative  motion,  referred 
to  as  micro-slip ,  over  part  of  the  interface.  The 
remainder  of  the  interface  deforms  without  relative 
motion  and  such  regions  are  said  to  stick.  All  sur¬ 
face  points  within  the  “stick”  region  undergo  the 
same  tangential  displacements. 

The  analyses  of  Cattaneo  [18],  Mindlin  [6]  and 
Deresiewicz  [8]  show  that  stick  conditions  exist  over 
a  circular  region  that  is  concentric  with  the  contact 
area.  The  outer  boundary  c  of  the  stick  zone  has  a 
radius 

0<c/a<l.  (6) 

The  resultant  tangential  tractions,  q{r ),  act  parallel 
to  the  slip  direction.  In  the  region  where  the  sur¬ 
faces  slip.  Fig.  2(a), 

;  (7a) 

In  the  stick  region,  the  resultant  tangential  tractions 
are 


q{r) 


2na2 


IV  ay 


c<r<a. 


(7b) 


Neglecting  terms  of  order  v/(4  —  2  v),  the  relative 
tangential  displacement  (in  the  direction  of  T)  is,  as 
shown  in  Fig.  2(b), 


16a  l  G  i 


V|  2 
+  - 


v2 
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2/3 
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The  initial  slope  of  the  T~S  curve  is: 


dT 

~dS 


\t=o 


=  8a 


2-vi  2-  v2 
G  t  +  G2 


-i 


(8b) 


Here,  G,  =  Er/[2(\  +  v,)],  /  =  1,  2,  are  the  shear 
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Fig.  2.  (a)  Tangential  traction  {g)  on  the  contact  surface  under  fixed  normal  load  and  monotonically 
increasing  tangential  load,  (b)  Tangential  load  (T)  vs  tangential  displacement  (5)  during  the  loading 
process  in  (a),  (c)  Tangential  traction  {g)  distribution  on  the  contact  surface  under  fixed  normal  load 
and  decreasing  tangential  load,  (d)  T  vs  S  during  the  loading  process  in  (a)  and  the  unloading  process 

in  (c). 


moduli  of  the  sphere  and  the  half-space.  For  the 
present  case  of  fretting  between  identical  materials, 
G\  —  G2  =  G  and  V]  —  v2  =  v.  For  T—  0,  <5  —  0,  and 
for  T  ~  pPy  S  is  a  maximum  and  the  limiting  con¬ 
dition  occurs  when  d7yd<5  —  0;  at  this  point,  the 
tangential  stiffness  of  the  spherical  contact  is  lost 
and  the  sphere  can  slide  with  only  displacement 
control.  This  situation  is  termed  sliding  (whereas 
the  term  slip  is  reserved  for  relative  tangential  dis¬ 
placement  over  only  a  portion  of  the  contiguous 
surfaces).  In  Fig.  2(b),  the  onset  of  full  sliding 
occurs  at  a  displacement, 


3pP(2  -  v) 
16  aG 


(8c) 


Experimental  measurements  of  the  tangential  dis¬ 
placements  by  Johnson  [19]  support  the  validity  of 
equation  (9). 


2.3 .  Reversed  sliding 

Upon  releasing  the  tangential  load  from  T*(0< 
T*  <  pP)y  slip  of  opposite  sign  develops  from 
r  =  a  to  r  =  b.  Fig.  2(c),  with 


b  f  (T*-T)  ll/3 

a  ~  {  2fiP  J 


-S-Sl.  (9) 
a  a 


The  relation  between  the  cyclic  tangential  tractions 
and  the  tangential  displacement  in  the  adhered 
region  are  plotted  in  Fig.  2(d).  (The  analytical  ex¬ 
pressions  can  be  found  in  Refs  [4, 5].)  For 
-T*  <T<  T*y  c  <b  <a.  For  —pP  <  T<-T*>  the 
tractions  follow  the  previous  case  of  increasing  T, 
but  with  the  signs  reversed. 


3.  NUMERICAL  FORMULATION 

As  noted  earlier,  the  nature  of  the  fretting  fatigue 
problem  clearly  requires  a  three-dimensional  (3D) 
simulation.  The  only  symmetry  is  about  the  princi¬ 
pal  plane  that  contains  the  direction  of  sliding.  In 
view  of  this  symmetry,  only  half  of  the  planar  sur¬ 
face  and  half  of  the  sphere  need  to  be  discretized.  If 
a  straightforward  3D  finite  element  model  is 
employed,  it  can  be  estimated  that  a  3D  mesh  with 
approximately  100  000  eight-noded,  trilinear  el¬ 
ements  would  be  needed  in  order  to  capture  a  satis¬ 
factory  degree  of  resolution  of  the  local  fields  in  the 
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vicinity  of  the  contact  region.  Such  a  high  number 
of  elements  will  render  the  calculations  too  com¬ 
plex,  slow  and  unmanageable.  An  alternative,  more 
efficient  means  to  capture  the  three-dimensional 
nature  of  the  fields  is  predicated  upon  the  trigono¬ 
metric  expansion  of  the  displacement  fields  around 
the  contact  center.  This  leads  to  the  use  of  the  so- 
called  ring-elements  which  were  employed  by 
Jorgensen  [20]  who  studied,  using  a  specially  written 
numerical  code,  indentation  problems  involving 
monotonic  normal  contact  in  polymeric  composites. 
This  method  was  extended  to  include  full  3D  vari¬ 
ations  of  the  field  variables  in  the  large  spherical 
indentation  of  graded  organic  composites  [21].  In 
this  paper,  we  extend  this  method  of  radial  expan¬ 
sion  of  displacement  fields  to  the  study  of  fretting 
fatigue  using  the  general  purpose  finite  element  pro¬ 
gram,  ABAQUS  [22].  For  the  present  problem, 
however,  a  modification  of  the  contact  conditions 
in  ABAQUS  was  coded  as  described  in  the  follow¬ 
ing. 

The  displacement  field  variables  are  expressed 
with  reference  to  a  cylindrical  coordinate  system  (r, 
z,  0),  whose  origin  is  taken  to  be  the  centroid  of  the 
contact  area.  Here,  z  is  the  vertical  depth  coordi¬ 
nate,  r  is  the  radial  position  from  the  vertical  axis, 
and  0  is  the  circumferential  angle  measured  from 
the  sliding  direction  (Fig.  1).  Denoting  by  w,  v  and 
w  the  radial,  circumferential  and  axial  components 
of  the  displacements,  and  using  the  symmetry  con¬ 
ditions, 

M 

w(r,  z,  0)  —  ^  ucn(r,  z)cos(2rt0), 

n=  0 
M 

v(r,z,ff)  =  J2  vcn(r,  z)  cos(2/r0), 

n=0 

M 

w(r,  z,  0)  —  wj(r,  z)  sin(2 n6).  ( 1 0) 

n= o 

The  superscripts  c  and  s  denote  the  corresponding 
amplitudes  in  the  cosine  and  sinusoidal  terms  of  the 
above  Fourier  expansions  of  the  displacements.  In 
the  present  problem,  the  absence  of  any  stress 
singularity  makes  the  above  expansion  complete. 

The  advantage  of  equation  (10)  is  that  they  map 
the  entire  field  into  a  radial-axial  (r,z)  plane  of 
reference  that  includes  the  direction  of  sliding.  The 
strength  of  this  approach  lies  in  the  high  rate  of 
convergence  of  the  above  series.  M  =  0  corresponds 
to  the  two-dimensional  analysis  involving  axisym- 
metric  deformation.  On  the  basis  of  prior  experi¬ 
ence  (e.g.  Refs  [20,21]),  it  can  be  shown  that  a 
series  expansion  up  to  M  -  2  is  sufficient  to  pro¬ 
duce  very  good  convergence.  Linear  kinematics  and 
small  strains  were  assumed.  Within  the  principal 
plane  of  reference,  the  field  variables  were  resolved 
in  terms  of  four-noded  isoparametric  elements.  The 
number  of  degrees  of  freedom  per  node  depends  on 


the  choice  of  M.  For  a  given  AT,  the  stiffness  of 
each  ring-element  is  integrated.  The  integration  in 
the  circumferential  direction  involves  products  of 
harmonic  functions  of  0  and  uses  the  trapezoidal 
rule  with  six  integration  points.  The  integration  on 
the  radial-axial  (symmetry)  plane  uses  full 
Gaussian  integration. 

The  material  model  employed  here  involves  an 
isoptropic,  linear  elastic  formulation,  with  an  option 
to  introduce  the  associative  flow  rule  with  isotropic 
or  kinematic  strain  hardening.  The  spherical  inden- 
tor  is  modeled  as  a  rigid  paraboloid  of  revolution 
with  radius  R(z  =  r2/(2R)).  Coulomb-type  friction 
was  assumed  with  a  friction  coefficient  (which  could 
also  vary  with  the  number  of  fretting  fatigue  cycles 
A  in  a  predetermined  manner)  between  fi—>0  (fric¬ 
tionless  case)  and  fi  —*  oo  (perfect  stick  case).  The 
friction  coefficient  was  taken  to  be  isotropic  on  the 
plane  of  sliding. 

Nodal  contact  was  considered  for  at  least  13 
nodes  on  the  topmost  surfaces  of  about  12  el¬ 
ements.  Contact  is  made  successively  over  an  area 
comprising  nodes  with  an  outwardly  expanding 
radius;  this  dictates  the  radius  of  the  contact  per¬ 
imeter.  Contact  conditions  with  friction  were  found 
by  recourse  to  an  iterative  predictor-corrector  sol¬ 
ution  method,  which  invoked  the  penalty  method  to 
enforce  them.  In  this  procedure,  the  friction  force  is 
gradually  applied,  with  the  equilibrium  conditions 
and  the  stick-slip  kinematics  satisfied  at  all  times. 
This  is  a  well  known  numerical  method  of  imple¬ 
menting  unilateral  conditions  such  as  the  present 
one,  by  accepting  initial  gross  slip  of  the  contacting 
surfaces  and  subsequently  correcting  the  slip  by 
enforcing  the  correct  tractions  as  per  Coulomb’s 
friction  law.  The  procedure  terminates  when  a  pre¬ 
defined  degree  of  allowable  error  in  slip  displace¬ 
ment  is  reached.  In  the  present  analysis,  the 
numerically  allowed  error  in  the  slip  displacement 
was  less  than  I / 1 000  of  the  instantaneous  value  of 
the  slip  displacement. 

The  contact  boundary  conditions  have  to  be  in 
conformity  with  the  general  displacement  angular 
expansion,  equation  (10).  Then  the  contact  con¬ 
ditions  have  to  be  described  in  all  ( M  +  1)  planes 
that  form  the  basis  of  the  expansion.  These  planes 
cut  the  initially  free  surface  of  the  substrate  along 
radial  lines  that  are  confocal  to  the  center  of  the 
contact  circular  region  and  make  an  angle  of  n/M 
in-between  them.  A  local  coordinate  system  is 
attached  at  the  tangent  to  the  surface  plane,  cen¬ 
tered  at  the  tip  of  the  spherical  punch.  The  contact 
conditions  are  considered  with  respect  to  a  moving 
substrate  that  has  equal  magnitudes  (but  opposite 
in  sign)  contact  displacements. 

To  achieve  well-posed  contact  conditions,  the 
normal  and  radial  displacements  along  the  afore¬ 
mentioned  surface  lines  have  to  be  assigned  using 
the  following  procedure.  The  normal  contact  displa¬ 
cements  are  constrained  to  be  identically  the  same 
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for  all  nodes  of  the  surface  lines,  thus  enforcing  the 
substrate  to  deform  in  the  axisymmetric  shape  of 
the  punch.  The  tangential  sticking  conditions  are 
implemented  by  constraining  the  radial  displace¬ 
ments  of  all  nodes  of  the  surface  lines  so  that  the 
tangential  displacements  S  have  the  same  magni¬ 
tudes  and  directions  with  the  stick  zone.  This 
enforces  an  antisymmetric  shear  traction  distri¬ 
bution. 

Initial  stresses  in  the  fretting  specimen  (i.e.  the 
substrate  half  space  in  this  case)  can  be  prescribed, 
as  well  as  any  variation  of  elastic  or  plastic  prop¬ 
erty  with  depth.  This  is  particularly  useful,  as 
shown  later,  for  studying  fretting  damage  in  loaded 
specimens  and  to  simulate  different  surface  treat¬ 
ments,  such  as  shot-peening.  The  loading  can  be 
applied  as  displacement-controlled  or  load-con¬ 
trolled.  The  normal  loading  is  applied  first  and  then 
a  sequence  of  cyclic  oscillations  is  applied,  one  at  a 
time.*  Quasi-static  equilibrium  is  satisfied  during  all 
loading  sequences.  A  mesh  of  about  5000  elements 
is  found  to  be  sufficient  to  give  convergent  results, 
with  M  =  2.  The  foregoing  method  is  some  eighty 
times  faster  than  the  time  required  for  a  complete 
3D  simulation,  just  for  the  elastic  case. 

4.  NUMERICAL  PREDICTIONS  VS  ANALYTICAL 
RESULTS 

In  this  section,  we  compare  the  computational 
predictions  with  known  analytical  results  for  some 
limiting  cases  of  sliding,  in  an  attempt  to  evaluate 
the  accuracy  of  the  computations.  (More  involved 
computational  results  dealing  with  a  parametric 
study  of  fretting  fatigue  will  be  addressed  in  Section 
5.)  For  this  purpose,  the  sphere  is  taken  to  be  rigid. 
The  normal  load,  P,  is  applied  first,  after  which  the 
tangential  force,  Ty  is  increased  monotonically  from 
zero.  The  material  response  for  the  planar  substrate 
is  first  chosen  to  be  primarily  elastic  with  v  =  0.3 
and  a  range  of  constant  friction  coefficients,  /*.  As 
expected  from  the  theory,  the  distribution  of  nor¬ 
mal  tractions  is  insignificantly  altered  during  the  ap¬ 
plication  of  T.  Therefore,  equation  (8)  holds  with 
better  than  99.5%  accuracy. 

4.1.  Fixed  normal  force,  monotonically  increasing 
tangential  force 

For  this  situation,  slip  commences  at  the  edge  of 
the  contact  region  and  progresses  radially  inward, 
as  expected  from  the  theory  [4, 5].  For  T  <  \iPy  slip 
inside  the  center  of  the  contact  is  absent  and  the 
tangential  tractions  are  radially  symmetric.  Slip 
occurs  in  an  annular  zone,  whose  outer  radius  is  a, 
given  by  equation  (2),  and  whose  inner  radius  is  c, 


♦With  the  present  formulation,  it  is  feasible  to  model  any 
smooth  axisymmetric  indenter  fretting  against  a  planar 
surface,  for  any  combination  of  normal  and  tangential 
loading. 


given  by  equation  (6).  The  size  of  the  annular  zone 
is  predicted  by  the  simulations  to  an  accuracy  of 
better  than  95%.  The  distribution  of  tangential 
tractions,  q ,  on  the  contact  surface  follow 
equation  (7)  with  better  than  98.5%  accuracy.  The 
tangential  displacement,  <5,  relates  to  T  as  per 
equation  (8)  with  a  comparable  precision. 

As  T— ►  tiP,  c— >  0,  and  the  stick  region  of  the 
contact  surface  shrinks  to  zero.  Then,  S  — ►  <5S|jdc,  at 
which  point  the  displacement  becomes  indetermi¬ 
nate  (under  no  other  constraint)  as  rigid-body  slid¬ 
ing  takes  place  over  the  entire  contact  surface. 
Around  that  limiting  point,  d7yd<5  — ^  0,  the  compu¬ 
tations  with  load  control  become  unstable,  and  the 
numerical  analysis  has  to  be  continued  with  tangen¬ 
tial  displacement  control. 

4.2.  Fixed  normal  force,  decreasing  tangential  force 

Once  the  tangential  force  attains  a  value  7"*(0  < 
T*  <  tiP),  a  reversal  is  initiated  with  T  in  the  range 
—T*  <T<T*.  This  induces  slip  of  opposite  sign  at 
the  contact  perimeter.  The  reverse  slip  region  pene¬ 
trates  to  a  radius  b  according  to  equation  (9).  Here, 
the  unloading  must  be  of  sufficient  resolution  (i.e. 
(b  —  c)  should  be  resolved  by  at  least  two  elements) 
to  capture  accurately  the  reverse  slip.  For 
T  =  —  T*y  b  =  cand  reverse  sliding  extends  as 
much  as  the  initial  slip,  as  expected  from  the  the¬ 
ory.  When  T  =  0,  permanent  deformation  is  com¬ 
parable  to  that  estimated  from  theory,  and  the 
accompanying  traction  is  a  self-equilibrated  distri¬ 
bution  with  b/a  =  (1  —  T*/(2 :/i/>))l/3.  The  tractions 
and  displacements  depend  on  the  entire  loading  his¬ 
tory  and  the  instantaneous  relative  rates  of  change 
of  the  tangential  forces. 

4.3.  Fixed  normal  force  constant,  alternating  tangen¬ 
tial  force 

As  expected  from  the  theory,  the  trends  corre¬ 
sponding  to  T  —  —  T*  are  the  same  as  those  at 


Fig.  3.  T  vs  S  cyclic  hysteresis  loop  for  fretting  fatigue 
with  partial  slip. 
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T  =  T*,  except  for  the  reversal  of  sign.  A  sub¬ 
sequent  increase  of  T  from  -F:  to  7*  is  ac¬ 
companied  by  events  that  are  similar  to  those 
occurring  during  7*  to  —  P\  except  for  the  appro¬ 
priate  reversal  of  sign.  The  area  enclosed  in  the  pre¬ 
dicted  t -S  loop,  shown  in  Fig.  3.  gives  the  frictional 
energy  loss  per  cycle,  A  W.  Theory  [7]  shows  that 
the  work,  AfF,  done  by  the  tangential  force  in  a 
complete  fretting  cycle  is  dissipated  during  the 
reversal  of  micro-slip  in  the  annular  area  c  <  r  <  a: 


(11) 


The  value  of  A  W  extracted  from  the  computational 
results  of  Fig.  3  match  the  predictions  of 
equation  (1 1)  to  an  accuracy  of  99%  (provided  that 
each  branch  of  the  T-5  curve  is  reached  with  at 
least  10  equal  steps). 

A  subsequent  reduction  in  T  produces  a  rep¬ 
etition  of  the  events  accompanying  the  first  unload¬ 
ing.  During  several  oscillations  of  T  between  ±7*, 
with  constant  7,  the  T-S  loop  is  essentially  the 
same.  However,  numerical  round-off  errors  are 
expected  to  become  significant  for  more  than  105 
cycles. 


4.4.  Elastic  sliding 

The  numerically  determined  stress  fields  were 
tested  for  nearly  full  sliding  conditions,  T  ~  jxP . 
Figures  4(a),  (b)  and  (c)  show  contours  of  constant 
von  Mises  effective  stress  for  three  different  friction 
coefficients:  p  =  0  (i.e.  normal  contact  only), 
p  -  0.25  and  p  -  0.50,  respectively.  AH  length 
dimensions  in  these  figures  are  normalized  by  the 
contact  radius,  a ,  and  all  stresses  by  the  maximum 
normal  Hertzian  contact  pressure,  pmax  =  3P/(2na2). 

Figure  4(a)  simply  reproduces  the  normal 
Hertzian  contact  solution  with  no  friction,  to  pro¬ 
vide  a  basis  for  subsequent  comparisons.  In 
Fig.  4(b),  note  the  leading  edge  of  the  contact 
region  with  high  stress  values  (which  is  on  the  left 
side  of  the  contact  area  in  Fig.  4(b)  with  the  sphere 
sliding  on  the  substrate  from  right  to  left  as  indi¬ 
cated  by  the  arrow;  the  substrate  half-space  is 
stationary).  An  increase  in  the  friction  coefficient 
moves  the  location  of  the  maximum  Mises  stress 
(denoted  by  the  “  +  ”  sign)  from  beneath  the 
fretted  surface  for  p  —  0.25,  Fig.  4(b),  to  the  sur¬ 
face  for  p  =  0.50,  Fig.  4(c).  The  computed  maxi¬ 
mum  Mises  stress  differs  at  most  by  1.6%  from  the 
analytical  predictions  [10]  predicated  on 
equation  (5). 


5.  FURTHER  NUMERICAL  PREDICTIONS  AND 
COMPARISONS  WITH  EXPERIMENTS 

5.1.  Stress  fields  under  partial  slip 

Figures  5(a)  and  (b)  are  contours  of  normalized 
von  Mises  effective  stress  for  p  =  0.25  and  0.50,  re¬ 
spectively,  predicted  by  the  3D  computations  for 
the  partial  slip  condition  characterized  by 
5  =  0.5<5s|idc  (see  Fig.  3  and  equation  (8c)).  The 
effects  of  partial  slip  on  the  distortion  of  the  Mises 
stress  fields  can  be  understood  from  a  comparison 
of  Figs  4(a)-(c)  and  Figs  5(a)  and  (b).  For  the  nor¬ 
mal  Hertzian  contact  with  no  tangential  force,  the 
maximum  pressure  resides  directly  beneath  the 
spherical  indenter  on  the  z-axis,  at  a  depth  z  ss  0.5a 
below  the  contact  surface  (for  v  =  0.3).  As  a  partial 
relative  displacement  5  —  0.5<5S|jdc  is  introduced,  the 
maximum  Mises  stress  is  displaced  behind  (with 
respect  to  the  direction  of  sliding  of  the  sphere  on 
the  stationary  substrate)  the  line  of  application  of 
the  normal  load.  Fig.  5(a).  The  elevation  in  the 
Mises  stress  behind  the  line  of  application  of  the 
normal  load  is  evident  in  Fig.  5(a),  even  at  the  sur¬ 
face.  The  position  of  the  maximum  Mises  stress  is 
marked  by  the  symbol  “  +  As  the  friction  coeffi¬ 
cient  p  is  raised  from  0.25  to  0.50,  the  site  of  maxi¬ 
mum  Mises  stress  moves  up,  closer  to  the  free 
surface.  When  these  contours  of  partial  slip  are 
compared  with  the  corresponding  ones  for  the  onset 
of  complete  sliding  (Fig.  4)  at  the  appropriate 
values  of  py  it  is  evident  that  increasing  the  radius 
of  the  zone  in  which  partial  slip  occurs  or  introdu¬ 
cing  rigid-body  sliding  causes  the  Mises  stress  maxi¬ 
mum  to  be  displaced  further  behind  the  line  of  the 
application  of  the  normal  load,  and  to  be  displaced 
closer  to  the  free  surface.  This  effect  is  more  pro¬ 
nounced  for  p  >0.3,  where  the  site  of  maximum 
Mises  stress  occurs  at  the  free  surface.  Fig.  4(c). 
Such  effects  of  friction  and  the  extent  of  partial  slip 
influence  significantly  the  location  of  onset  of  plas¬ 
tic  flow  as  well  as  cracking.  Note  that  all  these  con¬ 
clusions  pertain  to  the  situation  where  no  residual 
stresses  exist  at  the  fretted  surface. 

Since  the  present  three-dimensional  compu¬ 
tational  models  are  capable  of  determining  the  cyc¬ 
lic  fields  under  conditions  of  partial  slip  that  are 
typical  of  fretting  fatigue,  they  can  be  applied  to  in¬ 
terpret  a  variety  of  available  experimental  data  on 
the  fretting  fatigue  of  a  sphere  on  a  flat  surface. 
The  conditions  governing  the  occurrence  of  fretting 
damage  and  the  onset  of  fatigue  cracking  can  also 
be  identified  from  the  numerical  results  by  invoking 
a  variety  of  failure  criteria.  In  the  following,  two 
specific  examples  are  considered. 

5.2.  Fretting  analysis  for  an  A1SI  52100  steel 

We  first  present  a  comparison  of  our  compu¬ 
tational  results  with  the  experiments  conducted  by 
Kuno  et  al.  [11,12]  for  an  AISI  52100  bearing  steel. 
The  fretting  contact  analyzed  here  comprises  a 
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(a) 


Fig.  5.  Contours  of  von  Mises  effective  stress  for  (a)  p  —  0.25  and  (b)  p  —  0.50  for  6  =  0.5<5S]jde.  The 
arrow  indicates  the  direction  of  sliding.  The  stresses  are  normalized  by  the  maximum  normal  pressure, 

Pmax  ==^Pj{2na2)  =  1200  MPa,  and  the  distances  by  the  contact  radius,  a .  Poisson  ratio,  v  =  0.3  in 
both  cases.  The  axes  rja  and  zja  are  drawn  to  the  same  scale. 

sphere-on-plate  arrangement,  with  the  sphere  and  properties  for  the  steel  are  listed  in  Table  1.  The 
the  plate  made  from  the  same  steel.  The  material  specimen  dimensions  and  other  experimental  par- 

Table  2.  Experimental  geometry  and  test  conditions  for  the  AIS1 
52100  steel  studied  in  Ref.  {II] 


Table  1.  Properties  of  AISI  52100  [11] 

_  Normal  load  (P) 

180  N 

Young’s  modulus  (£) 

206  GPa 

Diameter  of  the  sphere  (2 R) 

25.4  mm 

Poisson  ratio  (v) 

0.3 

Average  friction  coefficient  (n) 

0.3  (Max  0.7,  Min  0.0) 

Monotonic  yield  stress  (<ry) 

1730  MPa 

Cyclic  frequency 

60  Hz 

Tensile  strength  (<rTS) 

2015  MPa 

Contact  radius  (a) 

247  nm 

Fatigue  strength  coefficient  (<rf) 

2585  MPa 

Slip  fretting  scar  (c/a) 

0.80-1.00 

Fatigue  strength  exponent  ( b ) 

-0.09 

Transverse  load  {Tl(fiP)) 

0.89 

Fatigue  ductility  coefficient  (er) 

0.18 

Initial  tensile  stress 

600  MPa 

Fatigue  ductility  exponent  (r) 

-0.56 

Macroscopic  slip  amplitude 

5-45  pm 

Thermal  expansion  coefficient  (a) 

10  x  10 “6fC 

Fretting  cycles  (Nf) 

1 06— 3.5  x  IO5 

Thermal  conductivity  (k) 

23  W/<nTC) 

Specimen  temperature 

20-200°C 
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0.2  mm 


(a)  Experiment  (b)  Finite  element  simulation 

Fig.  6.  A  plan  view  of  the  fretting  scar  produced  in  the 
AISI  52100  steel  for  the  conditions  listed  in  Table  2.  (a) 
Experimental  observations  of  Kuno  et  ai  [II].  Normal 
load,  P  -  180  N,  average  friction  coefficient,  /i  —  0.3, 
number  of  reversals  to  failure,  2A^f=  106,  uniform  mean 
tensile  stress,  600  MPa.  (b)  Finite  element  predictions  (this 
study). 

ameters  simulated  by  finite  elements  are  given  in 
Table  2.  It  was  determined  from  the  analyses  that 
the  fatigue  conditions  remained  fully  elastic  (on  a 
macroscopic  scale),  for  values  of  friction  coefficient, 
/<  <  0.7. 

For  the  experiments  described  in  Table  2,  note 
that  a  uniform  static  tensile  stress  of  600  MPa  was 
externally  apiied  to  the  specimen  as  repeated  fret¬ 
ting  contact  was  simultaneously  imposed  on  the 
specimen  surface.  Figure  6(a),  taken  from  Kuno  et 
al.  [11]  shows  a  plan  view  of  the  fretting  scar  on  the 
surface  of  the  specimen  after  the  application  of  106 
fatigue  cycles  with  a  fixed  normal  load  of  180  N 
and  a  cyclic  displacement  amplitude  of  5  fim.  The 
average  friction  coefficient  measured  for  this  exper¬ 
iment  was  0.3.*  Fig.  6(b)  shows  the  same  plan  view 
predicted  by  the  present  finite  element  simulations 
for  the  same  conditions  as  in  the  experiments  of 
Kuno  et  ai  [II].  In  the  absence  of  macroplasticity, 
Johnson  [19]  showed  that  the  slip  annular  region  is 
directly  related  to  the  fretting  scar.  The  fretting  scar 
appearing  as  a  darker  area  in  Fig.  6  is  a  manifes¬ 
tation  of  surface  microplasticity.  The  macroscopic 
tangential  deformation  seen  in  the  fretting  scar  of 
Fig.  6(a)  exceeds,  in  an  asymmetric  way,  that  pre¬ 
dicted  in  Fig.  6(b)  possibly  as  a  consequence  of  sur¬ 
face  oxidation  and  of  the  compliance  of  the  testing 
system. 

Figures  7(a)  and  (b)  show  the  computed  von 
Mises  effective  stress  contours  for  n  —  0  and  0.3, 
respectively,  for  the  partial  slip  fretting  conditions 
listed  in  Table  2;  here,  the  uniform  tensile  normal 
stress  of  600  MPa  imposed  on  the  fretted  specimen 
is  included  in  the  simulation  (with  the  tensile  stress 
axis  parallel  to  the  direction  of  slip).  A  comparison 
of  Fig.  7(a)  with  Fig.  4(a)  shows  that  superimposed 
tensile  stress  causes  no  reduction  in  the  size  of  the 
contact  region  and  confines  the  high  stresses  to  a 

*The  variation  of  friction  coefficient  p,  estimated  as  ratio 
of  the  measured  tangential  force  to  the  normal  load,  as 
reported  in  [II]  as  a  function  of  the  number  of  fatigue 
cycles.  Since  the  actual  tangential  compliance  of  the  fret¬ 
ting  set-up  can  influence  the  real  value  of  /*,  we  choose  an 
average  value  of  fi  for  our  analysis.  With  this  choice,  the 
partial  slip  radius  c  was  computed  from  the  simulations. 


region  immediately  beneath  the  contact  region.  It 
also  elevates  the  value  of. the  maximum  Mises  stress 
(indicated  by  the  “  +  ”  symbol)  within  the  fretted 
specimen.  The  superposed  uniform  tensile  stress 
also  leaves  the  location  of  the  maximum  Mises 
stress  unaltered  for  =  0.  Figure  7(b)  shows  that 
when  /t  ~  0.3,  the  Mises  stress  decreases  directly 
beneath  the  contact  region  and  increases  at  the  con¬ 
tact  surface  behind  the  normal  loading  axis,  as 
compared  to  the  normal  indentation  with  no  fric¬ 
tion.  The  residual  tensile  stresses  amplify  the  effec¬ 
tive  Mises  stress  behind  the  contact  area.  They  also 
draw  the  stress  fields  deeper  into  the  material  com¬ 
pared  to  when  there  is  no  superimposed  tensile 
stress. 

From  the  information  available  on  the  fretting 
scar,  the  tangential  force  T  was  estimated  analyti¬ 
cally,  using  equation  (6),  to  be  54  N.  For  this  tan¬ 
gential  load  and  for  an  average  friction  coefficient, 
/{  =  0.3,  the  maximum  Mises  effective  strain  incre¬ 
ment  during  a  fretting  cycle,  ccfr,  was  estimated 
from  the  finite  element  simulations  to  be 
ccn=6.6x  10-3.  With  this  effective  strain  from  the 
computations,  a  simple  criterion  for  fatigue  failure 
for  the  primarily  elastic,  multiaxial  loading  prevail¬ 
ing  under  fretting  fatigue  can  be  formulated  by 
using  the  effective  (elastic)  strain  in  the  Basquin 
equation  (e.g.  [23]): 

^  =  $(2  N()\  (12) 

2  E 

where  2A/f  is  the  number  of  fretting  reversals  (two 
per  fretting  cycle)  to  form  a  fatigue  crack  under  the 
aforementioned  experimental  conditions,  and  crr,  E , 
and  b  are  the  experimentally  determined  material 
parameters  for  the  steel  listed  in  Table  1.  From 
equation  (12),  Nf  =  1.4  x  105  cycles.  This  compares 
favorably  with  the  value  of  3.5  x  105  reported  by 
Kuno  et  al.  [11].  (For  the  conditions  of  the  exper¬ 
iments,  we  have  determined  from  our  detailed  com¬ 
putations  that  the  temperature  increase  in  the 
vicinity  of  the  contact  region  was  not  sufficient  to 
affect  the  present  results  appreciably.) 

A  number  of  commonly  employed  manufacturing 
processes  (e.g.  [12])  as  well  as  shot  peening  intro¬ 
duce  compressive  surface  stresses  in  fretted  speci¬ 
mens.  We  now  illustrate  how  the  existence  of  a 
local  compressive  stress  not  only  influences  the 
magnitude  of  the  fields  in  the  vicinity  of  the  contact 
area,  but  also  changes  the  very  structure  of  the 
evolution  of  the  fields.  For  this  purpose  and  for 
comparisons  with  the  results  presented  in  Figs  4 
and  7,  consider  the  fretting  conditions  and  ma¬ 
terials  that  are  identical  to  those  simulated  in  Fig.  7, 
with  the  exception  that  the  uniform  uniaxial  tensile 
stress  of  600  MPa  is  replaced  by  a  uniform  uniaxial 
compressive  normal  stress  of  —600  MPa.  The  Mises 
effective  stresses  computed  for  this  partial  slip  case 
are  shown  in  Fig.  8(a)  and  (b)  for  f.i  =  0.0  and  0.3, 
respectively.  Here  the  stresses  are  spread  out  more 
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(a) 


MISES 

VALUE 

| 

+4 . 56b+02 

“  +5.83E+02 

-  +7 . 10E+02 

-  +8.36E+02 

-  +9.63E+02 

-+1.09E+03 

Fig.  7.  Contours  of  constant  effective  von  Mises  stress  for  (a)  p  =  0.0  (nonna)  contact)  and  (b) 
f.i  -  0.30.  The  stresses  are  normalized  by  the  maximum  normal  pressure,  pmAX  =  3Pj(2na2),  and  the 
lengths  by  the  contact  radius,  a.  Poisson  ratio,  v  =  0.3.  The  data  of  Kuno  et  al.  [11],  Table  2,  are  simu¬ 
lated,  with  the  fretted  specimen  subjected  to  a  uniform,  externally  imposed  tensile  stress  of  600  MPa. 
The  maximum  contact  pressure  pmax=1400  MPa.  Partial  sliding  of  the  sphere  occurs  in  the  direction 
indicated  by  the  arrow.  The  axes  r{a  and  zja  are  drawn  to  the  same  scale. 


along  the  slip  direction,  and  they  do  not  penetrate 
as  deeply  into  the  substrate  as  in  the  tensile  stress 
case.  Because  of  the  uniform  compressive  stress,  the 
magnitude  of  the  Mises  stresses  is  reduced.  The 
trailing  portion  of  lower  stresses  seen  in  Fig.  7(b)  at 
the  surface  is  erased  by  the  application  of  a  com¬ 
pressive  mean  stress.  Instead,  it  moves  directly 
below  the  contact  region. 

Figure  9  shows  the  contours  of  constant  principal 
tensile  stress  for  partial  sliding  with  a  compressive 
mean  stress  of  600  MPa.  In  the  situation  involving 
no  mean  stress  or  a  tensile  mean  stress,  the  maxi¬ 


mum  in  the  local  principal  tensile  stress  occurs  in 
the  wake  of  the  contact  region.  However,  the  com¬ 
pressive  mean  stress  moves  the  location  of  the  local 
principal  tensile  stress  to  the  front  of  the  contact 
region.  This  has  the  effect  of  moving  the  location  of 
possible  cracking  to  the  leading  edge  of  fretting 
contact  in  surfaces  with  compressive  residual  stres¬ 
ses,  a  phenomenon  seen  in  many  fretting  exper¬ 
iments  (e.g.  [12]). 

It  is  important  to  note  here  that  the  information 
about  the  fretting  scar  size  was  used  in  the  above 
analysis  in  order  to  assess  the  tangential  load,  T. 
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Fig.  8.  Same  as  in  Fig.  7  with  the  exception  that  the  fretted  specimen  is  subjected  to  a  uniform,  exter¬ 
nally  imposed  (compressive)  stress  of  -600  MPa.  (a)  ft  =  0.0  (normal  contact)  and  (b)  n  =  0.30.  The 
axes  rja  and  zja  are  drawn  to  the  same  scale. 


Predictions  can  also  be  made  in  a  different  manner: 
the  fretting  scar  annulus,  c,  can  be  determined  from 
the  tangential  load  in  the  computational  model 
since  the  finite  element  analysis  gives  the  slip  con¬ 
ditions  in  the  contact  regime.  In  the  same  way,  one 
can  find  the  applied  normal  load,  P,  from  the  con¬ 
tact  radius,  a.  This  is  important  in  fretting  exper¬ 
iments  because  the  tangential  displacement  (or  the 
tangential  load)  may  not  be  accurately  measured 
due  to  experimental  difficulties  arising  from  the 
compliance  of  the  specimen  and  the  fretting-fixture. 
In  fact,  the  limited  control  of  the  tangential  load  con¬ 


stitutes  a  major  problem  in  performing  fretting  ex¬ 
periments.  With  the  present  analyses,  this 
experimental  problem  may  be  circumvented  by 
actually  assessing  the  tangential  load  (or  displace¬ 
ment)  from  the  observations  of  the  fretting  scar 
damage  annulus  dimensions,  for  any  fretting  situ¬ 
ation  from  partial  slip  to  global  sliding.  Thus  the 
present  approach  provides  a  significantly  more 
powerful  tool  to  interpret  fretting  experiments,  such 
as  the  ones  reported  by  Kuno  et  al.  [11,12],  than 
the  simple  fretting  failure  criteria  (e.g.  [24]).  In  ad¬ 
dition,  the  three-dimensional  finite  element  analyses 
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provide  the  complete  fields  for  partial  slipping,  even 
in  the  presence  of  initial  residual  stresses  and  exter¬ 
nally  imposed  loads. 

5.5.  Fretting  analysis  for  a  7075-T6  aluminium  alloy 


force  (T  =  755  N).  The  calculations  gave  a  normal 
force  P  =  1112  N,  a  stick  radius  c/a  =  0.76,  and  a 
slip  amplitude  S  =  9.5  fim.  These  results  compare 
very  well  with  the  experimental  values  [13],  Table  4. 

The  maximum  effective  strain  increment  was 


Lamacq  et  aL  [13]  have  reported  fretting  exper¬ 
iments  on  a  7075  aluminum  alloy  with  a  sphere-on- 
plate  arrangement.  The  material  of  both  the  sphere 
and  the  plate  was  AI  7075-T6.  The  material  proper¬ 
ties  and  experimental  conditions  from  Ref.  [13]  are 
summarized  in  Tables  3  and  4,  respectively. 

Our  computations  show  that,  when  using  the 
nominal  input  values  of  friction  coefficients  and  the 
mean  values  of  normal  load  reported  for  the  exper¬ 
iments  of  Lamacq  et  al.  [13],  there  was  evidence 
that  a  small  amount  of  bulk  plasticity  was  possibly 
present.  Due  to  the  uncertainty  in  their  nominal 
input  values  (e.g.  the  actual  tangential  load  may 
be  smaller),  we  analyzed  their  results  using  only 
elasticity.  From  Tables  3  and  4,  we  implemented 
in  our  computations  the  elastic  properties  of  Al 
7075-T6,  contact  pad  geometry  (which  had  a 
rounded  tip  radius,  Dj 2  =  300  mm,  instead  of 
being  a  complete  sphere),  the  reported  friction  co¬ 
efficient  (pt  ~  1.2),  the  contact  radius  (a  =  1.8  mm), 
an  initial  tensile  stress  (<td  =  230  MPa)  and  a  shear 

Table  3.  Properties  of  7075-T6  aluminium  alloy  [13] 


computed  cCfl-=6.96x  10~3.  Note  that  this  is  some¬ 
what  above  the  elastic  strain  of  5.78  x  1(T*\ 
Inserting  the  computed  effective  strain  together  with 
the  material  constants  of  Table  3  into  the  Basquin 
equation  (12),  we  found  an  estimate  of  failure  cycles' 
Af=2.6x  105,  which  compares  reasonably  well  with 
the  range  of  cycles  reported  by  Lamacq  et  al. 
(5  x  1 04—  1  x  106). 


5.4.  Plastic  yielding  during  fretting  fatigue 

We  conclude  our  discussions  by  a  brief  examin¬ 
ation  of  plastic  flow  during  the  fretting  fatigue  con¬ 
tact  between  a  sphere  and  a  planar  surface.  This 
section  is  intended  to  merely  illustrate  some  of  the 
capabilities  of  the  computational  model,  and  is  not 

Tabic  4.  Experimental  geometry  and  test  conditions  for  the  7075- 
T6  aluminium  alloy,  studied  in  Ref.  [13] 

Normal  load  (P)  1000-900  N 

Diameter  of  the  sphere  (2/?)  600  mm  (AI  7075  T6) 

(rounded  tip  contact  pad  with  tip 
radius  of  300  mm) 

Average  friction  coefficient  (fi)  1.2 


Young’s  modulus  ( E) 

72  GPa 

Cyclic  frequency 

5  Hz 

Poisson  ratio  (v) 

0.3 

Contact  radius  (a) 

1.8-1.85  mm 

Monotonic  yield  stress  (ay) 

416  MPa 

Slip  fretting  scar  (c) 

1.1-1.25  mm 

Tensile  strength  (<rTS) 

670  MPa 

Transverse  load  ( T) 

930  N 

Fatigue  limit  stress  (<?d) 

230  MPa 

Initial  tensile  stress 

230  MPa 

Fatigue  strength  coefficient  (ar) 

1317  MPa 

Macroscopic  slip  amplitude 

35  fim 

Fatigue  strength  exponent  ( b ) 

-0.126 

Fretting  cycles  (AY) 

5  x  104-106 

Fatigue  ductility  coefficient  (sr) 

0.19 

Initial  crack  position  and 

emanates  from  stick  perimeter. 

Fatigue  ductility  exponent  (c) 

-0.56 

direction 

55°-65°  towards  the  vertical  line 
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Fig.  10.  The  effect  of  plasticity  on  the  evolution  of  T  vs  <5  during  reversed  sliding.  See  text  for  details. 


deemed  to  be  a  complete  parametric  analysis  of 
plastic  deformation. 

In  order  to  investigate  the  evolution  of  inelastic 
deformation,  the  indenter  was  modelled  as  rigid 
and  the  substrate  as  elastic-perfectly  plastic.  The 
yield  response  of  the  substrate  was  characterized  by 
the  von  Mises  criterion  (J2  =  t2  =  <Xy/3,  where  J2  is 
the  second  invariant  of  the  deviatoric  stress  tensor, 
and  Ty  and  oy  are  the  yield  strength  values  in  shear 
and  uniaxial  tension,  respectively).  Increments  of 
plastic  strain  were  assumed  to  satisfy  the  associative 
flow  rule. 

We  consider  the  following  case  for  an  illustration 
of  the  predictive  capabilities  of  the  analysis 
throughout  this  section:  same  material  properties 
for  the  sliding  spherical  indenter  and  the  planar 
fretted  surface  (E  =  103  GPa,  v  -  0.3,  <xy/ 
E  =  I.46xl0-3,  which  represent  the  properties 
of  a  titanium  alloy).  The  indenter  geometry  and 
loading  conditions  were:  D  =  50.8  mm,  fixed 
normal  load,  P  =  500  N,  normalized  indenter 
penetration  depth,  h/D  -  1.48x10^,  normalized 
contact  radius,  a/D  =  8.5  x  10“3,  and  maximum 
contact  pressure,  pmax  =  1.22  x  10~2£. 

For  frictionless  normal  indentation  loading  and 
unloading  (p  —  0),  the  computations  showed  that 
the  elastic  shakedown  limit  was: 

— —  =  4.5.  (13) 

2na2ty  Ty 

This  value  compares  quite  well  with  the  elastic  sha¬ 
kedown  limit  against  alternating  plasticity,  pmaJ 
ry  =  4.675,  which  was  proposed  by  Ponter  et  al.  [25]. 
If  a  high  friction  coefficient  of  p  =  0.7  is  introduced 
in  our  numerical  simulations  of  sliding,  the  elastic 
limit  for  shakedown  was  found  to  be  pmAJXy=  1.4, 
and  the  shakedown  limit  against  the  incremental 
growth  (ratchetting)  of  surface  strain  was  found  to 
be  Pmax/^y  =  1.5.  These  results  are  also  in  accord 
with  the  theoretical  upper  bound  value  of  pmax/ 
Ty=  \/p,  predicted  by  Ponter  el  al.  for  p  >0.3. 


Figure  10  is  a  plot  of  T  vs  <5  plot  (similar  to 
Fig.  2(b)  and  (d))  which  compares  the  elastic  and 
plastic  deformation  response  during  fretting  fatigue. 
For  the  elastic  case,  nearly  full  sliding  conditions 
are  simulated,  with  T m  pP  =  350  N,  with  p  -  0.7 
and  a  displacement,  limit  of  <5 max =  6.5  pm  (point 
A').  When  plastic  yielding  is  permitted,  the  tangen¬ 
tial  compliance,  dT/dd,  becomes  considerably  softer 
than  the  elastic  case,  as  anticipated.  Reversal  of 
sliding,  commencing  at  point  A,  and  extending  all 
the  way  to  <5max  =  —  6.5  pm  (point  B)  and  back  to 
+  6.5  pm  (point  A)  causes  a  hysteresis  response  as 
shown  in  Fig.  10.  After  the  third  reversal,  the  T-S 
hysteresis  loop  attains  a  stable  configuration 
between  points  A  and  B. 

For  the  same  material  properties  and  loading  and 
friction  conditions  in  Fig.  10,  we  now  consider  the 
evolution  of  plastic  strains.  Figure  1 1(a)  shows  con¬ 
tours  of  constant  von  Mises  equivalent  plastic 
strains,  £p?,  on  the  plane  of  sliding  (i.e.  the  x-y 
plane).  Plotted  in  this  figure  is  the  evolution  of  non- 
axisymmetric  yielding  for  the  partial  slip  displace¬ 
ment  <5  (of  the  sphere  on  the  stationary  substrate) 
of  4  pm  (T  =217  N)  in  the  direction  indicated  by 
the  arrow.  Note  the  occurrence  of  an  enlarged  plas¬ 
tic  zone  in  the  substrate  in  the  wake  of  the  slipping 
sphere.  The  enlargement  of  the  plastic  zone  at 
5  =  7  pm  (T  =  313  N)  is  shown  in  Fig.  11(b).  This 
corresponds  to  the  point  of  first  sliding  displace¬ 
ment  reversal,  point  A,  shown  in  Fig.  10.  When  the 
slip  direction  is  reversed  with  <5  =  7  pm  (T  =  —  315 
N),  which  corresponds  to  the  extreme  slip  displace¬ 
ment  in  the  opposite  direction  (point  B  in  Fig.  10), 
the  plastic  strain  contours  evolve  as  shown  in 
Fig.  11(c).  It  is  evident  from  Fig.  ll(a)-(c)  that  for 
typical  fretting  displacements  commonly  encoun¬ 
tered  in  a  Ti  alloy,  a  high  friction  coefficient 
between  the  fretted  surfaces  (which  may  arise  from 
trapped  debris  or  oxide  particles  and  rough  surface 
asperities)  may  be  sufficient  to  cause  plastic  yielding 
at  the  surface.  If  such  plastic  strains  accumulate 
during  cyclic  displacements  (i.e.  when  the  appropri- 


192 


G1ANNAKOPOULOS  and  SURESH:  FRETTING  FATIGUE 


stresses  were  investigated.  The  computational  model 
was  then  used  to  simulate  the  fretting  scar  dimen¬ 
sions  and  the  number  of  cycles  to  fretting  crack  in¬ 
itiation  in  two  previously  reported  experiments, 
where  simple  criteria  predicated  upon  high-cycle 
fatigue  data  for  the  materials  were  employed.  The 
shakedown  limits  predicted  by  the  simulation  were 
then  shown  to  be  in  reasonable  agreement  with 
known  bounds.  It  was  also  shown  that  high  friction 
values  at  the  contact  interface  can  promote  surface 
plastic  flow.  The  evolution  of  plastic  strains  was  7. 
simulated  for  several  repeated  oscillations  of  the 
sphere  on  the  substrate,  to  illustrate  the  capabilities  8. 
of  the  model.  The  spherical  contact  modeled  here 
can  also  be  viewed,  from  a  microscopic  point  of  ^ 

view,  as  the  contact  between  an  asperity  tip  and  a  n‘ 

planar  surface. 

The  present  computations  could  be  extended  to 
include  a  number  of  additional  cases  and  more  12. 
complex  situations.  These  include:  fretting  contact 
fatigue  between  elastically  dissimilar  solids,  more 
detailed  parametric  analyses  of  plastic  deformation 
at  the  surface  including  kinematic  hardening,  the  I4 
evolution  of  stress  and  deformation  fields  in  the 
presence  of  a  spatially  non-uniform  mean  stress  or  15. 
internal  stress,  different  axisymmetric  fretting  con¬ 
tact  (indenter)  geometries,  and  the  deformation  re¬ 
sponse  of  the  fretted  substrate  whose  elastic  and/or 
plastic  properties  discretely  or  gradually  change  as 
a  function  of  depth  beneath  the  contact  interface  17 
as,  for  example,  in  coated  or  case-  hardened  alloys.  18. 
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Abstract — We  identify  aspects  of  quantitative  equivalence  between  contact  mechanics  and  fracture  mech¬ 
anics  via  asymptotic  matching.  An  analogy  is  invoked  between  the  geometry  of  the  near-tip  regions  of 
cracked  specimens  and  that  of  the  sharp-edged  contact  region  between  two  contacting  surfaces.  We  then 
demonstrate  that  the  asymptotic  elastic  stress  and  strain  fields  around  the  rim  of  the  contact  region,  as  de¬ 
rived  from  classical  contact  mechanics  analyses,  are  identical  to  those  extracted  from  linear-elastic  fracture 
mechanics  solutions  for  analogous  geometries.  Conditions  of  validity  of  this  model  for  contact  mechanics 
are  established  by  recourse  to  the  singular  fields  and  small-scale-yielding  concepts  of  fracture  mechanics. 
With  this  method,  the  geometry  of  the  contact-pad/substrate  system  naturally  introduces  a  fictitious  crack 
length,  thereby  providing  a  physical  basis  to  analyze  contact-fatigue  fracture  initiation  and  growth.  Possible 
extensions  of  this  crack  analogue  model  are  then  suggested,  for  situations  where  static  or  cyclic  mechanical 
loads  are  superimposed  parallel  to  the  direction  of  interfacial  friction,  using  the  two-parameter  fracture 
characterization  that  involves  the  stress  intensity  factor  K  and  the  non-singular  T-stress,  or  alternatively, 
the  J  integral  and  the  triaxiality  parameter,  Q.  The  predictions  of  the  crack  analogue  model  are  then  com¬ 
pared  with  fretting-fatigue  experiments  and  are  shown  to  be  in  agreement  with  a  variety  of  independent  ex¬ 
perimental  observations.  A  new  life-prediction  methodology  for  fretting  fatigue  is  also  proposed  on  the 
basis  of  the  present  approach.  ©  1998  Acta  Metallurgica  Inc. 


L  INTRODUCTION 

The  elastic  singular  fields  at  the  sharp  edges  of  a 
two-dimensional  contact  between  a  rigid  flat  punch 
and  a  planar  surface  were  derived  by  Sadowski  [I]. 
Subsequently,  Nadai  [2]  analyzed  the  asymptotic 
stresses  within  the  elastic  substrate  in  the  vicinity  of 
the  corners  of  the  punch  for  both  normal  and  shear 
loading.  Nadai’s  results  confirmed  the  contact 
surface  stresses  predicted  by  Sadowski  for  a  flat 
punch,  and  in  addition,  the  contact  stresses  derived 
earlier  by  Hertz  [3]  for  normal  loading  of  a  cylindri¬ 
cal  punch.  These  developments  preceded  the  evol¬ 
ution  of  the  concepts  of  linear  elastic  and  elastic- 
plastic  fracture  mechanics  based  on  the  stress  inten¬ 
sity  factor,  K  (e.g.  [4])  and  the  J  integral  [5],  re¬ 
spectively.  Substantial  progress  has  been  made  in 
the  past  five  decades  in  the  analysis  of  crack-tip 
fields  on  the  basis  of  fracture  mechanics  principles. 
Although  the  singular  fields  for  sharp-edged  con- 


fPresent  address:  Department  of  Materials,  Imperial 
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tacts  (e.g.  [6-8])  and  for  cracked  bodies  (e.g.  [9, 10]) 
suggest  similarities  (e.g.  [11, 12]),  it  is  somewhat  sur¬ 
prising  that  no  quantitative  connection  has  been 
explored  in  sufficient  detail,  to  our  knowledge, 
between  the  vast  literature  of  contact  mechanics 
and  fracture  mechanics.  Such  possible  connections 
have  not  been  employed,  to  our  knowledge,  to 
interpret  various  experimental  observations  of 
damage  and  cracking  in  contact  failures. 

We  demonstrate  in  this  paper  a  quantitative 
equivalence  as  well  a  broad  connection  between  the 
asymptotic  stress  and  strain  fields  derived  by  classi¬ 
cal  analysis  for  sharp-edged  contacts  (e.g.  [7])  and 
the  crack-tip  fields  predicted  from  fracture  mech¬ 
anics  methods  (e.g.  [13]).  This  equivalence  is  estab¬ 
lished  by  identifying  geometries  of  cracked  bodies 
which  facilitate  an  analogy  with  contact  geometries . 
In  an  attempt  to  validate  this  “crack  analogue”,  the 
following  cases  are  considered: 

(1)  A  two-dimensional  rectangular  rigid  punch 
pressed  normally  against  a  frictionless  flat  surface 
(which  is  analogous  to  the  compression  loading  of  a 
double-edge-cracked  plate). 
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(2)  The  axisvmmetric  geometry  of  a  rigid  circular 
cylinder  pressed  edge-on  against  a  flat  surface 
(which  is  analogous  to  a  circumferentially  cracked 
cylindrical  specimen  subjected  to  normal  compres¬ 
sive  loading  along  the  cylinder  axis). 

The  conditions  governing  the  validity  of  the 
'‘crack  analogue"  model  to  contact  mechanics  are 
established  by  employing  the  small-scale  yielding 
concepts  routinely  used  in  linear  elastic  fracture 
mechanics.  It  is  suggested  that  the  “crack  analogue” 
model  could  be  developed  further  for  cases  where 
static  and  cyclic  loads  are  imposed  parallel  to  the 
friction  interface,  by  using  the  two-parameter  frac¬ 
ture  concepts  based  on  the  stress  intensity  factor  K 
and  the  7-stress.  Because  contact  between  the  rigid 
punch  and  the  substrate  implicitly  introduces  a 
“fictitious  crack  length  scale”,  the  problems  fre¬ 
quently  associated  with  the  identification  of  an 
initial  crack  size  can  be  circumvented.  Available 
experimental  studies  of  fretting  fatigue  and,  in  par¬ 
ticular,  the  quantitative  data  on  the  initial  crack 
growth  direction  and  transition  crack  size  for  a 
change  in  the  crack  growth  direction  allow  us  to 
compare  predictions  from  the  crack  analogue  model 
with  experimental  observations.  Combinations  of 
elastic  properties  of  the  two  contacting  bodies, 
which  lead  to  square-root  singular  fields  at  the  con¬ 
tact  rim  and  which  facilitate  the  crack  analogue 
approach,  are  also  identified. 

The  paper  is  arranged  in  the  following  sequence. 
Section  2  demonstrates  the  theoretical  equivalence 
between  the  asymptotic  solutions  of  fracture  mech¬ 
anics  with  the  fields  around  sharp-edges  of  contact 
regions  for  analogous  geometries.  (The  validity  of 
this  analogue  for  different  combinations  of  the 
elastic  properties  of  the  punch  and  the  substrate, 
for  difference  interface  friction  conditions  is 
addressed  separately  in  Appendix  A.)  In  Section  2, 
we  consider  a  two-dimensional  planar  analogy  as 
well  as  a  three-dimensional  axisymmetric  analogy, 
and  both  normal  and  shear  loading.  This  is  fol¬ 
lowed  by  discussions  of  the  range  of  validity  of  the 
crack  analogue  in  Section  3,  which  exploit  known 
concepts  of  small-scale  yielding  in  linear  elastic  frac¬ 
ture  mechanics.  Possible  extensions  of  the  crack 
analogue  model  for  contact  mechanics  are  then 
suggested  using  the  two-parameter  approach  to 
fracture  mechanics.  Section  4  deals  with  a  variety  of 
quantitative  comparisons  of  the  crack  analogue 
model  with  experimental  observations  derived  from 
fretting  fatigue.  The  paper  concludes  in  Section  5 
with  a  summary  of  the  salient  features  as  well  as 
limitations  of  the  present  approach. 

2.  THEORETICAL  VALIDATION 

The  equivalence  between  the  asymptotic  fields  for 
sharp-edged  contacts  derived  from  classical  contact 
mechanics  analyses  and  the  fields  at  stationary 
cracks,  as  determined  from  fracture  mechanics,  is 


demonstrated  in  this  section  for  a  two-dimensional 
and  a  three-dimensional  contact  geometry.  The 
steps  involved  in  this  exercise  are  as  follows  for  the 
case  of  frictionless  normal  loading. 

(1)  Identify  the  cracked  specimen  configuration 
which  provides  a  geometric  equivalence  for  the 
contact  region  under  a  sharp-edged  punch  which  is 
normally  pressed  against  a  planar  surface  of  the 
same  material.  A  direct  geometric  correlation  is 
established  between  the  radius  of  the  contact  zone 
(which  is  a  function  of  the  normal  load  P  and 
the  punch  width  or  diameter,  la)  and  the  cracked 
specimen,  through  appropriate  coordinate  trans¬ 
formation. 

(2)  Find  the  asymptotic  solutions  to  the  stress 
and  strain  fields  at  the  edges  of  sharp  contacts, 
from  classical  contact  analyses. 

(3)  Determine  the  corresponding  stress  and  strain 
field  solutions  for  the  analogous  cracked  body, 
from  linear  elastic  fracture  mechanics  analysis. 
Here,  invoke  the  assumption  that  the  cracked  body 
is  subjected  to  a  normal  compressive  load  whose 
magnitude  P  is  the  same  as  that  of  the  load  pressing 
the  punch  against  the  planar  surface.  The  scalar 
amplitude  of  the  singular  fields  at  the  crack  tip  is 
the  stress  intensity  factor  K\. 

(4)  Equate  the  different  components  of  the  stress 
fields  determined  from  steps  2  and  3,  and  solve  for 
Kh  which  is  obtained  as  a  function  of  7,  the  overall 
geometry  of  the  cracked  body,  and  the  character¬ 
istic  punch  dimension. 

(5)  Consult  any  standard  text  or  handbook  of 
fracture  mechanics  (e.g.  [14-16])  and  determine  the 
stress  intensity  factor  K\  as  a  function  of  P  and  the 
geometry  of  the  cracked  body. 

(6)  Show  that  steps  4  and  5  lead  to  identical 
results.  This  proves  the  quantitative  equivalence 
between  the  contact  mechanics  and  fracture 
mechanics  solutions. 

An  identical  result  can  also  be  obtained  in  a 
slightly  different  manner.  Perform  steps  1  and  2  as 
shown  above.  Perform  the  above  step  4  next,  and 


Fig.  1 .  A  schematic  representation  of  the  contact  between 
a  two-dimensional  rectangular  punch  and  a  substrate.  The 
normal  and  shear  loading  at  the  contact  interface  and  the 
external  loading  of  the  substrate  are  also  indicated. 
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from  the  stress  intensity  factor  so  determined,  find 
the  mode  I  crack-tip  fields.  Show  that  these  fields 
are  identical  to  those  found  in  step  2. 

2.7.  Two-dimensional  ‘‘crack  analogue " 

Figure  1  schematically  shows  the  two-dimensional 
contact  between  a  rectangular  punch  and  a  flat¬ 
surfaced  substrate.  The  width  of  the  punch  is  2a. 
Consider  the  most  general  loading  situation  where 
the  contact  interface  transmits  a  compressive 
normal  force  P  and  a  shear  force  Q  per  unit  thick¬ 
ness  of  the  contact  area  (i.e.  P  and  Q  have  units  of 
force  per  unit  length).  In  many  practical  situations, 
such  as  those  involving  sliding-contact  or  fretting 
fatigue,  typical  loading  conditions  are  represented 
by  fixed  P  and  fluctuating  Q.  The  uniform  traction, 
aXXi  acts  along  the  slip  direction  (i.e.,  the  x  direc¬ 
tion  in  Fig.  1)  and  may  include  residual  stresses  or 
oscillatory  mechanical  loads.  Given  the  symmetry 
of  the  contact  geometry  about  the  y-z  plane,  we 
focus  attention  at  the  corner,  (x,  y)  =  (- a ,  0)  in 
Fig.  1,  without  any  loss  of  generality. 

The  following  assumptions  are  invoked  in  the 
static  analysis.  (1)  The  substrate,  whose  depth  and 
width  are  at  least  6a  (it  is  assumed  to  be  semi¬ 
infinite),  is  taken  to  be  linear  elastic  and  isotropic 
with  small-strain  deformation  at  all  times.  (2) 
Small-scale  yield  conditions  are  assumed  such  that 
the  size  of  the  plastic  zone  or  damage  zone,  rp,  at 
the  sharp  edges  of  the  contact  region  is  small 
compared  to  the  width  of  the  contact  area,  i.e. 
rp  <  a/20.  (3)  Gross  sliding  does  not  occur  between 
the  punch  and  the  substrate,  and  any  partial  slip 
occurring  at  the  outer  edges  of  the  contact  area 
does  not  significantly  alter  the  asymptotic  solutions, 
which  is  strictly  true  for  rigid  pads  on  incompressi¬ 
ble  (i.e.  the  Poisson  ratio,  v  =  0.5)  or  frictionless 
(i.e.  the  coefficient  of  friction,  p  =  0)  surfaces.  A 
more  detailed  examination  of  the  pad-substrate 
elastic  mismatch  and  its  implications  on  the  present 
analyses  is  provided  in  Appendix  A  and  Table  3. 

Figure  2  illustrates  the  geometry  of  a  two- 
dimensional  cracked  specimen,  which  finds  an 
analogy  with  the  punch/substrate  contact  system 
shown  in  Fig.  1.  This  cracked  plate  is  infinitely 
wide  and  contains  double-edge  (semi-infinite)  cracks 
whose  tips  are  separated  by  a  distance  2a.  The  plate 
is  remotely  subjected  to  tensile  and  shear  loads,  P 
and  Q,  respectively,  such  that  they  induce  mode  I 
and  mode  II  stress  intensity  factors,  K\  and  K\\,  re- 


fThe  T-stress  considered  here  for  the  case  of  an  infinite 
substrate  should  be  modified  if  the  substrate  were  to  be  on 
finite  dimensions. 

JThe  strains  ( err ,  c r<t>)  can  be  found  from  the  stresses 

and  the  elastic  constitutive  equations.  The  displacement 
vector  components,  however,  are  not  the  same  for  the  two 
cases  and  differ  by  a  constant  value  which  is  the  uniform 
indentation  penetration  depth  for  the  rectangular  punch. 


spectively,  at  the  crack-tips.  The  x*-y*  coordinate 
axes  centered  at  the  contact  edge  or  the  crack  tip 
are  shown  in  Figs  1  and  2.  The  cracked  plate  of 
Fig.  2  may  additionally  be  subjected  to  a  uniform 
normal  stress  ffxx-a. ,pp  (known  as  the  T  stress!) 
along  the  x  direction  to  simulate  conditions  which 
represent  superimposed  mechanical  loads  during 
sliding  or  fretting  contact,  and/or  residual  stresses 
which  arise  from  surface  treatments  such  as  coating, 
shot  peening,  etc. 

It  is  evident  that  in  the  contact  situation  shown 
in  Fig.  1,  a  crack  is  likely  to  initiate  at  an  angle  6 
below  the  contact  surface  and  outside  the  contact 
area.  In  the  crack  analogue  of  this  contact  geometry 
shown  in  Fig.  2,  it  is  expected  that  normal  and/or 
shear  loading  would  lead  to  the  initiation  of  a 
kinked  crack  at  the  tip  of  one  or  both  mode  I 
cracks  (which  are  modelled  here  as  non-closing 
under  the  applied  compressive  normal  load).  This 
initial  kink  angle  is  denoted  as  </>  in  Fig.  2.  Thus, 
the  cracking  conditions  in  Figs  1  and  2  can  be 
made  equivalent  by  introducing  a  coordinate  trans¬ 
formation  whereby  6  in  Fig.  1  is  made  to  equal 
n  -  6  ~  <p  in  Fig.  2  for  0  <  6  <  n. 

Note  that  the  stress  boundary  conditions  for  the 
rectangular  punch  outside  the  contact  area  are: 
<roo  =  VrO  =  0.  Within  the  contact  area,  eoo  =  0.  The 
former  conditions  are  identical  to  those  of  a 
traction-free  crack  surface  of  a  mode  I  flaw  in  the 
crack  analogue,  and  the  latter  condition  is  identical 
to  that  ahead  of  the  crack  tip  which  preserves  sym¬ 
metric  mode  I  deformation.  Note  also  that  whereas 
a  constant  displacement  uz  occurs  throughout  the 
contact  area  for  the  rectangular  punch;  this,  how¬ 
ever,  does  not  affect  the  crack-tip  stress  and  strain 
fields. 

2.7.7.  Normal  loading,  plane  strain  (mode  I  “crack 
analogue”).  The  singular  stress  fields  at  the  sharp 
edges  of  the  contact  between  the  rectangular  rigid 
punch  and  the  incompressible  substrate  are  known 
from  the  asymptotic  contact  analyses  of 
Sadowski  [1]  and  Nadai  [2].  Using  the  polar  coordi¬ 
nates  (r,  6 ),  Fig.  1,  the  stresses  at  the  left  edge  (—a, 
0)  are  found  to  vary  as: 


Using  the  “crack  analogue”  transformation  (Fig.  2), 
we  note  that 

9  — ► n  —  9  =  <j>;  0<6<n.  (2) 


Expanding  the  trigonometric  terms  in  equation  (1), 
the  angular  (</>  in  Fig.  2)  variation  of  stresses!  are 
written  as: 
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Fig.  2.  Crack  analogue  of  Fig.  1  showing  the  double-edge 
cracked  plate  specimen  which  is  subjected  to  mode  I  and 
mode  II  stress  intensity  factors,  K\  and  K\\ . 


(Grr 
ar<f> 


(3) 


Note  that  their  stress  fields  are  identical  to  those 
derived  by  Williams  [13]  for  a  Mode  I  crack. 

For  the  calculation  of  the  Mode  I  stress  intensity 
factor  in  the  crack  analogue,  we  note  that  the 
contact  pressure  gives  the  only  non-zero  component 
of  stress  at  the  contact  surface  [1]: 


ny/a2  —  x2 


(4) 


Taking  the  asymptote  of  equation  (4)  for  the  left 
crack  in  Fig.  2,  x  — ►  —  a,  we  find  that 

ayy^~WWr'  a  +  X  =  r~*°'  (5) 


The  opening  stress  at  the  crack  tip  is  related  to  the 
stress  intensity  factor  by 


Gyy 


Ki 

y/'htr' 


r  — ►O. 


(6) 


Comparing  equations  (5)  and  (6),  it  is  clear  that 


K\=- 


P 


(7) 


This  Ki  calibration  result  agrees  with  that  given 
in  standard  fracture  mechanics  handbooks  (e.g. 
[14-16])  for  a  double-edge-cracked  infinite  plate 
(containing  two  semi-infinite  cracks  whose  tips 
separated  by  a  distance  of  2a)  loaded  remotely 
with  a  concentrated  symmetric  normal  load  P. 


fThe  boundary  conditions  outside  the  contact  area  in 
this  case  are  the  same  as  those  for  the  mode  II  situation. 
However,  the  stress  and  strain  fields  are  anti-symmetric  in 
plane  for  the  mode  II  analogue. 


2.12.  Tangent  loading,  plane  strain  (mode  II 
“crack  analogue” ) .  Now  consider  the  contact  pro¬ 
blem  shown  in  Fig.  1  where  the  interface  between 
the  rigid  rectangular  punch  and  the  incompressible 
substrate  is  subjected  to  a  tangential  force  Q  per 
unit  depth;  the  normal  force  P  is  now  taken  to  be 
zero.  The  local  asymptotes  of  the  stresses  at  the 
sharp  corner  of  the  contact  region  are  also  given  by 
Nadai  [2].  Using  the  polar  coordinates  (r,  0),  Fig.  1, 
the  stresses  at  the  left  edge  of  the  contact,  (— a ,  0), 
are  seen  to  vary  asp 
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Now  introduce  the  coordinate  transformation, 
equation  (2),  for  the  critical  orientation  for  crack 
initiation,  from  angle  0  in  Fig.  1  to  angle  (j)  in  the 
crack  analogue  of  Fig.  2,  to  obtain  the  crack-tip 
stresses  as:f 
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r  —  0. 
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These  fields  are  identical  to  the  standard  stress  fields 
at  the  tip  of  a  Mode  II  crack,  as  derived  from  linear 
elastic  fracture  mechanics  methods  (e.g.  [9,10,13]). 
Classical  contact  mechanics  analyses  (e.g.  [6-8]) 
identify  the  only  non-zero  component  of  stress  at 
the  surface  to  be 
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Taking  the  asymptote  of  equation  (10),  x  — >  —  a, 
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But,  with  the  Mode  II  stress  intensity  factor  Ku  in 
the  “crack  analogue”  of  Fig.  2, 
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Comparing  equations  (11)  and  (12),  it  is  clear  that 


(12) 


Ki  i  = 


6 


(13) 


This  /^-calibration  equation  matches  the  result  for 
the  double-edge-cracked  plate  subjected  to  in-plane- 
shear  loading,  where  the  crack-tips  are  separated  by 
a  distance  of  2 a  and  loaded  at  infinity  with  shear 
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stresses  corresponding  to  a  concentrated  shear 
force  Q. 

Complete  stick:  The  discussions  up  to  this  point 
dealt  with  frictionless  normal  or  shear  loading  of 
a  punch  on  a  planar  surface  which  may  be  com¬ 
pressible.  We  now  consider  a  limiting  case  where 
the  rigid  punch  adheres  completely  to  the  surface. 
Here,  in  addition  to  the  normal  load  P  pressing  the 
punch  to  the  surface,  a  tangential  force  arises 
because  of  interfacial  friction;  the  ratio  Q/P  signifies 
an  effective  friction  coefficient.  For  this  case,  the 
shear  stress  at  the  surface  is  (e.g.  [7]) 


(1  -  2v)  P  t  ( a  +  x\ 

Gxy~  2nHl-v)Va^  \^c) 


+ 


(14) 


Here  P  and  Q  are  line  loads  defined  earlier  and  v  is 
Poisson’s  ratio  of  the  contacting  substrate.  The 
corresponding  Ku  calibration  for  the  complete  stick 
case  becomes 


P  d-2w)  [  r  1 

y/jta2n(l  —  u)  j  2a  J 5 


(15) 


where  v  is  Poisson’s  ratio  of  the  substrate. 

2.1.3.  Mechanical  loads  superimposed  on  the  sub¬ 
strate.  The  superposition  of  a  static  or  a  cyclic 
mechanical  load,  <rapp,  applied  parallel  to  the  direc¬ 
tion  of  interfacial  friction,  can  also  be  modelled 
with  the  crack  analogue  of  contact  mechanics.  This 
superposition  becomes  necessary  for  applications 
involving  sliding  contact  fatigue  or  fretting  fatigue. 
For  this  purpose,  we  invoke  the  classical  F-s tress 
concept  of  linear  elastic  fracture  mechanics.  It  is 
noted  that  the  in-plane  stresses  at  the  tip  of  a  mode 
I,  linear  elastic  crack  vary  as 


Fig.  3.  A  schematic  representation  of  the  contact  between 
the  end  of  a  right-circular  cylindrical  punch  and  a  sub¬ 
strate.  The  normal  and  shear  loading  at  the  contact  inter¬ 
face  and  the  external  loading  of  the  substrate  are  also 
indicated. 


/ffxv  <v\_  K\  f&xM  /T  0\ 

U.r.v  a„)  _V2^U],v(0)  a\.y(0)J  +  VO  0/ 

+  (terms  which  vanish  at  crack  tip); 
T  — crapp,  static  or  oscillating.  (16) 

The  superimposed  stress  <rapp  in  the  contact 
mechanics  problem  of  Fig.  2  plays  the  role  of  the 
F-stress  in  the  crack  analogue.  The  fracture  mech¬ 
anics  solutions  that  include  the  F-stress  term  can 
then  be  applied  to  the  contact  problems  with  the 
appropriate  geometrical  analogy. 


2.2.  Three-dimensional  “crack  analogue  ” 

Sneddon  [12]  found  the  elastic  solution  for  a 
normally  loaded  axisymmetric  rigid  punch  of  circu¬ 
lar  contact  radius  a ,  shown  in  Fig.  3.  It  is  shown 
in  this  section  that  the  stress  fields  of  the  contact 
problem  are  the  same  as  those  of  the  semi-infinite 
circumferential  crack  in  a  right  circular,  cylindrical 
rod.  Fig.  4. 

2.2.1.  Normal  loading,  axisymmetric  (Mode  1 
crack  analogue).  Using  the  cylindrical  coordinates, 
r,  z,  0,  in  Fig.  3,  the  non-zero  stresses  are 


/  <T--r  > 

OrZ 
<*0Q 

\o  rr  +  <700/ 


4 p(k  +  p)  h 
(2  +  2 p)  na 


x 


/  °2  \ 

(2A +  ,/)./?- (A +  *,)£./ ®  / 

(17) 


where  k  and  p  are  Lame’s  elastic  constants,  p  =  r/ 
a,  C  =  z/a  are  normalized  coordinates,  h  is  the 
indentation  depth  that  is  related  to  the  applied  nor¬ 
mal  force,  F,  according  to 


P  = 


8p(2  +  p) 

(A  +  2p) 


ah. 


(18) 


Finally,  the  functions  J°ly  Jl2,  ^2,  Jo  are  given  by 


J°i  =  &  1/2  siny,  j\~pR  3/2  sin-^-, 

jO  =  r*R-3/2 

•/»  =  ^(1  "  ^  *“?)’  ('9) 
where  the  transformed  coordinates  are 
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Fig.  4.  Crack  analogue  of  Fig.  3  showing  the  circumferentially  cracked  cylindrical  rod  specimen,  and 

the  associated  nomenclature. 


r*2  =  1+C2,  /?2  =  (P2+C2-  1)2  +  4C2, 

tan  ft  =  1  /(,  tan  co  =  21/ {p1  +  £2  -  l ).  (20) 

Taking  the  asymptotes  (see  Fig.  4,  5— >0)  of  the 
stresses  at  the  surface  (£  — ►  (s/a) sin  <£)  and  close 
to  the  contact  perimeter  p—*  1  +  (s/a)cos  (/>,  we 
obtain  Q  — ►  n/2  —  (s/tf)sin  </>,  a?  — ►  <f>  —  (s/(2a))sin  <£, 
r*  — ►  1  +,/?—►  2(s/a)(\  +  (5/a)cos  <£).  Then, 


The  first  of  equation  (21)  is  the  correct  asymptote 
of  equation  (22)  as  r  — ►  a  —  .  From 


4>  .  3(f>\  This  result  is  the  same  as  that  in  [14-16]  for  a  circu- 

+  sin  ^  sin  ^  lar  semj_jnfinjte  crack  located  along  the  circumfer- 

.  </)  3 </>  ence  of  a  cylindrical  rod  (with  an  uncracked 

sm  ^  cos  ^  ligament  of  radius  a)  loaded  remotely  with  a  con- 

j  .  </>  .  3</>  centrated  normal  load  P,  Fig.  4.  Equation  (21)  also 

2  2  provide  stress  distributions  which  are  identical  to 

2v  /  those  for  the  fields  ahead  of  a  circumferentially 

(21)  located  crack  in  a  cylindrical  rod  (where  the  crack 

r  „  4  .  ,  depth»uncracked  ligament  radius). 

Therefore,  all  stresses  are  square  root  singular  K 

with  respect  to  s,  the  local  radial  coordinate  of  the  2'2'2'  TanSenl  loadinS’  Asymmetric  (Mode  II 

“crack  analogue”,  Fig.  4.  crack  analogue).  Using  the  standard  analysis  for  the 

For  the  calculation  of  Mode  I  stress  intensity  shear  loading  of  a  circular  punch  [7],  it  is  seen  that 

factor,  we  note  that  the  contact  pressure  gives  the 

only  non-zero  stress  at  the  surface,  e.g.  [7],  Grz  —  -£-(a2  -  r2)“,/2.  (25) 

2  na 

p 

a2z  — _ (tf2  _  r2)-^2.  (22)  Taking  the  asymptote  of  equation  (25)  as  r  — ►  a  —  , 

2na  we  obtain 
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Kn 


Q 


'lajna 


(26) 


This  result  is  the  same  as  that  in  fracture 
handbooks  [14-16]  for  a  circular  semi-infinite  crack 
located  along  the  circumference  of  a  cylindrical  rod 
(with  an  uncracked  ligament  of  radius  a)  loaded 
remotely  with  a  concentrated  shear  load  Q. 


3.  RANGE  OF  APPLICABILITY  OF  THE  CRACK 
ANALOGUE 


2o)  =(ff.V.T  -  <V)2  +  (ff.IT  -  <?zz)2 

+  (ff-.-  -  ff.v.v)3  +  6a J,..  (28) 

Under  plane  strain  conditions 

<*Zi  =  Ko’.v.v  +  ff.l  (29) 

where  v  is  the  Poisson  ratio  of  the  surface. 

If  <rapp  =  <rA..v  =  0  (absence  of  T-stress),  then 
equation  (28)  becomes 

2a),  =  a)y[  1  +  u2  +  ( I  -  u)2]  +  6 a)y.  (30) 


3.1 .  Limits  of  the  linear  elastic  4  4  crack  analogue ” 

The  elastic  solutions  predict  that  stress  singular¬ 
ities  develop  at  the  contact  perimeter  and  that  such 
stresses  would  inevitably  lead  to  plasticity  or 
damage  at  this  location.  It  should  be  emphasized 
that  the  asymptotic  forms  presented  in  the  preced¬ 
ing  section  are  valid  only  in  the  region  around 
the  contact  edges.  The  asymptotic  stresses  along  the 
contact  region,  equation  (11),  away  from  the 
contact  edges,  overestimate  the  full  solution, 
equation  (10).  as  shown  in  Fig.  2. 

In  order  to  assess  quantitatively  the  difference 
between  the  contact  mechanics  and  the  asymp¬ 
totically  matched  fracture  mechanics  fields,  consider 
the  tensile  opening  stresses  given  by  equations  (4) 
and  (5),  respectively.  Dividing  <ryyj  as  given  by 
equation  (5),  by  that  from  equation  (4)  yields: 

P/{nJla}-)  _  P  /{ny/la+Ja  —  x) 

P/ (ttV a2  -  a*2)  P/(nja  + x«Ja  -  x) 


Using  the  results  for  the  rigid  punch  solution, 
equations  (4)  and  (10),  it  can  be  shown  that  for 
—a  <  x  <  a. 


r)  _  _  | j  L{]  +  ,2  +(1  _  w)2]  +  3 Q2  . 


(31) 


Therefore,  for  small-scale  plastic  conditions 


I  f  p2  i  1/2 

2c  |  e2-\  |  a  » -  —[I  +  u2  +  (1  -  v)2]  +  3 Q2  . 

Tidy  [  2  J 

(32) 

If  tfapp  =  T,  |r|<5C(Tr,  and  v  =  0.5,  then  equation  (30) 
becomes 

4al  =  3(T-ayy)2+\2a)r  (33) 

After  some  straightforward  algebraic  manipulation, 

the  condition  for  small-scale  plasticity  becomes 

{2 ne  \  l2  -e2  \ {/2a}~]  » 


y/a-b  X 

yfla 


(27a) 


This  ratio  equals  one  when  the  contact  mechanics 
and  the  asymptotic  fracture  mechanics  solutions 
match  exactly.  The  distance  over  which  they  asymp¬ 
totically  match  for  various  levels  of  accuracy,  xasym, 
can  be  quantitatively  assessed  by  letting  the  ratio 
in  equation  (27a)  equal  the  parameter  e.  From 
equation  (27a). 


*asym  =1  2c2  -  1  [  a.  (27b) 

In  other  words,  when  the  contact  mechanics  and 
the  asymptotically  matched  fracture  mechanics 
solutions  are  at  least  95%  of  each  other,  i.e.  when 
e  =  0.95,  equation  (27b)  shows  that  jcasym  =  0.8tf. 
This  implies  that  the  two  solutions  match  to  an 
accuracy  of  better  than  95%  over  20%  of  the  con¬ 
tact  radius  measured  from  the  rim  of  the  contact. 


3.2.  Limits  of  small-scale  yielding 

In  order  to  obtain  estimates  of  the  extent  of  the 
plastic  zone  on  the  surface,  we  use  the  elastic  sol¬ 
utions  as  derived  above.  We  confine  the  analysis  to 
two-dimensional  plane  strain.  Let  oy  be  the  yield 
strength  of  the  surface  region  of  the  substrate.  The 
onset  of  yielding,  as  per  the  von  Mises  criterion, 
occurs  when 


where 


—B  +  y#2  —  4(T  2  —  4aJ/3)/< 

2. 4 


,  (34) 


A=(P2  +  4Q2),  B  =  2TP, 

B2-4[r2-^PjA>Q.  (35) 


Note  that  if  the  uniform  residual  stress  or  applied 
stress  is  compressive  (T  <  0),  the  plastic  range  is 
considerably  reduced  whereas  the  opposite  is  true  if 
it  is  tensile  (T  >  0). 

The  present  approach  can  be  extended,  in  some 
cases,  to  situations  beyond  small-scale  yielding  by 
employing  the  known  results  of  non-linear  fracture 
mechanics.  This  could  entail  use  of  the  two- 
parameter  approach  involving  the  /-integral  and 
the  triaxiality  parameter,  Q  (e.g.  [17]).  Cyclic  plastic 
zones  could  also  be  evaluated  in  the  context  of  fret¬ 
ting  contact  fatigue  using  fracture  mechanics  con¬ 
cepts. 


4.  APPLICATIONS  TO  FRETTING  FATIGUE 

While  the  basic  features  of  the  asymptotic  equiv¬ 
alence  between  contact  mechanics  and  fracture 
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Fig.  5.  Analysis  of  cracking  patterns  in  fretting  fatigue 
using  the  crack  analogue  model.  A  small  surface  crack  in¬ 
itiates  at  an  angle  <j>m  to  the  contact  surface  and  advances 
into  the  substrate  over  a  distance  /c.  It  then  reorients  itself 
normal  to  the  external  cyclic  stresses  A<xapp  and  penetrates 
the  substrates  over  a  distance  ltc  at  which  point  cata¬ 
strophic  failure  initiates. 

mechanics  have  many  broad  applications,  we  take 
up  here  a  particular  case  of  the  present  approach 
which  offers  newer  insights  into  the  cracking 
phenomena  under  fretting  fatigue  conditions. 
Fretting  fatigue  refers  to  the  contact  between  two 
surfaces  where  small,  oscillatory  sliding  displace¬ 
ments  (typically  in  the  range  2-50  fim)  occur 
between  the  surfaces.  Given  the  presence  of  a 
corrosive  environment,  considerable  oxidation  lead¬ 
ing  to  wear  and  material  removal  can  occur  at  the 
fretted  surface.  Usually,  one  or  both  surfaces  in 
contact  is/are  also  subjected  to  fluctuating  stresses 
as  a  consequence  of  such  factors  as  vibration.  It  is 
known  that  repeated  fretting  of  surfaces  can  cause 
a  drastic  reduction  (by  a  factor  of  two  or  more)  in 
the  fatigue  endurance  limit,  and  orders  of  magni¬ 
tude  decrease  in  fatigue  life  from  that  seen  under 
pure  mechanical  cyclic  loading  alone  (e.g.  [18-20]). 
Fretting  fatigue  failures  are  known  to  occur  in  such 
diverse  situations  as:  the  seating  of  the  turbine  disk 
on  drive  shaft  in  land-based  turbines,  the  dovetail 
or  fir-tree  sections  of  aircraft  jet  engines,  interwire 
contacts  of  cables  and  ropes  in  electric  power  trans¬ 
mission  lines,  riveted  joints, .  spline  joints,  key  ways 
and  shrink-fits. 

The  implications  of  the  crack  analogue  model  are 
examined  here  for  the  particular  case  of  high-cycle, 
fretting  fatigue  because  of  the  following  consider¬ 
ations: 

(a)  Fretting  fatigue  represents  a  complex  contact 
problem  in  which  repeated  tractive  (partial)  sliding 
between  surfaces  occurs  in  conjunction  with  super¬ 
imposed  cyclic  loading  (T-stress  in  the  present 
analogy). 

fThe  conditions  governing  the  inception  of  a  fatigue 
crack  at  a  fretted  surface  are  dictated  by  such  complex 
processes  as  surface  oxidation  and  debris  formation,  fret¬ 
ting  wear,  multiple  cracking,  and  possibly  local  changes  in 
near-surface  microstructure.  We  confine  attention  here 
only  to  the  mechanical  cracking  processes  which  are  influ¬ 
enced  solely  by  the  macroscopic  contact  conditions  and 
the  applied  loads. 
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(b)  Detailed  experimental  observations  of  the 
onset  and  progression  of  cracks  near  the  contact 
region  as  well  as  their  continued  advance  into  the 
substrate  under  the  influence  of  superimposed  cyclic 
loads  have  been  reported  in  a  number  of  indepen¬ 
dent  studies  on  fretting  fatigue.  This  makes  it  poss¬ 
ible  to  quantitatively  evaluate  the  predictions  and 
capabilities  of  the  crack  analogue  approach  directly 
with  experiments. 

(c)  In  many  fretting  fatigue  situations,  global 
sliding  and  large-scale  plasticity  do  not  occur 
between  the  contacting  surfaces,  thereby  making  the 
asymptotic  matching  of  the  crack-tip  and  contact- 
edge  fields  justifiable. 

4.1.  General  loading 

Consider  the  two-dimensional  contact  problem, 
schematically  shown  in  Fig.  1,  for  which  the  equiv¬ 
alent  crack  geometry  is  schematically  sketched  in 
Figs  2  and  5.  We  begin  with  a  consideration  of 
loading  conditions  which  are  representative  of 
typical  fretting  fatigue.  The  normal  load  P  in  Fig.  1 
is  taken  to  be  constant,  while  the  tangential  load  Q 
cyclically  varies  in  the  range  -gmax  <  Q  <  2max- 
Let  the  fretted  substrate  (at  least  in  the  regions 
close  to  the  contact  surface)  be  additionally  sub¬ 
jected  to  a  normal  stress,  o-app,  as  shown  in  Figs  1 
and  2.  Such  a  stress  can  arise  from  residual  stresses 
due  to  surface  treatments  (e.g.  shot-peening,  laser 
shock  peening  or  coating),  or  from  externally 
imposed  loads.  We  consider  a  general  case  of 
a  cyclically  varying  uniform  normal  stress  of 
amplitude  A<7app  and  load  ratio,  Rapp. 

From  Sections  2.1.1  and  2.1.2,  it  is  readily  seen 
that  the  remote  stress  intensity  factors,  and  Kn , 
in  Fig.  2  are 

Kx  =  -f=,  A/f,  =  0, 
y/na 

is  i  Qm&x  a  is  _i_  (36) 

with  —  ATjilmax  <  <  A^n|max.  Here  AK\  and  AKU 

are  the  cyclic  amplitudes  of  K\  and  K\u  respectively. 

4.2.  Surface  crack  initiation  under  fretting  fatigue 

Once  a  fatigue  crack  initiates  in  the  contact 
region,  at  some  angle  to  the  contact  surface,  under 
the  influence  of  the  contact  loads,  the  conditions 
for  its  continued  advance  are  dictated  by  the 
amplitudes  of  the  local  mode  I  and  mode  II  stress 
intensity  factors,  A k\  and  A k2,  respectively.  The 
estimation  of  the  angle,  <fon,  at  which  a  fatigue 
crack  initiates  at  the  fretted  surface  (see  Fig.  5)  and 
the  direction  along  which  continued  crack  growth 
occurs  requires  a  fracture  criterionf . 

It  is  postulated  here  that  the  crack  initiates  and 
advances  in  a  direction  along  which  the  local  mode 
II  stress  intensity  factor  amplitude,  A k2,  vanishes. 
For  the  incipient  small  crack,  oriented  at  an  angle, 
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0 ,  to  the  free  surface,  the  local  k\  and  k2  are  related 
to  the  remote  Kx  and  Ku  by  (e.g.  Cotterell  and 
Rice  [21]): 

k  i  =  a\[((f))K\  +  a\2(4))Ki], 

A'2  =  a2\((/))K]  4-  fl22(0)^n-  (37a) 

To  a  first  order  approximation  in  0,  the  dimension¬ 
less  factors  for  the  infinitesimal  kink  are  [21] 

1  /  0  3  0\ 

«n(0)  =  4  (  3  cos- +  cos  y  b 

3  /  0  .3  0 

o\i (<l>)  =  '4I  sin  2 +sinY 

. , .  l  /  .  0  .30 

*21  (0)  =  4(sm2 +smy 

22(0)  =  “  ^cos  |  +  3cosy^.  (37b) 

The  fretting  fatigue  crack  can  initiate  at  either  or 
both  crack-tips.  Without  any  loss  of  generality,  we 
choose  the  left  crack  tip  in  the  double-edge  crack 
analogue  in  Fig.  5.  Note  that  this  corresponds  to 
contact  fatigue  crack  initiation  at  the  left  edge  of 
the  two-dimensional  contact  region  in  Fig.  I. 

In  order  to  determine  the  initiation  angle  of 
the  surface  crack,  0in,  use  the  expression  for 
k2  in  equations  (37a-b)  in  conjunction  with 
equation  (36).  Then  solve  for  0in  by  invoking  the 
condition  that  k2  =  0.  This  result  gives  the  contact- 
fatigue  crack  initiation  angle  at  the  surface  which 
is  determined  by  solving  the  following  equation 
for  <pln: 

sin^  +  sin^x  | 

=  e™>=„.  (38) 


cos—^-  +  3  cos 


4.3.  Small  crack  growth  from  the  surface 

It  is  seen  from  equations  (37a-b)  that  although  P 
(and  hence  K{)  is  fixed,  kx  oscillates  because  Ku 
oscillates.  A  fatigue  crack  initiating  at  0in  is  then 
subjected  to  an  effective  opening  stress  intensity  fac¬ 
tor  (arising  from  both  P  and  Q)  whose  amplitude 
is: 


A*,  =  ±^„lmax(sin^  +  sin^).  (39) 

As  the  small  surface  crack  begins  to  advance  into 
the  substrate,  the  effects  of  the  contact  loads  P  and 


fThe  initial  growth  of  the  stage  I  small  crack  is  postu¬ 
lated  here  to  occur  along  a  constant  path  which  is  at  an 
angle  <f>in  to  the  surface.  In  reality,  however,  the  small 
crack,  once  initiated  at  an  angle  4>tny  would  be  expected  to 
gradually  reorient  itself  until  it  becomes  a  mode  I  crack 
with  respect  to  A<rapp;  see,  for  example,  the  discussion  in 
Section  4.6. 


A Q  in  providing  a  sufficiently  large  Ak t  to  advance 
the  crack  rapidly  diminish,  and  there  arises  a  com¬ 
petition  between  the  applied  uniform  cyclic  stress 
A(7;ipp  and  the  contact  loadsf-  After  some  initial 
growth  over  a  distance  /c  from  the  contact  per¬ 
iphery,  the  small  surface  crack  would,  therefore, 
try  to  reorient  itself  normal  to  the  applied  tensile 
cyclic  stress  A<Tlipp.  This  is  schematically  sketched 
in  Fig.  5.  If  at  the  critical  distance  /c,  the  tensile 
opening  stress  intensity  factor  due  to  the  applied 
loads  is  larger  than  the  effective  mode  I  threshold 
stress  intensity  factor  range,  Atfth,  the  crack  would 
reorient  itself  normal  to  the  uniform  applied  stress 
and  would  continue  to  advance  into  the  substrate 
in  mode  I.  Otherwise,  the  crack  would  arrest  com¬ 
pletely.  The  condition  for  the  reorientation  of  the 
crack  normal  to  Acrapp  can  then  be  phrased  by  link¬ 
ing  the  mode  I  driving  force  to  A/fth  in  the  follow¬ 
ing  manner: 


a  is  A^appV^Wc 

AKth  = - ^ - X  F(0in) 

<«■> 

Here  F(0in)  is  the  function  which  provides  the  stress 
intensity  factor  calibration  (see,  for  example, 
Ref.  [22])  for  the  doubly-kinked  crack  after  the 
appropriate  coordinate  transformation  described  in 
Section  2.1: 

mm)  =  FM in)(3  cos(7t  +  cos 3(71 -2^}) 

+  3F,(<frn)(sin  (”  ~22^in)  +  sin  Kn  ~2*in)).  (40b) 

Tables  of  Fx  and  F2  are  listed  in  Isida  [22],  from 
where  it  is  found  that 

F\  (0) «  1 .058  sin  0  -  0.065  sin(30),  and 
F2(0) * 0.374  sin(20)  +  0.023  sin(40).  (40c) 

4.4.  Extent  of  subsurface  crack  growth  due  to  applied 
loads 

The  fatigue  crack  would  continue  to  advance  in 
mode  I  under  the  influence  of  A<rapp  until  a  critical 
crack  length,  hc,  at  which  catastrophic  failure 
occurs.  The  critical  crack  length  is  reached  when 
the  maximum  stress  intensity  factor  of  the  fatigue 
cycle  reaches  the  fracture  toughness  of  the  material, 
KCl  for  a  very  deep  substrate: 

^max  =1.1 2[tfapp]max\/  tlhc 

^  (4,) 

Since  Kc ,  A <Tapp  and  R.dpp  are  known  quantities 
(with  /?app  being  the  load  ratio  of  the  applied  cyclic 
load  Acrapp),  hc  is  readily  determined  from  this 
equation. 
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4.5.  Life-prediction  methodology  for  fretting  fatigue 
fracture 

We  have  thus  far  reasoned  how  the  fretting 
fatigue  crack  growth  process  can  be  divided  into 
two  stages: 

(1)  Stage  I  crack  growth:  A  surface  crack  initiates 
under  the  influence  of  contact  loads  at  an  angle  (j>m 
to  the  contact  surface.  The  growth  of  this  small 
crack  occurs  (along  a  direction  where  &k2  =  ®)  until 
a  critical  distance,  /c. 

(2)  Stage  II  crack  growth:  Here  Mode  I  crack 
growth  is  primarily  governed  by  the  uniform  cyclic 
stress,  Acrapp,  imposed  on  the  substrate. 

The  inception  and  the  early  growth  of  the  small 
surface  crack  are  dictated  by  a  number  of  complex 
factors  which  include  surface  oxidation,  initial 
surface  roughness,  fretting  wear  debris  formation, 
surface  treatments  (involving  peening,  coating  or 
lubrication),  and  local  multiaxial  stress  states.  Here 
we  consider  only  the  mechanical  effects  and  invoke 
the  notion  that  crack  initiation  occurs  solely  as  a 
result  of  contact  loads  in  a  direction  along  which 
the  local  Mode  II  stress  intensity  factor  vanishes. 

Let  the  crack  growth  rate  per  contact  cycle,  as 
determined  experimentally  for  the  small  surface 
flaw,  be  approximated  by  the  Paris-law: 

-ttt  =  (42) 


where  Cn  and  mM  are  experimentally  determined 
material  constants  representative  of  the  growth  of  a 
long  edge  crack  in  the  substrate  material,  from  an 
initial  crack  length  /  =  /c  sin  </>in  to  a  final  crack 
length  hc. 

The  total  time  or  number  of  cycles  to  failure 
under  fretting  fatigue  can  then  be  estimated  in  the 
following  manner.  The  total  life  consists  of  two 
parts: 

(1)  The  number  of  cycles,  N\,  for  near-surface 
fatigue  crack  growth  in  stage  I,  and 

(2)  The  number  of  cycles,  N2>  for  mode  I  fatigue 
crack  growth  in  stage  II  due  to  the  applied  stresses 
A<xapp. 

The  total  number  of  cycles  to  failure  is: 
N  =  N\  +  N2 . 

Integrating  equation  (42)  for  stage  I  crack 
growth,  it  is  seen  that 

jV,  =  [  - — - a - — - .  (44) 

1  Jo  c,(Afc,r  c,(a *,r 

Note  that  Nj  refers  to  the  number  of  oscillations  of 
the  pad  on  the  substrate  and  not  the  number  of 
cycles  of  the  applied  stress  A<xapp.  If  vI  c  is  the  cyclic 
frequency  of  oscillations  of  the  pad,  the  time  to  fail¬ 
ure  in  stage  I  is:  /‘f.i  — Nj/vI>c. 

Similarly,  integrating  equation  (43), 


where  Q  and  mx  are  material  constants  representa¬ 
tive  of  the  growth  of  small  surface  flaw  (until  it 
reaches  a  length  /c)  and  of  the  local  mixed-mode 
loading  condition;  A&j  is  the  amplitude  of  the  near¬ 
tip  opening  stress  intensity  factor  defined  in 
equation  (39),  and  /  is  the  instantaneous  crack 
length  measured  along  the  initial  growth  plane 
located  at  the  angle  <pin  to  the  surface.  Note  that 
the  load  ratio  R  for  stage  I  crack  growth  is 
essentially  zero,  since  Q  is  fully  reversed  while  P  is 
fixed. 

Similarly,  let  the  growth  of  the  stage  II  crack  be 
characterized  by  the  equation, 

=  C„(  AAr,)m“  =  Cn(1.12Affapp'A7)'",,I  (43) 


Here  N2  refers  to  the  number  of  cycles  of  the 
applied  stress  Acrapp.  If  vHc  is  the  cyclic  frequency 
of  applied  stress,  the  time  to  failure  in  stage  II  is: 
tfu  —  N2/vUc. 

The  total  time  to  failure  in  fretting  fatigue,  with 
the  given  phenomenology  of  cracking,  is 

Ni  N2  iA£. 

/f  =  /r,  i  +  /f,n  =  —  + - •  (46) 

”l,c  vn>c 

It  should  be  recalled  here  that  no  incubation  period 
is  assumed  for  the  initiation  of  a  surface  crack  at 
the  contact  rim.  Should  such  a  period  be  known  to 
exist,  the  time  to  incubation  should  be  added  to  the 
total  time  to  failure.  (A  worked-out  example  which 
illustrates  the  life  prediction  methodology  developed 
here  can  be  found  in  Ref.  [20].) 
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Fig.  6.  (a)  An  overall  view  of  the  initial  inclination  of  a 
stage  I  fretting  fatigue  crack  at  the  surface  at  the  edge  of 
the  rectangular  contact  pad,  and  the  gradual  reorientation 
of  the  crack  to  advance  perpendicularly  to  the  applied  cyc¬ 
lic  stress  on  the  substrate,  (b)  An  enlarged  view  of  multiple 
cracking  and  of  the  evolution  of  a  dominant  fretting  fati¬ 
gue  crack  for  the  same  system,  but  with  a  higher  cyclic 
load  on  the  substrate.  After  Ref.  [23].  Photographs  rep¬ 
rinted  from  Mater.  Sci.  Eng.  A ,  1997,  A237,  229,  by 
Antoniou  and  Radtke,  with  permission  of  Elsevier  Science 
S.A.,  Amsterdam,  The  Netherlands. 


4.6.  Comparisons  with  a  variety  of  experimental  ob¬ 
servations 

4.6.1.  Qualitative  observations  of  crack  initiation 
and  growth.  The  models  of  crack  initiation  and 
growth  considered  in  the  preceding  subsections  find 
experimental  support  in  a  variety  of  independent  in¬ 


vestigations  of  fretting  fatigue.  For  example, 
Fig.  6(a)  shows  the  initiation  of  a  fatigue  crack  in  a 
Ti  alloy  (with  5  Al,  4  Mo,  4  Cr,  2  Zr  and  2  Sn,  all 
in  wt%)  substrated  fretted  with  a  Ti-6A1-4V  rec¬ 
tangular  pad  at  room  temperature  at  a  cyclic  fre¬ 
quency  of  20  Hz  with  the  substrate  subjected  to  an 
alternating  tensile  stress  of  400  MPa  at  R  ~  0.1 
(after  Ref.  [23]).  With  the  static  and  dynamic  fric¬ 
tion  coefficients  determined  to  be  approximately 
0.85  and  0.70,  respectively,  for  the  conditions  of  the 
experiments,  it  is  found  from  this  figure  that  a  stage 
I  fatigue  crack  initiates  at  the  contact  rim  at  an 
angle  <£in^55°.  After  advancing  in  stage  I  over  a 
distance  of  approximately  100-200  pm,  the  crack 
gradually  curves  around  to  become  a  mode  I  fati¬ 
gue  crack  normally  oriented  to  the  applied  alternat¬ 
ing  stress.  Figure  6(b)  shows  a  higher  magnification 
view  of  the  inception  of  multiple  fatigue  cracks 
(marked  A,  B  and  C)  at  the  fretted  surface  from 
another  experiment  with  the  same  conditions  with 
the  exception  that  the  applied  cyclic  stress  ampli¬ 
tude  is  1000  MPa  instead  of  400  MPa;  out  of  these 
multiple  stage  I  cracks,  one  of  them  (marked  A) 
becomes  a  dominant  flaw.  The  two  micrographs  in 
Fig.  6(a)  and  (b)  thus  lend  support  to  the  basic  pro¬ 
cess  of  crack  initiation,  orientation  and  subsequent 
advance  which  is  modelled  in  the  present  study. 

4.6.2.  Quantitative  comparisons  of  crack  path.  The 
methodology  described  in  Sections  4. 1-4.4  can  be 
applied  to  interpret  quantitatively  a  variety  of  ex¬ 
perimental  observations  on  contact  fatigue  already 
available  in  the  literature.  In  view  of  the  availability 
of  quantitative  information  on  the  crack  initiation 
angle  and  on  failure  modes,  we  choose  to  compare 
the  predictions  of  the  crack  analogue  model  with 
fretting  fatigue  experimental  results.  Table  1  gives 
the  background  information  on  the  materials  stu¬ 
died  in  these  experiments  along  with  the  relevant 
references  to  sources  where  full  details  on  the  exper¬ 
iments  can  be  found.  A  direct  comparison  of  the 
present  predictions  of  the  crack  initiation  angle,  <£in, 
the  extent  of  stage  I  crack  growth,  /c,  and  the  occur¬ 
rence  of  catastrophic  fretting-fatigue  failure  with  ex¬ 
perimental  observations  is  provided  in  Table  2.  It  is 
seen  that  the  predictions  are  in  agreement  with  ex¬ 
periments  for  15  different  fretting  fatigue  exper¬ 
iments  from  several  different  research  studies. 


Table  1.  Background  information  on  materials  and  their  basic  properties  for  the  fretting  fatigue  experiments  conducted  in  the  cited  refer¬ 
ences 


Material 

Heat  treatment 

Microstructurc 

Yield 

stress 

(MPa) 

Tensile 

strength 

(MPa) 

Vickers 

hardness 

(Hv) 

Reference 

Ti  alloy  (with  5  Al,  2  Zr,  2 

a  +  ft  alloy 

Widmanstatten 

1080 

1130 

_ 

[23] 

Sn,  4  Mo  and  4  Cr,  in  wt%) 
JIS  SUP9  steel 

austenitised  850°C  +  temper  400°C 

tempered  martensite 

1538 

1677 

498 

[24] 

S45C  Steel 

- 

ferrite/pearlite 

461 

718 

190 

[24] 

SVS  304L  stainless  steel 

- 

austenite 

225 

570 

206 

[25] 

2014  aluminum  alloy 

- 

458 

504 

155 

(26] 

3.5NiCrMoV  steel 

- 

bainite 

600 

733 

222 

(27] 

Table  2.  A  comparison  of  the  predictions  of  the  crack  initiation  angle  (<frn),  the  extent  of  stage  I  crack  growth  (/c),  and  the  occurrence  of  catastrophic  fretting-fatigue  failure  with  experimental  observations 
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5.  CONCLUDING  REMARKS 

In  this  paper,  we  have  demonstrated  some  broad 
connections  between  the  asymptotic  fields  of  sharp- 
ended  contacts  between  two  materials  and  the 
crack-tip  fields  for  equivalent  geometries.  It  is  also 
shown  how  such  connections  could  be  used  to 
identify  the  conditions  governing  the  onset  and 
growth  of  contact  fatigue  cracks.  A  simplified  life 
prediction  methodology  for  contact  fatigue  is  devel¬ 
oped  from  this  “crack  analogue”  model.  The  pre¬ 
dictions  of  this  approach  have  been  compared  with 
a  number  of  independent  experimental  observations 
on  fretting  in  different  alloy  systems.  The  main  fea¬ 
ture  of  this  life  prediction  method  is  that  it  provides 
quantitative  estimates  of  the  fatigue  lives  for  differ¬ 
ent  stages  of  contact  fatigue,  and  provides  tractable 
results  for  a  highly  complex  phenomenon  of  con¬ 
siderable  engineering  significance.  Another  note¬ 
worthy  feature  of  this  approach  is  that  the  crack 
analogue  model  naturally  introduces  a  length  scale 
to  the  problem  whereby  the  classical  fracture  mech¬ 
anics  solutions  can  be  applied  to  contact  mechanics, 
and  whereby  contact  fatigue  lives  can  be  estimated 
from  a  knowledge  of  the  crack  growth  behavior 
known  from  laboratory  specimens.  It  is  to  be  noted 
that  initial  surface  roughnesses  of  the  contacting 
bodies,  possible  changes  in  surface  microstructure 
due  to  severe  tribological  contact,  surface  treat¬ 
ments  and  lubrication  are  factors  which  could 
markedly  alter  the  total  fatigue  lives.  These  com¬ 
plexities  have  not  been  incorporated  into  the  pre¬ 
sent  analysis. 
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elastic 
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APPENDIX  A 

The  crack  analogue  of  contact  mechanics  presented  in  this 
work  strictly  holds  for  rigid  orthogonal  (straight-sided) 
pads  on  incompressible  elastic  substrates,  or  for  rigid  or¬ 
thogonal  pads  on  elastic  substrates  with  frictionless  inter¬ 
faces.  This  analogy  is  expected  to  be  adequate  also  for 
situations  where  the  substrate  undergoes  limited  plastic 
yielding  in  the  highly  stressed  region  of  the  contact  edge, 
or  where  the  friction  coefficient  is  very  small.  Local  partial 
slip  could  be  present  in  the  case  of  strong  elastic  mismatch 
between  the  surface  and  the  pad,  which  could  result  in  a 
reduction  in  the  intensity  of  the  stress  singularity.  Such 
corrections,  however,  are  not  expected  to  be  very  signifi¬ 
cant  (e.g.  [28]).  Therefore,  in  the  proximity  of  the  contact 
perimeter,  the  present  approach  could  be  adequate  for  a 
wide  variety  of  practical  applications. 

The  problem  becomes  more  complicated,  however,  if  the 
punch  is  also  elastically  deformable  and  the  angle  at  the 
corner  (y)  is  other  than  90°.  (Throughout  this  paper,  how¬ 
ever,  we  have  considered  only  a  straight-sided  punch  for 
which  y  =  90°.)  In  Fig.  A.l,  a  two-dimensional  elastic 
wedge  (body  2  in  Fig.  7)  of  angle  y  is  pressed  into  contact 
with  an  elastic  half-space  (body  1  in  Fig.  7),  where  a  con¬ 
stant  friction  coefficient,  p,  is  assumed  at  their  interface. 
The  influence  of  the  elastic  constants  is  governed  by  the 
Dundurs’  parameters  [29]  a,  p: 


Fig.  A.L  The  general  two-dimensional  case  of  a  wedge- 
shaped  elastic  punch  in  contact  with  an  elastic  half  space. 
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1  2  (I  -v,)/G,  +(l  -V2)/C2  ' 

where  and  v2  are  the  Poisson  ratios  of  materials  1  and 
2,  respectively,  and  G\  and  (?2  are  their  corresponding 
shear  moduli. 

The  variation  of  the  stress  components  are  not  always 
square-root  singular.  Depending  on  a,  p,  y  and  //,  power, 
logarithmic,  or  more  complex  singularities  may  arise.  In 
some  cases,  there  could  be  no  singularity  at  all.  The  gen¬ 


eral  problem  has  been  addressed  by  Dundurs  and  Lee  [30] 
for  the  frictionless  case,  by  Bogy  [31]  for  the  perfect 
adherence  case,  and  by  Gdoutos  and  Theocharis  [32]  and 
Comninou  [33]  for  the  friction  case.  However,  there  are 
some  material  combinations,  a,  p,  as  well  as  pad  angles  y 
and  friction  coefficients  /«,  which  rigorously  give  the 
square-root  singular  solutions  discussed  in  Section  2  of  the 
present  paper.  These  cases  are  summarized  in  Table  3. 
Thus,  the  square-root  singular  solutions  are  expected  to  be 
either  rigorously  or  approximately  valid  for  a  large  variety 
of  material  combinations  and  pad  geometries. 
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Abstract — By  incorporating  the  effects  of  interfacial  adhesion  in  the  mechanics  of  rounded  contact  between 
two  bodies,  a  new  approach  is  proposed  for  the  quantitative  analysis  of  a  wide  variety  of  contact  fatigue 
situations  involving  cyclic  normal,  tangential  or  torsional  loading.  In  this  method,  conditions  of  “strong” 
and  “weak”  adhesion  are  identified  by  relating  contact  mechanics  and  fracture  mechanics  theories.  Invok¬ 
ing  the  notion  that  for  strong  and  weak  adhesive  contact,  a  square-root  stress  singularity  exists  at  the 
rounded  contact  edge  or  at  the  stick-slip  boundary,  respectively,  mode  I,  II  or  III  stress  intensity  factors 
are  obtained  for  normal,  sliding  and  torsional  contact  loading,  accordingly.  A  comparison  of  the  cyclic 
variations  in  local  stress  intensity  factors  with  the  threshold  stress  intensity  factor  range  for  the  onset  of 
fatigue  crack  growth  then  provides  critical  conditions  for  crack  initiation  in  contact  fatigue.  It  is  shown 
that  the  location  of  crack  initiation  within  the  contact  area  and  the  initial  direction  of  crack  growth  from 
the  contact  surface  into  the  substrate  can  be  quantitatively  determined  by  this  approach.  This  method  obvi¬ 
ates  the  need  for  the  assumption  of  an  artifical  length  scale,  i.e.  the  initial  crack  size,  in  the  use  of  known 
fracture  mechanics  concepts  lor  the  analyses  of  complex  contact  fatigue  situations  involving  rounded  con¬ 
tact  edges.  Predictions  of  the  present  approach  are  compared  with  a  wide  variety  of  experimental 
observations.  ©  1999  Acta  Metallurgica  Inc.  Published  by  Elsevier  Science  Ltd.  All  rights  reserved. 

Keywords:  Adhesion;  Fracture;  Fatigue;  Wear;  Surfaces  and  interfaces 


1.  INTRODUCTION 

Functional  structures,  at  macro  or  micro  size-scales, 
by  design  or  default,  involve  contact  between  simi¬ 
lar  or  dissimilar  materials,  under  static  or  cyclic 
loading  conditions,  in  a  passive  or  aggressive, 
thermo-chemical  environment.  Consequently,  in  the 
most  general  case,  different  aspects  of  contact  such 
as  material  properties,  interface  chemistry  and  con¬ 
tact  mechanics  can  independently  or  interdepen- 
dently  influence  the  overall  mechanical  behavior  of 
the  contacting  system. 

In  most  cases,  the  bulk  mechanical  behavior  of 
the  contacting  system  is  characterized  by  a  macro¬ 
scopic  continuum  level  analysis  that  evaluates  the 
uncoupled  mechanics  response  [1].  However,  a  more 
complete  analysis  requires  a  consideration  of  the 
microscopic  or  atomic  structure  where  coupled  in¬ 
teractions  at  the  contact  interface  become  signifi¬ 
cant.  These  are  typically  analyzed  within  the 
framework  of  surface  thermodynamics  by  recogniz¬ 
ing  that  contacting  surfaces  are  subject  to  short- 
range  interatomic  forces  such  as  the  van  der  Waals 
forces.  Consequently,  spontaneous  adhesion  leading 
to  the  formation  of  a  low  energy  interface  reduces 


tPermanent  address:  Department  of  Materials,  Imperial 
College  of  Science,  Technology  and  Medicine,  Prince 
Consort  Road,  London  SW7  2BP,  U.K. 

JTo  whom  all  correspondence  should  be  addressed. 


the  total  energy  of  the  system,  while  elastic  defor¬ 
mation  across  the  interface  that  accomodates  ad¬ 
hesion  leads  to  an  increase  in  the  potential  energy 
of  the  system.  The  resulting  thermodynamic  equili¬ 
brium  and  extent  of  adhesion  is  then  determined  by 
the  relative  dominance  of  these  competing  phenom¬ 
ena. 

For  monotonic  contact  loading,  adhesion  has 
been  well  documented  analytically  and  experimen¬ 
tally  under  normal  loads  [1-5],  and  to  a  lesser 
extent  under  tangential  loads  [6].  For  cyclic  loading, 
a  number  of  experimental  studies  have  investigated 
adhesion  in  a  variety  of  materials  —  metals  [7,  8], 
glasses  [9],  and  polymers  [10],  for  different  surface 
and  environmental  conditions  [11,  12],  temperatures 
[13],  hardness  [8],  and  fatigue  cycles  [14]. 

Theoretical  work  has  demonstrated  that  under 
monotonic  compressive  loading  of  the  contact  inter¬ 
face,  adhesion  induces  tensile  square-root  singular 
stress  fields  at  the  contact  edges  [2,  3].  However, 
connections  to  contact  fatigue  experiments  specifi¬ 
cally  aimed  at  correlations  between  adhesion  and 
fatigue  crack  initiation  have  not  been  established. 

The  objectives  of  the  present  work  are,  therefore, 
to  develop  and  experimentally  validate  a  general 
continuum  level  mechanics  model  that  incorporates 
work  of  adhesion,  material  elastic  properties,  and 
contact  loads,  for  predicting  key  features  of  contact 
fatigue  crack  initiation  (thresholds  for  the  onset  of 
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cracking,  location  of  cracking,  and  initial  orien¬ 
tation  of  the  crack  plane  with  respect  to  the  contact 
surface)  for  a  variety  of  loading  conditions  (cyclic 
mode  I  or  steady  mode  I  with  cyclic  mode  II  or 
cyclic  mode  III)  and  contact  geometry  (sphere  or 
cylinder  on  a  planar  substrate). 

This  paper  addresses  the  following  key  issues  of 
contact  mechanics  and  contact  fatigue. 

First,  the  present  work  extends  the  crack  ana¬ 
logue  methodology  developed  earlier  [15]  for  the 
contact  between  a  sharp-edged  pad  and  a  planar 
substrate,  where  stress  singularities  are  introduced 
by  the  sharp  cornered  geometry.  We  now  investi¬ 
gate  the  more  general  case  of  rounded  contacts 
where  stress  singularities  are  induced  by  adhesionf 
and  thus  present  a  universal  methodology  that 
enables  analysis  of  a  variety  of  contact  problems 
from  those  due  to  fretting  fatigue  in  large-scale 
structures  to  contact  fatigue  in  micro-scale  devices, 
with  adhesive  or  non-adhesive,  sharp  or  rounded 
geometries. 

Second,  as  the  adhesion-induced,  square-root 
singular  stress  fields  are  amenable  for  analysis 
within  the  framework  of  a  “crack  analogue”  [15], 
the  pre-existing  long  crack  introduced  by  the  con¬ 
tact  circumvents  “length  scale”  problems  inherent 
in  the  modeling  of  crack  initiation  based  on  conven¬ 
tional  fracture  mechanics  [16],  or  small  crack 
growth  based  on  initial  dislocation  distributions 
[17]. 

Third,  under  conditions  of  small-scale  yielding, 
the  effects  of  static  and/or  oscillatory  bulk  stresses 
(i.e.  residual  stresses  induced  by  surface  treatments 
such  as  shot-peening  or  laser  shock-peening,  or  far- 
field  applied  stresses  acting  parallel  to  the  contact 
surface)  on  contact  fatigue  crack  initiation  can  also 
be  analyzed  by  recognizing  that  these  are  analogous 
to  the  T-stresses  present  in  a  simple  linear  elastic 
fatigue-fracture  formulation. 

Fourth,  all  previous  analyses  which  are  based  on 
stress-based  approaches  to  fatigue  at  critical  points 
(such  as  those  using  elastic  stress  fields  of  a  sphere 
on  a  flat  plane  [18]  in  combination  with  a  variety  of 
fatigue  strain-based,  multiaxial  criteria  for  endur¬ 
ance  limits  [19-22],  predict  contact  fatigue  cracking 
to  initiate  at  the  contact  perimeter.  This  prediction 
is  contrary  to  many  experimental  results  which 
clearly  indicate  that  cracking  could  initiate  at  either 
the  contact  perimeter  or  the  stick-slip  boundary. 
The  present  analysis,  though  an  examination  of  the 
work  of  adhesion  via-a-vis  the  crack  driving  force 


fThe  adhesion  induced  stress  singularities  are  not 
expected  to  modify  the  geometry  induced  stress  singular¬ 
ities  in  the  case  of  sharp  edged  contacts. 

JThe  conditions  of  strong  and  weak  adhesion  can  con¬ 
ceptually  be  visualized  as  being  analogous,  respectively,  to 
the  concepts  of  “static”  and  “dynamic”  friction  when  the 
interfacial  slip  behavior  across  two  contacting  surfaces  is 
considered. 


arising  from  the  contact  loads,  leads  to  a  novel 
classification  whereby  cases  of  strong  and  weak  ad¬ 
hesion  are  recognized  unambiguously!.  Thus,  the 
crack  initiation  location  (contact  perimeter  for 
strong  adhesion  and  the  stick-slip  boundary  for 
weak  adhesion)  can  be  predicted  without  uncer¬ 
tainty. 

Fifth,  the  present  methodology  conceptually  fa¬ 
cilitates  the  incorporation  of  known  effects  of  sur¬ 
face  conditions,  environment,  hardness,  and 
temperature  on  adhesion,  through  a  simple  modifi¬ 
cation  of  the  work  of  adhesion. 

The  paper  is  arranged  in  the  following  sequence. 
The  mechanics  of  adhesive  contacts  for  a  variety  of 
monotonic  loading  conditions  are  reviewed  in 
Section  2.  The  contact  mechanics  of  cyclic  loading 
for  three-dimensional,  spherical,  adhesive  contacts 
are  analyzed  in  Section  3.  The  results  of  the  ad¬ 
hesion  model  for  cyclic  loading  for  two-dimen¬ 
sional,  cylindrical  contacts  are  presented  in  Section 
4.  The  range  of  applicability  of  the  adhesion  model 
as  well  as  its  significance  and  limitations  are  dis¬ 
cussed  in  Section  5.  Available  experimental  results 
for  different  material  systems  and  loading  configur¬ 
ations  are  compared  to  model  predictions  in 
Section  6.  Finally,  the  paper  concludes  with  a  sum¬ 
mary  of  results  and  potential  palliatives  for  contact 
fatigue  from  the  perspective  of  the  adhesion  model 
in  Section  7. 


2.  MECHANICS  OF  STATIC  ADHESIVE  CONTACT 

Consider  a  sphere  of  diameter,  D ,  elastic  mod¬ 
ulus,  E,  and  Poisson  ratio,  v,  contacting  the  planar 
surface  of  a  large  substrate  of  similar  material,  Fig. 
1(a),  with  r  and  z  being  the  global  radial  and  depth 
coordinates  attached  to  the  center  of  the  contact 
circle.  Three  loading  conditions  are  considered  as 
follows. 

2A.  Normal  loading 

For  elastic,  monotonic  loading  from  zero  to  Pmax 
(>0),  under  non-adhesive  conditions,  the  contact 
stress  field  is  non-singular  [Fig.  1(b)]  and  the  maxi¬ 
mum  contact  radius,  a0,  is  given  as  [1] 

Under  adhesive  conditions,  when  two  surfaces  with 
surface  energies  y\  and  72  adhere  to  form  a  new 
interface  of  lower  energy,  yX2i  the  corresponding 
work  of  adhesion  is  defined  as,  w  =  (yj  +  72—712)  ^0* 
For  two  contacting  solids  with  the  same  elastic 
properties,  which  are  presently  considered,  w-2y\. 
For  metals,  wzz  1  N/m  [23]. 

The  short-range  forces  of  attraction  that  promote 
adhesion  effectively  increase  the  contact  load  across 
the  interface  and  thus  increase  the  contact  radius, 
flmax  [F*g*  1(C)],  to  the  one  given  as 
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Fig.  1.  Schematics  illustrating:  (a)  non-adhesive  contacts  and  (b)  the  corresponding  non-singular  contact 
stress  field;  (c)  adhesive  contacts  and  (d)  the  corresponding  stress  field  exhibiting  tensile  square-root 

singularity. 


The  apparent  load,  P*m ax,  required  to  maintain  the 
same  contact  radius,  amax,  without  adhesion  is 
given  by  Hertzian  analysis  {i] 


4EaL 


P*  = 
max  3(1  —  v2)D 


(3) 


Unlike  the  non-adhesive  case  (Fig.  2),  the  adhesive 
contact  produces  a  tensile,  square-root  singular 
stress  field  [24]  which  is  asymptotically  equal  to  the 
mode  I  crack  field  at  the  contact  perimeter  (Fig. 
1(d)).  With  p  and  6  as  the  local  polar  coordinates 
at  the  contact  perimeter,  (f>  the  angular  circumferen¬ 
tial  coordinate,  and  Trr  and  as  the  non-singular 
stress  terms  in  the  radial  and  circumferential  direc¬ 
tions,  the  asymptotic  stress  field  is  given  by  [24] 


P 

▼ 


Fig.  2.  Schematics  illustrating:  (a)  sharp-edged,  non-adhesive  contact  and  (b)  the  corresponding  crack 
analogue  exhibiting  compressive  stress  singularity. 
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(a) 


(b) 


Fig.  3.  Schematics  illustrating:  (a)  tangential  loading  and  (b)  torsional  loading  of  adhesive,  spherical 

contacts. 
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The  associated  energy  release  rate  can  be  identified 
as  (1  -  v2)*  i/£t-  The  maximum  non-singular  stres¬ 
ses  in  the  radial  and  circumferential  directions  due 
to  contact  at  maximum  load  are  given  by 


max  Trr  —  —max  — 


max  T  — 


d-2v)na 


(7) 


=  v(Cr  -  Trr  +  O  +  TH.  (4d) 

The  corresponding  tensile  stress  intensity  factor,  K]y 
is  given  as  [25,  26] 


P*~Pm 


2^max  y/’R-Q  max 


(5) 


2.2.  Combined  normal  and  tangential  loading 

For  elastic,  monotonic,  tangential  loading  from 
zero  to  gmax  ( >  0),  under  a  constant  normal  load, 
/>max,  an  adhesion-induced,  square-root  singular 
stress  field  [6]  is  obtained  at  the  contact  perimeter 
(Fig.  3(a)).  The  mode  II  field,  at  the  leading  and  the 
trailing  edgest,  can  be  expressed  as  [15] 


The  size  of  the  /^-dominance  around  the  contact 
perimeter,  pky  is  identified  by  the  nodal  positions  in 
the  stress  field  [Fig.  1(d)]  and  is  given  by 


f(a)  For  contacting  surfaces  of  different  diameters,  D 
can  be  replaced  by  D\D2f{D\  +  D2),  where  the  indices  1 
and  2  refer  to  the  contacting  bodies  I  and  2.  (b)  For  con¬ 
tact  involving  elastically  dissimilar  materials,  (1  -v2)JE  can 
be  replaced  by  {[(1  —v\)/E\  +(1  —Vj)/^]}/^  and  the 
energy  release  rate  relations  are  preserved.  However,  the 
form  of  the  stress  intensity  factor  remains  invariant  only  if 
the  stress  fields  are  square-root  singular  for  which  the  sec¬ 
ond  Dundurs’  parameter,  p=0  [27],  i.e. 


E2(  1  4-  vl)(l  -  2vx)  -  Ei(l  +  V2XI  ~  2v2)  ==0 

£2(l-vf)  +  £,(l-«42) 

Jin  general,  a  mixed  mode  1I/III  field  is  obtained  along 
the  contact  perimeter  with  the  corresponding  stress  inten¬ 
sity  factors  being: 


*111  = 


gmax  Sin  (ft 
2^? max  y/avcax 


where  (j>  is  the  angle  between  the  radius  vector  at  the  per¬ 
ipheral  point  and  the  direction  of  gmax  [29]. 


“5\=  JfeC-*  0(2+  cos  I  f) 


(8a) 

.  K\\  .6  6 

<  =  VHp  Sm  2  C°S  2  S,n 

3  e 

2 

(8b) 

^  Kn  9( ,  .9 

<  =  7^cos  2V1"  s,n  2  sin 

i) 

(8c) 

a08  =  V(ffrr  +  azz  ) 

(8d) 

where  the  mode  II  stress  intensity  factor,  Ku,  is 
given  as 


2tfmax  y/ft&ir 


(9) 


The  maximum  T-stresses  due  to  contact  are 
obtained  at  the  maximum  tangential  load  and  are 
given  as 
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m“  =  <l0b) 


2.3 .  Combined  normal  and  torsional  loading 

For  elastic,  monotonic,  torsional  loading  from 
zero  to  Mz  (>0)  (Fig.  3(b)),  under  a  constant  nor¬ 
mal  load,  Pmux,  the  adhesive  asymptotic  stress  field 
due  to  torsional  loading!,  is  square-root  singular  at 
the  contact  perimeter  [28]: 


sin 


0 

V 


.lor 

0 


cos 


e 

2 


(11) 


with  the  mode  III  stress  intensity  factor,  given 
as 


Km  =  Cv/2 n(amax  -  r)  = 


3A/- 

^anax  'Jnamxx 


(12) 


The  maximum  energy  release  rate,  max  G,  is  related 
to  the  mode  I  and  III  stress  intensity  factors  as 


max 


*5i(l+r)~  ^P-v2) 
E  +  E 


(13) 


where  Kux  is  given  by  equation  (24)  and  K\  is  given 
by  equation  (26).  The  mode  III  fields  do  not  pro¬ 
duce  any  F-stresses. 


3.  MECHANICS  OF  CYCLIC  ADHESIVE  CONTACT 
3.1.  Model  assumptions 

In  modeling  adhesive  contacts  under  cyclic  load¬ 
ing  conditions,  we  invoke  the  following  assump¬ 
tions. 

1.  Materials  are  homogeneous,  isotropic  and  linear 
elastic. 

2.  In  order  to  keep  the  analysis  simple  and  to  avoid 
complications  from  elastic  mismatch  of  the  con¬ 
tacting  bodies  and  from  the  strong  nonlinear 
effects  of  contact  geometry,  only  the  sphere  or 
cylinder  on  flat  surface  of  similar  materials  is 
analyzed.  To  avoid  microstructural  scale  effects, 
the  contact  area  is  assumed  to  cover  at  least  sev¬ 
eral  grains  of  the  material. 

3.  For  ideal  contact  conditions  characterized  by 
clean,  smooth  surfaces  under  inert  atmospheres, 
a  direct  relationship  between  adhesion  and  fric¬ 
tion  can  be  obtained  [30-32].  However,  under 
real,  ambient,  atmospheric  conditions,  where  the 


fThe  normal  load  creates  a  mode  I  stress  field,  as 
described  by  equations  (4). 

Jit  is  implicitly  assumed  in  this  work  that  debonding 
always  occurs  in  a  brittle  and  axisymmetric  manner  along 
the  contact  perimeter.  Hence,  the  maximum  value  of  Gd 
cannot  be  higher  than  the  critical  energy  release  rate  for 
fracture  of  the  bulk  contacting  materials  under  monotonic 
loading. 


contacting  surfaces  are  not  perfectly  clean  or 
smooth,  a  direct  correlation  between  friction  and 
adhesion  has  not  been  established.  Hence,  in 
order  to  maintain  generality,  an  a  priori  relation¬ 
ship  between  friction  and  adhesion  is  not 
assumed  [33].  Therefore,  work  of  adhesion  and 
coefficient  of  friction  are  introduced  in  the  analy¬ 
sis  in  an  independent  way.  However,  for  particu¬ 
lar  cases  where  an  explicit  relationship  between 
friction  and  adhesion  can  be  identified,  the 
analysis  can  be  modified  as  indicated  in  the 
Appendix. 

4.  Strong  adhesion  is  defined  as  that  for  which  the 
work  needed  to  debond  the  two  contacting  sur¬ 
faces,  Gd,  is  high  enough  to  resist  local  debond¬ 
ing  at  the  contact  perimeter.  The  work  of 
adhesion  for  receding  (separating  or  opening) 
contact,  Gd,  is  greater  than  the  work  of  adhesion 
for  advancing  (approaching  or  closing)  contact, 
w,  i.e.  Gd  >  >v.  Such  adhesion  hysteresis  is  due  to 
mechanical  and/or  chemical  effects,  e.g.  micro¬ 
plasticity  of  asperities  [34,  35]. 

5.  The  effect  of  bulk  and/or  residual  stresses  in  the 
substrate,  on  fatigue  crack  initiation,  can  be  in¬ 
corporated  by  superposition  with  the  contact- 
induced  T-stresses. 

6.  Finally,  when  certain  fatigue  threshold  con¬ 
ditions  are  met  (as  described  below),  contact  fati¬ 
gue  cracks  are  expected  to  initiate  both  in  the 
contact  pad  and  the  flat  substrate.  As  cracks  in 
the  contact  pad  are  expected  to  be  mirror  images 
of  those  in  the  substrate  across  the  plane  of  con¬ 
tact  (i.e.  they  initiate  at  the  same  contact  lo¬ 
cation),  we  discuss  the  stress  state  of  the 
substrate  only. 


3.2.  Three-dimensional  spherical  contacts 

3.2.1.  Normal  contact  fatigue.  Consider  a  spheri¬ 
cal  pad  in  oscillatory  normal  contact  with  a  fiat 
substrate  (Fig.  1),  with  the  applied  load,  P ,  in  the 
range  Pmax  >  Pmm  >  0.  As  the  load  decreases  from 
its  maximum,  Pmax,  to  its  minimum  value,  Pm in,  the 
strain  energy  release  rate,  G,  at  the  contact  per¬ 
imeter  increases  monotonically. 

When  max  G  <  Gd  or  (Pmax  ~  Pmn  )<3nGdD/4 , 
strong  adhesion  is  obtained  with  the  contact  radius 
remaining  unchanged  at  amax.  The  mode  I  cyclic 
stress  intensity  factor  at  the  contact  perimeter  is 
given  as 

AX,  =  Kmu-  Kmin  =  (14) 

V^^max 

with  the  corresponding  load  ratio,  R  = 
(mm  K\j  max  K\)  —  ( P min  / F max  ). 

When  max  G  >  Gd  or  (Pmax  -  Pmin  )>3nGdD/4 , 
weak  adhesion  is  obtained  as  the  work  of  adhesion 
is  insufficient  to  sustain  the  singularity  at  the  maxi¬ 
mum  contact  radius,  amax{.  Consequently,  the  con- 
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tact  debonds  at  the  contact  perimeter  and  the  con¬ 
tact  radius  decreases.  The  oscillatory  mode  I  stress 
intensity  factor  at  the  contact  edge,  amiXX,  is  given  as 


«,=-  3,c^_ 
oflniax  Vrt/?max 


(15) 


with  the  corresponding  load  ratio,  R ,  being 


-  (3nGdD/4) 

Rimx 


(16) 


As  the  contact  conditions  effectively  imply  a  virtual 
circumferential  crack  with  a  circular  crack  front  co¬ 
incident  with  the  contact  perimeter  [15],  the  in¬ 
itiation  of  a  fatigue  crack  at  the  contact  edge  is 
conceptually  equivalent  to  the  onset  of  propagation 
of  this  pre-existing  virtual  crack.  Hence,  a  fatigue 
crack  is  expected  to  initiate  at  the  contact  edge, 
amax,  for  strong  or  weak  adhesion,  if  &K]>AK&, 
where  A/Clh  is  the  mode  I  long  crack  initiation  fati¬ 
gue  threshold  stress  intensity  range  for  the  corre¬ 
sponding  values  of  R  and  max  T. 

3.2.2.  Tangential  fretting  fatigue .  Consider  a 
sphere  in  contact  with  a  planar  substrate  under  an 
applied  normal  load  Pmax  (Fig.  4).  The  maximum 
tangential  load,  Qm&x  ,  that  can  sustain  adhesion  at 
maximum  contact  radius  is 

Q  max 


<?-2v)  , 

G »  E 

(lG\-KD\ 

(2  —  v)  max 

\  40max  )  J 

(17) 


where  Gd  and  G“  are  the  critical  debonding  energies 
under  pure  normal  and  tangential  loads,  respect¬ 
ively. 

If  the  amplitude  of  the  applied  tangential  load 
£?max  —  Q  max  or  equivalently  the  maximum  energy 
release  rate  at  the  contact  edge  upon  load  reversal, 
max  G  <  Gd,  then  strong  adhesion  (stick)  is 
obtained*)*. 

The  stress  intensity  factor  that  corresponds  to  the 
mixed  mode  I  (steady)  crack  field  is  given  by 
equation  (5)  and  that  which  corresponds  to  mode  II 
(oscillatory)  crack  fields  at  the  leading  and  the  trail¬ 
ing  contact  edges  is  given  by 


Atfn  = 


(18) 


with  the  local  effective  load  ratio,  /?  =—!. 

If  the  amplitude  of  the  applied  tangential  load 
fimax  >Q  max  or  equivalently  the  maximum  energy 
release  rate  at  the  contact  edge  upon  load  reversal, 
max  G  >  Gd,  then  weak  adhesion  (stick-slip)  is 


fThe  critical  energy  release  rate,  Gd,  may  depend  on  the 
mode  mixity,  KijKUy  and  this  could  introduce  a  contact 
size  effect  for  elastically  dissimilar  surfaces. 


Fig.  4.  Schematic  illustrating  tangential  loading  of  the 
spherical  contact. 


obtained  resulting  in  a  partial  slip  annulus, 
c<r<amax  (Fig.  4).  From  global  equilibrium  [28] 


Q  max  <  2 max  ^pPmax  • 


The  tangential  load  that  is  balanced  in  the  stick 
zone  of  radius,  c,  is 

£2 max  ~  *2 max  -  ^(*Lx  ~  ^  (20) 

amax 

In  this  case,  A^O,  as  the  crack  analogue  predicts  a 
closed  crack- tip. 

The  mode  II  stress  intensity  factor  at  the  leading 
and  trailing  edge  of  the  stick-slip  interface  is  given 
by 

2  JtB)  (2,) 

with  the  local  load  ratio  /?  =  — 1. 

A  fatigue  crack  is  expected  to  initiate,  at  the  con¬ 
tact  perimeter  or  the  stick-slip  boundary,  for  strong 
or  weak  adhesion,  respectively,  if  the  corresponding 
AATh^AA:*  where  AKth  is  the  threshold  stress  inten¬ 
sity  range  that  corresponds  to  R  =— 1,  and  under 
mixed  constant  mode  I  and  oscillatory  mode  II  fati¬ 
gue.  This  situation  holds  both  for  strong  adhesion 
and  under  pure  oscillatory  mode  II  fatigue  for  weak 
adhesion. 

Upon  initiation,  the  continued  propagation  of  the 
crack-tip  depends  on  the  local  mode  I  and  mode  II 
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P 

1  max 

^max 


Fig.  5.  Schematic  illustrating  crack  initiation  from  the 
edge  of  the  contact  perimeter  with  the  local  crack-tip 
mode  I  and  II  stress  intensity  factors  being  k\,  k2  and 
domains  of  local  and  global  plasticity. 


stress  intensity  factors,  k\  and  k2,  respectively  (Fig. 
5).  Following  Cotterell  and  Rice  [36],  it  is  postu¬ 
lated  that  the  crack  advances  in  a  direction  along 
which  the  local  mode  II  stress  intensity  factor,  /c2, 
vanishes  [or  equivalently,  the  strain-energy  release 
rate  is  maximized  (d/d6(k2  4-  k2)  —  0,  (d2/d61(k2l  4- 
k\)  <  0)].  The  initial  angle  of  crack  propagation,  a, 
is  then  readily  obtained  from 

.  1  /  a  .  3a  \  if  a 

k2  =  -I  sin  -  +  sin  y  \KX  4-  -I  cos  -  +  3 

cos|)^  =  0  -  (22) 

at  maximum  load. 

3.2.3.  Torsional  fretting  fatigue.  Consider  a  sphere 
in  contact  with  a  planar  substrate  under  an  applied 
normal  load  Pm ax  (Fig.  3).  The  maximum  torsional 
load,  MZy  that  can  sustain  adhesion  at  maximum 
contact  radius  is 


(23) 


where  Gd  and  GlJ 1  are  the  critical  debonding  ener¬ 
gies  under  pure  normal  and  torsional  loads,  respect¬ 
ively. 

If  the  amplitude  of  the  applied  torsional  load 
MZ<MZ ,  or  equivalently,  the  maximum  energy 
release  rate  at  the  contact  edge  upon  load  reversal, 
max  G  <  Gd,  then  strong  adhesion  (stick)  is 
obtained*)-. 

The  stress  intensity  factor  that  corresponds  to  the 
mixed  mode  I  (steady)  [equation  (5)]  and  III  (oscil¬ 
latory)  crack  fields  at  the  leading  and  the  trailing 


contact  edges  is  given  by 

AA'm  =  2a'°r  <f2n(anux  -  r)  =  -  -  (24) 

2flmax  V™-™ 

with  the  local  effective  load  ratio,  R  =  —  1. 

If  the  amplitude  of  the  applied  tangential  load, 
Mz>MZy  or  equivalently,  the  maximum  energy 
release  rate  at  the  contact  edge  upon  load  reversal, 
max  G  >  Gd,  then  weak  adhesion  (stick-slip)  is 
obtained  resulting  in  a  partial  slip  annulus, 
c<r<amax  .  A  power  series  approximation  for  the 
relation  between  c/amax  and  Mz/Pmax  ,  that  is  accu¬ 
rate  within  —3.4%  error  of  the  exact  solution  is 
given  by  [37] 

k 4 


k  =  yj  1  -  (c/amzx  )2. 

The  torsional  load  that  is  balanced  in  the  stick  zone 
is 


Mr 


max  umax 


lki_L 

8  64 


and  the  mode  III  cyclic  stress  intensity  factor  is 

M)-  *>■ 

In  this  case,  K\  =  0,  as  the  crack  analogue  predicts  a 
closed  crack-tip. 

A  fatigue  crack  is  expected  to  initiate,  at  the  con¬ 
tact  perimeter  or  the  stick-slip  boundary,  for  strong 
or  weak  adhesion,  respectively,  if  the  corresponding 
>  AA'th  where  AKlh  is  the  threshold  stress 
intensity  range  that  corresponds  to  R~—\  and 
T-0.  This  is  valid  both  under  mixed  constant 
mode  I  and  oscillatory  mode  III  fatigue  for  strong 
adhesion,  and  under  pure  oscillatory  mode  III  fati¬ 
gue  for  weak  adhesion. 

3.3 .  Two-dimensional  cylindrical  contacts 

3.3.1.  Normal  contact  fatigue.  For  a  cylinder  of 
diameter,  D,  in  adhesive  contact  with  a  flat  sub¬ 
strate  (Fig.  6)  under  a  normal  load,  Pmax,  the  con¬ 
tact  width,  amax,  is  given  as  [5] 


TtE 

a2 

max  o 

4amax  w(l  -  V2) 

4(1  —  v2)  1 

\~5~~2 

nE 

(28) 


given  by 


AK\n  —  2  x  min 


3  Mln 
4  c2y/nc’ 


fThe  critical  energy  release  rate,  Gd,  may  depend  on  the 
mode  mixity,  KJKui,  and  this  could  introduce  a  contact 
size  effect  for  elastically  dissimilar  surfaces. 


Under  an  oscillatory  normal  load  in  the  range  PmSiX 
>  Pmin  >  0,  conditions  for  strong  or  weak  adhesion 
are  obtained  when 
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Table  l.  Adhesion-induced  stress  intensity  factors  for  the  case  of  a  cylinder  in  oscillatory  contact  with  a  planar  substrate 


Loading  Adhesion 
Mode 

Normal 

In-plane 

Out-of-plane 

Strong-I 

Weak-I 

Strong-1 1 

Weak-ll 

Strong-Ill 

P  nm  P  min 

3  /  G  InED  \,/J 

2<2ma* 

2mJQ™  JGP) 

*^max  6m  jn 

ZlA 

y/TMlnux 

y/lna^x  \8(l  -  v2)) 

\JTc'  V  I  -  v P) 

D 

P  rrux 

3  /  G  \nED  \'/3 

-1 

-1 

-I 

A 

Amin 

2 P*,,  \  8(1  —  v2)/ 

T-s tress 

max 

r,„  max  Tyy = 0 

max  7\v 

-  V  max  Tyy  =  (2///,^ax/7iomax) 

max  TXXy  max  Tvr= 0 

3  ,/3r  nED  Vp 

(^max  ~  Pmm)^  or  >  A 

(29) 

respectively.  The  corresponding  stress  intensity  fac¬ 
tors  are  summarized  in  Table  1 . 

3.3.2 .  In-plane  fretting  fatigue.  When  a  cylindrical 
pad  in  contact  with  a  much  larger,  flat  substrate 
(Fig.  6)  is  subjected  to  an  oscillatory  tangential  line 
load  0max  (O<0max<^Pmax),  under  a  constant  nor¬ 
mal  load  Pmax,  the  elastic  energy  of  the  cylinder 
becomes  unbounded  and  the  displacements  are 
indeterminate.  The  solution  to  this  problem  depends 
critically  on  the  overall  dimensions  of  the  fretting 


specimen  and  the  applied  far-field  boundary  con¬ 
ditions.  Hence  the  precise  definition  for  strong  and 
weak  adhesion  cannot  be  made  by  the  contact 
analysis  alone. 

For  weak  adhesion,  however,  the  stick-zone 
width,  c,  is  given  from  global  equilibrium  as 


0  <  Qmax  <l*Pmax  - 


Assuming  adhesion  is  re-established  at  the  stick 
zone,  the  tangential  line  load  that  is  balanced  in  the 
stick  zone  is  given  as 


Fig.  6.  Schematic  illustrating  loading  configurations  for  the  two-dimensional  cylindrical  contact 

geometry. 
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The  corresponding  stress  intensity  ranges  for  strong 
and  weak  adhesion  cases  are  summarized  in  Table 
1.  Crack  initiation  is  expected  at  the  contact  edge 
or  the  stick-slip  boundary  for  strong  or  weak  ad¬ 
hesion  cases,  respectively,  when  the  corresponding 
stress  intensity  ranges  exceed  the  fatigue  thresholds 
for  the  corresponding  /^-ratios  and  F-stresses. 

3.3.3.  Out-of-plane  fretting  fatigue.  The  case  of  a 
cylinder  of  diameter,  D,  under  a  constant  normal 
load,  />maX7  subjected  to  an  oscillatory  line  load 
with  amplitude,  and  in  adhesive  contact  with 

a  flat  substrate  (Fig.  6),  can  also  be  analyzed  along 
similar  lines  and  a  mode  III  cyclic  stress  intensity 
factor  range  can  be  identified  at  the  contact  edge 
for  strong  adhesion  as  summarized  in  Table  1. 


4.  RANGE  OF  APPLICABILITY  OF  THE  ADHESION 
MODEL 


The  preceding  analysis  is  strictly  valid  under  lin¬ 
ear  elastic  conditions,  the  limits  of  which  are 
defined  by  several  criteria  that  predict  the  onset  of 
local  or  global  plasticity  (Fig.  5),  Noting  that  ad¬ 
hesion  increases  the  effective  stress  under  the  con¬ 
tact  area,  global  indentation  induced  plasticity  can 
be  avoided  [38],  provided  that 


^max  E 
D<Jy(\  -  V2) 


<  3.675, 


Gd-C2 

Da]{ 1  -v2)2 


<  7.031  (32) 


where  <xy  is  the  yield  strength  of  the  softer  of  the 
two  contacting  bodies.  Also,  macroscopic  plasticity 
is  suppressed  for  p  >  0.25,  if  [18,  24] 

3  3Pmax  f(l  —  2v)2  (l  —  2v)(2  —  v)im 
°y  >  2naLx  L  3  +  4 


(16  —  4v  +  l\?-)n2n2  1/2 
+  64  . 


(33) 


An  alternative,  self-consistent,  Dugdale-Barenblatt 
model  [39]  for  adhesive  normal  contact,  that 
assumes  the  maximum  adhesive  force  intensity,  <70, 
to  be  constant  until  debonding  is  reached,  where¬ 
upon  it  falls  to  zero,  predicts  the  elastic  (local, 
small-scale  plasticity)  conditions  for  adhesion  to  be 
preserved  for 


_,£>(  1-v2)2  250 
a°  nGdE 2  >  9  ' 


(34) 


The  maximum  adhesive  stress,  cr0,  could  be  related 
to  the  uniaxial  yield  strength  of  the  cohesively 


weaker  of  the  two  contacting  bodies,  o0^3oyy  when 
small-scale  plasticity  conditions  are  valid  at  the  con¬ 
tact  perimeter  [40].  Alternately,  o0  could  be  an 
effective  stress  that  combines  the  maximum  normal 
and  the  frictional  shear  stress  [40]. 

Metals  show  appreciable  adhesion  at  elevated 
temperatures  and  prolonged  contact  loading  times. 
Under  high-frequency  fretting  conditions,  friction 
produces  heat  that  raises  the  surface  temperature 
and  could  promote  creep.  Therefore,  for  the  preced¬ 
ing  analysis  to  be  valid,  the  maximum  surface  tem¬ 
perature  due  to  tangential  load  oscillations  must  be 
less  than  a  third  of  the  homologous  temperature, 
Tu 

9(371  -  4X2  -  V)(l  +  V)  f  /iPmax  ,  TH  ,,c, 
64n2  EK  [  «max  J  3  (  ) 

where  Cl  is  the  fretting  frequency  and  K  is  the  ther¬ 
mal  conductivity  coefficient  [41]. 

Another  limitation  of  the  present  analysis  comes 
from  the  surface  morphology.  Surface  roughness 
diminishes  the  influence  of  adhesion  if  [42] 


3(1  -v2) 
IE 


>100^ 

X3 


(36) 


where  E  is  the  standard  deviation  of  the  micro¬ 
asperity  heights  and  p0  is  the  average  radius  of  cur¬ 
vature  of  the  asperity  tips. 


5.  EXPERIMENTAL  VALIDATION  OF  THE 
ANALYSES 

In  comparing  various  experiments  to  model  pre¬ 
dictions,  only  reasonable  estimates  are  chosen  from 
the  empirical  relationship  [equation  (A  I)]  that 
relates  the  friction  coefficient  to  the  debond  energy, 
since  experimentally  measured  values  for  the 
debond  energy  are  not  available. 


Fig.  7.  Room  temperature  fretting  fatigue  experiments  on 
Al-7075  T6  (with  in  2  in.  diameter  sphere  on  fiat  geome¬ 
try)  (see  Ref.  [22]  and  current  work),  evaluated  using  the 
present  adhesion  model  where  in  the  mode  II  threshold 
stress  intensity  factor  for  an  /?-ratio  of  —1  was  estimated 
to  be  %  1  MPa  m,/2  and  the  work  of  adhesion  for  advan¬ 
cing  and  receding  contacts  (h\  G<j)  beings  1  and  «19  N/m, 
respectively. 


4662 


GIANNAKOPOULOS  et  at.:  ADHESION  IN  CONTACT  FATIGUE 


2a 


100  Jim 


Fig.  8.  Fretting  scar  produced  on  the  flat  AI-7075  T6  sub¬ 
strate  [22]  when  fretted  with  a  spherical  pad  of  the  same 
material  and  diameter  2  in.,  for  Pm ax“20  N,  (7max  =  15  N 
and  an  axial  stress  of  59  NPa  with  an  /f-ratio  =  -I  indicat¬ 
ing  that  cracks  initiate  near  the  stick-slip  boundary. 

5.1.  Three-dimensional  spherical  contacts 

Room  temperature  tangential  fretting  fatigue  ex¬ 
periments,  using  a  set-up  described  in  detail  in  Ref. 
[43],  were  performed  by  Wittkowsky  et  al.  [22]  on 
7075  T6  aluminum  alloy,  with  mechanical  proper¬ 
ties,  £'=71.5  GPa,  v  =  0.33,  <ry  =  483  MPa,  and 
threshold  A£n  =  l  MPa  m1/2,  and  the  experimen¬ 
tally  determined  friction  coefficient,  p-  1.2.  Using 
reasonable  values  for  the  work  of  adhesion  for 
advancing  and  receding  contacts,  w=  I  N/m  and 
Gd=19  N/m  [from  equation  (Al)],  the  adhesion 


QtfiP 

Fig.  9.  Room  temperature  fretting  fatigue  experiments  on 
Al-2024  T351  (with  a  0.5  in.  diameter  cylinder  on  flat  geo¬ 
metry  [50])  evaluated  using  the  present  adhesion  model 
where  in  the  mode  II  threshold  stress  intensity  factor  for 
an  £-ratio  of  -  I  was  estimated  to  be  ^1  MPa  m1/2  and 
the  work  of  adhesion  for  advancing  and  receding  contacts 
(u\  Cd)  being  %I  and  « 12  N/m,  respectively. 

model  predicts  weak  adhesion,  in  agreement  with 
experiments  where  in  all  cases,  stick-slip  behavior 
was  observed.  The  conditions  (Fig.  7)  and  location 
of  crack  initiation  (stick-slip  boundary,  Fig.  8)  are 
also  predicted  well  by  the  model.  While  the  model 
predicts  an  initial  crack  angle  of  70.5°,  crack  in¬ 
itiation  angles  ranging  between  61°  and  80°  were 
observed  experimentally.  Some  deviations  from 
model  predictions  are  expected  as  the  material  grain 
size  of  60/tm  was  comparable  to  the  stick-slip  zone 
size  in  many  cases,  while  the  model  is  strictly  valid 
under  conditions  of  complete  material  homogeneity 
and  isotropy. 

Also,  as  summarized  in  Table  2,  fretting  fatigue 
experiments  on  a  variety  of  other  material  systems 
can  be  interpreted  within  the  context  of  adhesion. 
Conditions  of  strong  and  weak  adhesion  can  be 
identified  and,  in  a  number  of  cases,  the  observed 
location  of  crack  initiation  agrees  with  the  model 
predictions,  as  shown  in  Table  2. 


Table  2.  Experimental  observations  on  contact  fatigue  crack  initiation11 


Material 

Dc 

(mm) 

(N) 

P  . 

1  min 

(N) 

Q  M 
(N)  (Nm) 

P 

Ana*  (N), 

Gmax  (N), 

Mz  (N  m) 

Adhesion 

AA'modc! 

(MPa  ml/3 

AKlh 

!)  (MPa  m1 

Cracking  Location 

/2)  predicted 
(observed) 

Predicted  Observed 

Ref. 

En3I  steel 

10.16 

1537 

170 

0  0 

0.8 

0.9 

Weak 

0.02 

2-5 

No  (Yes) 

Surface 

[44] 

Hard  steel 

>3.5 

127,400 

4900 

0  0 

0.8 

6.0 

Weak 

0.004 

2-5 

No  (Yes) 

Edge 

[45] 

SAE  52100 

12.7 

88 

88 

0  0.009  0.8 

0.00 1 

Weak 

2.5 

2-5 

Yes  (Yes)  Stick-slip 

Surface 

[46] 

steel 

AI-7075 

600 

1000 

1000 

930  0 

1.2 

296 

Weak 

2.4 

1 

Yes  (Yes)  Stick-slip 

Edge, 

[20,  21] 

AI-7075 

1000 

500 

500 

525  0 

1.2 

252 

Weak 

2.4 

1 

Yes  (Yes)  Stick-slip 

stick-slip 

Edge, 

[47] 

T735I 

Ti-6AI~4V 

300 

700 

700 

525  0 

0.8 

152 

Weak 

2.1 

2 

Yes  (Yes)  Stick-slip 

stick-slip 

Edge 

[47] 

Ti-6A!-4V 

8 

100 

100 

70  0 

0.8 

9 

Weak 

2.1 

2 

Yes  (Yes)  Stick-slip 

Edge 

[13] 

Nb 

6.25 

10.9 

10.9 

10  0 

1.0 

2.8 

Weak 

2.3 

- 

-  (Yes) 

Stick-slip 

[49] 

a  In  al!  cases,  sphere  on  flat  geometry  was  used,  except  for  Nb  where  a  cylinder  on  cylinder  point  contact  was  established.  Z)c(T:  the 
effective  diameter  of  the  contacting  sphere;  Pmax:  maximum  normal  load;  Pmjn:  minimum  normal  load;  Q:  tangential  load  amplitude; 
ALtorsional  load  amplitude;  Pmax  (?max  A/.:  critical  normal,  tangential  or  torsional  loads  above  which  weak  adhesion  is  obtained; 
A/Tmo<iei*  stress  intensity  factor  range  predicted  by  the  adhesion  model;  Atflh:  material  fatigue  threshold  stress  intensity  factor  range  for 
load  ratio  R-— 1  (estimated  from  Ref.  [48]);  Surface:  contact  surface;  Edge:  edge  of  the  contact;  Stick-slip:  stick-slip  boundary. 
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5.2.  Two-dimensional  cylindrical  contacts 

For  the  tangential  fretting  fatigue  studies  on 
2024-T351  aluminum  reported  in  Ref.  [50],  with 
material  properties,  £=74.1  GPa,  v  =  0.33,  ji  =  0.65, 
and  using  threshold  A£n  =  l  MPa  mI/2,  w~  I  N/m 
and  Gd=  12  N/m,  the  cyclic  mode  II  stress  intensity 
factors  predicted  by  the  model  are  greater  than  the 
fatigue  threshold  for  R-- 1,  in  agreement  with  the 
observation  of  crack  initiation  in  all  the  reported 
experiments  (Fig.  9).  While  dominant  fatigue  cracks 
were  located  at  the  contact  edge,  cracks  were  also 
observed  at  the  stick-slip  boundary.  This  indicates 
a  possible  transition  from  an  initial  strong  adhesion 
stage  to  a  final  weak  adhesion  stage. 

In  fretting  fatigue  studies  on  0.34%  carbon  steel 

[51] ,  adhesion  was  identified  as  a  precursor  to  the 
contact  edge  cracks  that  initiated  under  very  low 
tangential  load  amplitude.  This  indicates  strong  ad¬ 
hesion  in  the  context  of  the  present  analysis. 

When  a  cylinder  on  cylinder  line  contact  system 
was  subjected  to  oscillatory  oblique  force  loading, 
two  type  of  cracks,  one  at  the  contact  edge  and  the 
second  at  the  stick-slip  boundary  were  observed 

[52] .  The  adhesion  model  can  explain  this  phenom¬ 
enology  by  recognizing  that  the  equivalent  normal 
and  tangential  load  oscillations  can  initiate  cracks 
at  the  contact  edge  and  the  stick-slip  boundary,  re¬ 
spectively. 

In  addition,  the  adhesion  model  can  qualitatively 
predict  the  observed  cracking  pattern  reported  by 
Dawson  [45]  for  normal  load  contact  fatigue  tests 
with  cylindrical  pads  while  conventional  contact 
mechanics  analysis  cannot  do  so  as  it  predicts  a 
fully  compressive  stress  field.  However,  a  rigorous 
quantitative  comparison  is  not  attempted  here  as 
substantial  plasticity  was  observed  in  these  exper¬ 
iments. 

6.  CONCLUSIONS 

The  present  work  examined  the  role  of  adhesion 
in  contact  mechanics  with  a  particular  emphasis  on 
fatigue  crack  initiation  for  a  variety  of  contact  geo¬ 
metries  (sphere  or  cylinder  on  a  flat  substrate)  and 
loading  conditions  (constant  or  oscillatory  normal, 
tangential  or  torsional). 

It  was  demonstrated  that: 

•  The  adhesion-induced,  square-root  singular  stress 
fields  could  be  analyzed  within  the  framework  of 
a  “crack  analogue”  and  hence  the  pre-existing, 
virtual  long  crack  introduced  by  the  contact  cir¬ 
cumvents  “length  scale”  problems  inherent  in  the 
modeling  of  crack  initiation  based  on  convention¬ 
al  fracture  mechanics; 

•  Under  adhesive  normal,  tangential  or  torsional 
contact  loading  conditions,  mode  I,  II  or  III 
stress  intensity  factors  could  be  identified  at  the 
contact  perimeter  or  at  the  stick-slip  boundary 
for  strong  or  weak  adhesion,  respectively; 


•  By  comparing  to  the  material  fatigue  thresholds, 
contact  conditions  required  for  crack  initiation 
could  be  predicted.  Additionally,  the  location  and 
initial  crack  propagation  directions  could  also  be 
predicted,  in  reasonable  agreement  with  exper¬ 
imental  results. 

Under  conditions  of  small-scale  yielding,  the  effects 
of  static  and/or  oscillatory  bulk  stresses  acting  par¬ 
allel  to  the  contact  surface  (such  as  the  far-field 
applied  or  residual  stresses  arising  from  surface 
modification  treatments  due  to  shot-peening  or 
laser  shock-peening)  can  be  analyzed  by  recognizing 
that  these  are  analogous  to  the  T-stresses  present  in 
a  linear  elastic  fatigue-fracture  formulation.  The 
propensity  for  contact  fatigue  crack  initiation  could 
be  suppressed  by  selecting  material  or  environmen¬ 
tal  combinations  that  effectively  reduce  adhesion  in 
a  contact  system. 
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APPENDIX 

An  empirical  relation  between  adhesion  and  friction  of 
metal  surfaces  and  a  spherical  indenter  based  on  micro¬ 
plasticity  of  the  asperities  under  shear  and  normal  loading 
was  derived  in  Ref.  [32].  Using  the  smallest  normal  load 
and  the  sphere  diameter  used  in  their  experiments,  their 
empirical  equation  can  be  stated  in  terms  of  critical 
debonding  energy  release  rate,  Gd,  as 

GA  =  1 4.365 1 70.3  +  n2  (N/m).  (A  1 ) 

As  an  example,  for  p  =  1,  Gd-  16  N/m. 
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Abstract 

A  detailed  analysis  is  performed  of  the  plastic  deformation  in  a  metal  substrate  fretted  by  a  flat- 
bottomed  circular  peg  under  steady  normal  load  and  cyclic  tangential  load.  The  substrate  is  coated  with 
a  thin  layer  of  soft  metal.  Two  limiting  asymptotic  problems  are  identified  which  characterize  small  scale 
yielding  behavior  in  the  substrate  in  the  vicinity  of  the  corners  of  the  peg.  Deformation  within  the 
plastic  zone  is  characterized,  including  regions  of  elastic  shakedown,  steady  reversed  cyclic  plastic 
straining,  and  strain  ratchetting.  Implications  for  nucleation  of  fretting  cracks  are  discussed.  ©  1998 
Elsevier  Science  Ltd.  All  rights  reserved. 

Keywords:  Fretting;  Coated  substrates;  Plasticity 


1.  Introduction 

Fretting  and  fretting  fatigue  are  long-standing  problems  which  continue  to  require  attention 
in  a  variety  of  important  applications  [1,2].  The  mechanics  for  coping  with  fretting  is  based 
almost  entirely  on  elastic  analysis  (see,  for  example  [3,4]).  Measures  of  certain  combinations  of 
stresses  and  displacements  local  to  the  point  of  contact  between  a  fretting  peg  and  a  substrate 
calculated  from  an  elastic  analysis  have  been  proposed  for  correlating  the  onset  of  crack 
nucleation  [5,6].  To  date,  the  approach  to  life  prediction  using  these  measures  has  been  largely 
empirical.  However,  a  recent  attack  has  been  launched  on  the  behavior  of  cracks  emerging 
from  the  most  highly  stressed  region  at  the  edge  of  a  fretting  peg  [7],  and  a  preliminary  study 
of  the  plasticity  taking  place  in  the  contact  zone  has  been  published  [8]. 

As  a  step  towards  the  development  of  a  mechanics  of  fretting  damage,  the  present  paper 
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focuses  on  the  local  plastic  deformation  accompanying  fretting  contact.  Specifically,  the  paper 
investigates  plastic  deformation  in  substrates  which  have  been  coated  with  a  thin,  soft  metal 
layer  for  the  purpose  of  reducing  their  fretting  susceptibility.  The  substrate  is  fretted  by  a 
circular,  flat  bottomed  peg  subject  to  a  constant  normal  load  and  a  fully  reversed  cyclic 
tangential  load.  The  tangential  load  is  assumed  to  be  sufficiently  large  to  cause  the  coating  to 
undergo  reversed  yielding  in  shear  in  each  cycle.  Bulk  cyclic  stressing  of  the  substrate  is  not 
considered.  The  role  of  the  coating  in  the  redistribution  of  the  contact  tractions  is  modeled. 
Two  limiting  boundary  conditions  for  the  peg-substrate  interaction,  as  modified  by  the 
coating,  are  proposed  and  analyzed.  Generally,  plasticity  in  the  substrate  is  limited  to  the 
immediate  vicinity  of  the  edge  of  the  peg.  This  makes  possible  the  formulation  of  a  small-scale 
yielding  problem  wherein  the  relevant  load  factors  become  amplitudes  characterizing  the  elastic 
solution  at  the  peg  corner.  The  approach  closely  parallels  the  small  scale  yielding  analysis  of 
crack  tip  plasticity,  where  the  plastic  zone  is  embedded  within  the  elastic  field  whose  amplitude 
is  the  stress  intensity  factor. 


2.  Asymptotic  Formulations  for  Small  Scale  Yielding  in  Fretting 

The  geometry  of  the  flat-bottom  cylindrical  peg  in  contact  with  the  semi-infinite  coated 


Fig.  1.  (a)  Three-dimensional  fretting  geometry,  (b)  Local  two-dimensional  geometry  at  right  corner  of  fretting  peg. 
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substrate  is  shown  in  Fig.  1 .  The  radius  of  the  peg,  a,  is  assumed  to  be  very  large  compared  to 
the  coating  thickness.  The  ratio  of  the  shear  yield  stress  of  the  thin  film  coating,  ty,  to  that  of 
the  substrate,  t*,  is  one  of  the  important  parameters  in  the  model.  The  metals  comprising  the 
coating  and  the  substrate  are  each  taken  to  be  elastic-perfectly  plastic  and  characterized  by 
von  Mises  yield  surfaces.  The  Young’s  modulus  and  Poisson’s  ratio  of  the  substrate  are  E  and 
v  (Poisson’s  ratio  is  taken  to  be  0.3  for  all  the  calculations  reported  here).  A  constant 
downward  vertical  force  PY  is  exerted  by  the  peg  on  the  substrate.  The  peg  is  displaced  back 
and  forth  tangential  to  the  substrate  under  nonslip  conditions.  The  amplitude  of  the  tangential 
cyclic  displacement  is  assumed  to  be  large  enough  such  that  the  shear  stress  of  the  coating  is 
reached  everywhere  under  the  peg  (i.e.  the  peak  tangential  force  attains  Px=+na2xry  in  each 
cycle).  This  assumption  reflects  the  function  of  the  soft  coating  and  controls  the  maximum 
stresses  exerted  by  the  peg  on  the  substrate,  as  will  be  detailed  subsequently. 

For  realistic  levels  of  loading,  plastic  deformation  in  the  substrate  is  confined  to  a  small 
annulus  about  the  rim  of  the  peg.  The  maximum  extent  of  the  cyclic  plastic  zone  from  the  rim 
will  be  found  to  be  less  than  several  percent  of  the  radius  of  the  peg  radius  a.  The  smallness  of 
the  zone  permits  a  small  scale  yielding  formulation  to  be  developed  where  the  plastic  zone  is 
embedded  within  the  elastic  field  local  to  the  edge.  Thus,  to  analyze  and  present  results  for 
plastic  behavior,  one  need  not  consider  the  full  geometry  in  Fig.  1.  Instead,  one  can  focus  on 
portions  of  the  edge  of  most  concern  and  introduce  amplitude  factors  characterizing  the  local 
elastic  fields.  The  approach  closely  parallels  that  employed  extensively  and  effectively  in  the 
small-scale  yielding  approach  to  crack  tip  plasticity.  In  the  present  study,  attention  is  focused 
on  the  leading  (and,  by  symmetry,  trailing)  edge  of  the  peg  in  the  vicinity  of  (X  =  a,  Y=0, 
Z  =  0)  in  Fig.  la.  The  coordinate  system  local  to  the  edge  of  interest  is  defined  in  Fig.  lb. 

The  choice  of  boundary  conditions  to  model  the  interaction  of  the  peg  and  the  coated 
substrate  is  not  straightforward.  Two  sets  of  boundary  conditions  are  introduced  here  which 
are  expected  to  bracket  the  range  of  cyclic  plastic  behavior  at  the  leading  edge  of  the  peg.  The 
first  set  is  termed  the  uniform  normal  traction  formulation,  and  the  second  will  be  referred  to  as 
the  uniform  normal  displacement  formulation.  In  each,  the  tangential  traction  exerted  on  the 
substrate  at  the  peak  of  the  cycle  is  the  shear  yield  stress  in  the  coating.  The  two  sets  are  taken 
in  turn  with  discussion  of  the  elastic  amplitude  factors  and  associated  near-edge  fields  used  to 
characterize  the  respective  small  scale  yielding  problems. 

2.1.  The  uniform  normal  traction  formulation 

As  remarked  above,  the  cyclic  tangential  displacement  of  the  peg  relative  to  the  substrate  is 
assumed  to  be  sufficiently  large  such  that  at  the  peak  of  the  cycle  in  either  direction  the  coating 
is  yielded  in  shear  at  all  points  under  the  peg.  Thus  at  the  peak  of  the  cycle  the  magnitude  of 
the  shear  stress  oXy  acting  on  the  substrate  in  the  region  X2  +  Z2<a2  is  ry.  A  second 
implication  which  follows  from  the  fact  that  the  thin  coating  beneath  the  peg  is  at  yield  in 
shear  is  that  the  coating  can  only  support  an  additional  hydrostatic  pressure  p.  The  nonzero 
components  of  stress  in  the  coating  at  the  loading  peak  are 


Ojj  =  -pdjj  with  oxy  =  ±t y 


(1) 
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An  elementary  application  of  equilibrium  of  the  coating  reveals  that  p  must  be  independent  of 
X  and  Y  beneath  the  peg.  The  pressure  beneath  the  peg  becomes  uniform  when  the  elastic- 
perfectly  plastic  coating  is  fully  yielded  in  shear.  This  argument  ignores  a  small  region  at  the 
edge  of  the  peg  on  the  order  of  the  coating  thickness,  consistent  with  the  underlying 
assumption  that  the  film  thickness  is  very  small  compared  to  all  other  length  scales  of  interest. 
Thus,  Eq.  (1)  implies  that  the  tractions  acting  on  the  surface  of  the  substrate  in  the  region 
X2  +  Z2<a2  at  the  peak  of  the  cycle  are 

ffyy  =  —Py/nct2 


0xy  =  Px/na2 


<jyz  =  0  with  Px  =  ±na2Xy 


(2) 


where  the  sign  of  the  shear  traction  depends  on  the  direction  of  the  peg  displacement. 

The  construction  of  the  elastic  solution  for  a  half-space  subject  to  Eq.  (2)  is  well  known.  It 
makes  use  of  solutions  for  concentrated  loads  acting  on  the  surface  of  the  half-space  [9,10]. 
Integral  representations  for  the  stresses  can  be  obtained  by  a  straightforward  superposition  of 
the  concentrated  load  solutions  over  the  circular  portion  of  the  surface,  X2  +  Z2<a2.  The 
stresses  at  any  point  in  the  substrate  off  the  edge  of  the  circle  can  be  evaluated  with  high 
accuracy  using  numerical  integration  techniques  widely  available  in  numerical  analysis  software 
packages.  The  stresses  at  the  edge  of  the  peg  are  logarithmically  singular  at  the  edge  of  the  peg 
in  the  elastic  solution.  Specifically,  in  the  plane  Z  =  0  in  the  vicinity  of  the  leading  edge  (Fig. 
1  b),  the  local  stress  distribution  is 


&XX 
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Note  that  for  the  convention  used  here,  positive  PY  acts  downward.  This  representation  of  the 
stresses  near  the  leading  edge  of  the  peg  contains  both  the  logarithmically  singular 
contributions  and  all  contributions  which  do  not  vanish  as  r  approaches  zero.  The  local  field  is 
a  state  of  generalized  plane  strain  because  the  strain  component  e::  is  bounded  but  nonzero  at 
r  =  0: 
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V^'rr)  (4a) 

The  four  coefficients  in  Eq.  (3)  have  been  obtained  numerically  such  that  Eq.  (3)  reproduces 
the  full  three-dimensional  solution  as  r  approaches  zero: 

Cy.Y  =  -0.190 
Cyy  —  —0.165 
Cry  =  -0.220 

c~y  =  0.190  (4b) 

The  domain  of  accuracy  of  the  asymptotic  distribution  Eq.  (3),  has  been  checked  by  a 
comparison  with  numerical  results  for  the  full  three-dimensional  solution.  Comparisons 
indicate  that  the  field  Eq.  (3),  provides  a  good  approximation  (e.g.  better  than  5%  accuracy)  in 
the  plane  Z—  0  for  r< <2/10. 

In  small  scale  yielding,  the  plastic  zone  must  be  sufficiently  small  compared  to  the  peg  radius 
a  such  that  the  stress  field  in  an  annular  region  outside  the  zone  is  accurately  given  by  Eq.  (3). 
Effectively,  this  means  the  plastic  zone  must  be  small  compared  to  a/ 10.  The  concept  is  very 
similar  to  that  used  in  crack  tip  plasticity  studies.  In  the  numerical  approach  used  in  the  next 
section,  the  distribution,  Eq.  (3),  is  used  to  generate  tractions  on  a  circular  boundary  ‘remote’ 
from  the  origin  at  r  =  0. 

2.2.  The  uniform  normal  displacement  formulation 

The  formulation  just  described  relies  on  the  soft  metal  coating  to  redistribute  the  normal 
traction  beneath  the  peg  such  that  it  becomes  uniform  at  the  peak  of  the  cycle  when  the 
coating  yields  in  shear.  This  process  requires  that  the  coating  be  thick  enough  to  flow  and 
redistribute  the  normal  traction.  Redistribution  would  be  somewhat  thwarted  by  strain 
hardening  in  the  coating,  the  more  so  the  thinner  the  coating.  An  alternative  formulation  of 
the  substrate  loading  is  proposed  which  ignores  the  tendency  of  the  coating  to  redistribute  the 
normal  traction,  while  continuing  to  account  for  yielding  of  the  coating  in  shear.  A  uniform 
displacement  uY,  together  with  a  uniform  shear  traction  oxy—iXy,  is  imposed  on  the  substrate 
over  the  circular  region  under  the  peg.  The  displacement  uy  is  chosen  such  that  the  average 
normal  compressive  stress  under  the  peg  is  a  —  PY/na2.  This  formulation  is  consistent  with  a 
rigid  peg  and  no  normal  traction  redistribution  by  the  coating.  It  is  expected  to  overestimate 
the  stresses  in  the  vicinity  of  the  peg  edge. 

The  two-dimensional  plane  strain  version  of  this  alternative  formulation  is  studied  in  this 
paper.  The  elastic  version  of  this  problem  has  uniform  displacement  uy  and  uniform  shear 
traction,  axy=x  =  +t  y,  prescribed  on  the  surface  for  |x|  <  [a  and  zero  tractions  for  |x|>a,  where 
the  uniform  displacement  is  chosen  such  that  under  the  peg  the  average  normal  compressive 
stress  is  d.  The  elastic  solution  to  this  problem  can  be  obtained  using  complex  function 
methods.  The  stresses  in  the  vicinity  of  the  peg  edge  (i.e.  near  the  origin  in  Fig.  lb)  are 
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with  <rzz  =  v((Txx  +  c 7,.,,)  and  where  k  =  3  —  4v  in  plane  strain.  Once  again,  the  sign  convention  is 
such  that  positive  <7  implies  an  average  compressive  stress  acting  downward.  The  elastic 
solution  has  an  inverse  square  root  singularity  in  the  stresses,  in  addition  to  the  weaker 
logarithmic  singularity  produced  by  the  tangential  shear  load  f.  The  contribution  associated 
with  the  normal  load  a  is  identical  to  the  mode  I  distribution  at  the  tip  of  a  plane  strain  crack. 
An  additional  mode  I  contribution  is  induced  by  the  shear  load  f,  due  to  the  fact  that  the 
surface  under  the  peg  is  constrained  against  rotation.  The  domain  of  accuracy  of  Eq.  (5) 
relative  to  the  full  plane  strain  solution  is  similar  to  that  discussed  for  the  other  formulation. 

2.3.  Numerical  model 

Finite  element  formulations  of  the  two  small  scale  yielding  problems  have  been  used  to 
generate  behavior  in  the  plastic  zone  in  the  substrate  under  cyclic  fretting  loads.  The  two 
primary  dimensionless  system  parameters  are:  (i)  the  ratio  of  the  steady  normal  load  to  the 
cyclic  shear  load;  and  (ii)  the  ratio  of  the  coating  yield  stress  to  that  of  the  substrate.  Tractions 
consistent  with  either  Eqs.  (3)  or  (5)  are  applied  on  a  circular  boundary  remote  from  (and 
centered  on)  the  origin  r  =  0  in  Fig.  lb.  The  choice  of  remote  boundary  is  arbitrary  as  long  as 
it  is  sufficiently  large  compared  to  the  plastic  zone;  r  ~  a/5  was  used.  As  remarked  at  the 
beginning  of  this  section,  the  materials  comprising  the  coating  and  the  substrate  are  each  taken 
to  be  elastic-perfectly  plastic  with  von  Mises  yield  surfaces.  The  behavior  of  the  coating  is 
incorporated  through  the  tractions  applied  to  the  surface  of  the  substrate  directly  under  the 
pin. 

The  boundary  conditions  were  imposed  by  prescribing  nodal  forces  or  displacements  that  are 
consistent  with  either  Eq.  (3)  or  Eq.  (5).  Displacement  fields  associated  with  the  asymptotic 
stress  fields  in  Eqs.  (3)  and  (5)  were  derived.  For  the  outer  radius,  the  choice  of  whether  to 
prescribe  tractions  or  displacements  is  somewhat  arbitrary,  but  prescribing  displacements  is 
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generally  favored  as  they  did  not  involve  elemental  integration  to  determine  nodal  forces. 
Under  the  pin,  the  constant  shear  traction  boundary  condition  was  imposed  by  prescribing 
nodal  forces  in  the  .v-direction  which  resulted  in  a  constant  shear  stress.  For  the  uniform 
normal  pressure  case,  nodal  forces  in  the  vertical  direction  were  used  consistent  with  this 
loading.  The  generalized  plane  strain  cases  involved  the  additional  requirement  of  specifying 
the  strain  in  the  direction  normal  to  the  plane  of  the  model  according  to  the  prescription  (4a). 

The  finite  element  solutions  were  generated  using  the  commercial  code  ABAQUS  with  eight- 
noded  quadrilateral  plane  strain  elements.  (Generalized  plane  strain  elements  were  used  for  the 
case  of  uniform  normal  tractions  by  specifying  the  out-of-plane  strain  component.)  It  is 
assumed  that  behavior  closer  to  the  origin  than  about  r  -  a/ 100  from  the  model  need  not  be 
resolved,  both  because  the  fidelity  of  the  model  becomes  questionable  (e.g.  the  finite  thickness 
of  the  coating  is  not  taken  into  account)  and  because  the  length  scale  relevant  to  fatigue  crack 
nucleation  will  usually  be  larger  than  this.  The  mesh  consisted  of  1000  elements  in  a  radial  fan 
focusing  on  the  origin.  Results  from  a  coarser  mesh  with  approximately  1000  elements  in  a 
radial  fan  focusing  on  the  origin.  Results  from  a  coarser  mesh  with  approximately  600 
elements  revealed  negligible  differences  in  plastic  strain  values  outside  r  =  af  100.  Since  run 
times  were  not  significantly  different  for  the  two  meshes,  the  finer  mesh  was  used  for  all  the 
calculations. 

A  cycle  is  defined  as  going  from  maximum  shear  load  in  one  direction  to  an  equivalent 


Zone  of  cyclic  plasticity 
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Fig.  2.  Plastic  zones  in  the  vicinity  of  the  right  corner  of  the  peg  for  the  formulation  of  uniform  normal 
displacement. 
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magnitude  in  the  opposite  direction,  and  returning  again  to  the  first  maximum  shear  load.  By 
this  definition,  a  quarter  cycle  is  needed  to  increase  the  applied  loads  from  zero  to  the  first 
maximum.  Both  shear  and  normal  loads  were  first  increased  from  zero  to  their  maximum 
values  in  direct  proportion;  then,  the  normal  load  was  held  fixed,  while  the  tangential  load  was 
cycled.  Six  full  cycles  were  simulated  after  the  loads  were  brought  to  their  initial  maxima.  Care 
was  taken  to  ensure  that  the  imposed  boundary  conditions  (displacements  or  nodal  forces) 
properly  account  for  the  cyclic  component  from  the  shear  traction  and  the  constant  component 
from  the  normal  displacement  or  pressure.  This  is  achieved  by  computing  the  individual 
contributions  from  each  type  of  loading  and  superimposing  them  at  each  time  in  the  cycle. 


3.  Plasticity  in  the  substrate 

Behavior  in  the  plastic  zone  is  fairly  complex.  To  aid  the  discussion,  a  detailed  plastic  zone 
map  is  given  in  Fig.  2  for  a  specific  set  of  parameters.  The  example  is  for  the  uniform  normal 
displacement  formulation,  but  details  for  the  other  formulation  are  qualitatively  similar.  The 
outer  boundary,  extending  out  to  just  over  a/ 20  from  the  peg  edge,  is  the  zone  of  plastic 
deformation  occurring  in  the  first  loading  cycle  when  the  normal  load  is  brought  up  to  its 
maximum  value  along  with  the  shear  load.  From  the  peak  of  the  first  cycle,  the  normal  load  is 
held  constant  and  the  shear  load  is  cycled.  The  outer  portion  of  the  initial  plastic  zone 
experiences  no  further  plastic  strain  increments  after  the  first  or  second  cycle.  (At  some  points, 
no  further  plastic  increments  occur  after  the  time  corresponding  to  maximum  negative  shear.) 
The  outer  portion  of  the  zone  experiences  elastic  shakedown.  Plastic  strain  increments  continue 
to  occur  in  subsequent  cycles  in  the  inner  portion  of  the  plastic  zone,  extending  to  a  distance 
of  approximately  0.03a  from  the  origin  for  this  example.  The  zone  of  active  incremental 
plasticity  can  be  divided  into  two  sub-zones,  one  dominated  by  ratchetting  behavior  and  the 
other  by  cyclic  plastic  strains.  Precise  definitions  of  these  terms  within  the  present  context  will 
now  be  given. 

3.1.  Elastic  shakedown,  cyclic  plastic  straining  and  ratchetting 

Four  types  of  response  at  points  within  the  initial  plastic  zone  are  indicated  in  Fig.  3  for  a 
representative  component  of  plastic  strain,  ep.  At  the  top  of  the  figure,  the  cyclic  tangential 
loading  history  is  indicated  with  integer  values  of  time  coinciding  with  the  beginning  of  one 
cycle  and  the  end  of  the  one  before.  The  initial  load  application  in  which  the  normal  load  is 
brought  up  to  its  constant  maximum  occurs  between  t  —  0  and  1/4.  In  the  portion  of  the  initial 
plastic  zone  where  elastic  shakedown  occurs,  elastic  unloading  occurs  following  the  peak  of  the 
first  or  second  cycle  and  the  yield  condition  is  never  again  reached.  To  distinguish  between 
cyclic  plastic  staining  and  ratchetting,  consider  first  pure  limits  of  these  behaviors  shown  in 
Fig.  3.  In  pure  cyclic  straining  each  plastic  strain  component  oscillates  between  minimum  and 
maximum  values  which  do  not  change  after  the  first  few  cycles.  Repeatable  reversed  plasticity 
occurs  with  yielding  necessarily  taking  place  under  both  positive  and  negative  shearing  of  the 
peg.  Such  behavior  has  been  termed  ‘plastic  shakedown’  by  some  authors.  Pure  ratchetting 
involves  an  increment  of  the  plastic  strain  component  in  each  cycle  associated  with  shearing  in 
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•  ■■  ■  Uniform  normal  traction 
— a. —  Uniform  normal  displacement 


Fig.  4.  Size  of  the  plastic  zone  at  the  peak  of  the  first  load  cycle  as  dependent  on  the  two  dimensionless  system 
parameters,  a/xcy  and  xSy/xy,  and  the  model  formulation. 

one  direction  but  not  the  other.  Reversed  plastic  straining  does  not  occur.  The  increment  per 
cycle,  Ae?,  is  constant  after  the  first  few  cycles.  Generally,  neither  pure  cyclic  plastic  straining 
nor  pure  ratchetting  occur  in  the  fretting  problem,  although  this  behavior  may  occur  at 
localized  regions  in  the  plastic  zone.  At  a  typical  point  within  the  zone  of  active  plasticity  a 
combination  of  these  two  responses  are  observed  to  take  place,  as  depicted  in  the  bottom 
sketch  in  Fig.  3.  Here  again,  after  the  first  one  or  two  cycles,  the  behavior  settles  down  to  a 
repeatable  pattern  in  which  a  fixed  amplitude  of  reversed  cyclic  plastic  straining,  Ae§,  occurs 
simultaneously  with  a  fixed  amplitude  of  ratchetting,  Aef.  The  two  sub-zones  referred  to  in 
connection  with  Fig.  2  are  defined  consistent  with  which  class  of  deformation  is  dominant. 
Further  definitions  needed  to  ascertain  the  cyclic  and  ratchetting  amplitudes  in  terms  of  all  the 
component  of  strain  are  given  below. 

For  the  case  depicted  at  the  bottom  of  Fig.  3  involving  combined  cyclic  plasticity  and 
ratchetting,  define  the  plastic  ratchetting  strain  once  the  deformation  has  settled  down  as  the 
difference  in  plastic  strains  at  any  two  comparable  times  in  the  loading  history  (such  as  the 
points  of  maximum  tangential  shear)  of  two  subsequent  cycles  according  to: 
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(a) 


Fig.  6.  Size  of  the  active  plastic  zones  for  the  uniform  normal  displacement  model,  (a)  Zoi 
Zone  of  ratchetting  plasticity. 
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(A  ^>r  =  #**,)-$/,)  (6) 

The  cyclic  plastic  strain  can  then  be  defined  as  (see  Fig.  3): 

(A£".)c  =  (4),n»-(4)mi„-(4ep,  .  (7) 

where  the  first  two  values  represent  the  maximum  and  minimum  values  of  the  components  in  a 
given  cycle.  These  values  are  almost  always  attained  at  points  where  the  shear  load  undergoes 
reversal  in  direction.  Effective  measures  of  the  amplitudes  are  used.  The  effective  cyclic  plastic 
strain  is  defined  as1 2 

K  =  7§(A4)c(Ae?.)c  (8) 

and  the  ratchetting  strain  amplitude  is 

A£p  =  v/2(A£P)r(AeP)r  (9) 

With  reference  to  the  sub-zones  in  Fig.  2,  the  zone  of  cyclic  plastic  straining  has  Ae{?>AeP, 
while  the  ratchetting  zone  has  Aef>  Ae£. 

3.2.  Size  of  initial  plastic  zone  and  zones  of  cyclic  plasticity  and  ratchetting 

It  is  already  evident  from  Fig.  2  that  a  soft  coating  cannot  fully  isolate  the  substrate  from 
plastic  deformation.  The  size  of  the  initial  plastic  zone  at  the  end  of  the  first  full  load  cycle 
when  the  normal  load  attains  its  maximum  value  is  shown  in  Fig.  4  as  a  function  of  the  two 
primary  parameters,  rsv/xy  and  a/xy  where  a  is  the  average  normal  compressive  stress  exerted 
by  the  peg.  After  the  first  cycle,  subsequent  loading  does  not  change  the  size  of  the  plastic 
zone.  The  zone  associated  with  the  uniform  normal  displacement  conditions  is  substantially 
larger  than  that  associated  with  uniform  normal  traction.  Otherwise,  the  trends  are  in  accord 
with  intuition:  the  initial  zone  size  increases  with  harder  coatings  and  with  larger  normal  peg 
force. 

The  roles  of  xy/z[  and  a/xy  in  determining  the  size  of  the  zones  of  cyclic  plasticity  and 
ratchetting  are  shown  in  Figs.  5  and  6.  The  size  of  the  zone  of  cyclic  plastic  straining  is 
specified  by  the  requirement  that  As£  must  be  greater  than  1%  of  the  uniaxial  strain  at  yield 
(£>.  =  f3r, ,/E) 2  Analogous  requirements  are  made  on  the  effective  ratchetting  strains  in  the 
definition  of  the  ratchetting  zone.  Ratchetting  generally  occurs  at  locations  dominated  by  cyclic 
plastic  straining,  and  vice  versa.  As  such,  the  delineation  between  zones  of  ratchetting  and 
cyclic  plasticity  is  qualitative. 

The  average  normal  compressive  traction  a  has  little  influence  on  the  size  of  the  zone  of 
cyclic  plastic  straining  for  either  of  the  two  sets  of  boundary  conditions.  On  the  other  hand, 
the  yield  stress  ratio,  tsy/Ty,  has  a  strong  effect  on  the  zone  size.  Decreasing  the  flow  stress  of 


1  The  summation  convention  is  implied  for  all  repeated  indices. 

2 The  additional  requirement  that  As?  must  be  larger  than  As?  does  not  significantly  alter  the  figures;  this  ad¬ 
ditional  requirement  was  used  to  delineate  between  ratchetting  and  cyclic  plasticity  ‘zones’  in  Fig.  2. 
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. * . .  Uniform  normal  displacement 

— o — Uniform  normal  traction 

(b) 


Fig.  8.  Maximum  value  of  the  effective  plastic  strain  amplitudes  occurring  each  cycle  outside  the  circle  rja  —  0.01 
centered  at  the  peg  corner  (<r/i £=  1).  (a)  Maximum  cyclic  plastic  strain  amplitude  (for  all  values  of  <j/iy  considered), 
(b)  Ratchetting  strain  amplitudes  as  a  function  of  normal  loading. 


160 


M.R.  Begley,  J.W.  Hutchinson  j  Engineering  Fracture  Mechanics  62  ( 1999)  1 45- J 64 


the  coating  from  2/3  to  1/2  of  the  flow  stress  of  the  substrate  results  in  a  dramatic  reduction  in 
the  size  of  both  the  zone  of  cyclic  plastic  straining  and  the  ratchetting  zone.  The  average 
normal  traction  has  a  fairly  large  effect  on  the  ratchetting  zone  size,  especially  for  the  case  of 
uniform  normal  tractions.  At  low  a/xy  the  cyclic  plastic  zone  is  larger  than  the  ratchetting 
zone,  but  the  ratchetting  zone  becomes  the  larger  of  the  two  as  the  normal  pressure  from  the 
peg  increases. 

The  same  results  are  presented  in  a  different  manner  in  Fig.  7,  where  the  estimated  size  of 
the  respective  zones  are  shown  as  a  function  of  xsy/xy.  The  size  of  the  zone  of  cyclic  plastic 
straining  has  been  plotted  using  data  in  the  range  where  it  is  relatively  independent  of  a/xy. 
Only  at  the  highest  values  of  a/xy  do  the  lower  curves  in  Fig.  7a,  b  significantly  underestimate 
the  zone  size  for  the  uniform  normal  traction  model.  The  upper  curves  in  Fig.  7a,  b,  which 
apply  to  the  uniform  normal  displacement  model,  have  been  plotted  using  values  at  the  high 
end  of  the  range  of  <r/xy,  and  thus  these  curves  represent  the  upper  limit  for  this  model. 

The  two  sets  of  results  taken  together  should  bound  the  zone  sizes,  because  the  uniform 
normal  traction  model  undoubtedly  exaggerates  the  ability  of  the  coating  to  redistribute  the 
normal  traction  near  the  peg  corner  while  the  uniform  normal  displacement  model  almost 
certainly  underestimates  the  effect.  The  trends  of  Fig.  7  further  emphasize  the  important  role 
played  by  the  coating  hardness  in  determining  the  size  of  the  cyclic  and  ratchetting  plastic 
zones  in  the  substrate. 

3.3.  Plastic  strains 

The  trends  in  plastic  zone  size  are  complemented  by  the  curves  of  Fig.  8  showing  the 
maximum  of  the  effective  cyclic  plastic  strain  outside  the  circle  r/a  =  0.01  surrounding  the  peg 
corner  as  a  function  of  the  yield  stress  ratio.  Here,  Ae£  is  the  amplitude  of  the  effective  cyclic 
plastic  strain,  where  any  ratchetting  contribution  has  been  removed  via  Eq.  (7).  As  suggested 
by  the  fact  the  cyclic  plastic  zone  size  is  insensitive  to  the  average  normal  traction  (Figs.  5a 
and  6a),  the  magnitude  of  the  effective  cyclic  plastic  strain  is  insensitive  as  well.  Indeed, 
increasing  the  average  normal  traction  will  generally  decrease  the  maximum  of  the  effective 
cyclic  plastic  strain;  as  such  the  curves  in  Fig.  8  represent  upper  bounds  on  the  cyclic  plastic 
strain.  The  amplitude  decreases  strongly  with  decreasing  coating  flow  stress.  The  uniform 
normal  traction  model  predicts  the  cyclic  plastic  strain  amplitude  falls  to  almost  zero  for 
r/a> 0.01  if  xsyjx[>l.75.  By  contrast,  the  other  model  indicates  that  significant  cyclic  plastic 
straining  will  still  occur,  although  the  amplitude  decreases  sharply  with  increasing  xsy/xy. 

The  magnitude  of  the  effective  ratchetting  strain  amplitude  has  a  much  stronger  dependence 
on  the  average  normal  traction  and  increases  sharply  with  increasing  normal  loading.  This 
phenomena  is  illustrated  in  Fig.  8b.  As  such,  it  is  impossible  to  place  upper  bounds  on  the 
magnitude  of  ratchetting  strain  amplitude  for  a  given  t^,/t^,  as  was  done  in  Fig.  8a.  It  is 
interesting  to  note  that  for  the  uniform  normal  displacement  case,  the  ratchetting  strain 
amplitude  will  increase  significantly  with  increasing  normal  pressure,  despite  the  fact  that  the 
ratchetting  zone  size  does  not  increase  (see  Fig.  6b).  For  all  uniform  normal  displacement 
cases,  the  effective  ratchetting  amplitude  is  an  order  of  magnitude  smaller  than  the  effective 
cyclic  plastic  strain.  For  the  uniform  normal  traction  cases  where  xsy/xy>l.6,  the  ratchetting 
strain  amplitudes  are  comparable  with  effective  cyclic  plastic  strains. 
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The  two  plastic  sub-zones  extend  under  the  peg  at  roughly  a  135-150°  angle  to  the  surface 
(Fig.  2).  At  higher  values  of  the  normal  pressure  in  the  uniform  normal  traction  case,  there  is 
an  additional  ‘lobe’  of  the  plastic  zone  which  extends  at  roughly  60°  (at  a  right  angle  to  the 
primary  plastic  zone).  Ratchetting  zones  dominate  this  portion  of  the  plastic  zone.  The 
deformation  in  the  cyclic  zone  comprises  significant  reversed  plastic  shearing  parallel  to  the 
zone.  Plastic  straining  in  the  ratchetting  zone  is  consistent  with  material  being  squeezed  out 
from  under  the  peg  emerging  at  the  surface  just  to  the  right  of  the  peg  corner.  Ratchetting  is 
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Fig.  9.  Contours  of  constant  values  of  ooofc(v  near  the  peg  corner  at  the  point  in  the  loading  cycle  when  oxy=  —  i  j, 
for  the  uniform  normal  displacement  formulation  with  <r/r  (,=  1  and  r  j,/i  [  =  2.  The  horizontal  and  vertical  axes  are 
x/a  and  y/a. 
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expected  to  cause  a  redistribution  of  normal  traction  under  the  corner  of  the  indenter.  The 
local  traction  distribution  will  vary  slowly  from  cycle  to  cycle  as  material  is  squeezed  out  from 
the  immediate  vicinity  of  the  corner.  It  is  not  evident  how  this  process  saturates. 

Fig.  9  displays  the  distribution  of  the  circumferential  component  of  stress,  oqo,  at  every  point 
in  the  vicinity  of  the  peg  corner  in  the  sixth  cycle  at  the  point  where  the  peg  is  at  the  peak 
negative  tangential  displacement  (i.e.  axy=  — xry  under  the  peg).  These  distributions  are  for  the 
uniform  normal  displacement  model  with  system  parameters  identical  to  those  for  the  plastic 
zones  in  Fig.  2.  A  plot  for  the  corresponding  elastic  solution  is  also  shown  in  Fig.  9,  indicating 
there  is  no  significant  qualitative  difference  between  the  two  fields  and,  in  particular,  in  the 
predicted  regions  of  tensile  hoop  stress.  Tensile  circumferential  stresses  occur  in  a  fan  of 
approximately  40°  centered  on  6=  —  80°  under  the  peg  corner.  The  combination  of  active 
plastic  straining  and  tensile  stress  is  expected  to  promote  the  formation  of  fatigue  cracks.  Note 
that  the  tensile  stresses  at  the  right  corner  of  the  peg  only  occur  during  the  portion  of  the  cycle 
when  the  shearing  force  exerted  by  the  peg  is  directed  to  the  left. 


4.  Summary  of  findings  and  implications  for  fretting 

The  zones  of  cyclic  and  ratchetting  plasticity  in  the  substrate  extend  beneath  the  peg  at  an 
angle  of  approximately  35°  to  the  peg-substrate  interface  (d=  —  145°).  It  is  suggestive  that  the 
plastic  zones  (as  depicted  in  Fig.  2)  are  aligned  with  the  direction  of  crack  nucleation  in 
experiments  (e.g.  [1,11,12]).  The  size  of  these  active  plastic  zones  diminish  sharply  with  softer 
substrate  coatings  (i.e.  with  diminishing  x y/Xy).  As  long  as  the  integrity  of  a  soft  coating  is 
preserved,  it  is  highly  effective  at  lowering  stresses  in  the  most  highly  stressed  region  under  a 
fretting  peg.  Tensile  circumferential  stresses  occur  below  the  peg  during  the  portion  of  the  cycle 
when  the  peg  is  sheared  away  from  the  respective  corner.  These  stresses  are  also  lowered  by 
lowering  the  coating  yield  stress.  The  zone  of  active  plasticity  and  the  region  experiencing 
tensile  circumferential  stress  overlap  only  in  a  small  region  at  the  peg  corner,  but  their 
proximity  suggests  that  the  substrate  is  likely  to  be  susceptible  to  fatigue  cracks  emerging  from 
the  corner  downward  at  an  angle  somewhere  in  the  range  —135°  <6<  —45°.  The  direction  of 
the  emerging  fatigue  crack  at  the  corner  of  a  peg  fretting  an  uncoated  substrate  has  been 
studied  using  an  elastic  analysis  in  [4], 

The  role  of  ratchetting  strains  in  fretting  failure  is  not  clearly  understood,  probably  due  in 
large  part  to  the  fact  that  predictive  approaches  have  been  based  almost  exclusively  on  elastic 
analyses  (a  typical  approach  is  to  use  elastic  effective  strain  amplitudes  in  a  Coffin-Manson 
relationship  [1]).  However,  there  has  been  some  work  done  to  investigate  the  role  of  ratchetting 
strains  on  cyclic  failure  [13,14].  Johnson  suggests  two  modes  of  failure:  low  cycle  fatigue  (LCF) 
(dominated  by  cyclic  plastic  strains)  and  ratchetting  fatigue  (RF)  (dominated  by  ratchetting 
strains).  Johnson  and  Kapoor  summarize  experimental  evidence  that  supports  the  notion  that 
the  number  of  cycles  to  failure  will  show  a  different  dependence  on  cyclic  strain  amplitude  and 
ratchetting  strain  amplitude. 

In  other  words,  different  Coffin-Manson  relationships  would  be  needed  for  LCF  and  RF, 
and  failure  will  be  governed  by  whichever  predicts  a  shorter  lifetime  [13],  In  this  context,  the 
implication  of  the  results  presented  here  is  that  increasing  the  average  normal  traction  may 
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switch  failure  mechanisms  from  LCF  to  RF,  and  significantly  alter  the  crack  nucleation  time 
scale.  Furthermore,  the  transition  point  from  LCF  to  RF  would  depend  on  the  ratio  x yJx  As 
far  as  ratchetting  failure  is  concerned,  it  remains  to  be  resolved  whether  increasing  x yjx *  would 
have  as  strong  an  effect  of  lifetimes  as  implied  in  Fig.  8a  and  b.  It  would  depend  strongly  on 
the  magnitude  of  the  average  normal  traction,  unlike  failure  governed  by  cyclic  plasticity. 

The  quantitative  difference  between  the  predictions  from  the  two  asymptotic  formulations, 
uniform  normal  tractions  and  uniform  normal  displacements,  is  appreciable.  The  uniform 
normal  displacements  formulation  predicts  significantly  more  plasticity  activity  than  the  other 
formulation.  Further  modeling  will  be  required  before  it  is  clear  which  of  the  two  formulations 
is  the  more  accurate.  It  is  expected  that  the  thickness  of  the  coating  will  play  a  role  in 
determining  the  plasticity  activity  in  the  substrate,  as  will  any  tendency  of  the  coating  to 
display  cyclic  strain  hardening  or  softening. 
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ABSTRACT  A  linear  elastic  model  of  the  stress  concentration  due  to  contact  between  a  rounded  fiat 
punch  and  a  homogeneous  substrate  is  presented,  with  the  aim  of  investigating  fretting 
fatigue  crack  initiation  in  contacting  parts  of  vibrating  structures  including  turbine 
engines.  The  asymptotic  forms  for  the  stress  fields  in  the  vicinity  of  a  rounded 
punch-on-flat  substrate  are  derived  for  both  normal  and  tangential  loading,  using  both 
analytical  and  finite  element  methods.  Under  the  action  of  the  normal  load,  P,  the 
ensuing  contact  is  of  width  2b  which  includes  an  initial  fiat  part  of  width  2a.  The 
asymptotic  stress  fields  for  the  sharply  rounded  flat  punch  contact  have  certain 
similarities  with  the  asymptotic  stress  fields  around  the  dp  of  a  blunt  crack.  The  analysis 
showed  that  the  maximum  tensile  stress,  which  occurs  at  the  contact  boundary  due  to 
tangential  load  Q ,  is  proportional  to  a  mode  II  stress  intensity  factor  of  a  sharp  punch 
divided  by  the  square  root  of  the  additional  contact  length  due  to  the  roundness  of  the 
punch,  —  a)Vnb).  The  fretting  fatigue  crack  initiation  can  then  be  investigated 

by  relating  the  maximum  tensile  stress  with  the  fatigue  endurance  stress.  The  result  is 
analogous  to  that  of  Barsom  and  McNicol  where  the  notched  fatigue  endurance  stress 
was  correlated  with  the  stress  intensity  factor  and  the  square  root  of  the  notch-tip 
radius.  The  proposed  methodology  establishes  a  ‘notch  analogue’  by  making  a  connec¬ 
tion  between  fretting  fatigue  at  a  rounded  punch/flat  contact  and  crack  initiation  at  a 
notch  tip  and  uses  fracture  mechanics  concepts.  Conditions  of  validity  of  the  present 
model  are  established  both  to  avoid  yielding  and  to  account  for  the  finite  thickness  of 
the  substrate.  The  predictions  of  the  model  are  compared  with  fretting  fatigue 
experiments  on  H-6A1-4V  and  shown  to  be  in  good  agreement. 

Keywords  contact  mechanics;  round  punches;  notch  fatigue;  fretting  fatigue;  crack 
initiation. 


NOMENCLATURE 


a  —  initially  flat  part  of  a  half  contact 
A  =  constant  used  in  the  limit  of  elastic  analysis 
A*,  Po  —  constants  used  in  the  asymptotic  analysis 
h  =  width  of  half  contact 
c  =  half  stick  zone 

D/2  —  curvature  radius  of  the  parabolically  rounded  pads 
E*  =  composite  contact  stiffness 

£p,  Es  =  Young’s  moduli  of  the  punch  and  the  substrate,  respectively 
Kj,  Ku  =  mode  I  and  II  stress  intensity  factors 
p( x)  =  normal  contact  pressure 

p(a)  —  Fourier  cosine  transform  of  the  contact  pressure 
P  —  normal  line  load 
q{x)  =  shear  contact  pressure 
Q  —  tangential  line  load 
ry0  —  polar  coordinates 
R  —  stress  ratio 
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t  =  specimen  half-thickness 
w  —  specimen  width 
x,y  =  Cartesian  coordinates 
x *,  y *  —  transformed  Cartesian  coordinates 

H  =  kinetic  friction  coefficient  of  the  contacting  surface 
Vp,  vs  =  Poisson’s  ratios  of  the  punch  and  the  substrate,  respectively 
<t£.  =  stress  in  the  ^-direction  due  to  shear  force 
—  asymptotic  stresses  due  to  normal  load 
<j)j  —  asymptotic  stresses  due  to  tangential  load 


crb  =  bulk  stress 
<7e  =  Mises  effective  stress 
(rend  =  fatigue  endurance  stress 
<t i  =  maximum  tensile  stress 
(j)y  <j> 0  =  coordinate  transformation  variables 


INTRODUCTION 

The  useful  fatigue  life  of  mechanical  components  is 
determined  by  the  sum  of  the  elapsed  load  cycles 
required  to  initiate  a  fatigue  crack  and  to  propagate  the 
crack  from  subcritical  size  to  critical  dimensions. 
Understanding  fatigue  crack  initiation  and  fatigue  crack 
propagation  is  important  from  a  scientific  as  well  as  a 
practical  point  of  view.  Barsom  and  McNicol1  studied 
the  issue  of  fatigue  crack  initiation  life  by  testing  HY-1 30 
steel  specimens  having  widely  varying  notch  acuities. 
They  obtained  endurance  data  in  the  range  of  103-106 
cycles  and  analysed  them  using  both  linear  elastic  frac¬ 
ture  mechanics  and  the  theory  of  stress  concentrations 
in  notched  specimens.  Their  results  showed  that  the 
number  of  elapsed  load  cycles  required  to  initiate  a 
fatigue  crack  in  a  notched  specimen  is  related  to  the 
ratio  of  the  stress  intensity  factor  range  to  the  square 
root  of  the  notch-tip  radius.  Barsom  and  McNicol1 
subsequently  found  that  fatigue  crack  initiation  can  be 
expressed  in  terms  of  the  maximum  endurance  stress  of 
the  unnotched  specimen  using  the  stress-field  character¬ 
istics  that  were  determined  by  Creager  and  Paris2  for  a 
blunt  crack.  Later,  other  investigators  confirmed  the 
above  findings  with  other  types  of  steel,  e.g.  Barsom  and 
Rolfe,3  while  \bder  et  al .4  examined  the  resistance  to  the 
fatigue  crack  initiation  in  Ti-6A1-4V,  using  blunt  key¬ 
hole-notched  and  sharp  V-notched  compact  specimens. 

Fretting  fatigue  refers  to  damage  caused  by  localized 
relative  motion  between  contact  surfaces  on  adjacent 
components,  of  which  at  least  one  component  is  under 
oscillatory  tangential  load  and  may  produce  premature 
surface  cracking  and  failure.  Of  particular  interest  at  the 
present  time  is  the  fretting  fatigue  failure  of  turbine 
engine  disks  and  blades  in  the  dovetail  attachment  region. 
Turbine  engine  blade  roots  experience  fretting  in  a  fiat- 
on-flat  contact  region  which  can  be  modelled  as  a 
rounded  punch-on-flat  configuration.  In  the  limit  case 


of  a  sharp  cornered  punch,  a  quantitative  equivalence 
between  the  asymptotic  stress  and  strain  fields  derived 
by  classical  analysis  of  sharp-edged  contacts  and  crack- 
tip  fields  predicted  from  fracture  mechanics  methods 
was  demonstrated  by  Giannakopoulos  et  al?  and  termed 
‘crack  analogue’.  The  conditions  governing  the  validity 
of  the  ‘crack  analogue’  model  were  established  by 
employing  the  small-scale  yielding  concepts  routinely 
used  in  linear  elastic  fracture  mechanics.  Because  contact 
between  the  punch  and  the  substrate  implicitly  intro¬ 
duces  a  fictitious  crack  length  scale,  the  problems  associ¬ 
ated  with  ‘small  fatigue  cracks’  can  be  circumvented. 

In  this  work,  it  is  shown  that  the  analysis  of  a  flat- 
ended  contact  with  rounded  edges  leads  to  the  extension 
of  the  ‘crack  analogue’  to  the  ‘notch  analogue’.  In  this 
approach,  the  maximum  tensile  stress  is  related  to  the 
ratio  of  the  stress  intensity  factor  of  the  sharp  punch 
divided  by  the  square  root  of  a  characteristic  length. 
The  important  question  that  arises  is: 

•  How  can  the  maximum  tensile  stress  be  used  to  obtain 
critical  loading  conditions  for  fretting  fatigue  crack 
initiation? 

We  addressed  this  question  in  this  work  by  examining 
the  following  issues. 

•  Evaluation  of  the  stress  fields  close  to  the  contact 
edges  of  a  rounded  flat  punch  on  a  substrate. 

•  Identification  of  the  similarities  and  differences 
between  fracture  mechanics  and  contact  mechanics 
regarding  the  ‘notch  analogue’. 

•  Derivation  of  the  characteristic  length  necessary  to 
establish  the  notch  analogue  and  its  relation  to  the 
roundness  of  the  edges. 

•  Connection  between  the  punch  fretting  fatigue  test 
and  the  plain  fatigue  test  of  a  smooth  specimen  of  the 
same  material. 
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•  Evaluation  of  the  ratio  of  fretted  and  unfretted  fatigue 

strength,  also  called  'knockdown  factor’. 

This  paper  is  arranged  as  follows.  In  the  next  section, 
we  address  the  theoretical  questions  of  the  stress  fields 
due  to  normal  and  tangential  loading  of  a  two-dimen¬ 
sional  flat  punch  with  equally  rounded  corners.  The 
maximum  tensile  stress  in  the  substrate  is  derived 
together  with  the  asymptotic  stress  fields  around  the 
edges.  Next,  we  discuss  the  limits  of  the  notch  analogue 
theory  and  in  particular  the  applicability  of  the  linear 
elastic  assumption  and  the  influence  of  the  finite  thick¬ 
ness  of  the  substrate.  The  validation  of  the  theoretical 
predictions  is  given  in  a  later  section,  where  the  similarit¬ 
ies  and  differences  between  the  rounded  punch  and  the 
blunt  crack  asymptotic  solutions  are  discussed.  We  con¬ 
tinue  with  the  verification  of  the  model  using  available 
experimental  data  for  fretting  fatigue  initiation  in  Ti- 
6A1-4V,  an  alloy  widely  used  for  aircraft  engine  and 
airframe  components.  Finally,  we  conclude  with  the 
summary  of  the  proposed  methodology  and  its 
limitations. 

MECHANICS  OF  THE  LINEAR  ELASTIC 
ROUNDED  PUNCH-ON-FLAT  CONTACT 

The  similarity  between  the  asymptotic  stress  fields 
around  the  contact  edges  of  a  flat  punch  with  rounded 
corners  and  the  asymptotic  stress  fields  around  a  station¬ 
ary  crack  with  a  blunt  tip  is  demonstrated  in  this  section 
for  the  cases  of  two-dimensional  plane  stress  or  plane 
strain. 

The  geometry  of  the  indenter  is  shown  schematically 
in  Fig.  1 .  The  punch  consists  of  a  flat  part  (y  =  0, 
— a^x^a)  and  two  equal  parabolic  parts  of  curvature 
radius  D/2.  The  parabolically  rounded  pads  connect 
continuously  with  the  flat  part.  The  pad  is  loaded  first 
with  a  normal  line  load  P  and  subsequently  with  a 
tangential  line  load  Q. 

Under  the  influence  of  the  normal  load,  the  contact 
expands  outside  the  initially  flat  part  2a  to  a  width  of  2b 


punch 

D/2 

—  c 

P 

r 

2  Dr- 

maxa=aw  :  L _ _ 

4  • 

I  XX 

i  l  C  r 

c  i 

i  '  * 

fl  :  i 

h 

V  h 

substrate 


Fig.  1  Geometry  of  the  indenter,  coordinates,  loading  and 
important  geometric  lengths.  The  location  of  the  maximum  tensile 
stress  due  to  tangential  load  is  also  indicated 


with  b  >  a .  Because  this  type  of  contact  is  incomplete, 
the  contact  pressure  falls  continuously  to  zero,  and  the 
square  root  stress  singularity,  characteristic  of  the  sharp 
edge  punch,  disappears. 

Assuming  that  the  punch  and  the  substrate  are  iso¬ 
tropic  and  linear  elastic,  the  measure  of  the  composite 
contact  stiffness  is  given  by 


(1) 


where  Epy  Es  are  the  Young’s  moduli,  and  vp,  vs  are  the 
Poisson’s  ratios  of  the  punch  and  substrate,  respectively. 
In  the  following,  the  elastic  mismatch  of  the  contacting 
bodies  will  be  accounted  for  in  Eq.  (1).  Such  an  approach 
is  adequate  provided  that  the  second  Dundurs’  parameter 
is  approximately  zero. 


Basic  contact  mechanics  results 

Normal  contact 

The  normal  line  load,  P,  results  in  a  contact  pressure 
distribution,  p(x),  —b^x^b.  At  one  extreme,  a  -*  0,  the 
contact  pressure  is  given  by  the  cylinder-on-flat  solution 


P(x)  =  ~jl~(x/b)2;  | 


(2) 


For  the  other  extreme,  if  D  -►  0  and  therefore  b-+a,  the 
contact  pressure  is  given  by  the  flat-on-flat  solution 


P(x)- 


71  \]  \  ~(x/b)2’ 


\x\Kb 


(3) 


The  contact  pressure  of  a  rounded  flat  punch  on  a 
semi-infinite  substrate  was  given  in  closed  form  by 
Ciavarella  ct  al.6 


nb_  ... _ 1 _ 

2pP  n  —  2(j>0  —  sin(20o) 


x  (7c  —  2<j> 0)  cos  <f>  +  In 


sin  (<j>  +  (j>  0) 


[sin^ 


<j>  +  <t>0  <j>- 

x  tan  — - —  tan  — 


sin (<l>  -  <j>0) 

^„|sin^o 


)}  ' 


where 

sin  <j>  =  x/b;  sin  <j)0  =  a/b 


M  <  b 

(4) 

(5) 


The  relation  between  the  contact  half-width  b  and  the 
normal  line  load  P  is6 


PD  n  —  2<j>0 


a  E*  2  sin 


-cot  <j>  o 


(6) 
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Tangential  loading 

It  is  now  assumed  that  after  the  application  of  the  normal 
line  load  P,  a  monotonically  increasing  tangential  line 
force  Q  is  applied  to  the  punch,  keeping  the  normal  load 
constant,  and  Q  <  pP,  where  fi  is  the  kinetic  friction 
coefficient  of  the  contacting  surfaces.  Global  sliding  of 
the  punch  is  expected,  if  Q  =  pP,  and  stick-slip  con¬ 
ditions,  if  Q<nP-  The  analysis  for  elastically  similar 
punch  and  substrate  has  been  performed  by  Ciavarella 
et  al?  and  is  summarized  below.  For  elastically  dissimilar 
punch  and  substrate,  the  following  results  would  be 
approximate. 

Upon  applying  the  tangential  line  load  Q ,  the  initial 
stick  zone  extends  along  the  entire  contact  width 
(|x|^£).  Further  increase  of  Q  results  in  a  slipping 
region  that  starts  at  the  contact  boundary,  x=  ±by  and 
spreads  inwards  up  to  x  =  ±f,  where  c  <  b. 

In  the  limit  of  a  sharp  flat  punch  (D-+0,  b-+a),  no 
partial  slip  solution  is  possible  when  the  stick  zone  ( y  = 
0,  \x\  <c)  is  contained  entirely  within  the  initial  flat  part 
of  the  punch.  Therefore,  the  stick  zone  cannot  be  smaller 
than  the  initial  flat  part  of  the  contact,  i.e.  c^a.  The 
shear  contact  traction  is 

q(x)  —  np(x );  c  ^  \x\  ^  b  (7 a) 

q(x)  =  fi[p(x)  +  q*(x)];  \x\^c  (7b) 

where  q*{x)  has  a  similar  form  to  p  in  Eq.  (2),  provided 
that  Eq.  (3)  is  replaced  by  sin  (ft  =x/c  and  sin  (j>0  =  ale . 

The  relation  between  die  applied  tangential  line  force, 
0,  and  the  stick  zone,  c,  is7 


II 

Cy|^_ 

(c Y  n  —  20o  —  sin(20o) 

W  n  —  2^o  —  sin(2^o)  ’ 

(8a) 

II 

c  <  a  (sin  00  =  a/c,  sin  <t>0  —  a/b) 

(8b) 

Note  that  in  the  limit,  a-*  0,  the  classic  result  of  cylinder- 
on-flat  case  is  recovered 


The  above  results  can  be  extended  to  the  case  of  a 
cyclic  tangential  loading  where  the  normal  load  is  kept 
constant. 

In  the  present  analysis,  adhesion  between  the  con¬ 
tacting  bodies  is  assumed  to  be  weak.  Therefore,  slip  at 
the  rounded  parts  of  the  punch  is  possible,  as  described 
by  Eq.  (8).  If  strong  adhesion  is  present,  then  the  stresses 
will  be  square-root  singular  throughout  the  contact 
region  and  slip  will  be  prevented  in  the  rounded  parts 
of  the  punch. 


Maximum  tensile  stress  in  the  substrate 

The  strength  of  the  contact  may  be  quantified  by  the 
maximum  tensile  stress  that  develops  at  maximum  tan¬ 
gential  load.  In  this  respect,  the  following  observations 
can  be  made.  First,  the  maximum  tensile  stress  develops 
always  at  the  contact  boundary  {x  =  ±b,y  =  0).  Second, 
the  two-dimensional  normal  contact  of  a  semi-infinite 
substrate  does  not  produce  any  tensile  stress  anywhere 
in  the  substrate.  Third,  only  the  tangential  load  produces 
tensile  stress  in  the  substrate,  as  indicated  in  Fig.  1. 

If  q(x)  is  the  distribution  of  shear  tractions  at  the 
contact  region  due  to  tangential  line  load,  then  the 
maximum  tension  is  given  by8 


max  gx  = 


2 

Tt 


(10a) 


In  the  sharp  punch  limit,  we  use  the  coordinate  trans¬ 
formation,  Eq.  (5),  into  Eq.  (10a)  to  obtain 


IQ  f*72 

%P  J-n/2 


m 

1  —  sin  (0) 


cos  (j>  d (j> 


(10b) 


Inserting  Eq.  (4)  into  Eq.  (10b),  we  calculated  as  a 
function  of  alb  and  the  results  are  shown  in  Table  1 .  In 
the  limit  oib^a,  we  find 


TC>  = 


1.926 
^Jb  —  a 


(ID 


Asymptotic  contact  pressure  for  the  sharp 
cornered  punch 

Of  particular  importance  is  the  limit  case  of  the  sharp 
cornered  punch  on  flat  substrate  (D-+  0,  b-+a).  Goodier 
and  Loutzenheiser9  have  shown  that  in  this  limit  case 


Table  1  Normalized  tensile  stress  due  tp  tangential  line  load  Q  as  a 
function  of  alb 


alb 

agb/Q 

a/b 

o^b/Q 

0.0 

4/71 

0.91 

3.586 

0.1 

1.313 

0.92 

3.796 

0.2 

1.364 

0.93 

4.053 

0.3 

1.462 

0.94 

4.365 

0.4 

1.514 

0.91 

4.775 

0.5 

1.628 

0.96 

5.335 

0.6 

1.789 

0.97 

6.133 

0.7 

2.031 

0.98 

7.550 

0.8 

2.447 

0.99 

10.87 

0.9 

3.407 

0.9975 

21.15 

0.9995 

76.55 

The  results  are  valid  for  Q  -*  fiP  and/ or  b  -*■  a. 
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the  contact  pressure  has  two  maxima  which  are  given  by 


max  p(x)  = 


7.182V2  P 


at  *  =  ±[b  —  0.695(b  —  a)]  (12) 

as  indicated  in  Fig.  2.  The  contact  pressure  is  zero  at 
x  —  ±b  and  has  a  relative  minimum  at  x  —  0 


min  p(x  —  0)  —  —  (13) 

7 ib 

Using  the  Goodier  and  Loutzenheiser  approximation, 
we  obtain  the  asymptotic  shear  contact  traction 


q(x)  =  —p(x); 


Fig.  3  The  new  coordinates  (x used  in  the  asymptotic 
expansion  of  the  stress  fields  close  to  the  contact  edges. 


and  0  <  6  ^  n,  and  obtained 


Asymptotic  stress  field  around  the  edges  of  a  sharp 
cornered  punch 

In  the  limiting  case  of  a  sharp  flat  punch  (D->0,  b-+a), 
the  stress  field  can  be  approximated  as  follows.  Very 
close  to  the  rounded  edge,  the  punch  behaves  as  a 
parabolic  punch,  therefore  the  stresses  should  vary  as 
y/b  —  x,  whereas  further  away,  they  should  vary  as 
l/V^—x.  A  new  coordinate  system  ( x*,y *)  is  positioned 
at  the  edge  of  the  contact,  as  shown  in  Fig.  3 .  Without 
loss  of  generality,  the  coordinates  ( x,y )  and  (x*,y*)  are 
related  as 

y*=y;  x*=-x  +  b  (15) 

Let  r  and  0  be  the  polar  coordinates  attached  to  the 
new  system,  as  shown  in  Fig.  3,  so  that 

x*  —  r  cos  6 ;  y*  —  r  sin  6  (16) 

Regarding  normal  loading  only,  we  performed  a  formal 
expansion  of  the  stress  fields  in  the  region  0  <  r  <  (b  —  a) 


<&>(r,0)\ 


-1  0  +1  x/b 

Fig.  2  Contact  pressure  distribution  for  a  round  cornered  punch  in 
the  limiting  case  b  -+a? 


(17) 

where  r0  is  a  length  and  A*  is  a  free  parameter  that  must 
be  chosen  to  optimize  the  asymptotic  amplitudes.  The 
length  r0  is  introduced  so  that  for  the  sharp 

punch  asymptotic  solution  is  retrieved,  in  accord  with 
the  crack  analogue  model.5  On  the  other  hand,  for  large 
values  of  r0,  Eq.  (17)  gives  the  smooth  punch  solution 
asymptote.  To  optimize  the  expansion,  we  fitted  the 
above  result  to  the  actual  maximum  contact  pressure 
given  by  Eq.  (12)  and  obtained  the  values 

A*  =  0.1482;  r0  =  0.695  (b-a)  (18) 

Assuming  tangential  loading  only,  with  the  tangen¬ 
tial  load  being  positive  as  indicated  in  Fig.  3,  a  formal 
expansion  of  the  stress  fields  in  the  region  0  <r<(b  — a) 
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and  0  ^  0  <  n,  gives 

I <r%(r,  0)\ 
a?mir,  0) 

\o%(r,e)J 

-  W  c  6\ 

-3  cosy-Scos-' 

30  0 

3  cos  — —  3  cos  - 

36>  .  9 

3  sin  y  —  sin  - 

e  59  9 

5  cos  y +  3  cos  - 

50  0 

-5  cosy +  5  cos- 

r  .  50  .0i 

-5smy+sin-  j 

(19) 

Full  finite  element  analysis  showed  that  the  stress 
expansions  described  by  Eqs  (17)  and  (19)  are  within  less 
than  11%  inside  a  region  of  0<r<£/5  and 
Q.9<a/b<l.Q.10  For  b-+a,  the  singular  part  of  the 
stresses,  associated  with  the  crack  analogue  structure  of 
the  sharp  punch  solution,5  extends  beyond  the  region  of 
validity  of  the  non-singular  part  of  the  stresses  associated 
with  the  rounded  part  of  the  punch. 

The  asymptotic  Eqs  (17)  and  (19)  ignore  a  possible 
constant  stress  that  runs  parallel  to  the  surface  (the 
T-stress  in  the  fracture  mechanics  terminology).  Such 
stress  can  be  found  from  the  general  two-dimensional 
contact  analysis8  from 

ff£.  =  -  f  (20) 

71  Jo  S 

Inserting  the  shear  traction  cr%(s,  n)  from  Eq.  (19)  into 
Eq.  (20),  we  obtain 

[arctan  ( V2 b/r0  4- 1)  +  arctan(V2£/r0  —  1)] 

tCs/twTq 

(21a) 


Q  S  A*r0 
Vnb  (r2  +  ri)  r\fr 


Q  ?_  A* 
Vrtb  (r1  +  ro)  Vr 


and  for  b»r0, 


q  2.011  Q 
axx 


(21b) 


which  is  4.4%  higher  than  the  exact  result  given  by 
Eq.  (1 1).  Therefore,  it  can  be  concluded  that  the  asymp¬ 
totic  expansions  given  by  Eqs  (17)  and  (19)  are  fairly 
good. 


RANGE  OF  APPLICABILITY  OF  THE  LINEAR 
ELASTIC  ROUNDED  PUNCH-ON-FLAT  CONTACT 
ANALYSIS 


Limits  of  the  linear  elastic  analysis 


The  previous  analysis  was  based  on  linear  elasticity, 
therefore  it  is  important  to  investigate  the  limit  of  elastic 
behaviour  which  can  be  achieved  under  combined 
normal  and  tangential  load  and  which  is  influenced 
by  the  friction  coefficient  /£  and  the  geometric  ratio 
a/b.  The  most  general  case  is  complex.  However,  for 
alb  >  0.3,  /i  >  0.25  and  Q-+fiP,  a  simple  solution  for  the 
maximum  Mises  effective  stress  can  be  found.  Under  the 
above  conditions,  the  maximum  effective  stress,  max  cre, 
occurs  at  the  contact  boundary  (y-0,x=±b)  and  is 
given  by 

max  <re  =  A<rg  (22  a) 


A  =  1  (plane  stress) 

A  =  V[1  + +  (1  -  VsY  V2  (plane  strain) 


(22b) 


where  can  be  found  from  Eq.  (11)  or,  equivalently, 
from  Table  1.  Obviously,  yielding  of  the  substrate  is 
avoided  if  max  a e  <  ay,  where  ay  is  the  yield  strength  of 
the  substrate.  Here  it  is  implicitly  assumed  that  the 
punch  will  withstand  plastic  yielding. 

In  the  limit  of  a  cylinder-on-flat  case,  a-+  0,  the  regime 
of  elasticity  is  given  in  terms  of  the  loading  as 


T-<r?'  Q-'kp  <23> 

bcFy  4fiA 

In  the  limit  of  a  sharp  punch-on-flat  case,  b->ay  the 
regrime  of  elasticity  is  given  in  terms  of  the  loading  as 


P  ^  1.926 

b(Jy  ^  V  l —  a/b1 


(24) 


Influence  of  the  finite  thickness  of  the  substrate 

Most  fretting  fatigue  experiments  employ  a  pair  of 
identical  fretting  pads  loaded  symmetrically  against  a 
specimen  of  finite  thickness  by  a  normal  force  and  an 
oscillatory  bulk  stress.  The  contact  pressure  is  close  to 
that  predicted  by  the  half-plane  solution,  if  the  specimen 
thiclmess  is  more  than  about  five  times  the  contact  zone, 
whereas  for  substrate  thickness  that  is  less  than  5b,  the 
contact  pressure  become  uniform,  p(x)  »  P/(2b).n  In  con¬ 
trast  to  the  contact  pressure,  the  axial  stresses  in  the 
substrate  of  finite  thickness  undergo  more  drastic 
changes,  the  most  important  of  which  is  that  they 
become  tensile  at  the  surface,  outside  the  contact  zone 
(y  =  0,  \x\>b).  This  deviation  from  the  semi-infinite 
substrate  is  due  only  to  the  normal  loading,  the  tangential 


©  2000  Blackwell  Science  Ltd.  Fatigue  Fract  Engng  Mater  Struct  23,  561-571 


LINEAR  ELASTIC  MODEL  OF  STRESS  CONCENTRATION 


567 


loading  produces  stresses  that  are  close  to  those  found 
from  the  solution  of  the  semi-infinite  substrate.11  It  can 
be  concluded  that  the  maximum  tensile  stress  needs  to 
be  corrected  by  taking  into  account  the  finite  thickness 
of  the  substrate.  The  correction  stress  is  due  to  the 
normal  load,  o^x,  at  (r  =  ±b>y  —  0).  In  the  elastic  regime, 
superposition  gives  the  maximum  tensile  stress  as 

max  (Tj  =  pxX  +  o^x  (25) 

where  axx  depends  on  the  thickness  of  the  substrate  and 
the  normal  load,  and  is  given  in  Appendix  A,  Table  Al. 


APPLICATIONS  TO  FRETTING  FATIGUE 
CRACK  INITIATION 

Similarity  of  rounded  punch  and  blunt  crack 
asymptotic  solutions 

The  asymptotic  stress  solution  around  the  tip  of  a 
circularly  rounded  crack-tip  of  radius  p  was  found  by 
Creager  and  Paris.2  It  contains  the  regular  (singular) 
sharp  crack  solution  and  an  additional  (non-singular) 
part  that  depends  upon  the  ratio  p/r.  The  radial  variation 
of  the  stresses  of  the  rounded  punch-on-flat  contact  [Eqs 
(17),  (19)]  is  similar  to  that  of  the  blunt  crack  for  mode  I 
and  II  crack  opening.  However,  the  angular  variation  of 
the  non-singular  stress  fields  of  the  rounded  punch-on- 
flat  contact  differ  from  that  of  the  blunt  crack. 

For  a  blunt  crack  under  mode  I  loading,  the  maximum 
tensile  stress  is2 


K 

max  <7,  =  a  (r  =  p/2,  9  =  0)  =  2  -ji=  (26) 

\np 

This  form  was  used  by  Barsom  and  McNicol1  to  examine 
the  effect  of  the  stress  concentration  on  the  fatigue  crack 
initiation  at  the  notch-tip.  In  the  contact  problem  at 
hand,  the  maximum  tensile  stress  for  a  sharp-edged 
punch  is  given  by  Eq.  (11).  Previous  analysis5  has  shown 
that  for  a  perfectly  sharp  punch,  a  mode  II  stress  intensity 
factor,  Kn  =  Q/^fnb ,  can  characterize  the  strength  of  the 
singularity  close  to  the  contact  boundary.  Then,  for  the 
sharply  rounded  punch  Eq.  (11)  becomes 

max  ffj  —  g£.  =  3.414  —>  11  (27) 

\n{b  — a)  ' 

The  similarity  of  Eqs  (26)  and  (27)  is  obvious,  provided 
the  ‘notch  radius’  is  recognized  to  be  ( b  —  a).  It  should 
be  emphasized  that  the  link  between  the  contact  mech¬ 
anics  of  a  rounded  comer  and  fatigue  at  a  notch  is  based 
here  on  fracture  mechanics  concepts  rather  than  stress- 
based  criteria. 

In  the  most  general  case,  the  total  maximum  tensile 
stress,  max  cr\ot,  can  be  found  by  superposition  of  the 


maximum  tensile  stresses  due  to  the  tangential  load, 
<r£.,  due  to  the  normal  load,  axx,  and  due  to  the  bulk 
stress,  max  <rb.  Superposition  of  the  uniform  bulk  stress, 
max  <rb,  to  the  contact  stress  is  a  good  approximation 
for  the  actual  tangential  stresses  at  the  edge  of  the 
contact.12  We  propose  that  the  condition  for  fretting 
fatigue  crack  initiation  is  when  the  total  maximum  tensile 
stress  which  develops  at  the  extremity  of  the  contact  pad 
comer  becomes  equal  to  the  endurance  stress,  <rend,  of 
the  unfretted  specimen  for  the  same  material  and  load 
ratio,  R. 

ffcnd  (R)  =  max  of*  =  <y%  +  <£x  +  max  ah  (28) 

In  this  work  we  present  fracture  mechanics  method¬ 
ology  to  predict  crack  initiation  at  a  rounded  punch 
comer.  A  life  prediction  methodology  for  the  subsequent 
development  of  the  slant  crack  and  the  normal  crack  can 
be  found  using  the  concepts  developed  previously  for 
the  crack  analogue.5  Detailed  expressions  describing  the 
subsequent  stages  of  the  crack  development  (i.e.  direction 
and  size  of  the  slant  crack  and  number  of  cycles  spent 
propagating  the  crack  up  to  complete  failure)  were 
addressed  and  can  be  found  in  Ref.  [5].  This  type  of 
analysis  is  possible  because  the  range  of  the  singular 
stress  fields  (crack  analogue)  extends  further  than  the 
range  of  the  non-singular  stress  fields  (notch  analogue), 
as  discussed  in  a  previous  section. 


Experimental  verification 

We  have  found  few  fretting  experiments  that  examine 
systematically  the  roundness  of  sharp  punch-on-flat  con¬ 
tact.  Recently,  Hutson  and  co-workers13,14  developed  a 
fretting  fatigue  test  to  simulate  the  fretting  fatigue  crack 
initiation  that  occurs  in  turbine  engine  blade  attach¬ 
ments.  Their  test  system,  shown  schematically  in  Fig.  4, 
employs  a  flat-on-flat  contact  with  blending  radii  which 


Fig.  4  Schematic  of  the  loading  and  gripping  system  of  the  fretting 
fatigue  test.  The  apparatus  produces  two  nominally  identical 
regions  of  fretting  for  each  test  specimen. 1 3 
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reproduce  the  nominal  levels  of  normal  and  bulk  stresses 
present  in  dovetail  joints.  A  gripping  system  was  used  to 
allow  control  and  measurement  of  critical  fretting  param¬ 
eters  through  instrumented  clamping  of  the  punches. 
Each  of  the  two  grips  was  fitted  with  removable  fretting 
pads  to  facilitate  control  of  the  contact  conditions.  The 
axial  fretting  fatigue  specimen  was  sandwiched  in  the 
grips  and  both  ends  were  given  identical  contact  con¬ 
ditions.  Tests  were  conducted  at  300  and  400  Hz  in 
laboratory  air  environment.  The  bulk  stress,  <rb,  and  the 
tangential  line  load,  Q ,  were  oscillatory,  whereas  the 
clamping  (normal)  line  load,  Py  remained  constant. 
Symmetry  in  the  apparatus  provided  a  specimen  which 
failed  on  one  end,  leaving  the  other  end  with  a  surface 
scar.  Testing  was  conducted  using  the  stepped  loading 
approach  developed  by  Maxwell  arid  Nicholas,15  where 
the  axial  bulk  stress  was  set  below  the  anticipated  endur¬ 
ance  stress  and  was  raised  gradually  by  2-5%,  each 
resulting  intermediate  loading  run  up  to  107  cycles  and 
the  process  repeated  until  specimen  failure.  A  fatigue 
endurance  stress  (noted  as  Goodman  stress  in  Hutson 
et  alP)  was  defined  as  the  maximum  bulk  stress  corre¬ 
sponding  to  a  survival  life  of  107  cycles. 

Both  the  axial  specimens  and  the  contacting  part  of 
the  fretting  pads  used  by  Hutson  et  alP  were  machined 
from  vacuum-annealed  and  hot-rolled  Ti-6A1^4V  bar 
stock.  The  material  was  stress  relieved  by  vacuum  heat 
treatment  at  705  °C  for  2  h,  static  argon  cooled  to  below 
149  °C,  vacuum-annealed  at  549  °C  for  2  h  and  static 
argon  cooled  to  less  than  549  °C.  This  treatment  pro¬ 
duced  a  microstructure  of  90%  a-phase  with  10%  inter¬ 
granular  {5-phase.  The  balance  of  the  fretting  pads  was 
machined  from  AMS  4928  T1-6A1-4V  with  TE01  heat 
treatment.  All  specimens  and  fretting  pads  were  low 
stress  ground  to  a  RMS  16  surface  finish. 

The  geometry  of  the  specimens  and  the  pads,  as  well 
as  the  loading  condition  for  the  tests  performed  by 
Hutson  and  co-workers13,14  are  given  in  Table  2a  and  b 
for  R  =  0.1  and  0.5,  respectively.  For  the  purpose  of  our 
analysis,  typical  material  properties  of  Ti-6AI-4V  were 
selected:  Es  =  1 15  GPa,  vs  =  0.3,  ay  =  960  MPa  and  fi  = 
0.7.  The  line  loads  P  and  Q  were  calculated  from  the 
total  clamping  force  and  the  width  of  the  specimen,  m 
In  the  test  configuration  shown  in  Fig.  4,  overall  equilib¬ 
rium  relates  the  tangential  line  load  Q  and  the  bulk 
stress  <7b  as 

Q  =  t<rh  (29) 

In  this  case  the  tangential  load  Q  and  bulk  stress  <rb  are 
in  phase,  therefore  the  load  ratio  is 

R  —  min  ab/max  <rb  =  min  Q/ max  Q  (30) 

We  used  the  experimental  input  of  Table  2  a  and  b 
with  Eq.  (6)  to  compute  the  contact  width  2b.  The 


contact  width  was  used  with  Table  1  to  compute  a%. 
The  additional  tension  due  to  finite  thickness,  <7^.,  was 
obtained  from  Table  1 .  The  total  maximum  tensile  stress 
was  found  from  superposition, 

max  tr\ot  =  a%  4-  <^x  +  max 

The  results  of  our  analysis  are  presented  in  Table  3  a 
and  b  for  i?  =  0.1  and  0.5,  respectively.  The  average 
value  for  the  total  maximum  tensile  stress  is 
<max  <r\ot>  =  539  and  792  MPa  for  R  =  0.1  and  0.5  MPa, 
respectively.  These  values  compare  well  with  the  corre¬ 
sponding  experimental  values  of  the  endurance  stress, 
<jend  =  ^00  and  825  MPa  for  i?  =  0.1  and  0.5,  respectively. 
Therefore,  the  maximum  tensile  stress  which  develops 
at  the  extremity  of  the  contact  punch  corner  can  predict 
quite  well  the  endurance  stress  of  the  unfretted  specimen 
(for  the  same  material  and  load  ratio)  and  can  be  used 
as  an  indicator  of  fretting  fatigue  crack  initiation  for  the 
punch-on-flat  geometry. 

The  analysis  supports  a  fretting  fatigue  crack  initiation 
methodology  similar  to  the  one  proposed  by  Barsom 
and  McNicol1  for  fatigue  crack  initiation  at  notches. 
Equation  (28)  suggests  a  reduction  factor  due  to  fretting 
by  rounded  punches 

Reduction  factor  —  1  +  (axx  +  tf£r)*/max  Q  (31) 

Furthermore,  it  can  be  noted  that  because  a £.  and  trb 
are  proportional  to  Q  (but  not  to  P)  and  cr^.  is  pro¬ 
portional  to  P,  it  is  expected  that  for  low  normal  loads, 
high  bulk  stress  (thus,  high  tangential  loads)  and  thicker 
specimens,  the  endurance  stress  (also  called  Goodman 
stress  in  this  case)  will  be  unaffected  by  P.  This  theoretical 
result  was  clearly  observed  and  noted  in  the  experimental 
work  of  Hutson  et  alP 

CONCLUSIONS 

In  the  present  work,  we  developed  an  analytical  model 
for  fretting  fatigue  at  a  rounded  comer  punch  contacting 
a  substrate  and  an  analogy  made  with  fatigue  crack 
initiation  at  a  notch  tip.  We  examined  the  similarities 
and  differences  between  stress  concentrations  at  the  edge 
of  sharply  rounded  punch-on-flat  contact  and  the  tip  of 
a  blunt  crack.  The  asymptotic  stress  fields  and  the 
maximum  tensile  stress  were  found  explicitly  as  functioris 
of  the  applied  loads  and  punch  geometry.  The  maximum 
tensile  stress  was  used  to  develop  a  ‘notch  analogue’ 
approach  aimed  at  predicting  fretting  fatigue  crack 
initiation.  The  notch  analogue  methodology  provides  a 
direct  connection  between  the  round  cornered  flat  punch 
fretting  fatigue  and  the  plain  fatigue  crack  initiation  of 
a  smooth  specimen  of  the  same  material.  The  ratio  of 
the  fatigue  strength  of  the  fretted  and  unfretted  specimen 
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Table  2  Geometry  and  loading  used  in  the  fretting  fatigue  experiments 


(a) 


Case 

a  (mm) 

D/2  (mm) 

t  (mm) 

w  (mm) 

P  (kN/mm) 

Q  (kN/mm) 

cb  (MPa) 

R 

1 

5.853 

0.508 

0.943 

9.910 

3.532 

0.156 

165 

0.1 

2 

12.17 

0.508 

1.005 

10.15 

3.448 

0.218 

216 

0.1 

3 

3.150 

3.175 

0.980 

9.990 

3.504 

0.156 

159 

0.1 

4 

5.840 

0.508 

0.925 

9.990 

3.707 

0.185 

200 

0.1 

10 

12.44 

0.508 

0.920 

9.930 

2.115 

0.172 

187 

0.1 

11 

3.169 

3.175 

0.945 

9.940 

2.113 

0.136 

143 

0.1 

12 

9.528 

3.175 

1.005 

10.18 

2.063 

0.183 

182 

0.1 

19 

12.46 

0.508 

0.945 

9.910 

3.532 

0.256 

272 

0.1 

20 

11.09 

0.508 

0.950 

9.920 

2.117 

0.122 

128 

0.1 

24 

3.153 

3.175 

1.065 

10.15 

3.448 

0.198 

186 

0.1 

25 

3.152 

3.175 

1.035 

10.31 

3.395 

0.202 

195 

0.1 

(b) 


Case 

a  (mm) 

D/2  (mm) 

t  (mm) 

w  (mm) 

P  (kN/mm) 

Q  (kN/mm) 

ab  (MPa) 

R 

5 

5.841 

0.508 

0.945 

9.930 

3.525 

0.265 

280 

0.5 

6 

12.17 

0.508 

0.995 

10.15 

3.448 

0.328 

330 

0.5 

7 

3.199 

3.175 

1.005 

10.16 

3.449 

0.251 

250 

0.5 

8 

5.840 

0.508 

0.920 

9.910 

5.520 

0.276 

300 

0.5 

13 

9.525 

3.175 

0.930 

9.960 

3.705 

0.185 

200 

0.5 

14 

12.17 

0.508 

0.910 

9.940 

2.113 

0.287 

315 

0.5 

15 

3.175 

3.175 

0.890 

9.920 

2.117 

0.232 

260 

0.5 

16 

11.10 

3.175 

0.940 

9.910 

2.119 

0.320 

340 

0.5 

17 

3.197 

3.175 

1.015 

10.01 

2.597 

0.267 

263 

0.5 

18 

9.507 

3.175 

1.000 

10.15 

2.069 

0.350 

350 

0.5 

21 

12.46 

0.508 

0.870 

9.950 

3.518 

0.313 

359 

0.5 

22 

12.46 

0.508 

0.943 

9.910 

2.119 

0.358 

380 

0.5 

23 

3.175 

3.175 

0.950 

9.920 

3.528 

0.253 

266 

0.5 

26 

3.200 

3.175 

1.015 

10.00 

2.600 

0.292 

288 

0.5 

30 

3.197 

3.175 

0.990 

10.01 

2.297 

0.238 

240 

0.5 

Reference:  Hutson  etalP'x* 

Configuration:  Fig.  4. 

Material:  Ti-6A1-4V  (both  pad  and  substrate). 

Properties:  E*  =  64.8  GPa,  =  0.7,  <rcnd  =  600  MPa  ( R  *  0.1)  and  825  MPa  (R  »  0.5). 


(the  reduction  factor)  can  be  predicted  from  the  derived 
analytic  results. 

Two  important  limits  of  applicability  of  the  rounded 
comer  punch  analysis  were  considefed:  the  onset  of 
plasticity  and  the  influence  of  the  finite  thickness  of  the 
substrate.  Other  possible  effects,  e.g.  the  contact  surface 
asperities,  geometric  imperfectness  of  the  punch,  load 
waveform  and  frequency,  as  well  as  material  inhomogen¬ 
eity  and  anisotropy,  were  not  examined  in  this  work. 
Subsequendy,  the  similarity  of  the  rounded  flat  punch 
and  the  crack-notch  asymptotic  solutions  was  discussed. 
The  experimental  results  quoted  in  the  literature  have 
been  used  to  experimentally  verify  the  proposed 
methodology. 

The  basic  formula  that  relates  the  stress  concentration 
with  the  stress  intensity  factor  is  similar  in  both  contact 


mechanics  and  fracture  mechanics  contexts.  It  is  then 
concluded  that  crack  initiation  in  fretting  fatigue  at  a 
sharp  punch-on-flat  contact  can  be  modelled  with  the 
‘notch  analogue’  method,  by  testing  punch  configur¬ 
ations  of  different  radii  and  evaluating  the  corresponding 
stress  concentration  using  the  present  analysis.  The 
proposed  methodology  establishes  the  endurance  limit 
in  fretting  at  a  rounded  punch  comer,  analogous  to  the 
fatigue  crack  initiation  stress  proposed  by  Barsom  and 
McNicol.1 
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Table  3  Results  from  the  contact  analysis  and  the  maximum  tensile  stress  in  the  fretting  fatigue  experiments 


(a) 


Case 

b  (mm) 
Eq.(6) 

b~a 

(mm) 

t/b 

<&( MPa) 
Table  1 

<£  (MPa) 
Table  1A 

+  max  <xb 

(MPa) 

R 

1 

5.905 

0.0521 

0.160 

292 

73 

530 

0.2 

2 

12.21 

0.0402 

0.082 

269 

22 

507 

0.1 

3 

3.352 

0.1986 

0.292 

230 

204 

593 

0.4 

4 

5.894 

0.0540 

0.157 

382 

75 

657 

0.2 

10 

12.47 

0.0298 

0.074 

293 

12 

492 

0.1 

11 

3.116 

0.1426 

0.285 

227 

119 

489 

0.3 

12 

9.995 

0.4669 

0.101 

96 

19 

297 

0.2 

19 

12.503 

0.0411 

0.076 

309 

21 

602 

0.1 

20 

11.12 

0.0288 

0.085 

233 

15 

376 

0.1 

24 

3.352 

0.1986 

0.318 

293 

208 

687 

0.4 

25 

3.351 

0.1986 

0.309 

299 

203 

697 

0.4 

(b) 

b  (mm) 

b  —  a 

<r£.  (MPa) 

<£(MPa) 

<x£.  +  +  max  °b 

R 

Case 

Eq.(6) 

(mm) 

t/b 

Table  1 

Table  1A 

(MPa) 

5 

5.894 

0.0526 

0.160 

497 

74 

851 

0.5 

6 

12.21 

0.0402 

0.082 

405 

22 

757 

0.5 

7 

3.405 

0.2057 

0.295 

361 

200 

810 

0.6 

8 

5.914 

0.0739 

0.156 

215 

110 

625 

0.6 

13 

9.680 

0.1549 

0.096 

464 

32 

696 

0.5 

14 

12.20 

0.0292 

0.075 

500 

13 

828 

0.5 

15 

3.318 

0.1429 

0.268 

387 

115 

762 

0.6 

16 

11.20 

0.1021 

0.084 

316 

15 

671 

0.5 

17 

3.366 

0.1694 

0.302 

421 

150 

834 

0.6 

18 

9.612 

0.1046 

0.104 

404 

19 

773 

0.5 

21 

12.50 

0.0411 

0.070 

403 

20 

789 

0.5. 

22 

12.49 

0.0299 

0.075 

609 

12 

1001 

0.5 

23 

3.380 

0.2057 

0.281 

359 

201 

826 

0.6 

26 

3.370 

0.1696 

0.301 

460 

150 

898 

0.6 

30 

3.366 

0.1694 

0.294 

375 

148 

763 

0.6 

Reference:  Hutson  et  <z/.13,14 
Configuration:  Fig.  4. 

Material:  T1-6AI-4V  (both  pad  and  substrate). 

Properties:  £*  =  64.8  GPa,  ft  =  0.7,  (7end  -  600  MPa  (R  =  0A)  and  825  MPa  (R  =  0.5). 
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APPENDIX  A 

Calculation  of  the  maximum  tensile  stress  in  a  strip 
of  finite  thickness  under  normal  contact  load 

The  geometry  shown  in  Fig.  Al  is  examined,  where  an 
elastic  strip  of  thickness  It  is  loaded  by  symmetric 
distributions  of  normal  pressure  on  the  opposite  faces  of 


the  specimen.  The  stresses  in  the  strip  are  evaluated 
using  Fourier  transform  theory.16  The  maximum  tensile 
stress  develops  at  the  contact  boundary  (x  =  ±  b,  y  =  ±  t) 
and  is  given  by 


2 

(£.  =  -  p(oc){cosh(at)Ap  —  2  cosh  (at) 

71  Jo 

-f  (at)  sinh(at)]DP}  cos(ab)  da  (Al) 


(at)  cosh  (dif)  4-  sinh(at) 
P  (at)  4*  sinh  (at)  cosh  (at) 

sinh  (at) 

P  (at)  +  sinh  (at)  cosh  (at) 


(A2) 

(A3) 
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Fig.  A1  Geometry  of  an  elastic  strip  of  thickness  2 r,  loaded 
symmetrically  by  similar  rounded  punches. 


and  p( a)  is  the  Fourier  cosine  transform  of  the  contact 
pressure  p(x ) 

p(a)  =  p(x)  cos  (or)  dr  (A4) 

Jo 

The  Fourier  transform  of  constant  contact  pressure 
distribution,  p(x)  —  P/(2b ),  is  (a)  =  P  sin(ab)/(2ab)  and  the 
Fourier  transform  of  the  Hertzian  contact  pressure  dis¬ 
tribution,  p(x)  - p0  Vl  —  (x/b)1,  p0  =  2P/(nb),  is  p(a)  — 
npoj,  (otb)/(2ot)f  where  ^  is  the  Bessel  function  of  order 
one.  For  the  case  of  Hertzian  contact  pressure,  the 
resulting  maximum  tensile  stress  o^x/po  is  given  in  Table 
A1  as  a  function  of  the  thickness  ratio  t/b . 


Table  A1  Variation  of  normalized  maximum  tensile  stress, 
(7 ib)/(2P),  for  different  normalized  strip  thickness,  t/b 


t/b 

o^(nb)/2P 

t/b 

<&(nb)/QP) 

OO 

0.000 

0.1 

0.132 

10 

0.083 

0.09 

0.125 

5 

0.154 

0.08 

0.118 

3 

0.237 

0.07 

0.110 

1 

0.389 

0.06 

0.103 

0.9 

0.387 

0.05 

0.096 

0.8 

0.382 

0.04 

0.076 

0.7 

0.372 

0.03 

0.063 

0.6 

0.357 

0.02 

0.049 

0.5 

0.336 

0.01 

0.039 

0.4 

0.309 

0.00 

0.000 

0.3 

0.274 

0.2 

0.228 
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An  Experimental  Investigation  of  Fretting  Fatigue  in 
H-6AI-4V:  the  Role  of  Contact  Conditions  and  Microstructure 


T.A.  VENKATESH,  B.P.  CONNER,  C.S.  LEE,  A.E.  GIANNAKOPOULOS,  T.C.  LINDLEY,  and 
S.  SURESH 

A  systematic  investigation  of  the  fretting  fatigue  behavior  of  the  titanium  alloy  Ti-6Al-4V  in  both 
the  mill-annealed  (MA)  and  the  solution-treated  and  overaged  (STOA)  conditions  was  carried  out. 
A  sphere-on-flat  fretting  fatigue  device  was  used  that  facilitated  real-time  control  and  monitoring  of 
all  the  relevant  parameters  such  as  the  contact  geometry,  contact  (normal  and  tangential)  loads,  and 
bulk  alternating  stress.  While  different  sets  of  experiments  were  conducted  to  examine  the  influence 
of  the  bulk  stress,  the  tangential  load,  and  the  normal  load,  respectively,  on  fretting  fatigue  response, 
the  effect  of  microstructure  on  fretting  fatigue  was  explored  with  experiments  on  the  acicular,  Widmans¬ 
tatten,  and  martensitic  microstructures  as  well.  In  experiments  where  the  contact  loads  were  maintained 
constant  and  the  bulk  stress  was  varied,  fretting  reduced  the  fatigue  strength  of  Ti-6A1-4V.  For  this 
case,  the  “strength  reduction  factor”  was  higher  for  the  experiments  with  higher  tangential  loads.  For 
cases  where  the  bulk  stress  and  the  normal  or  the  tangential  loads  were  maintained  constant,  lower 
fretting  fatigue  lives  were  obtained  at  larger  tangential  loads  and  at  smaller  normal  loads.  Of  all  the 
microstructures  studied,  preliminary  results  on  the  martensitic  structure  suggest  an  enhanced  fretting 
fatigue  resistance,  compared  to  the  basic  STOA  or  the  MA  microstructure.  Using  the  measured 
maximum  static  friction  coefficient  for  Ti-6A1-4V,  the  experimentally  observed  contact  and  stick- 
zone  radii  were  found  to  exhibit  good  agreement  with  analytical  predictions.  Furthermore,  conditions 
for  crack  initiation  were  determined  through  the  application  of  the  recently  developed  adhesion  model 
for  fretting  fatigue.  The  model  predictions  of  weak  adhesion  and  crack  initiation  were  validated  with 
experimental  observations  of  stick-slip  behavior  and  fretting  fatigue  failures,  respectively. 


L  INTRODUCTION 

FRETTING  fatigue  refers  to  the  contact  between  two 
surfaces,  where  small,  oscillatory  sliding  displacements,  typ¬ 
ically  in  the  range  of  2  to  50  /xm,  occur  between  the  surfaces, 
while  one  or  both  of  the  contacting  surfaces  could  be  sub¬ 
jected  to  fluctuating  stresses.  In  the  presence  of  aggressive 
environments,  considerable  oxidation  leading  to  wear  and 
material  removal  can  occur  at  the  fretted  surface.  In  addition 
to  surface  damage,  repeated  fretting  of  surfaces  can  cause 
a  drastic  reduction  (by  a  factor  of  2  or  more)  in  the  fatigue 
endurance  limit  and  orders  of  magnitude  decrease  in  fatigue 
life  from  that  seen  under  pure  axial  cyclic  loading  alone.1  *“4] 
Consequently,  fretting  fatigue  has  been  recognized  as  a  com¬ 
plex  multistage,  multiaxial,  fatigue-fracture  phenomenon 
involving  fatigue  crack  initiation,  early  (small)  crack  propa¬ 
gation,  and  sometimes  either  crack  arrest  or  continued 
growth,  ultimately  leading  to  catastrophic  failure. 

From  a  theoretical/analytical  perspective,  approaches  to 
predict  fretting  fatigue  cracking  can  broadly  be  classified  as 
one  of  two  types:  stress  based  or  fracture  mechanics  based. 
The  stress-based  approach  typically  involves  formulation  of 
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multiaxial  criteria  such  as  those  due  to  Crossland,  Findley, 
Sines,  Smith- Watson-Topper,  McDiarmid,  Papadopoulos, 
etc.  (as  reviewed  in  Reference  5)  by  considering  a  combina¬ 
tion  of  stresses  at  a  particular/critical  location  in  the  contact 
zone.  One  of  the  appealing  features  of  such  a  “stress  at  a 
point”  approach  is  its  relative  simplicity.  However,  because 
it  does  not  incorporate  a  length  scale  in  the  analysis,  this 
approach  has  its  limitations  and  it  does  not  capture  essential 
features  of  fretting  fatigue  damage  such  as  prediction  of 
crack  initiation,  location  of  crack  initiation,  or  crack  propa¬ 
gation  direction,  in  all  fretting  situations.  For  example,  in 
the  cases  of  various  fretting  contact  geometries, [31  cracks 
have  been  observed  to  initiate  in  the  slip  zone  or  the  stick- 
slip  boundary,  while  the  stress-based  approaches  always  pre¬ 
dict  the  fretting  cracks  to  initiate  at  the  edge  of  the  contact. 

By  incorporating  an  appropriate  lengthscale  in  the  analysis 
for  fretting  crack  initiation  and  propagation,  the  fracture 
mechanics  approach  addresses  a  principal  limitation  of  the 
stress-based  approaches.  However,  most  of  the  fracture 
mechanics  approaches  do  not  provide  a  framework  for 
identifying/deriving  this  lengthscale  unambiguously  and 
hence  the  initial  crack  length  has  to  be  assumed  a  priori. 

Recently,  a  new  model  for  fretting  fatigue  crack  initiation 
has  been  developed161  wherein  the  effects  of  interfacial  adhe¬ 
sion  between  the  contacting  bodies  were  incorporated  in  the 
analysis  of  the  mechanics  of  contact  fatigue.  By  recognizing 
that  adhesion  induces  square-root  singular  stress  fields  in 
the  contact  zone,  a  fracture  mechanics  methodology  was 
applied  to  derive  a  natural  lengthscale  for  the  fretting  fatigue 
problem.  A  comparison  of  the  cyclic  variations  in  local  stress 
intensity  factors  with  the  threshold  stress  intensity  factor 
range  for  the  onset  of  fatigue  crack  growth  then  provided 
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critical  conditions  for  crack  initiation.  It  was  also  shown 
that  the  location  of  crack  initiation  within  the  contact  area 
and  the  initial  direction  of  crack  growth  from  the  contact 
surface  into  the  substrate  could  be  quantitatively  determined 
by  this  approach. 

The  experimental  investigation  of  fretting  fatigue  on  vari¬ 
ous  materials  (metals,  ceramics,  and  polymers),  using  differ¬ 
ent  methods/contact  geometry  (with  bridge-type,  cylindrical, 
or  spherical  fretting  pads),  indicates  that  the  different  stages 
in  fretting  fatigue  depend  to  varying  extent  on  a  number 
of  material,  mechanical,  and  environmental  variables;  these 
include  the  microstructure,  geometry,  stresses,  temperature, 
frequency,  surface  modification,  residual  stresses,  surface 
roughness,  etc.11-4’  Given  the  complexity  of  the  phenome¬ 
non,  there  exists  a  critical  need  for  developing  methods  to 
characterize  the  fretting  behavior  of  materials  in  a  manner 
that  allows  for  easy  control  of  all  the  major  variables  that 
influence  fretting.  Hence,  a  novel  fretting  fatigue  device  that 
allowed  for  the  real-time  control  and  monitoring  of  all  the 
pertinent  variables  in  a  fretting  fatigue  experiment  was 
developed171  and  validated  with  experiments  on  7075  T6 
aluminum  alloy.1®1 

Several  aspects  of  the  fretting  fatigue  behavior  of  the 
titanium  alloy  Ti-6A1-4V  have  been  investigated,  mostly 
using  a  flat-on-flat  or  a  cylinder-on-flat  geometry  (<?.£.,  Ref¬ 
erences  9  and  10)  and  to  a  lesser  extent  on  the  sphere-on- 
flat  geometry.111,121 

The  objectives  of  the  current  work  are  as  follows.  Through 
a  systematic  experimental  study  of  the  sphere-on-flat  fretting 
fatigue  of  the  titanium  alloy  TI-6A1-4V,  we 

(1)  characterize  the  fretting  fatigue  response  of  Ti-6A1-4V 
and  its  dependence  on  the  various  mechanical  and  geo¬ 
metrical  factors  such  as  the  contact  (normal  and  tangen¬ 
tial)  loads,  bulk  loads,  and  fretting  pad  geometry; 

(2)  investigate  the  role  of  microstructure  in  the  fretting 
fatigue  response  of  Ti-6A1-4V  through  experiments  on 
Ti-6A1-4V  subjected  to  different  heat  treatment  sched¬ 
ules; 

(3)  quantify  damage  such  as  the  fretting  scar  size,  crack 
initiation  locations,  crack  propagation  angles,  and  their 
dependence  on  the  experimental  conditions; 

(4)  identify  the  different  regions  of  fretting  fatigue  crack 
growth  from  initiation  through  specimen  failure  and  the 
fraction  of  life  spent  in  each  of  those  regions;  and 

(5)  assess  the  results  within  the  context  of  the  new  fretting 
fatigue  adhesion  model. 

This  article  is  arranged  in  the  following  sequence.  Section 
II  presents  details  of  the  materials  and  microstructures  used, 
experimental  methods  employed,  and  conditions  investi¬ 
gated  in  this  study.  Section  in  presents  fretting  fatigue  results 
from  experiments  where  each  of  the  following  variables, 
normal  contact  load,  tangential  load,  bulk  load,  and  material 
microstructure,  was  varied  systematically.  In  Section  IV,  the 
observed  microstructural  details  such  as  the  fretting  scars, 
crack  initiation  locations,  and  crack  propagation  angles  are 
discussed  by  recourse  to  classical  analysis  of  the  fretting 
contact  as  well  as  through  the  adhesion  model  of  fretting 
fatigue.  Principal  conclusions  from  this  study  are  presented 
in  Section  V. 


Table  I.  Ti-6Al-4V  Subjected  to  Various  Heat  TVeatments 
to  Obtain  Different  Microstructures 


Microstructure 

Heat  Treatment 

STOA 

1.25  h  at  932  °C  in  air  and  air  cooled 
to  room  temperature;  followed  by 

2  h  at  704  °C  and  fan  cooled  in  argon 
atmosphere  to  room  temperature 

MA 

2  h  at  704  °C  followed  by  air  cooling 

Martensitic 

0.5  h  at  1050  °C  followed  by  water 
quench 

Coarse-grained  STOA 

48  h  at  930  °C  followed  by  air  cooling; 
12  h  at  700  °C  followed  by  air  cooling 

Acicular 

0.5  h  at  1050  °C  followed  by  air  cooling 

Widmanstatten 

0.5  h  at  1050  °C  followed  by  furnace 
cooling  to  700  °C  (1  h)  and  air 
cooled  to  room  temperature 

II.  EXPERIMENTS 

A.  Material  System 

Two  variants  of  T1-6A1-4V,  with  nominal  compositions 
of  6.08  pet  Al,  4.01  pet  V,  0.19  pet  Fe,  0.18  pet  O,  0.02  pet 
C,  0.01  pet  N,  0.0004  pet  H,  <0.001  pet  Y  and  the  balance 
Ti,  and  6.30  pet  Al,  4.17  pet  V,  0.19  pet  Fe,  0.19  pet  O, 
0.13  pet  N,  and  the  balance  Ti  (by  weight),  respectively,  in 
the  mill-annealed  (MA)  and  solution-treated  and  overaged 
(STOA)  conditions,  were  selected  for  the  fretting  fatigue 
study.  Through  appropriate  heat  treatment  schedules  (Table 
I),  the  basic  STOA  microstructure  was  modified  further 
to  obtain  coarse-grained  STOA,  martensitic,  acicular, 
and  lamellar AVidmanstatteii  microstructures  (Figures  1 
through  3). 

Optical  metallography  samples,  prepared  by  polishing 
with  SiC  paper,  3  /xm  diamond  solution,  0.3  /xm  alumina 
solution,  and  0.05  /xm  Mastermet  solution  and  subsequently 
etched  with  a  reagent  consisting  of  5  pet  HF,  10  pet  HN02, 
and  85  pet  distilled  water,  revealed  the  microstructural  details 
of  the  different  materials,  as  described  subsequently. 

The  MA  material  exhibited  a  duplex  microstructure,  with 
elongated  primary  alpha  grains  (10  /xm  in  width  by  50  to 
80  /xm  in  length)  along  the  longitudinal  direction  and  an 
equiaxed  structure,  with  an  average  primary  alpha  grain  size 
about  5  to  10  /xm,  in  the  transverse  cross  section.  The  basic 
STOA  material  displayed  a  duplex/bimodal  microstructure 
with  primary  alpha  grains  (10  to  20  /xm)  surrounded  by  a 
lamellar  matrix  with  a  minor  elongation  of  grains  in  the 
longitudinal  direction,  while  the  coarse  STOA  material  had 
a  primary  alpha  grain  size  between  20  and  25  /xm.  The 
martensitic  material  was  characterized  by  a  needlelike  micro- 
structure.  The  acicular  microstructure  consisted  of  colonies 
of  coarse  lamellar  grains  with  an  average  colony  diameter 
of  approximately  300  /xm.  The  Widmanstatten  microstruc¬ 
ture  had  lamellae  with  a  width  of  about  15  to  20  /xm. 

Fretting  fatigue  test  samples  had  rectangular  gage  cross 
sections  (Figure  4)  for  all  six  microstructures.  The  fretting 
pads  with  spherical  contact  surfaces  (Figure  4)  were 
machined  from  the  MA  material  for  the  fretting  tests  on  the 
MA  material,  while  they  were  machined  from  the  basic 
STOA  material  for  all  other  fretting  tests.  The  test  samples 
and  the  fretting  pads  were  polished  with  0.3  /xm  alumina 
solution.  The  pertinent  mechanical  properties  of  the  test 
samples  and  pads  are  listed  in  Table  II. 
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Fig.  1—  (a)  and  ( b )  Microstructure  of  Ti-6A1-4V  in  the  STOA  condition.  (The  various  cross  sections  are  illustrated  with  reference  to  the  as-received  ingot  (a)). 


B.  Fretting  Fatigue  Experiments 

A  fretting  fatigue  test  apparatus  (Figure  5)  was  designed 
for  independent  control  and  accurate,  real-time  monitoring  of 
all  the  pertinent  experimental  variables  such  as  the  specimen 
bulk  load,  P,  the  normal,  N,  and  tangential,  Q ,  loads,  at  the 
specimen/fretting  pad  interface,  and  the  relative  displace¬ 
ment  between  the  contacting  surfaces,  <5,  as  described  in 
more  detail  in  Reference  7. 

Briefly,  the  specimen  is  subjected  to  a  variable  axial  load 
through  the  actuator  of  a  servohydraulic  testing  machine, 
and  the  normal  load  is  transmitted  to  the  specimen  through 
spring-loaded  spherical  pads.  The  supports  of  the  spherical 
pads  are  mounted  on  a  compliant  system  and  attached  to 
the  structure  of  the  testing  machine.  Upon  the  application 
of  the  bulk/axial  load,  P ;  the  resulting  strain  in  the  test 
specimen  translates,  due  to  friction  at  the  contact,  to  a  tangen¬ 
tial  load,  Q  -  -(Cp/Cq)Py  where  Cp  and  Cv  respectively, 
are  the  compliances  of  the  load  train  and  the  pad-support 
system.  Experimentally,  this  tangential  load  is  determined 
as  a  sum  of  the  load  values  measured  by  the  two  load  cells 
mounted  below  the  linear  bearings.  The  coupling  of  Q  and 
P  through  friction  results  in  the  same  load  ratio,  /?',  between 
Q  and  the  bulk  stress  ab. 

With  its  many  points  of  adjustment  for  alignment  and 
compliance,  the  fretting  fatigue  device  allows  for  the  system 
compliance  to  be  changed  such  that  the  tangential  load,  or 
the  relative  displacement  between  the  specimen  and  the  pads, 
can  be  varied  systematically  while  maintaining  the  normal 


and  bulk  loads  constant  for  each  test.  As  discussed  in  Appen¬ 
dix  A,  this  device  also  allows  for  the  measurement  of*  the 
average  friction  coefficient. 

The  experimental  conditions  investigated  in  this  work  are 
summarized  in  Table  III.  All  tests  were  conducted  in  air 
with  60  to  70  pet  relative  humidity  at  25  °C.  The  axial  load 
varied  from  fully  tensile  to  fully  compressive  (load  ratio, 
Rr  =  —  1),  and  the  maximum  bulk  stress  never  exceeded 
the  endurance  limit  for  this  material.  The  test  frequency  was 
10  Hz.  Each  side  of  the  specimen  was  longer  than  6a ,  where 
a  was  the  contact  radius.  Such  a  constraint  on  dimensions 
was  necessary  to  prevent  edge  effects  from  interfering  with 
the  test. 

As  the  fretting  fatigue  device  allowed  for  the  fretting  of 
two  opposite  sides  of  the  specimens  under  identical  loading 
conditions  (Figure  5),  each  fretting  test  effectively  consti¬ 
tuted  two  tests  performed  under  identical  conditions.  As 
expected,  major  fretting  fatigue  cracks  initiated  on  either  of 
the  two  contacts. 


III.  RESULTS 

The  following  sections  present  results  of  the  fretting 
fatigue  experiments,  where  the  influence  of  the  various  fac¬ 
tors  such  as  the  bulk,  normal,  and  tangential  loads,  fretting 
pad  geometry,  and  the  material  microstructure  on  fretting 
damage  (t.c.,  fretting  scars  and  cracks)  and  total  fretting 
fatigue  life  was  examined  systematically. 
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Fig.  2 — ( b )  and  (c)  Microstructure  of  Ti-6AI-4V  in  the  MA  condition. 
(The  different  cross  sections  are  illustrated  with  respect  to  the  {a)  as- 
received  rod). 


Fig.  3 — Various  microstructures  of  Ti-6A1-4V:  (a)  coarse-grained  STOA, 
( b )  Widmanstatten  structure,  (c)  acicular  structure,  and  (d)  martensitic 
structure. 


A.  Fretting  Scars  and  Cracks 

In  all  the  experiments,  the  fretted  area  of  the  samples 
displayed  scars  that  were  typically  characterized  by  a  central 


stick  zone  surrounded  by  an  annulus  of  slip  zone,  with  a 
slight  eccentricity  (Figure  6).  A  significant  amount  of  oxide 
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12.7 

< - > 


5 

Fig.  4 — Schematic  of  fretting  fatigue  sample  and  pad  geometry  (all  dimen¬ 
sions  in  millimeters,  not  to  scale). 


debris  was  also  produced  by  the  fretting  action  at  the  trailing 
edge  of  the  contact,*  as  seen  in  Figure  6.  In  each  case  the 

*It  is  believed  that  gravity  in  combination  with  the  higher  contact  stresses 
present  at  the  trailing  edge  (Appendix  B)  may  have  contributed  toward 
creating  this  asymmetry  in  debris  accumulation.  The  effects  of  this  asymme¬ 
try  on  the  adhesion  debond  energies  (Section  IV)  have  not  been  incorporated 
in  the  current  analysis. 

scar  on  the  fretting  pad  was  a  mirror  image  of  that  on 
the  sample  surface.  Indirect  evidence  for  adhesion  between 
contacting  surfaces  could  be  discerned  from  the  fact  that 
some  brightly  reflecting  regions,  possibly  created  by  the 
rupture  of  microwelds,  were  also  observed  in  several  fret¬ 
ting  scars. 

Because  the  sliding  of  the  samples  upon  failure  typically 
damaged  the  scars,  the  fretting  scars  were  studied  in  detail 
in  those  experiments  where  sample  failure  did  not  occur. 
The  contact  zone  radius,  ay  stick-zone  radius,  c,  and  the 
eccentricity,  e,  observed  in  the  experiments  where  samples 
did  not  fail  are  presented  in  Table  IV. 

Fretting  cracks  typically  initiated  near  the  trailing  edge 


Fig.  5 — Fretting  fatigue  test  apparatus.171  LC  =  load  cell. 


of  the  contact  or  in  the  slip  zone  close  to  the  trailing  edge 
of  the  contact  (Figure  7,  Table  III).  (For  the  definition  of 
the  trailing  edge  of  the  contact,  see  Appendix  B).  In  some 
cases,  multiple  crack  initiation  sites  were  also  noted. 

Upon  initiation  ai  the  specimen  contact  surface,  the  fret¬ 
ting  fatigue  cracks  propagated  along  the  specimen  surface 
in  a  direction  perpendicular  to  the  direction  of  the  bulk 
load  as  well  as  into  the  interior  of  the  specimen.  The  crack 
propagation  angle  was  determined  optically  by  inspecting 
the  fractured  surface  (details  of  which  are  presented  in 
Appendix  C). 

B.  Effect  of  the  Bulk  Stress 

Four  sets  of  experiments  (tests  1  through  21,  Table  III) 
were  performed  on  the  MA  material,  where  for  each  set,  the 
normal  load,  the  tangential  load,  and  the  fretting  pad  radius 
were  maintained  constant  while  the  sample  bulk  load  was 
varied  (Figure  8).  In  general,  the  life  of  the  fretted  samples 
increased  as  the  bulk  stress  decreased  with  an  endurance 
limit  being  reached  at  lower  bulk  stresses.  In  all  cases,  fret¬ 
ting  reduced  the  fatigue  strength  of  Ti-6A1-4V,  with  the 
“strength  reduction  factor”  being  higher  for  the  experiments 
with  the  higher  tangential  load,  Q  -  30  N,  compared  to 
those  with  the  lower  tangential  load,  Q  =  15  N. 

Among  all  the  experiments  with  a  tangential  load  of  30 
N,  those  experiments  with  the  larger  pad  radius  of  25.4  mm 
typically  exhibited  longer  lives  and  a  higher  fatigue  strength. 
A  similar  trend  was  also  observed  for  the  experiments  with 
a  tangential  load  of  15  N,  where  the  fatigue  for  those  experi¬ 
ments  with  the  larger  pad  radius  was  marginally  higher  than 
for  the  experiments  with  the  lower  pad  radius. 

C.  Effect  of  the  Tangential  Load 

Two  sets  of  experiments  were  performed  on  the  MA  (tests 
22  through  28,  Table  III)  and  STOA  material  (tests  37 
through  46,  Table  HI),  where  for  each  set,  the  normal  load, 


Table  II.  The  Mechanical  Properties  of  Ti-6AI-4V  Used  in  the  Fretting  Fatigue  Experiments 


Properties 

MA 

STOA 

Acicular 

Widmanstatten 

Martensitic 

Elastic  Modulus  (GPa) 

116 

116 

116 

116 

116 

Poisson’s  ratio 

0.34 

0.34 

0.34 

0.34 

0.34 

Yield  strength  (MPa) 

963 

935 

935 

855 

1137 

Tensile  strength  (MPa) 

1016 

970 

995 

890 

1243 
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Table  III.  List  of  Experimental  Conditions  and  Results  of  All  the  Fretting  Fatigue  Experiments  on  Ti-6AI-4V 


Experiment 

Experimental  Input  Parameters 

N  Q  <rb  2R 

(N)  (N)  (MPa)  (m) 

Nf 

Now 

b0 

(Atm) 

do 

(Atm) 

a 

(Deg) 

Fracture 

Location 

lc 

(Atm) 

1 

50 

14.5 

394 

Effect  of  bulk  stress  (MA  Ti-6A!-4V) 
0.0254  107,899  53,232  280 

300 

80.7 

unclear 

283.7 

2 

50 

13 

357 

0.0254 

31,540 

— 

— 

310 

— 

3 

50 

15 

341 

0.0254 

266,176 

65,575 

180 

— 

eoc 

4 

50 

14.5 

300 

0.0254 

474,656 

177,275 

200 

250 

— 

eoc 

— 

5 

50 

15 

280 

0.0254 

2,055,856 

147,124 

180 

310 

68.7 

eoc 

193.2 

6 

50 

15 

341 

0.0508 

192,000 

73,473 

120 

275 

— 

eoc 

— 

8 

50 

15 

338 

0.0508 

1,609,238 

84,474 

130 

255 

72.9 

oc 

136.0 

7 

50 

15 

325 

0.0508 

872,863 

104,417 

250 

300 

— 

eoc 

9 

50 

17 

300 

0.0508 

8,596,572* 

— 

— 

— 

— 

— 

10 

50 

15 

292 

0.0508 

3,962,688 

137,493 

200 

300 

— 

eoc 

11 

50 

15 

276 

0.0508 

4,273,718* 

— 

— 

— 

— 

— 

12 

50 

16 

254 

0.0508 

2,288,839* 

— 

— 

— 

13 

50 

30 

315 

0.0254 

117,183 

104,030 

150 

275 

56.3 

eoc 

180.3 

14 

50 

30 

300 

0.0254 

142,746 

132,074 

180 

280 

— 

unclear 

— 

15 

50 

30 

250 

0.0254 

278,238 

247,080 

160 

210 

58.0 

eoc 

188.7 

16 

50 

33 

225 

0.0254 

691,612 

374,035 

231 

256 

68.9 

eoc 

247.6 

17 

50 

30 

375 

0.0508 

85,957 

77,427 

180 

230 

67.4 

eoc 

194.9 

18 

50 

30 

320 

0.0508 

212,491 

179,662 

100 

170 

— 

eoc 

— 

19 

50 

30 

265 

0.0508 

245,637 

178,088 

260 

350 

71.9 

eoc 

273.5 

20 

50 

30 

260 

0.0508 

253,700 

— 

150 

255 

— 

eoc 

— 

21 

50 

30 

225 

0.0508 

3,295,860 

390,790 

320 

360 

73.5 

eoc 

333.7 

22 

50 

30 

300 

Effect  of 

0.0254 

tangential  load 
142,746 

(MA  Ti-6A1-4V) 
132,074  180 

280 

57.3 

unclear 

213.9 

23 

50 

23 

300 

0.0254 

307.653 

153,745 

70 

260 

75.3 

eoc 

72.3 

24 

50 

14.5 

300 

0.0254 

474,656 

177,275 

200 

250 

75.7 

eoc 

206.3 

25 

50 

11 

300 

0.0254 

3,057,892 

152,907 

138 

240 

82.9 

slip  zone 

138.5 

26 

50 

10 

300 

0.0254 

2,163,277 

399,807 

360 

250 

72.8 

slip  zone 

376.8 

27 

50 

32 

300 

0.0508 

207,258 

120,466 

— 

— 

— 

— 

— 

28 

50 

21 

300 

0.0508 

598,191 

140,926 

150 

210 

71.6 

oc 

158.0 

29 

70 

16.5 

300 

Effect  of  normal  load  (MA  Ti-6A1-4V) 
0.0254  2,969,846  144,293  150 

250 

75.1 

slip  zone 

155.2 

30 

60 

16.3 

300 

0.0254 

1,235,575 

147,827 

140 

250 

60.2 

slip  zone 

161.3 

31 

50 

14.5 

300 

0.0254 

474,656 

177,275 

200 

250 

75.3 

eoc 

206.7 

32 

40 

16 

300 

0.0254 

401,153 

183,118 

90 

200 

60.9 

eoc 

103.0 

33 

30 

16 

300 

0.0254 

499,291 

258,959 

75 

150 

61.9 

eoc 

85.0 

34 

22 

15 

300 

0.0254 

284,670 

184,700 

100 

200 

— 

eoc 

35 

30 

17 

300 

0.0508 

5,342,499 

199,458 

100 

250 

65.8 

.  eoc 

109.6 

36 

25 

17 

300 

0.0508 

12,000,000* 

— 

— 

.  — 

— 

— 

37 

50 

37.5 

300 

Effect  of  tangential  load  (STOA  Ti-6A1-4V) 
0.0254  182,617  163,544  222 

272 

65.3 

eoc 

244.3 

38 

50 

23 

300 

0.0254 

227,972 

124,413 

222 

309 

77.2 

slip  zone 

227.6 

39 

50 

21 

300 

0.0254 

317,073 

241,400 

185 

210 

70.9 

eoc 

195.7 

40 

50 

20 

300 

0.0254 

260,894 

179,285 

160 

228 

79.0 

eoc 

162.9 

41 

50 

18 

300 

0.0254 

433,195 

281,618 

185 

198 

70.1 

slip  zone 

196.7 

42 

50 

17 

300 

0.0254 

605,023 

162,264 

197 

259 

72.0 

slip  zone 

207.1 

43 

50 

14 

300 

0.0254 

745,000 

257,406 

148 

185 

78.4 

slip  zone 

151.0 

44 

50 

13 

300 

0.0254 

1,955,612 

147,613 

123 

241 

59.3 

eoc 

143.0 

45 

50 

20.5 

300 

0.0508 

244,054 

162,583 

173 

241 

68.3 

eoc 

186.2 

46 

50 

18.3 

300 

0.0508 

4,708,273 

142,253 

148 

253 

55.4 

eoc 

179.8 

47 

50 

30.5 

300 

0.0254 

Effect  of  microstructure 
194,260  — 

_ 

_ 

_ 

— 

— 

48 

50 

24 

300 

0.0254 

4,720,061* 

— 

— 

— 

— 

— 

49 

50 

24 

300 

0.0254 

227,100 

— 

— 

— 

— 
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Table  III.  Continued.  List  of  Experimental  Conditions  and  Results  of  All  the  Fretting  Fatigue  Experiments  on  Ti-6AI-4V 


Experimental  Input  Parameters 


Experiment 

N 

(N) 

Q 

(N) 

o-fy 

(MPa) 

2  R 
(m) 

Nf 

w(tu) 

*0 

(/xm) 

do 

(/xm) 

a 

(Deg) 

Fracture 

Location 

lc 

(/xm) 

50 

50 

20 

300 

0.0254 

369,920 

— 

— 

— 

— 

— 

51 

50 

16 

300 

0.0254 

1,100,649* 

— 

— 

— 

— 

— 

— 

52 

50 

14 

300 

0.0254 

1,501,900* 

— 

— 

— 

— 

— 

— 

53 

50 

20.5 

300 

0.0254 

240,501 

— 

114 

235 

52.1 

eoc 

144.4 

54 

50 

15.5 

300 

0.0254 

378,782 

— 

102 

248 

57.9 

eoc 

120.4 

55 

50 

26 

300 

0.0254 

271,576 

— 

— 

— 

— 

eoc 

— 

56 

50 

19.5 

300 

0.0254 

290,286 

— 

190 

337 

— 

slip  zone 

— 

57 

50 

14 

300 

0.0254 

936,000 

— 

— 

— 

— 

eoc 

— 

Key:  N  =  normal  contact  load;  Q  =  tangential  contact  load;  crb  =  maximum  bulk  stress;  2 R  =  diameter  of  fretting  pad;  Nf  -  total 
number  of  fatigue  cycles  to  failure;  JV^uj  —  number  of  cycles  spent  in  region  III;  N( j+u)  —  number  of  cycles  spent  in  regions  I  and  II  — 
[Nf  -  Nm]\  b0  and  d0  =  crack  geometry  at  the  beginning  of  region  III;  a  =  average  angle  of  crack  initiation  into  the  specimen;  eoc  = 
edge  of  contact;  oc  =  outside  the  contact  zone;  lc  =  length  of  crack  in  region  II;  and  *  =  samples  did  not  fail.  Tests  1  through  36  were 
performed  on  MA  Ti-6A1-4V  (with  MA  fretting  pads);  tests  37  through  46  were  performed  on  the  Ti-6AI-4V  in  the  STOA  structure  (with 
STOA  fretting  pads);  tests  47  through  52,  53  through  54,  55  through  56,  and  57  corresponded,  respectively,  to  martensitic,  coarse  STOA, 
Widmanstatten,  and  acicular  microstructures  (with  STOA  fretting  pads). _ 


Fig.  6 — Fretting  fatigue  scars  on  (a)  the  fretting  pad  and  ( b )  the  sample  surface,  for  an  experiment  with  the  normal,  tangential,  and  bulk  loads  being  50 
N,  36  N,  and  300  MPa,  respectively  (the  pad  radius  was  12.7  mm).  The  circles  are  obtained  theoretically  (Eq.  1)  and  the  eccentricity,  e  (Eq.  3)  is  fitted  to 
the  observed  stick  zone. 


Table  IV.  List  of  Experiments  Where  the  Observed  Fretting  Scar  Dimensions  (Contact  Radius  a,  Stick-Zone  Radius  c ,  and 
Eccentricity  e)  Are  Compared  to  Theoretical  Predictions  (Subscripts  p  and  m  Refer  to  Predicted  and  Measured 
Quantities;  and  MA  and  STOA  Refer  to  MA  and  Solution  Treated  and  Overaged  Ti-6A1-4V).  For  a  discussion  on  eccentricity 

e ,  see  Section  IV- A 


Test 

Material 

crb 

Q  (N) 

N  (N) 

R  (mm) 

ap  (/xm) 

am  (/xm) 

1 

MA 

300 

36 

50 

25.4 

244 

238 

2 

MA 

300 

36 

50 

25.4 

244 

253 

3 

MA 

300 

22.5 

50 

25.4 

244 

253 

4 

MA 

300 

22.5 

50 

25.4 

244 

273 

5 

STOA 

300 

17 

50 

12.7 

194 

200 

6 

MA 

300 

17 

50 

12.7 

194 

220 

7 

STOA 

300 

19.5 

50 

12.7 

194 

185 

8 

STOA 

300 

17 

50 

12.7 

194 

200 

9 

MA 

300 

17 

25 

25.4 

194 

200 

cp  (jim)  cm  (/xm) 


152 

179 

152 

167 

197 

206 

197 

193 

167 

143 

167 

200 

172 

125 

167 

133 

127 

173 

ep  (/xm)  em  (/xm) 


54.2 

31 

54.2 

13.3 

54.2 

26.7 

54.2 

26.7 

27.1 

20 

27.1 

23.3 

27.1 

23.8 

27.1 

66.7 

54.2 

26.7 
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Fig.  7 — Fretting  fatigue  crack  observed  in  the  MA  Ti-6A1-4V  tested  under 
the  following  conditions:  R  =  12.7  mm,  N  =  50  N,  Qmftx  -  21  N,  and 
ah  =  300  MPa;  test  stopped  after  290,000  cycles. 


Number  of  cycles  to  failure 

Fig.  8 — Fretting  fatigue  results  from  experiments  on  the  MA  Ti-6A1-4V 
illustrating  variation  of  total  life  with  changes  in  the  bulk  stress  applied  to 
the  specimen,  for  a  variety  of  contact  geometry  and  loading  conditions. 
Uniaxial  fatique  results  from  ref.  [13]  and  [14]. 


the  bulk  stress,  and  the  fretting  pad  radius  were  maintained 
constant  while  the  tangential  load  was  varied  by  changing 
the  compliance  of  the  system  (Figure  9).  In  general,  the  total 
life  to  failure  of  the  fretted  materials  was  reduced  as  the 
tangential  load  increased,  the  reduction  in  life  being  larger 
for  the  experiments  with  the  lower  pad  radius  of  12.7  mm. 


D.  Effect  of  the  Normal  Load 

Two  sets  of  experiments  were  conducted  on  the  MA  mate¬ 
rial  (tests  29-36,  Table  III),  where  for  each  set,  the  tangential 
load,  the  bulk  stress,  and  the  fretting  pad  radius  were 
maintained  constant  while  the  normal  load  was  varied 
(Figure  10).  The  total  life  to  failure  of  the  fretted  materials 
increased  as  the  normal  load  increased,  the  increase  in  life 
being  larger  for  the  experiments  with  the  larger  pad  radius 
of  25.4  mm. 


l 


^  0  “  iviiti  a rn^aicu,  pau  tauiui-Lj.'t  nun,  i ^ v  ui 

u*o 

A  STOA,  pad  radius=12.7  mm,  N=50  N,  Q  varies 

-s,  A  O  STOA,  pad  radius=25.4  mm,  N=50  N,  Q  varies 

^  0.6  "  - - -  1 

^  A  A 

i  Dv  A  ■ 

o.  o-4  -  A  A  □  S' 

A  A  A 

0.2  ■  A  A 

Arrow  denotes  runout 

0  J - T - — - 

105  106  I07 

Number  of  cycles  to  failure 

Fig.  9 — Fretting  fatigue  results  from  experiments  on  the  MA  and  STOA 
Ti-6A1-4V  illustrating  variation  of  total  life  with  changes  in  the  tangential 
loads  applied  to  the  fretting  contact,  for  a  variety  of  contact  geometry 
(<rb  =  300  MPa,  and  p  =  0.95). 


A  Mill  annealed,  pad  radius=12.7  mm,  N=50  N,  Q  varies  j 
■  Mill  annealed,  pad  radius=25.4  mm,  N=50  N,  Q  varies 
A  STOA,  pad  radius=12.7  mm,  N=50  N,  Q  varies 
□  STOA,  pad  radius=25.4  mm,  N=50  N,  Q  varies 


A  A 

[2,  A 


Arrow  denotes  runout 


□ 


1  I -  =- 

■  Pad  radius=12.7  mm,  Q=16  N,  N  varies 
q  g  _  □  Pad  radius=25.4  mm,  Q=16  N,  N  varies 

. ■  15 

|  0.6  -  .  □ 

04  ■  "  ^ 

■  "  . 

0.2  - 

Arrow  denotes  runout 

0  -J - t - 

105  106  107 

Number  of  cycles  to  failure 

Fig.  10 — Fretting  fatigue  results  from  experiments  on  the  MA  TI-6A1-4V 
illustrating  variation  of  total  life  with  changes  in  the  normal  loads  applied 
to  the  fretting  contact,  for  a  variety  of  contact  geometry  (crb  —  300  MPa, 
and  p  =  0.95). 


■  Pad  radius=12.7  mm,  Q=16  N,  N  varies 
□  Pad  radius=25.4  mm,  Q=16  N,  N  varies 


Arrow  denotes  runout 


a 


□ 


E.  Effect  of  the  Microstructure 

One  set  of  experiments  was  conducted  on  the  materials 
with  different  microstructures:  martensitic  (tests  47  through 
52,  Table  III),  coarse  STOA  (tests  53  and  54,  Table  III), 
Widmanstatten  (tests  55  and  56,  Table  III),  and  acicular  (test 
57,  Table  III),  where  the  bulk  and  the  normal  loads  were 
maintained  constant  while  the  tangential  load  was  varied. 
With  the  exception  of  the  martensitic  structure,  where  pre¬ 
liminary  results  suggested  an  enhanced  fretting  fatigue  resis¬ 
tance  (Figure  11),  the  other  microstructures  did  not  exhibit 
a  significant  improvement  in  fretting  fatigue  resistance,  com¬ 
pared  to  the  basic  STOA  or  the  MA  microstructure.  The 
martensitic  material  also  exhibited  higher  Vicker’s  hardness 
as  compared  to  other  microstructures  (Figure  12). 
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Fig.  1 1 — Fretting  fatigue  results  from  experiments  on  Ti-6A1-4V  with  dif¬ 
ferent  microstructures  illustrating  variation  of  total  life  with  changes  in  the 
tangential  loads  applied  to  the  fretting  contact  (orh  =  300  MPa,  R  =  12.7 
mm,  and  N  =  50  N). 


1  Mill  Annealed 
(surface  in  fig.  2b) 

2  Mill  annealed 
(surface  in  fig.  2c) 

3  STOA 

4  Coarse  STOA 

5  Widmanstatten 

6  Acicular 

7  Martensite 


Fig.  12 — The  average  Vickers  hardness  of  different  Ti-6A1-4V  micro¬ 
structures. 


IV.  DISCUSSION 

A.  Fretting  Scars  and  Friction 

A  sphere  of  diameter,  D ,  elastic  modulus,  E ,  and  Poisson 
ratio,  v ;  contacting  the  planar  surface  of  a  large  substrate  of 
similar  material,  under  an  elastic  load,  N,  results  in  a  contact 
radius,  a ,  given  as1151 

From  Table  IV,  it  is  evident  that  the  observed  contact  radii 
correlate  well  with  theoretical  predictions  of  Eq.  [1]. 

Upon  the  application  of  an  oscillatory  tangential  load, 
~Qmax  —  Q  —  Gmax*  to  the  contact  via  the  fretting  pad, 
under  stick-slip  conditions  (/>.,  (Q/N)  <  jjl,  where  /x  is  the 
coefficient  of  friction),  the  radius  of  the  stick  zone,  c,  is 
given  asll6J 


For  the  case  where  the  oscillatory  tangential  load,  at  the 
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0.2 


0.4  0.6 

QKiim 


1.2 


Fig.  13 — The  experimentally  determined  fretting  scar  sizes  compared  to 
theoretical  predictions  for  two  different  values  for  the  coefficient  of  friction, 
illustrating  a  better  fit  for  jj.  -  0.95. 


contact  interface,  is  generated  through  the  application  of  an 
oscillatory  bulk  stress,  —  oj,,  to  the  substrate,  the 

radius  of  the  stick  zone  remains  unchanged  at  c .  But  the 
center  of  the  stick  zone  is  displaced  from  the  center  of  the 
contact  area  by  e,  defined  as  the  eccentricity  of  the  contact, 
given  approximately  as*81 

(1  -  V)  (1  -  ^)  (1  -  f/2)  2abD 

(4  “  3;/)  7r/ipmax  (4  -  3v)  fiE 

.  3N 

Where^  =  w- 

As  seen  in  Eq.  [2]  and  [3],  the  theoretical  predictions  for 
the  stick-zone  radius,  c,  and  the  eccentricity,  e ,  depend  on 
the  friction  coefficient.  Using  the  measured  maximum  static 
(or  breakaway)  friction  coefficient  of  0.95  for  Ti-6A1-4V 
(Appendix  A),  there  is  good  agreement  between  the  theoreti¬ 
cal  prediction  of  Eq.  [2]  and  the  experimentally  observed 
values  for  the  stick-zone  radius  (Table  IV).  From  Figure 
13,  it  is  evident  that  compared  to  using  the  sliding  friction 
coefficient  of  0.7,  the  use  of  the  maximum  static  friction 
coefficient  of  0.95  results  in  a  better  match  between  the 
experimental  observations  and  predictions  from  Eqs.  [1]  and 
[2]  for  the  contact  and  stick-zone  radii,  respectively. 

The  observed  eccentricities  compare  reasonably  well  with 
those  predicted  by  Eq.  [3]  for  experiments  with  a  fretting 
pad  radius  of  12.7  mm.  However,  for  those  experiments  with 
a  fretting  pad  radius  of  25.4  mm,  the  observed  values  are  a 
factor  of  2  less  than  the  predicted  ones.  This  observation  is 
consistent  with  the  general  expectation  that  for  combinations 
of  conditions  where  the  expected  eccentrities  are  low,  Le., 
low  bulk  stress  and/or  pad  diameter,  or  high  friction  coeffi¬ 
cient  and/or  modulus,  Eq.  [3]  provides  good  estimates  for 
eccentricities. 


B.  Fretting  Fatigue  Crack  Initiation  and  Propagation 

In  general,  the  fretting  fatigue  phenomenon  can  be  envi¬ 
sioned  as  encompassing  four  regions  (Figure  14): 

(I)  crack  initiation, 

(II)  crack  propagation  under  the  combined  influence  of 
contact  and  bulk  loads. 
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Fast  fracture 

(b) 

Pig.  14 — Schematic  illustrating  different  regions  of  fretting  fatigue  cracking 
in  (a)  the  longitudinal  section  and  (b)  the  lateral  cross  section  of  the 
specimen. 


(III)  crack  propagation  under  the  influence  of  the  bulk  load 
only,  and 

(IV)  catastrophic  component  failure. 

I.  Crack  initiation 

Traditionally,  several  criteria  such  as  Crossland,  max  shear 
stress,  Findley,  Sines,  Smith-Watson-Topper,  McDiarmid, 
and  Papadopoulos  (as  reviewed  in  Reference  5),  which  are 
based  on  different  combinations  of  stresses  at  a  critical  loca¬ 
tion  in  the  contact  zone,  have  been  invoked  to  predict  crack 
initiation.  These  methods  are  typically  applied  to  loading 
scenarios  where  the  stresses  in  the  contact  zone  are  finite. 
It  has  been  recently  demonstrated161  that  under  conditions 
where  the  contacting  surfaces  adhere  to  each  other,  tensile 
stress  singularities  could  develop,  either  at  the  edge  of  the 
contact  or  at  the  stick-slip  boundary,  depending  on  the 
strength  of  adhesion.  Hence,  the  direct  application  of  any 
stress-based  criterion  to  adhesive  contact  scenarios  (where 
infinite  stresses  are  predicted)  would  lead  to  the  prediction 
that  cracks  initiate  regardless  of  the  magnitudes  of  the 


+ 

(b) 

Fig.  15 — Schematics  illustrating  (a)  adhesive  contacts  and  ( b )  the  corres¬ 
ponding  stress  field  exhibiting  tensile  square-root  singularity.161 


applied  contact  loads,  contrary  to  experimental  observations. 
Hence,  we  invoke  a  fracture  mechanics  based  approach, 
which  provides  a  framework  to  deal  with  such  stress 
singularities. 

By  noting  that  the  adhesion  induces  square-root  singular 
stress  fields  in  the  asymptotic  limit,  an  analogy  can  be  made 
between  the  (real)  sphere-on-flat  substrate  adhesive  contact 
and  a  (virtual)  circumferential  cracked  body  with  an 
uncracked  ligament  equal  to  the  contact  zone  (Figure  15). 
The  procedure  for  deriving  the  corresponding  cyclic  stress 
intensity  factors  as  a  function  of  the  work  of  adhesion, 
loading,  conditions,  and  geometry,  for  the  case  of  the  contact 
fatigue  scenario,  has  been  described  in  detail  in  Reference 
6  and  is  summarized  in  brief  below. 

Under  adhesive  conditions,  when  two  surfaces  with  sur¬ 
face  energies  yx  and  y2  adhere  to  form  a  new  interface  of 
lower  energy,  yX2,  the  corresponding  work  of  adhesion  is 
defined  as  w'  =  (y,  +  y2  -  yX2)  ^  0.  For  two  contacting 
solids  with  the  same  elastic  properties,  which  are  presently 
considered,  wr  =  2yx .  For  metals,  w'  **  1  N/m.[17J 

For  a  sphere  of  diameter,  D,  elastic  modulus,  Zs,  and 
Poisson  ratio,  v ,  contacting  the  planar  surface  of  a  large 
substrate  of  similar  material,  under  an  applied  normal  load 
Nmax,  the  short-range  forces  of  attraction  that  promote  adhe¬ 
sion  effectively  increase  the  contact  load  across  the  interface 
and  thus  increase  the  contact  radius,  amax  (Figure  15), 
given  as 

f3D(l  -  v1)  (  2>ttDw' 

&max  I  l^max  '  2 

L  V  [4] 
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+ + (^J)]5 

and  the  maximum  tangential  load,  Qmax,  that  can  sustain 
adhesion  at  maximum  contact  radius  is 


1(2  -  2  v) 

(jii  E 

(3GWDf 

/  ( 2-  v)  n  max 

[  “  0  -  *2) 

\  4 a“  j  J 

[5] 

where  G\  and  GlJ  are  the  critical  debonding  energies  under 
pure  normal  and  tangential  loads,  respectively.  The  debond¬ 
ing  energy,  Gd  (N/m),  can  be  empirically  related  to  the 
friction  coefficient  as*6,181 

Gd  =  14.4  (0.3  +  p2)m  [6] 

If  the  amplitude  of  the  applied  tangential  load  Gmax  —  Qmax> 
strong  adhesion  (stick)  is  obtained. 

The  stress-intensity  factor,  Kh  that  corresponds  to  the 
mode  I  (steady)  crack  field  is  given  by161 


Kx  = 


^max  ^max 

x/^irax 


[7] 


where  the  apparent  load,  /V*ax,  required  to  maintain  the  same 
contact  radius,  <2max,  without  adhesion  is  given  by  Hert¬ 
zian  analysis: 


N*  = 

max  3  (1 


4EaL 


v2)D 


[8] 


The  stress-intensity  factor  that  corresponds  to  mode  II  (oscil¬ 
latory)  crack  fields  at  the  leading  and  the  trailing  contact 
edges  is  given  by 

AKn  =  — Q™%—  [9] 

^ma x>/  'ff&max 

with  the  local  effective  load  ratio  R*  —  —  1. 

__  If  the  amplitude  of  the  applied  tangential  load  Gmax  > 
gmax,  then  weak  adhesion  (stick  slip)  is  obtained  resulting 
in  a  partial  slip  annulus,  c  ^  r  <  amax. 

From  global  equilibrium, 

Gmax  "  i max  ^  1  ~  f  ~  ^  ^  >  Gmax  ^  Gmax  ~  A^max 


[10] 

The  tangential  load  that  is  balanced  in  the  stick  zone  of 
radius  c  is 


GiSax  =  Gmax  ~  P-  -p  («Lx  ~  ^  HU 

Umax 

In  this  case,  Kx  =  0,  as  the  model  predicts  a  closed  crack  tip.*61 
The  mode  II  stress  intensity  factor  at  the  leading  and 
trailing  edge  of  the  stick-slip  interface  is  given  by 

„2] 

with  the  local  load  ratio  R'  —  —  1 . 

A  fatigue  crack  is  expected  to  initiate  at  the  contact  perim¬ 
eter  or  the  stick-slip  boundary,  for  strong  or  weak  adhesion, 
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Fig.  16 — Room-temperature  fretting  fatigue  experiments  on  Ti-6A1-4V 
evaluated  using  the  adhesion  model,  where  the  mode  II  threshold  stress- 
intensity  factor  for  an  R'  ratio  of  - 1  was  estimated  to  be  MPa^m  and 
the  work  of  adhesion  for  advancing  and  receding  contacts  (w,  Gd )  to  be 
«*1  and  ^=15.8  N/m,  respectively. 


respectively,  if  the  corresponding  AA'n  ^  A Kth ,  where  A Kth 
is  the  threshold  stress  intensity  range  that  corresponds  to 
R’  =  —  1,  and  under  mixed  constant  mode  I  and  oscillatory 
mode  II  fatigue.  This  situation  holds  both  for  strong  adhesion 
and  under  pure  oscillatory  mode  II  fatigue  for  weak  adhesion. 

The  fretting  fatigue  experiments  on  Ti-6A1-4V  can  be 
analyzed  within  the  context  of  the  adhesion  model,  using 
the  material  parameters  (Table  II),  threshold  AA^i  2 
MPa^/m  (estimated  from1191),  and  the  experimentally  deter¬ 
mined  friction  coefficient,  p  =  0.95.  Using  reasonable  val¬ 
ues  for  the  work  of  adhesion  for  advancing  and  receding 
contacts,  wr  —  1  N/m  and  Gd  =  15.8  N/m  (Eq.  [6]),  the 
adhesion  model  predicts  weak  adhesion,  in  agreement  with 
experiments  where  in  all  cases  stick-slip  behavior  was 
observed  (Figure  16). 

However,  while  the  model  predicts  cracks  to  initiate  at 
the  stick-slip  boundary,  in  many  cases,  the  cracks  were  found 
to  have  initiated  in  the  slip  zone  and  sometimes  closer  to 
the  edge  of  the  contact.  This  might  indicate  that  conditions 
of  strong  adhesion  may  have  existed  prior  to  the  development 
of  the  partial  slip  during  which  time  the  cracks  could  have 
initiated  at  the  edge  of  the  contact. 

II.  Crack  propagation  under  the  combined  influence 
contact  and  bulk  loads 

Upon  initiation,  the  continued  propagation  of  the  crack 
tip  depends  on  the  local  mode  I  and  mode  II  stress  intensity 
factors,  kx  and  k2 ,  respectively  (Figure  14).  Following 
Cottrell  and  Rice,*201  it  is  postulated  that  the  crack  advances 
in  a  direction  along  which  the  local  mode  II  stress  intensity 
factor  k2  vanishes.  The  initial  angle  of  crack  propagation, 
a,  is  then  obtained  from 

1  /  .  a  .  3a\  1  /  a  3a\ 

k2  =  ^  I  sin  -  +  sin  y  J  Kx  +  -  I  cos  -  +  3  cos  yj  Kn 

=  0  [13] 

While  the  model  predicts  an  initial  crack  angle  of  70.5 
deg,  the  observed  crack  initiation  angles  (computed  as  a  — 
arctan  (b0 //,),  where  b0  and  lx  are  as  illustrated  in  Figures 
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□  Mill  annealed,  R  =  12.7  mm,  Q=  15  N 


Mill  annealed,  R  =  12.7  mm,  Q  =  30  N  Mill  annealed,  R  =  12.7  mm,  Q  =  16  N 

Mill  annealed,  R  =  25.4  mm,  Q  =  30  N 


STOA,  R  =  12.7  mm,  N  =  50  N 
□  Mill  annealed,  R  =  12.7  mm,  N  =  50  N 


Fig.  17 — The  effects  of  the  (a)  bulk  stress,  (« b )  the  normal  load,  and  (c)  the  tangential  load  on  the  slant  crack  length. 


14(b)  and  Ca),  had  a  mean  of  68  deg  with  a  standard  devia¬ 
tion  of  8  deg  (Table  III). 

As  the  small  surface  crack  grows  further  into  the  substrate, 
the  effects  of  the  contact  loads,  Ny  and  A Q,  in  providing  a 
sufficiently  large  A&,  to  advance  the  crack  tip,  rapidly  dimin¬ 
ish,  leading  to  a  competition  between  the  applied  uniform 
cyclic  bulk  stress,  A ab  and  the  contact  loads.  After  some 
initial  growth  over  a  distance  lc  into  the  substrate,  the  crack 
is  expected  to  reorient  itself  normal  to  the  applied  tensile 
cyclic  stress  A ab.  If  at  the  critical  distance  lcy  the  tensile 
opening  stress  intensity  factor  due  to  the  applied  loads  is 
larger  than  the  effective  mode  I  threshold  stress  intensity 
factor  range,  A Kthi  the  crack  would  reorient  itself  normal 
to  the  uniform  applied  stress  and  would  continue  to  advance 


into  the  substrate  in  mode  I.  Otherwise,  the  crack  is  expected 
to  arrest  completely. 

From  an  inspection  of  results  from  tests  13,  15,  and  16 
as  well  as  17,  19,  and  21  (Table  III),  it  is  apparent  that 
with  an  increase  in  the  bulk  stress  (while  the  contact  loads 
and  fretting  pad  radius  were  maintained  constant),  the 
critical  slant  crack  length,  lcy  decreases,  as  expected  (Fig¬ 
ure  17(a)).  An  exception  to  the  general  trend  is  noted  in 
tests  1  and  5,  where  lc  is  found  to  be  higher  in  test  1 
compared  to  test  5. 

From  tests  29  through  34  (Table  III),  it  is  evident  that  at 
higher  normal  loads  (>50  N),  an  increase  in  the  normal 
loads  (while  the  bulk  stress  and  the  tangential  loads  are 
.maintained  constant)  results  in  a  decrease  in  the  critical  slant 
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Fig.  18 — Schematic  illustrating  the  various  input  geometric  parameters  for 
the  calculation  of  the  stress-intensity  factors  for  the  fretting  fatigue  crack 
in  region  III. 


crack  length,  lc  (Figure  17(b)).  This  observation  is  consistent 
with  the  expectation  that  an  increase  in  the  normal  loads 
would  tend  to  decrease  the  mode  I  stress  intensity  factor  at 
the  tip  of  the  slant  crack,  Mh  thus  reducing  lc.  In  the  limiting 
case,  where  the  normal  loads  tend  to  zero,  the  contact  fields 
are  expected  to  be  very  weak  and  fatigue  cracking  is  expected 
to  be  dominated  by  the  bulk  stress.  Consequently,  the  slant 
crack  lengths  are  expected  to  be  small,  thus  explaining  the 
smaller  slant  crack  lengths  observed  at  lower  normal  loads 
(<50  N). 

It  is  expected  that  an  increase  in  the  tangential  loads  would 
tend  to  promote  slant  crack  growth  in  region  II  and  thus 
increase  lc.  This  general  trend  in  observed  in  tests  37  through 
44  (Table  III),  while  considerable  scatter  exists  in  the  results 
of  tests  22  through  26  (Table  III,  Figure  17(c)). 

III.  Crack  propagation  under  the  influence  of  bulk 
load  only 

An  inspection  of  the  fractured  surfaces  of  the  specimens 
indicates  that  the  crack  shape  at  the  end  of  region  II  could 
be  approximated  as  being  semielliptical  (Figure  18).  The 
subsequent  propagation  of  the  crack  in  region  III,  under  the 
influence  of  the  bulk  loads,  A crbl  in  a  plane  perpendicular 
to  the  applied  bulk  load,  can  be  modeled  as  being  driven 
by  the  crack-tip  stress  intensity  factor:*213 


b  b  d 
t  9  c  ’  w 


[14] 


where 


Qf  =  1  +  1.464 


0  5  105  1  106  1.5  10 6  2  106 

Number  of  cycles 

Fig.  19 — Analysis  of  fretting  experiments  (37  through  44,  Table  III),  illus¬ 
trating  fretting  life  in  the  different  regions.  (In  all  these  cases,  N  =  50  N, 
R  -  12.7  mm,  and  crb  —  300  MPa). 


=  1.13  -  0.09  $  Mt  -  -0.54  + 

M3  =  0  5  ~  r>  eg1  0  m  +  14  ( 1.0  -  3) 

3  0.65  +  bid  \  d) 

g  =  1  +  To.l  +  0.35  fyj  (1  -  sin  0)2, 


The  rate  of  crack  propagation,  in  region  III,  is  taken  as 
following  a  Paris-type  power  law: 

§j  =  C(AK,r  (16] 

where  C  and  m  are  material  constants.  For  mill-annealed 
Ti-6A1-4V,  C  and  m  were  determined  from  low  load  ratio 
experiments  (accounting  for  crack  closure),  respectively,  as 
7.5  X  10” 13  and  4.1  (where  db!dNm  and  &K\  were  in  the 
units  of  m/cycle  and  MPa^/m,  respectively).*223 
The  mode  I  stress  intensity  factor  range,  AATj,  is  given  as 
AA"i  =  (1  —  R')Kmax ,  where  Kmax  is  the  stress  intensity  factor 
that  corresponds  to  monotonic  loading.  For  fully  reversed 
fatigue  loading  with  /?'  =  —!,  AKX  —  2Kh  The  life  of  the 
specimen  in  region  III  can  be  obtained  through  the  integra¬ 
tion  of  the  Paris  law  (Eq.  [16])  between  the  limits  (b0,  d0)  and 
( bfy  df),  where  df  —  (w/2).  Assuming  the  specimen  fractures 
catastrophically  in  the  final  cycle,  the  total  life  spent  by  the 
specimen  in  the  several  regions  is  presented  in  Table  III. 

As  illustrated  in  Figure  19,  for  experiments  where  the 
bulk  stress  and  the  normal  contact  loads  were  maintained 
constant,  the  life  spent  in  regions  I  and  II  scales  with  the 
tangential  load,  while  the  life  spent  in  region  III  remains 
almost  constant,  as  expected.  From  an  inspection  of  results 
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from  tests  1  and  5,  13,  15,  and  16  as  well  as  17,  19,  and  21 
(Table  III),  it  is  apparent  that  with  an  increase  in  the  bulk 
stress  (while  the  contact  loads  and  fretting  pad  radius  were 
maintained  constant),  the  fraction  of  fretting  fatigue  life 
spent  by  the  specimen  in  the  third  region,  N,n,  decreases, 
as  expected. 

IV.  Catastrophic  component  failure 

While  the  mode  I  fracture  toughness^ £k>  of  T1-6A1-4V 
can  range  between  33  and  110  MPa^/m  depending  on  the 
oxygen  content  and  the  heat  treatment,  the  mill-annealed 
and  STOA  microstructures  studied  in  this  work  exhibit  a 
fracture  toughness  of  65  MPa^/mJ231  As  the  critical  crack 
length,  bc ,  that  corresponds  to  this  KiC  is  between  7  and  22 
mm,  which  is  much  greater  than  the  sample  size  (5  mm), 
the  sample  failure  was  attributed  to  mechanical  overload. 

F.  Effect  of  Contact  Conditions  and  Microstructure— 
Overall  Analysis 

The  observed  trends  in  the  variation  of  the  fretting  fatigue 
lives  for  the  different  sets  of  controlled  experiments  could 
be  examined  within  the  framework  presented  in  Sections 
IV- A  through  D  (Table  V). 

(1)  An  increase  in  the  bulk  load  (while  keeping  all  other 
parameters  constant)  effectively  reduces  the  critical  slant 
crack  length,  /c,  and  thus  reduces  the  life  spent  in  region 
II.  Additionaly,  the  life  in  stage  III  is  reduced  as  well, 
resulting  in  a  decrease  in  the  total  fretting  fatigue  life. 

(2)  An  increase  in  the  tangential  load,  Q ,  increases  the  effec¬ 
tive  cyclic  mode  I  stress  intensity  factor,  Akh  ahead  of 
the  slant  crack  and  thus  reduces  the  life  spent  in  region 
II.  Assuming  the  life  in  region  III  to  remain  unchanged 
with  changes  in  Q  (to  a  first  order),  this  analysis  predicts 
the  total  fretting  fatigue  life  to  decrease  with  an  increase 
in  Q. 

(3)  An  increase  in  the  normal  load,  N ,  increases  the  maxi¬ 
mum  contact  pressure,  p^.  Consequently,  A kx  de¬ 
creases  as  the  slant  crack  tip  is  effectively  shielded. 
Thus,  the  life  spent  in  region  II  increases.  Assuming, 
the  life  in  region  III  to  be  invariant  with  changes  in  N> 
the  total  fretting  fatigue  life  is  expected  to  increase  with 
an  increase  in  N. 

(4)  An  increase  in  the  fretting  pad  radius,  /?,  decreases  the 


maximum  contact  pressure  and  leads  to  the  prediction 
that  the  total  fretting  fatigue  life  should  decrease.  How¬ 
ever,  the  experiments  indicate  that  the  total  fretting 
fatigue  life  actually  increases  with  an  increase  in  R.  This 
increase  in  total  life  may  be  attributed  to  an  increase  in 
the  life  spent  in  region  I  (/.<?.,  the  crack  initiation  stage) 
that  is  not  accounted  for  in  this  analysis. 

(5)  The  preliminary  study  of  the  effect  of  microstructure  on 
fretting  fatigue  in  Ti-6A1-4V  indicated  that  the  martens¬ 
itic  microstructure  might  have  enhanced  fretting  resis¬ 
tance.  It  is  possible  that  this  enhanced  fretting  resistance 
may  be  related  to  the  higher  yield  strength  and  hardness 
observed  in  the  martensitic  microstructure  (Figure  12). 
The  effect  of  the  different  microstructures  on  the  crack 
growth  rates  in  regions  II  and  III  needs  to  be  assessed 
and  further  work  is  planned. 


V.  CONCLUSIONS 

From  a  systematic  experimental  study  of  the  fretting 
fatigue  response  of  the  titanium  alloy  Ti-6A1-4V,  the  follow¬ 
ing  conclusions  are  drawn. 

1.  In  the  experiments  where  the  contact  loads  were  main¬ 
tained  constant  while  the  bulk  stress  was  varied,  fretting 
reduced  the  fatigue  strength  of  Ti-6A1-4V.  Because  the 
slant  crack  propagation  rates  in  region  II  are  directly  and 
strongly  correlated  to  the  tangential  load,  the  strength 
reduction  factor  was  higher  for  those  experiments  with 
a  constant  but  higher  tangential  load  compared  to  those 
with  a  constant  but  lower  tangential  load. 

2.  For  cases  where  the  bulk  stress  and  the  normal  loads 
were  maintained  constant,  the  total  life  to  failure  of  the 
fretted  materials  was  reduced  as  the  tangential  load 
increased.  This  is  consistent  with  the  expectation  that 
higher  tangential  loads  promote  faster  fretting  fatigue 
crack  growth  in  region  II. 

3.  In  the  experiments  where  the  bulk  stress  and  the  tangential 
loads  were  maintained  constant,  the  total  life  to  failure 
of  the  fretted  materials  increased  as  the  normal  load 
increased.  This  was  due  to  the  fact  that  higher  normal 
loads  tend  to  reduce  the  slant  crack  propagation  rate  in 
region  II. 

4.  In  general,  the  increase  in  pad  radius  tended  to  increase 


Table  V.  An  Overall  Summary  of  the  Comparison  between  the  Predicted  TVends  and  the  Experimental  Observations  for 
the  Different  Sets  of  Fretting  Experiments  (with  a  Load  Ratio  R'  =  “1)  Where  the  Test  Parameters  Such  as  the  Bulk 
Stress  (ab\  the  Tangential  Load  (0,  the  Normal  Load  (V),  and  the  Pad  Radius  (R)  Were  Varied  Systematically 

a  c  da  _ ty _ 

ab  Q  N  R  Pom  Predicted  Observed  Predicted  Observed  Predicted  Observed  AAj  tym)  Predicted  Observed 

Increases  Constant  Constant  Constant  Constant  Constant  Constant  Constant  Constant  Constant  Constant  Constant  Decreases  Decreases  Decreases  Decreases 

Constant  Increases  Constant  Constant  Constant  Constant  Constant  Decreases  Decreases  Decreases  Decreases  Increases  Decreases  Constant  Decreases  Decreases 

Constant  Constant  Increases  Constant  Increases  Increases  Increases  Increases  Increases  Increases  Increases  Decreases  Increases  Constant  Increases  Increases 

Constant  Constant  Constant  Increases  Decreases  Increases  Increases  Increases  Increases  Constant  Constant  — _ — - _ Constant  — _ Increases 

Key:  Predictions  for  the  different  output  parameters  were  obtained  as  follows. 
a  =  contact  radius,  Eq.  [1J. 
c  =  stick-zone  radius,  Eq.  [2]. 

Nm  =  number  of  cycles  spent  in  region  III,  Section  IV-C. 

W,+n  =  number  of  cycles  spent  in  region  I  +  II. 

Nt  ~  total  fretting  fatigue  life. 

Pm*x  -  Maximum  contact  pressure. 

AAj  =  cyclic  mode  I  stress  intensity  factor  at  the  tip  of  the  slant  crack  in  region  II.  _ _ _ _ _ 
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the  total  fretting  fatigue  life.  This  effect  can  be  attributed 
to  an  increase  in  the  crack  initiation  life  (region  I). 

5.  Limited  results  for  the  martensitic  structure,  which  had 
a  higher  yield  stress  and  hardness  compared  to  the  other 
Ti-6A1-4V  microstructures,  suggest  an  enhanced  fretting 
fatigue  resistance.  However,  a  more  comprehensive  study 
is  required  to  fully  assess  the  fretting  response  of  the 
martensitic  structure. 

6.  Using  the  measured  maximum  static  friction  coefficient 
of  0.95  for  Ti-6A1-4V,  the  experimentally  observed  con¬ 
tact  and  stick-zone  radii  exhibited  good  agreement  with 
analytical  predictions. 

7.  The  adhesion  model  predictions  concerning  strength  of 
adhesion  (i.e.,  weak  adhesion)  and  conditions  for  crack 
initiation  and  initial  crack  propagation  angles  were  vali¬ 
dated  with  experimental  observations. 
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APPENDIX  A 

Given  the  important  role  that  friction  plays  in  the  fretting 
fatigue  problem,  the  following  experiment  was  designed  to 
evaluate  the  average  friction  coefficient. 

At  a  constant  normal  contact  load  (of  10  or  14  or  15  N), 
conditions  of  stick  slip  were  first  established  at  a  tangential 
load  of  1.0  N,  by  suitable  choice  of  the  bulk  stress,  at  a  test 
frequency,  initially  at  1  Hz  and  finally  at  10  Hz.  The  tangen¬ 
tial  load  was  then  increased  (by  increasing  the  bulk  stress) 
until  full  sliding  occurred.  The  transition  from  stick  slip  to 
full  sliding  was  recognized  by  following  the  change  in  the 
hysteresis  behavior  of  tangential  load  with  bulk  stress,  from 
a  closed  loop  (during  stick  slip)  to  an  open  loop  (during  full 
sliding).  The  ratio  of  the  tangential  load  to  the  normal  load 
at  this  transition  is  taken  as  the  breakaway  (or  maximum 
static)  coefficient  of  friction,  fib  =  QIN . 

Immediately  following  this  breakaway,  the  maximum  tan¬ 
gential  load  decreased  to  a  new  steady  state,  <2Sjip,  and  the 
corresponding  dynamic  coefficient  of  friction,  fid,  was  taken 
as  fJLd  =  (GsiipW)- 

After  a  few  thousand  cycles  of  full  sliding  behavior,  condi¬ 
tions  of  stick  slip  were  re-established,  possibly  due  to  an 
increase  in  the  friction  at  the  contact  interface  caused  by 
roughening  and  oxide  debris  buildup.  By  increasing  the  bulk 
stress,  full  sliding  could  be  established,  albeit  at  tangential 
loads  greater  than  that  corresponding  to  the  first  breakaway 
point  (Figure  Al). 

For  specimens  with  well-developed  fretting  scars,  the 
measured  breakaway  and  dynamic  friction  coefficients,  0.95 
and  0.70,  respectively,  which  were  independent  of  the  normal 
contact  loads,  were  slightly  larger  than  those  reported  in  the 
literature  (fib  =  0.85,(24]  fid  =  0.70,(24)  or  0.60123'). 

The  upper  limit  on  the  maximum  static  friction  coefficient 
can  be  estimated  by  setting  max  (Gd)  =  Gc  =  ( Kjc/E)  and 


Number  of  Cycles 


Fig.  Al — Schematic  illustrating  the  variation  with  the  number  of  fatigue 
cycles  of  the  tangential  load  as  the  bulk  load  on  the  specimen  is  increased, 
indicating  onset  of  full  sliding  at  several  values  of  the  tangential  loads 
(under  a  constant  normal  load  of  14  N). 


Fig.  B1 — Schematic  illustrating  the  location  of  the  trailing  edge  of  the 
contact. 


using  Kjc  —  65  MPa^/m  for  Ti-6A1-4V  in  Eq.  [6]  to  yield 
max  {fj)  =  2.55. 

It  is  believed  that  the  maximum  static  friction  coefficient 
measured  in  the  fretting  tests  may  depend  on  the  velocity  of 
slip  {i.e,  the  test  frequency)  across  the  contacting  interfaces. 
Hence,  in  order  to  be  consistent  with  the  fretting  experiments 
(Table  III),  where  the  frequency  was  10  Hz,  the  friction 
measurements  were  conducted  at  a  test  frequency  of  10  Hz 
as  well. 

APPENDIX  B 

During  one-half  of  the  fatigue  cycle,  when  the  sample  is 
fully  loaded  in  tension,  the  maximum  tensile  stress  created 
by  the  tangential  loading  occurs  at  location  A  in  the  sample. 
Upon  load  reversal,  the  maximum  tensile  stress  due  to  the 
tangential  load  occurs  at  location  B.  However,  since  the 
sample  is  under  compression,  the  effective  tensile  stress  at 
B  is  much  smaller  than  at  A.  Thus,  location  A,  which  is  the 
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perimeter  of  the  contact  closest  to  the  actuator,  is  designated 
as  the  trailing  edge  of  the  contact  (Figure  Bl). 

APPENDIX  C 

For  the  samples  that  failed,  the  average  angle  at  which 
the  fretting  fatigue  cracks  initiated  in  the  substrate  is  obtained 
through  an  inspection  of  two  different  sections  of  the  speci¬ 
mens,  as  illustrated  in  Figure  CL  The  geometry  of  the  crack 
as  seen  from  the  surfaces  gives  a  =  arctan  (bo/4)- 
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Abstract 

The  present  work  investigates  the  impact  of  a  sharp  indenter  at  low  impact  velocities.  A  one-dimensional  model  is 
developed  by  assuming  that  the  variation  of  indentation  load  as  a  function  of  depth  under  dynamic  conditions  has  the 
same  parabolic  form  (Kick’s  Law)  as  under  static  conditions.  The  motion  of  the  indenter  as  it  indents  and  rebounds 
from  the  target  is  described.  Predictions  are  made  of  the  peak  indentation  depth,  residual  indentation  depth,  contact 
time,  and  rebound  velocity  as  functions  of  the  impact  velocity,  indenter  mass  and  target  properties.  Finite  element 
simulations  were  carried  out  to  assess  the  validity  of  the  model  for  elastoplastic  materials.  For  rate-independent  ma¬ 
terials  agreement  with  the  model  was  good  provided  the  impact  velocity  did  not  exceed  certain  critical  values.  For  rate- 
dependent  materials  the  relationship  between  load  and  depth  in  the  impact  problem  is  no  longer  parabolic  and  the 
model  predictions  cannot  be  applied  to  this  case.  The  rate-dependent  case  can  be  solved  by  incorporating  the  rela¬ 
tionship  between  the  motion  of  the  indenter  and  the  dynamic  flow  properties  of  the  material  into  the  equation  of  motion 
for  the  indenter.  ©  2001  Elsevier  Science  Ltd.  All  rights  reserved. 

Keywords:  Indentation;  Impact;  Dynamic  plasticity 


1.  Introduction 

We  consider  here  the  impact  of  a  sharp  indenter.  Indentation  problems  are  difficult  to  analyze:  the 
problem  is  generally  three-dimensional,  a  complicated  contact  problem  must  be  solved  at  the  interface  of 
the  indenter  and  the  target,  and  material  nonlinearities  due  to  plasticity,  friction,  phase  transformations 
and  microcracking  are  often  involved.  For  the  case  of  an  impact  problem,  target  inertia  and  rate-dependent 
material  behavior  add  to  the  complexity  of  the  problem.  The  impact  of  a  sharp  indenter  is  a  problem  of 
considerable  technological  interest,  both  as  a  means  of  assessing  dynamic  material  behavior  and  for 
evaluating  the  damage  caused  by  the  impact  of  small,  sharp  particles  on  various  types  of  structures.  Impacts 
of  this  kind  on  aircraft  bodies  and  engine  components,  termed  foreign  object  damage  (FOD),  is  a  significant 
concern  to  airframe  and  aircraft  engine  manufacturers. 
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Indentation  tests  provide  a  nondestructive  method  for  extracting  several  basic  material  properties,  at 
various  size  scales.  Nearly  all  standard  instrumented  indentation  tests  are  carried  out  under  quasi-static 
conditions.  Results  have  been  reported  for  dynamic  indentation  tests  using  sharp  (Graham,  1973;  Marshall 
et  al.,  1983;  Koeppel  and  Subhash,  1999)  and  spherical  indenters  (Tirupataiah  and  Sundararajan,  1991).  A 
dynamic  indentation  test  offers  the  possibility  of  determining  the  dynamic  hardness  and  rate-dependent 
response  of  the  material. 

In  this  paper,  we  analyze  the  impact  of  a  sharp  indenter  in  the  context  of  dynamic  elastoplasticity.  In 
Sections  2  and  3  we  analyze  theoretically  and  computationally  the  case  of  rate-independent  response  of  the 
target.  In  Section  4,  we  analyze  computationally  the  case  of  rate-dependent  response  of  the  target  and 
provide  a  general  methodology  to  relate  the  impact  response  with  the  rate-dependent  plastic  properties  of 
the  target. 


2.  Analytical  one-dimensional  model 

The  indenter  is  assumed  to  be  sharp,  such  as  a  pyramid  or  circular  cone  indenter.  The  indenter  is  as¬ 
sumed  to  be  rigid.  It  has  a  mass  m  and  contacts  the  target  at  an  initial  velocity  V0  normal  to  the  surface.  The 
target  is  assumed  to  be  a  rate-independent,  elastoplastic,  homogeneous,  isotropic  body  whose  dimensions 
are  large  compared  to  the  contact  diameter.  The  contact  is  assumed  to  be  frictionless.  Prior  to  the  impact, 
the  target  is  stress-free  and  at  rest. 

For  sharp  indentation  under  quasi-static  conditions,  if  P  is  the  force  exerted  by  the  indenter  on  the  target 
and  h  is  the  depth  of  indentation,  the  P-h  curve  follows  a  parabolic  relation  during  loading,  i.e.  P  =  Ch 2, 
known  as  Kick’s  law.  The  unloading  curve  is  assumed  to  be  linear.  The  slope  of  the  unloading  curve  reflects 
the  elastic  properties  of  the  indenter  and  the  target,  as  well  as  the  area  of  contact  at  the  instant  of  unloading. 
Note  that  as  the  load  approaches  zero,  typically  the  unloading  curve  becomes  nonlinear.  However,  a  linear 
unloading  curve  is  employed  in  this  analysis.  We  define  a  new  constant  Ce  in  terms  of  the  unloading  slope 
dP/dh  and  the  peak  indentation  depth  /*max  as  dP/dh  —  Ce/tmax.  The  constant  Ce  has  the  same  units  as  C.  By 
asserting  that  the  contact  area  corresponding  to  elastic  response  at  the  maximum  load  should  be  less  than 
or  equal  to  the  actual  contact  area  it  can  be  shown  that  the  slope  of  the  unloading  curve  must  be  greater 
than  or  equal  to  the  instantaneous  slope  of  the  loading  curve  at  the  point  of  unloading.  This  requires  that 
C/Ce  must  be  less  than  or  equal  to  0.5.  Fig.  1  shows  the  loading  and  unloading  curves  for  various  allowable 


Fig.  1.  Force-depth  curves  showing  allowable  values  of  the  unloading  slope. 
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values  of  the  dimensionless  parameter  C/Ce.  Expressions  for  C  and  the  unloading  slope  for  various  sharp 
indenter  geometries  under  static  conditions  are  available  (e.g.  Giannakopoulos  and  Suresh,  1999). 

During  the  impact,  the  motion  h(t)  of  the  indenter  is  governed  by  Newton’s  second  law: 

mh  +  P  =  0.  (1) 

The  velocity  and  acceleration  of  the  indenter  will  be  denoted  by  h  and  A,  respectively.  Time  t  =  0  is  taken  to 
be  the  instant  when  the  indenter  touches  the  target.  The  motion  of  the  indenter  has  three  phases:  an  in¬ 
dentation  phase,  a  rebound  phase  and  a  free-flight  phase.  During  the  indentation  phase,  the  velocity  of  the 
indenter  decreases  as  the  initial  kinetic  energy  is  converted  to  energy  associated  with  deformation  of  the 
target.  Part  of  the  initial  energy  is  stored  as  elastic  energy  which  is  recovered  in  the  rebound  phase,  while 
the  rest  is  dissipated  as  plastic  work. 

To  analyze  the  impact  problem  it  is  assumed  that  the  shape  of  the  P-h  curve  is  unchanged  under  dy¬ 
namic  conditions.  If  the  impact  velocity  is  high  enough  the  kinetic  energy  of  the  target  becomes  significant. 
Furthermore,  adiabatic  heating  and  thermal  softening,  localization  of  the  deformation,  phase  transfor¬ 
mations  or  even  melting  of  the  material  can  occur  under  dynamic  conditions.  Under  these  conditions,  the 
dynamic  P-h  curve  will  not  follow  the  quasi-static  curve  and  this  analysis  will  not  be  valid.  Assuming  that 
the  quasi-static  curve  is  followed  during  the  indentation  phase  P  increases  with  h  as  P  =  Ch 2  so  we  have  that 

mh  +  Ch2  =  0;  t^O  (2) 

with  initial  conditions  h  —  0  and  h  =  V0  at  /  =  0.  Integration  of  Eq.  (2)  leads  to  the  energy  balance  ex¬ 
pression: 

\mh2  -\mV2  =  -\Ch\  (3) 

The  maximum  penetration  depth  /zmax  can  be  determined  from  Eq.  (3)  by  setting  h  —  0  and  solving  for  h: 

Eq.  (3)  can  be  integrated  with  respect  to  time  to  obtain  the  duration  of  the  penetration  phase  t\ ,  i.e.  the 
time  taken  to  reach  /zmax: 


where  /?  is  the  beta  function  (Euler’s  integral  of  the  first  kind)  defined  as 

K*,y)=  /V'(i-fr'd/. 

JO 


(6) 


More  generally,  if  t(h)  is  the  time  taken  by  the  indenter  to  penetrate  to  a  depth  h  of  the  target,  a  similar 
calculation  gives: 

_1/2  /  \  1/3 

(?) 


...  [h(u 2  2  Cm3\  '  /  3m  V/J 

t{h)  =  Lv*-i^r)  du=[2cvJ  l 


Vl  —  x3 


During  the  rebound  phase,  the  load  follows  the  linear  unloading  curve  shown  in  Fig.  1.  During  un¬ 
loading  the  load  may  be  expressed  as  P  =  Cthmaxh  +  (C  —  Ce)h2m ax.  This  expression  comes  from  the  defi¬ 
nition  of  the  unloading  slope,  and  using  the  condition  that  the  load  P  is  equal  to  C/z^ax  at  h  —  hmQX.  The 
motion  of  the  indenter  is  governed  by 


mh  -f  Cchmaxh  -f  (C  —  Ct)h2m ax  —  0,  /  ^  t\ 


(8) 
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with  initial  conditions  h  =  hmM  and  h  =  0  at  t  =  tx.  The  solution  of  this  differential  equation  is 

h{t)  =  hmax{\  -  C  +  Ccos(o>f  -  a»ti)),  '  (9) 

where  a>  =  (Cehma%/m)>/2  and  C  =  C/Ce.  The  indenter  accelerates  away  from  the  target  until  the  force  P 
decreases  to  0.  From  the  expression  for  the  unloading  curve  the  depth  h2  when  P  =  0  can  be  found  to  be 

^2  “  ^maxO  f)-  (10) 

The  depth  h2  represents  the  final  or  residual  indentation  depth;  the  difference  between  hm„  and  h2 
corresponds  to  the  elastic  recovery  of  the  target.  By  setting  h(t)  =  h2  in  Eq.  (9)  the  time  t2  when  P  —  0  can 
be  found  to  be 


(11) 


During  the  final  (free-flight)  phase  the  indenter  and  the  target  are  no  longer  in  contact.  No  forces  act  on 
the  indenter;  it  moves  away  from  the  target  at  constant  velocity.  In  this  phase  the  velocity,  h,  is  equal  to  its 
value  at  t  =  t2.  This  rebound  velocity  can  be  determined  by  differentiation  of  Eq.  (9)  and  setting  t  =  t2: 


y  rebound 


=  -v» 


1/2 


(12) 


The  position  during  the  free-flight  phase  is  given  as 

h{t)  =  h2-{t-t2)(^f^  .  (13) 

The  absolute  value  of  the  ratio  of  the  rebound  velocity  to  the  impact  velocity,  the  coefficient  of  resti¬ 
tution  e ,  is  evaluated  using  Eq.  (12)  to  be 


e  = 


Y  rebound 


(14) 


The  coefficient  of  restitution  is  independent  of  the  impact  velocity.  In  terms  of  a  normalized  time  t  —  t/t\ 
and  a  normalized  indentation  depth  h  =  h/hm?LX,  the  motion  of  the  indenter  may  be  written  as 


t{h)  =  0.713 


/ 


dx 


:  =  0.713/?F(l/3, 1/2;  4/3;  P),  0  <  /  <  /, 


(15) 


m  =  c 


cos 


+  1,  t\  <  t  <  *2 


(16) 


h(t)  =h2~  (t~  72)(2.948C)i/2,  /  >  t2.  (17) 

In  the  above  expressions,  F  is  the  hypergeometric  function,  h2  =  1  -  C,  and  t2  =  1  -f  0.91 5(C) 1/2 .  The 
complete  motion  of  the  indenter  is  shown  in  Fig.  2  which  plots  the  function  h{t)  for  various  values  of  the 
dimensionless  ratio  C/Cc.  Marshall  et  al.  (1983)  considered  the  impact  of  a  sharp  indenter  and  provided 
expressions  for  the  peak  depth  £max  and  loading  time  t\  analogous  to  Eqs.  (4)  and  (5).  The  present  study 
extends  their  analysis  by  considering  the  rebound  phase,  and  providing  expressions  for  the  complete  motion 
of  the  indenter.  The  rebound  phase  can  be  important  if  elastic  deformation  of  the  target  is  significant  (e.g. 
brittle  materials). 
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Fig.  2.  Analytical  prediction  of  normalized  indentation  depth  vs.  normalized  time  for  various  values  of  C/Ce. 


3.  Finite  element  simulations  for  rate-independent  materials 

In  this  section  the  results  of  a  finite  element  study  are  presented.  The  objective  is  to  assess  the  range  of 
validity  of  the  analytical  results  presented  in  Section  2.  The  commercial  finite  element  package  ABAQUS/ 
Explicit  (HKS,  Pawtucket,  RI)  was  used  to  simulate  the  impact.  The  mesh  used  is  shown  in  Fig.  3(a).  A 
typical  deformed  mesh  at  the  peak  depth  of  indentation  is  shown  in  Fig.  3(b).  The  simulation  uses  infinite 
elements  away  from  the  contact  area  to  simulate  a  semi-infinite  region.  The  mesh  has  a  total  of  19,200 
axisymmetric,  4-noded,  reduced  integration,  continuum  elements,  and  160  infinite  elements  at  the  bound¬ 
ary.  Although  the  analytical  results  in  Section  2  apply  for  any  sharp  indenter,  in  these  simulations  the 
indenter  is  considered  to  be  a  cone  with  a  70.3°  included  half  angle.  This  gives  approximately  the  same  ratio 
of  indentation  depth  to  contact  area  as  the  common  Vickers  and  Berkovich  indenters.  At  the  peak  depth  of 
indentation  approximately  14-18  elements  spanned  the  contact  radius.  Large  deformation  analysis  and  the 
adaptive  meshing  option  were  employed.  The  indenter  was  represented  as  a  rigid  surface  with  an  associated 
mass  element.  To  study  the  role  of  indenter  mass  two  different  values  were  used:  m  =  10  mg  and  10  g.  The 
impact  velocity  V0  varied  from  0.5  to  1800  m/s.  The  simulations  were  isothermal;  heating  of  the  material  and 
the  associated  thermal  softening  were  not  included. 

To  consider  a  variety  of  materials,  the  stress-strain  response  of  the  target  was  represented  by  four 
different  elastoplastic  materials:  6061  Aluminum  (Giannakopoulos  et  al.,  1994),  annealed  commercial  brass 
(ASM,  1979),  mild  steel  and  4340  steel  (ASM,  1987).  Classical  Mises  elastoplastic  behavior  was  assumed, 
i.e.  isotropic  linear  hypoelasticity  and  incremental  plastic  strains  calculated  using  an  associated  Mises  flow 
rule.  Fig.  4  shows  the  uniaxial  tensile  true  stress-logarithmic  plastic  strain  curves  for  these  materials.  These 
curves  are  from  quasi-static  tests.  In  some  cases  the  uniaxial  data  did  not  extend  out  to  the  large  strains 
necessary  to  carry  out  the  indentation  simulations;  in  these  cases  the  data  were  extended  assuming  constant 
strain  hardening.  Values  of  C  and  Ce  for  each  material  were  determined  from  quasi-static  simulations  and 
are  reported  in  Table  1. 

In  order  to  compare  the  finite  element  analysis  (FEA)  results  with  the  analytical  results,  we  will  first 
compare  with  the  predicted  maximum  indentation  depth  The  expression  for  hmM  in  Eq.  (4)  can  be 
rewritten  as  follows: 


2/3 


fcmax  = 


(18) 
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Fig.  3.  (a)  Finite  element  mesh  used  for  dynamic  indentation  simulations,  (b)  Typical  deformed  mesh  at  peak  indentation  depth. 


Logarithmic  Plastic  Strain,  ep 


Fig.  4.  True  stress-logarithmic  plastic  strain  curves  for  the  materials  considered  in  the  finite  element  simulations. 


E.  W.  Andrews  et  al.  /  International  Journal  of  Solids  and  Structures  39  (2002)  281-295 


287 


Table  1 

Indentation  characteristics  of  the  different  alloys  considered  in  this  study 


A!  6061 

Mild  steel 

4340  steel 

Brass 

C  (GPa) 

30.07 

28.32 

139.20 

12.50 

Cc  (GPa) 

516.4 

1564.4 

1334.6 

701.7 

c/ce 

0.059 

0.018 

0.104 

0.018 

Plargel  (gA™3) 

2.7 

7.9 

7.9 

8.5 

V,  (m/s) 

3337 

1905 

4224 

1220 

The  quantities  ht  and  Vt  are  defined  as 


(19) 


(20) 


where  p,argel  is  the  mass  density  of  the  target  material.  The  velocity  V,  is  a  characteristic  velocity  for  the 
dynamic  sharp  indentation  problem.  As  Vq  approaches  V\  the  kinetic  energy  absorbed  by  the  target  becomes 
significant  and  results  in  discrepancies  between  the  simulations  and  the  analytical  results.  The  values  of  Vt 
are  reported  in  Table  1.  The  peak  depth  (FEA  results)  as  a  function  of  impact  velocity  is  shown  in  Fig.  5. 
Eq.  (18)  suggests  that  if  the  normalized  depth  hmax/ht,  is  plotted  versus  the  normalized  impact  velocity 
V0/Vt,  the  results  for  the  different  materials  and  indenter  kinetic  energies  should  fall  on  the  same  curve.  Fig. 
6  shows  this  plot.  It  can  be  seen  that  up  to  a  velocity  of  approximately  0.1  Vt  good  agreement  holds  between 
the  theory  and  the  FEA  results,  above  that  velocity  the  depths  seen  in  the  simulations  are  less  than  those 
predicted  by  the  theory. 

An  additional  way  to  assess  the  range  of  validity  of  the  analysis  is  to  examine  the  coefficient  of  restitution 
e.  Recall  from  Eq.  (14)  that  e  should  be  independent  of  the  impact  velocity  and  depends  only  on  the  ratio 
C/Ce.  Fig.  7  shows  e  (FEA  results)  plotted  as  a  function  of  impact  velocity.  Fig.  8  plots  the  normalized 
coefficient  of  restitution  (FEA  result  divided  by  theoretical  prediction)  vs.  the  normalized  impact  velocity 
(V0/Vt).  It  can  be  seen  that  for  all  four  materials  the  FEA  results  deviate  from  the  analytical  prediction 


Fig.  5.  Peak  depth  vs.  impact  velocity  (FEA  results). 
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Fig.  6.  Normalized  peak  depth  vs.  normalized  impact  velocity,  along  with  the  analytical  result,  Eq.  (4). 


4340  Steel.  m=  10  g 
6061  At  m  =  10  g 
Mild  Steel,  m  •>  10  g 
Brail,  m  =  10  g 
4340  Steel,  m  =  10  mg 
6061  Al,  m  =  10  mg 
Mild  Steel,  m  =  10  mg 
Brass,  m  =  10  mg 
Theory,  4340  Steel 
Theory.  6061  Al 
Theory.  Mild  Steel 
Theory,  Brass 


Fig.  7.  Coefficient  of  restitution  vs.  impact  velocity  (FEA  results).  The  analytical  result,  Eq.  (14),  is  also  shown. 


Fig.  8.  Normalized  coefficient  of  restitution  vs.  normalized  impact  velocity. 
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when  the  impact  velocity  exceeds  approximately  0.01  V\ .  Below  this  velocity,  the  coefficient  of  restitution  is 
approximately  constant  and  in  reasonable  agreement  with  the  theory. 

As  a  final  means  of  assessing  the  range  of  validity  of  the  analysis,  we  compare  the  contact  time  in  the 
finite  element  simulations  with  the  theoretical  prediction,  Eq.  (1 1).  The  contact  time  t*i  can  be  expressed  as 


(21) 


where  we  have  introduced  the  quantity  defined  as 

/  2  \1/6  ' 

/,  =  (-  ^3ar6-- j  [1.605  +  1.468(C)I/2].  (22) 

Fig.  9  shows  the  contact  time  t2  (FEA  results)  plotted  as  a  function  of  impact  velocity.  Eq.  (21)  suggests 
that  if  a  normalized  contact  time,  defined  as  t 2/tu  is  plotted  versus  the  normalized  impact  velocity,  V0/K,  the 
results  for  the  different  materials  and  indenter  kinetic  energies  should  fall  on  the  same  curve.  Fig.  10  plots 
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Fig.  9.  Contact  time  vs.  impact  velocity  (FEA  results). 


Fig.  10.  Normalized  contact  time  vs.  normalized  impact  velocity,  along  with  the  analytical  result,  Eq.  (11). 
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these  results;  it  can  be  seen  that  good  agreement  is  obtained  up  to  impact  velocities  of  «0.1  Vt,  above  that 
value  the  contact  time  observed  in  the  simulations  does  not  continue  to  decrease  as  predicted  by  the  theory 
and  instead  begins  to  increase  slightly  with  increasing  impact  velocity. 

The  finite  element  simulations  demonstrate  the  existence  of  a  characteristic  velocity  Vx  which  defines  the 
range  of  validity  of  the  analytical  results.  As  the  impact  velocity  approaches  the  Vt  the  role  of  target  inertia, 
neglected  in  the  analytical  model,  becomes  significant  and  results  in  discrepancies  between  the  analytical 
model  and  the  FEA  results  seen  in  Figs.  6,  8  and  10.  Comparing  the  analytical  results  with  the  finite  element 
simulations,  it  appears  that  quantities  associated  with  the  loading  phase  (e.g.  peak  depth)  show  good 
agreement  with  the  analytical  results  at  impact  velocities  up  to  «  0. 1  Vt,  while  quantities  associated  with  the 
rebound  phase  (e.g.  rebound  velocity)  show  good  agreement  up  to  lower  velocities,  wO.Olf;.  The  contact 
time  has  a  contribution  from  both  the  loading  phase  and  the  rebound  phase.  The  contribution  from  the 
loading  phase  is  significantly  larger  than  that  from  the  rebound  phase,  hence  the  contact  time  shows  good 
agreement  with  the  analytical  results  at  impact  velocities  up  to  «0.1  Vx. 


4.  Rate-dependent  material  response 


The  simulations  m  the  previous  section  assumed  rate-independent  material  behavior.  In  this  section  we 
consider  the  influence  of  rate-dependent  plasticity  on  the  impact  of  a  sharp  indenter.  It  is  well  known  that  for 
some  materials  the  yield  stress  can  vary  with  the  imposed  strain  rate  (e.g.  Clifton,  2000;  Frantz  and  Duffy 
1972;  Huang  and  Clifton,  1985;  Klopp,  1984;  Lee  et  al.,  2000;  Li,  1982;  Nicholas,  1980;  Senseny  et  al  1978)’ 
Fig.  1 1  shows  the  variation  in  yield  stress  with  strain  rate  for  a  variety  of  metals,  showing  the  increase  in  flow 
stress  with  strain  rate.  Some  of  this  data  is  for  dynamic  shear  tests,  and  the  shear  quantities  have  been 
converted  to  equivalent  uniaxial  values.  Fig.  12  shows  this  same  data  plotted  with  the  dynamic  yield  stress 
normalized  by  the  quasi-static  yield  stress.  One  way  to  include  the  strain  rate  effect  is  the  power  law  form 


<ry(e,e)  =  ffy(e) 


(23) 


where  b  and  eo  are  material  constants.  To  assess  the  role  of  rate-dependent  material  behavior  on  the  impact 
of  a  sharp  indenter,  finite  element  simulations  using  ABAQUS/Explicit  were  carried  out  in  which  the  yield 


Fig.  11.  Yield  stress  vs.  strain  rate  for  a  variety  of  metals  showing  the  increase  in  yield  stress  with  strain  rate. 
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Fig.  12.  Yield  stress  ratio  vs.  strain  rate  for  the  experimental  data  shown  in  Fig.  12. 


stress  varied  with  strain  rate.  The  mesh  used  in  these  simulations  was  the  same  as  that  described  in  Section 
3.  A  strongly  rate  sensitive  material  (with  properties  corresponding  to  1 100-0  aluminum)  and  a  weakly  rate 
sensitive  material  (with  properties  corresponding  to  6061  aluminum)  were  simulated.  Values  of  b  =  1/3, 
e0  =  8000  s_1  and  b  =  1/3,  e0  =  250,000  s_l  were  used  for  the  strongly  rate  sensitive  and  weakly  rate 
sensitive  materials,  respectively.  The  cases  b  —  1/2  and  f'o  =  8000  s_l  and  b  =  1/6  and  eo  =  250,000  s  1  were 
also  examined.  For  these  materials  the  variation  in  flow  stress  with  strain  rate  is  shown  in  Fig.  12.  Material 
data  was  defined  in  such  a  way  that  the  strain  hardening  was  not  rate  sensitive. 

The  effect  of  rate-dependent  material  response  in  dynamic  indentation  is  to  increase  the  resistance  to 
indentation.  This  effect  is  illustrated  in  Fig.  13  which  shows  the  dynamic  P-h  curve  for  a  simulation  in 
which  the  rate-dependent  response  was  included  for  the  case  of  1100  Aluminum.  The  indenter  mass  and 
impact  velocity  are  10  mg  and  3  m/s,  respectively.  Even  at  this  low  impact  velocity,  the  inclusion  of  rate- 
dependent  plasticity  has  the  effect  of  decreasing  the  peak  depth  compared  to  the  rate-independent  case.  The 
reduction  in  peak  depth,  and  thus  in  the  final  indent  size,  demonstrates  how  elevated  hardness  values  are 
observed  under  dynamic  conditions. 


Fig.  13.  Load  vs.  depth  in  dynamic  indentation  simulations,  rate-dependendent  and  rate-independent,  for  1 100  Al,  m  =  10  mg,  V0  =  3  m/s. 
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To  assess  the  validity  of  Kick’s  law  for  the  rate-dependent  case  we  attempted  to  fit  curves  of  the  form 
P  —  Ch 2  to  the  loading  portion  of  the  load-depth  curves.  A  typical  result  shown  in  Fig.  13  shows  a  poor  fit. 
In  fact,  at  the  final  stages  of  the  loading  curve  the  load  becomes  constant  and  then  actually  decreases 
slightly.  For  rate-dependent  materials  Kick’s  law  is  not  valid  for  the  impact  problem,  and  therefore  the 
analytical  results  derived  in  Section  2  cannot  be  applied. 

Kick’s  Law  is  not  valid  for  the  rate-dependent  case  as  the  loading  rates,  and  thus  the  material  strength, 
vary  during  the  impact.  When  the  material  response  is  rate-sensitive,  C  is  not  constant  and  instead  varies 
with  the  loading  rate.  The  strain  rates  in  the  material  scale  with  the  rate  quantity  h/h  (e.g.  Lucas  and  Oliver, 
1999;  Woodcock  and  Bahr,  2000)  and  thus  C  depends  on  material  properties  and  h/h .  For  a  flow  stress 
variation  that  follows  Eq.  (23),  C  can  be  approximated  as  ^ 

C  -  Co f  (h/h),  (24) 

where  C0  is  the  quasi-static  value  of  C,  i.e.  the  value  of  C  as  h/h  — ►  0.  Therefore  the  function  f{h/h)  is 
positive  with  /(0)  =  1.  This  suggests  that  if  the  motion  of  the  indenter  h(t)  were  such  that  h/h  were  held 
constant,  rate-dependent  materials  will  follow  Kick’s  law,  with  the  constant  C  elevated  above  its  quasi¬ 
static  value. 

We  now  apply  these  results  to  analyze  the  impact  problem.  In  the  following  we  will  suppress  the  ar¬ 
gument  h/h  and  denote  the  function  f{h/h)  simply  as/.  During  impact  the  velocity  will  decrease  as  the 
indenter  advances  into  the  material.  The  rate  quantity  h/h  is  not  constant;  it  will  decrease  as  indentation 
proceeds,  eventually  becoming  equal  to  0.  During  the  loading  phase  the  governing  equation  for  the  motion 
of  the  indenter  is 

mh  -F  Ch 2  =  mh  4-  C^fh1  =  0;  1^0  (25) 

with  initial  conditions  h  =  0  and  h  ~  V0  at  t  —  0.  If  the  values  of  m  and  Vq  are  provided,  and  Co  and  /  are 
known,  Eq.  (25)  can  be  solved  numerically  to  find  the  motion  h(t).  As  was  done  for  the  rate-independent 
case,  Eq.  (25)  can  be  integrated  to  yield  the  instantaneous  energy  balance  equation 

\mh 2  +  jco/7>3  -  y  j\hrh  -  hh2)f'dt  =  '-mV2,  (26) 

where/'  represents  the  derivative  of/with  respect  to  its  argument  h/h.  Using  the  condition  that  at  the  peak 
indentation  depth,  h  =  /*max,  the  velocity  h  —  0  and  /(0)  =  1,  the  peak  indentation  depth  can  be  determined 
to  be: 

d' -  (27) 

where  t\  is  the  time  at  which  the  peak  depth  is  reached  and  h  =  0.  Comparing  with  the  rate-independent 
result,  Eq.  (4),  it  can  be  seen  that  for  the  rate-dependent  case  the  peak  depth  is  reduced. 

To  assess  this  analysis,  finite  element  simulations  were  carried  out  in  which  the  motion  h{t)  was  such  that 
h/h  was  a  constant  whose  value  was  varied  over  the  range  2500-500,000  s_1.  The  motion  was  of  the  form 
h{t)  =  /?0exp(rf)  where  r  is  the  value  of  h/h.  As  the  exponential  curve  does  not  satisfy  //(0)  =  0,  a  short 
period  of  constant  velocity  motion  is  imposed  to  connect  the  zero  point  with  the  exponential  curve.  The 
constant  velocity  takes  place  over  a  depth  less  than  2%  of  the  total  depth,  so  the  influence  of  this  region  is 
expected  to  be  small.  Fig.  14(a)  shows  the  form  of  the  motion  imposed  for  the  case  r  —  5000  s_1,  while  Fig. 
14(b)  shows  a  detail  of  the  initial  stages  of  the  motion  and  the  constant  velocity  segment  that  connects  to 
the  exponential  curve. 

Fig.  15  shows  the  load  vs.  depth  curves  for  1100  Al  at  various  values  of  the  rate  parameter  h/h,  along 
with  the  quasi-static  result.  It  can  be  seen  that  in  all  cases  the  P-h  curve  is  well  represented  by  Kick’s  law, 
and  from  these  results  the  constant  C  may  be  determined  for  each  case.  Good  agreement  with  Kick’s  law 
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(a)  (b) 


Time  (milliseconds)  Time  (milliseconds) 

Fig.  14.  (a)  Applied  h(t)  for  rate-dependent  indentation  simulations,  (b)  Applied  h(t)  showing  constant  velocity  region. 


Fig.  15.  Load  vs.  depth  in  dynamic  indentation  simulations  at  constant  indentation  loading  rate  h/h  for  1100  Al,  along  with  the  quasi¬ 
static  result. 


was  also  found  for  6061  AL  The  variation  of  C  as  a  function  of  h/h  for  the  two  different  materials  is  plotted 
in  Fig.  16.  As  expected,  the  strongly  rate  sensitive  material  shows  greater  sensitivity  to  the  rate  parameter 
h/h.  These  results  allow  one  to  assess  the  form  of  f(h/h). 

For  the  case  where  the  strain  rate  influences  the  flow  stress  according  to  Eq.  (23),  we  fit  the  variation  of  C 
as  a  function  of  h/h  using  the  following  function  which  involves  two  unknown  parameters  c  and  r0 

/(*/*)«  1  +  (tt)  •  (28) 

Within  the  range  of  parameters  examined,  we  found  that  c  ^  b  and  r0  &  40e0c.  Using  the  expression  in  Eq. 
(28)  for  f{h/h)  the  integral  in  Eq.  (27)  converges  and  was  evaluated  numerically  for  a  range  of  impact 
velocities  and  masses  using  the  values  of  h(t ),  h(i)  and  h{t)  obtained  from  FEA.  The  peak  depth  was 
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Fig.  16.  Normalized  constant  C/C0  vs.  the  indentation  rate  parameter  h/h. 


predicted  to  within  5%  in  all  cases  examined,  which  implies  that  Eq.  (24)  is  a  valid  representation  of  the 
variation  of  C  under  impact  conditions.  For  the  case  of  dynamic  spherical  indentation,  Tirupataiah  and 
Sundararajan  (1991)  define  an  average  strain  rate  in  the  plastically  deforming  region,  using  expressions  for 
the  average  strain  and  the  contact  time  of  the  indenter.  Koeppel  and  Subhash  (1999)  have  suggested  an 
average  or  effective  strain  rate  equal  to  the  velocity  of  the  indenter  divided  by  the  final  size  of  the  inden¬ 
tation.  The  results  presented  here  suggest  an  alternative  approach  in  which  the  average  variation  in  strain 
rate  is  followed  during  the  impact  through  the  function  f{h/h).  The  present  formulation  suggests  a  way  to 
obtain  the  dynamic  material  constants  b  and  e0.  The  least  information  is  either  the  displacement  or  velocity 
history  for  at  least  three  dynamic  indentation  tests  at  different  indenter  kinetic  energies  mV^ /2.  Equally 
well,  one  can  use  at  least  two  dynamic  indentation  tests  at  different  kinetic  energies  and  one  static  test  which 
provides  C0  directly. 


5.  Conclusions 

An  analysis  of  the  impact  of  a  sharp  indenter  has  been  presented.  A  solution  describing  the  motion  of  the 
indenter  has  been  given.  The  maximum  depth  of  indentation,  the  residual  depth  of  indentation,  the  time  the 
indenter  is  in  contact  with  the  target  and  the  rebound  velocity  have  been  provided. 

The  analytical  results  have  been  compared  with  dynamic  rate-independent  elastoplastic  finite  element 
simulations.  The  peak  indentation  depth,  contact  time  and  rebound  velocity  from  the  simulations  were 
compared  with  the  analytical  predictions.  The  quantity  {C / was  found  to  be  a  characteristic  ve¬ 
locity  Vt  for  the  dynamic  sharp  indentation  problem  and  indicates  the  point  at  which  the  kinetic  energy  lost 
to  the  target  becomes  significant.  It  was  found  that  the  peak  indentation  depth  and  the  contact  time  showed 
good  agreement  with  the  theoretical  results  up  to  impact  velocities  ^0.1  Vt,  while  the  rebound  velocity 
deviated  from  the  analytical  prediction  when  the  impact  velocity  exceeded  «0.01^.  It  appears  that 
quantities  associated  with  the  loading  phase  (e.g.  peak  depth)  show  good  agreement  up  to  «  0.1  It,  while 
quantities  associated  with  the  rebound  (e.g.  rebound  velocity)  show  good  agreement  only  up  to  «0.01Ft. 

Rate-dependent  plasticity  has  the  effect  of  increasing  the  average  contact  pressure  required  for  inden¬ 
tation,  and  increases  the  resistance  to  indentation.  For  the  case  of  rate-dependent  response  in  the  impact 
problem  the  relationship  between  load  and  depth  is  no  longer  parabolic,  and  thus  Kick’s  law  is  not  valid 
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under  these  conditions.  The  problem  canbe  solved  by  incorporating  the  relationship  between  the  motion  of 
the  indenter  and  the  dynamic  flow  properties  of  the  material  into  the  equation  of  motion  for  the  indenter. 
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Accurate  results  for  the  stress  intensity  factors  for  the  asymmetric 
four-point  bend  specimen  with  an  edge  crack  are  presented.  A 
basic  solution  for  an  infinitely  long  specimen  loaded  by  a  constant 
shear  force  and  a  linear  moment  distribution  provides  the  refer¬ 
ence  on  which  the  finite  geometry  solution  is  based. 

[S002 1-8936(00)03601-1] 

This  note  was  prompted  by  a  comparison  ([1])  of  existing  nu¬ 
merical  solutions  ([2-4])  for  the  crack  specimen  known  as  the 
asymmetric  four-point  specimen  shown  in  Fig.  1.  Discrepancies 
among  the  solutions  are  as  large  as  25  percent  within  the  param¬ 
eter  range  of  interest.  Moreover,  in  some  instances  the  full  set  of 
nondimensional  parameters  specifying  the  geometry  (there  are 
four)  have  not  been  reported.  The  specimen  has  distinct  advan¬ 
tages  for  mixed  mode  testing,  including  the  determination  of 
mixed  mode  fatigue  crack  thresholds.  Here  a  new  fundamental 
reference  solution  is  given  for  a  infinitely  long  cracked  specimen 
subject  to  a  constant  shear  force  and  associated  bending  moment 
distribution.  The  small  corrections  needed  to  apply  this  solution  to 
the  finite  four-point  loading  geometry  are  included. 

By  static  equilibrium  (the  configuration  in  Fig.  1  is  statically 
determinant),  the  shear  force,  Qy  between  the  inner  loading  points 
and  the  bending  moment,  My  at  the  crack  are  related  to  the  force, 
Py  by  (all  three  quantities  are  defined  per  unit  thickness): 

Q=P(b2~bl)/(b2  +  bl)  and  M  =  cQ.  (J) 

Consider  first  the  reference  problem  of  an  infinite  specimen 
with  crack  of  length  a  subject  to  a  constant  shear  force  Q  and 
associated  linearly  varying  bending  moment  M.  In  the  absence  of 
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the  crack,  the  exact  solution  for  the  cross  section  has  a  parabolic 
distribution  of  shear  stress  proportional  to  Q  and  a  linear  variation 
of  normal  stress  proportional  to  M  ([5]).  By  superposition  of  these 
two  contributions,  the  solution  for  the  intensity  factors  in  the  pres¬ 
ence  of  the  crack  can  be  written  exactly  in  the  form 

6 cQ  . — 

K\=-^'l™Fv(alW)  (2a) 

R_  Q  (a!W)m 

^n~  Wm  ( 1  —  a/\\r)mFn(afW)  (2b) 

where,  anticipating  the  application,  we  have  taken  M^cQ  at  the 
crack.  The  solution  (2a)  is  the  same  as  that  for  a  pure  moment.  It 
has  been  obtained  numerically  to  considerable  accuracy.  Tada 
et  al.  [6]  give 


Ja\  [2W  ™ 

V™  tan2W 


0.923 +0.199)  l“sin  — 


cos 


2  W 


for  0«-*l 
while  Murakami  [7]  gives 
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(3a) 


Fi|  iyl  =  1*122—  1.121)  -1  +  3.7401  -)  +3.873)  - 


W 


w 


-  1905(w)  +22-55(w)  for  iH0-7-  w 

The  second  solution  (2b)  is  not  in  the  literature. 

Finite  element  analyses  of  the  reference  problem  have  been 
earned  out  to  obtain  both  Fx  (as  a  check)  and  Fu .  Our  results  for 
F j  agree  with  (3b)  to  four  significant  figures  over  the  entire  range 


p 


Fig.  1  Geometry  of  the  asymmetric  bending  and  shear 
specimen 
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Fig.  2  Location  of  the  crack  for  pure  mode  II  at  its  tip  (a-  1 ) 


of  a/W  indicated.  Equation  (3a)  appears  to  be  less  accurate  over 
this  same  range  (with  error  less  than  two  percent),  but  it  can  be 
used  for  a/W>0.7.  The  same  finite  element  meshes  were  used  to 
compute  Fu .  The  following  polynomial  representation  was  ob¬ 
tained  by  fitting  the  numerical  results: 


W 


w 


=  7.264—9.37  —  +2.74  —  + 1.87  — 


W 


w 


for 


(4) 


This  result  is  believed  to  be  accurate  to  within  one  percent  over 
the  entire  range  of  a/W .  The  results  of  Suresh  et  al.  [4]  deter¬ 
mined  for  a  specific  choice  of  the  other  dimensional  parameters  of 
the  finite  geometiy  are  in  good  agreement  with  (4). 

Without  loss  of  generality,  the  solution  for  the  asymmetrically 
loaded  specimen  in  Fig.  1  can  be  written  as 


6(c  — c0)G  / — 

*i= - ^r—^F^atW) 

(5  a) 

„  VQ  (alWj312 

K"  W^'(l-a/W)mFuialW) 

(5  b) 

where,  in  general,  c0/W  and  77  are  functions  of  a/W ,  c/W  y  bx/W , 
and  b2  /W.  The  mode  I  stress  intensity  factor  is  not  precisely  zero 
where  M-0 ,  motivating  the  introduction  of  c0.  The  representa¬ 
tion  (5)  is  chosen  because  it  reduces  to  the  reference  solution 
(co/W=0,77=l)  when  the  loading  points  are  sufficiently  far  from 
the  crack.  The  finite  element  results  presented  below  indicate  the 
reference  soludon  is  accurate  to  within  about  two  percent  as  long 
as  the  distance  of  nearest  loading  point  to  the  crack  is  greater  than 
1.4  W. 


Fig.  4  Error  boundaries  for  mode  II  stress  intensity  factor  of 
two  percent  and  four  percent  for  (<*=1)  for  the  reference  solu¬ 
tion  (2).  Combinations  (a/W.b^/W)  lying  above  a  boundary 
have  smaller  error. 


Figure  2  displays  the  dependence  of  c0IW  on  a/W  for  three 
values  of  bx/W  and  a^(b2~bx)/W=  1.  This  was  computed  as 
the  c/W  at  which  ATj=0.  If  the  moment  at  the  crack  vanishes  (i.e., 
c  =  0),  the  mode  I  factor  can  be  significant  when  the  loading 
points  are  near  the  crack.  For  example,  for  the  extreme,  but  not 
entirely  unrealistic  case,  where  bx  IW- 0.6,  a~  1,  a/W- 0.2,  and 
c  —  0,  the  mode  mixity,  ^=tan ~l(Kn/Kx)y  is  65  deg  instead  of  90 
deg. 

Variations  of  the  mode  II  correction  factor  77  with  a/W  for 
several  c/W  are  shown  in  Fig.  3  for  Z>,  IW—  1.0  and  a—  1.  The 
error  is  largest  for  short  cracks  and  for  cracks  on  the  order  of  a 
distance  W  from  the  closest  loading  point.  Curves  corresponding 
to  constant  values  of  the  correction  factor  are  plotted  in  Fig.  4, 
with  c/W—  0.2  and  a=  1.  If  the  combination  (bx/Wya/W)  lies 
above  the  curve,  the  correction  factor  will  be  smaller  than  the 
corresponding  97. 

Finally,  the  effect  of  the  parameter  a=(b2~bx)/W  is  dis¬ 
played  in  Fig.  5  by  normalizing  each  of  the  respective  stress  in¬ 
tensity  factors  by  the  reference  value  from  (2).  These  results  have 
been  computed  with  bx  IW=  1.4  and  c/W =0.2.  The  error  in  the 
reference  values  is  less  than  roughly  2  percent  when  a >0.5. 

The  plots  in  Figs.  2-5  provide  guidance  for  either:  (i)  ensuring 
the  test  parameters  are  such  that  the  reference  solution  (2)  can  be 
used  with  confidence,  or  (ii)  estimating  the  corrections  to  the  ref¬ 
erence  solution  using  (5).  As  long  as  the  distance  between  the 
crack  and  the  nearest  loading  point  is  greater  than  about  \AW 


0  0.2  0.4  0.6  0.8  1 

a/W 

Fig.  3  Correction  factor  for  mode  II  intensity  factor  (a^l ) 


Fig.  5  Role  of  a=(b2—bi)/  W  in  error  of  the  reference  solution 
(2)  for  bt/lV=1.4  and  c/W=  0.2 
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(i.e.,  ( bl-c)/W>  1.4  with  b2>b ,)  the  reference  solution  is  accu¬ 
rate  to  within  a  few  percent.  The  errors  in  the  reference  solution 
are  the  smallest  for  deep  cracks,  i.e.,  a/W^ 0.5. 
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This  study  is  devoted  to  a  prestressed  and  hyperelastic  tube  rep¬ 
resenting  a  vascular  graft  subjected  to  combined  deformations . 
The  analysis  is  carried  out  for  a  neo-Hookean  response  aug¬ 
mented  with  unidirectional  reinforcing  that  is  characterized  by  a 
single  additional  constitutive  parameter  for  strength  of  reinforce¬ 
ment.  It  is  shown  that  the  stress  gradients  can  be  reduced  in 
presence  of  prestress .  [S002 1  -8936(00)00 1 0 1  -X] 


1  Introduction 

Mechanical  properties  are  of  major  importance  when  selecting 
a  material  for  the  fabrication  of  small  vascular  prostheses.  The 
operation  and  the  handing  of  prostheses  vessel  by  surgeons,  on  the 
one  part,  the  design  of  such  grafts,  on  the  other,  induce  specific 
loading  and  particularly  boundary  or  initial  conditions.  Conse¬ 
quently,  the  interest  in  developing  a  theoretical  model  to  describe 
the  behavior  of  the  prostheses  vessel  is  proved  ([!]).  In  this  paper, 
we  consider  a  thick-walled  prestressed  tube,  hyperelastic,  trans¬ 
versely  isotropic,  and  incompressible  assimilated  to  a  vessel  graft. 
We  give  an  exact  solution  of  the  stress  distributions  when  the  tube 
is  subjected  to  the  simultaneous  extension,  inflation,  torsion,  azi¬ 
muthal,  and  telescopic  shears  ([2-10]).  The  first  theoretical  re¬ 
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suits,  in  the  case  of  a  silicone  tube,  indicate  that  the  increase  of 
prestress  minimizes  the  stress  gradients  due  to  the  effects  of  the 
shear. 


2  Model  Formulation 

Consider  a  nonlinearly  elastic  opened  tube  defined  by  the  angle 
o)0  (Fig.  1).  Let  us  suppose  that  the  tube  undergoes  two  successive 
deformations;  first,  including  the  closure  of  the  tube  which  in¬ 
duced  residual  strains  ([11])  and  second,  including  inflation,  ex¬ 
tension,  torsion,  azimuthal  and  telescopic  shears.  The  mapping  is 
described  by 

r=r(R)  0=|^-j  0)+(f>aZ+@(r)  z  =  \«Z+A(r)  (1) 

where  (/?,o>,Z)  and  (r,0,z)  are,  respectively,  the  reference  and 
the  deformed  positions  of  a  material  particle  in  a  cylindrical  sys¬ 
tem.  <f  is  a  twist  angle  per  unloaded  length,  a  and  X  are  stretch 
ratios  (respectively,  for  the  first  and  the  second  deformation),  0  is 
an  angle  which  defined  the  azimuthal  shear,  and  A  is  an  axial 
displacement  which  defined  the  telescopic  shear. 

It  follows  from  (1)  that  the  physical  components  of  the  defor¬ 
mation  gradient  F  has  the  following  representation  in  a  cylindrical 
system: 


f(R) 

O 

O 

r(R)  it 

F= 

r(R)&(r)r(R ) 

- rSa 

R 

.  A(r)r(tf) 

$ 

© 

where  the  dot  denotes  the  differentiation  with  respect  to  the  argu¬ 
ment. 

Incompressibility  then  requires  that  J^detF— 1,  which  upon 
integration  yields 


r2=rU 


Irak 


(R2-Rt) 


(3) 


where  Rt  and  ri  are,  respectively,  the  inner  surfaces  of  the  tube  in 
the  free  and  in  the  loaded  configurations  ( Re  and  re  are  the  outer 
surfaces). 

The  strain  energy  density  per  unit  undeformed  volume  for  an 
elastic  material,  which  is  locally  and  transversely  isotropic  about 
the  t (R)  direction,  is  given  by 

W—W(I\  »/2»/3*/4»/5)  (4) 

where 

/,  =  7>C,  /2=j[(rrC)2-7VC2],  /3=1, 

/4=tCt,  /5  =  tC2t  (5) 

are  the  principal  invariants  of  C-FF  which  is  the  right  Cauchy- 
Green  deformation  tensor  (F  is  the  transpose  of  F). 

The  corresponding  response  equation  for  the  Cauchy  stress  cr 
for  transversely  isotropic  incompressible  is  (see  [12]) 

cr=  — pl  +  2[W1B“  W2B~  1  +/4W4T<8>T 

+  I4W5(T®B-TT  TB<8>  T)  ]  (6) 

where  B=FF  is  the  left  Cauchy-Green  tensor,  1  the  unit  tensor, 
and  p  the  unknown  hydrostatic  pressure  associated  with  the 
incompressibility  constraint,  Wi-(dWIdIi)  (/=1,2,4,5)  and 

T=(l/^)Ft. 

From  (6),  the  equilibrium  equations  in  the  absence  of  body 
forces  are  reduced  to 


du  rr  +arr  a  69 

dr  r 


(la) 
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Abstract 

Stress  intensity  factor  distributions  at  the  edge  of  semi-circular  and  semi-elliptical  surface  cracks  are  obtained  for 
cracks  aligned  perpendicular  to  the  surface  of  a  semi-infinite  solid  subject  to  remote  shear  parallel  to  the  plane  of 
the  crack.  Mixed  mode  conditions  along  the  crack  edge  are  characterized.  Application  to  fatigue  crack  thresholds  in 
mixed  mode  is  discussed.  ©  2000  Elsevier  Science  Ltd.  All  rights  reserved. 

Keywords:  Surface  crack;  Modes  II  and  III;  Fatigue  crack  growth;  Fatigue  threshold 


1.  Introduction 


Surface  crack  solutions  are  widely  used  in  applications  of  fracture  mechanics  to  fatigue  and 
monotonic  loadings.  A  semi-elliptical  surface  crack  lying  perpendicular  to  the  surface  and  subject  to 
applied  stresses  with  no  shear  component  parallel  to  the  crack  experiences  mode  I  conditions  around  its 
edge.  It  is  usually  tacitly  assumed  that  this  orientation  is  the  critical  one.  Whether  this  orientation  is 
critical  for  designs  based  on  fatigue  crack  thresholds  has  been  called  into  question  by  some  recent 
experimental  data  [1-3]  which  indicate  that  long  crack  threshold  conditions  may  be  lower  under  mixed 
mode  than  under  mode  I.  It  is  this  observation  which  motivates  the  present  study  of  the  mixed  mode 
stress  intensity  factors  for  cracks  at  surfaces  under  general  remote  uniform  stressing.  Attention  is 
directed  to  cracks  which  are  perpendicular  to  the  surface.  The  results  presented  below  supplement  the 
mode  I  stress  intensity  factors  of  Raju  and  Newman  [4,5]  for  cracks  perpendicular  to  the  surface  and  by 
Noda  and  Miyoshi  [6]  and  Noda  et  al.  [7]  for  cracks  inclined  to  the  surface.  The  only  other  results  in 
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the  literature  on  the  mixed  mode  crack  problem  analysed  in  this  paper  appears  to  be  prelimary  results  in 
a  paper  by  Murikami  [8]  which  will  be  discussed  later. 

The  problem  addressed  here  is  depicted  in  Fig.  1(a).  An  isotropic  elastic  half-space  with  a  semi¬ 
circular  or  semi-elliptical  crack  in  the  (xj,  *3)  plane  is  subject  to  a  remote  uniform  stress  specified  by  the 
components  (o°u,  a\2,  <r?2).  The  crack  is  not  influenced  by  the  component  a°u  since  this  component 
produces  no  traction  on  the  crack  plane.  The  component  <j22  induces  a  mode  I  stress  intensity  factor 
distribution  along  the  crack  edge  which  is  available  in  Ref.  [5].  The  component  <j°u  induces  both  mode 
II  and  mode  III  intensity  factor  distributions.  It  is  these  distributions  which  will  be  computed  and 
characterized  in  this  paper.  The  solution  for  arbitrary  uniform  remote  stressing  is  obtained  by 
superposition  of  the  distributions  due  to  a\2  and  <r°n.  A  crack  inclined  to  a  remote  tensile  field,  as  shown 
in  Fig.  1(b),  is  a  special  case  of  this  solution.  This  case  will  be  used  to  illustrate  potential  mixed  mode 
effects  later  in  the  paper. 


2.  Solution  for  shear  stress  applied  parallel  to  the  crack 

Consider  semi-elliptical  cracks  in  the  (^1,^3)  plane  with  depth  a  and  half-length  c  at  the  surface(Fig. 
1(a)).  The  only  nonzero  remote  stress  component  is  g\2.  The  Young’s  modulus  of  the  elastic  material  is 
E  and  the  Poisson’s  ratio  is  v.  The  symmetry  of  the  geometry  and  anti-symmetry  of  the  loading  dictates 
that  the  mode  I  stress  intensity  factor,  Kh  vanishes  along  the  crack  edge.  The  mode  II  and  mode  III 
intensity  factors,  Kn  and  Km ,  vary  along  the  crack  edge  and  will  be  regarded  as  functions  of  the  angle  q> 
defined  in  Fig.  1(a).  These  factors  are  odd  and  even  functions,  respectively,  with  respect  to  the  deepest 
point  of  the  crack,  <p  =  n/2.  It  will  be  seen  that  Kn  is  largest  in  magnitude  near  the  surface,  while  Km  is 
largest  where  the  crack  penetrates  most  deeply  into  the  body. 

2.7.  A  reference  solution 

A  useful  reference  solution  is  that  for  the  similarly  aligned  and  loaded  elliptical  crack  in  an  infinite 


a)  b) 

Fig.  1.  (a)  Semi-elliptical  surface  crack  in  a  semi-infinite  isotropic  elastic  solid  subject  to  uniform  remote  stresses  a\2,  an)-  The 
present  paper  considers  the  shear  loading  which  induces  mode  II  and  III  stress  intensities  along  the  crack  front.  Solutions  for 
the  mode  I  problem  due  to  a ^  exist  in  the  literature.  The  stress  component  has  no  influence  on  the  stress  intensity  factors,  (b) 
Surface  crack  aligned  obtusely  to  the  remote  tensile  field. 


M.Y.  He,  J.W.  Hutchinson  /  Engineering  Fracture  Mechanics  65  (2000)  1-14 


3 


solid  [9-11].  This  is  an  exact  solution  given  by 
_  (T0uVnak2(a/c)cos  <p 
B[sm2(p  +  (a/c)2cos2<p]1/4 


r,o  o°l2j7tak2(\  -  v)sm  cp  m 

Km  —  ~~p  z  7” 0  -i i/4  w 

2?[sin  <p  +  (a/c)cos2(p\ 

where 

k2  =  1  -  (a/c)2,  B  =  (k2  —  v)E(k)  +  v(a/c)2K(k ) 
with  elliptic  integrals  defined  by 

rfl/2  j  f^/2  ^0 

E(k )  =  J 1  -  k2sm2<p  d q>,  K(k )  =  — ====== 

Jo  Jo  Vl-*2sin<?> 

The  maximum  values  of  the  reference  intensity  factors  will  be  used  for  scaling  the  surface  crack 
solutions: 

(*ii)„,=o=  OnJ™k\a/c)'l2/B 

Wlnf^i-vVi  (2) 

Numerical  values  for  these  factors  are  given  in  Table  1  for  a  range  of  cja  and  v. 


Table  1 

Maximum  values  of  the  reference  intensity  factors  from  Eq.  (2) 


V 

cja 

(^hV=o/i7?2‘n/^ 

(K  ni  V=n/2  f°\ 2  J* 

0 

1 

0.637 

0.637 

0 

1.5 

0.618 

0.756 

0 

2 

0.584 

0.826 

0 

3 

0.518 

0.898 

0.2 

I 

0.707 

0.566 

0.2 

1.5 

0.710 

0.695 

0.2 

2 

0.685 

0.775 

0.2 

3 

0.623 

0.863 

0.3 

1 

0.749 

0.525 

0.3 

1.5 

0.767 

0.657 

0.3 

2 

0.750 

0.743 

0.3 

3 

0.693 

0.841 

0.5 

1 

0.849 

0.425 

0.5 

1.5 

0.913 

0.559 

0.5 

2 

0.927 

0.655 

0.5 

3 

0.895 

0.775 
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2.2.  Behavior  at  the  corner  of  the  crack  at  the  free  surface  (<p  =  0) 

Under  general  stressing,  the  stress  field  along  interior  points  of  the  crack  edge  is  the  superposition  of 
the  conventional  mode  I,  II  and  III  fields,  which  are  characterized  by  an  inverse  square  root  dependence 
on  the  distance  from  the  tip.  At  the  point  where  the  crack  edge  intersects  the  free  surface,  a  three- 
dimensional  comer  singularity  exists  [12-14],  With  R  as  the  distance  from  the  corner  point,  the  singular 
stresses  associated  with  the  symmetric  field  (mode  I)  become  unbounded  as  R  diminishes  according  to 

<rozR~s‘  (3a) 

while  the  stresses  in  the  anti-symmetric  fields  (modes  II  and  III)  satisfy 

uoc  R~s'  (3b) 

Plots  of  Ss  and  Sa  as  a  function  of  v  are  given  in  Fig.  2.  Except  for  v  =  0,  the  corner  singularity  of  the 
mode  I  field  is  weaker,  and  that  of  the  anti-symmetric  modes  is  stronger,  than  inverse  square  root 
behavior.  The  relationship  between  the  corner  and  interior  singularity  strengths  and  the  character  of  the 
full  solution  has  been  examined  for  a  specific  three-dimensional,  mode  I  problem  [15]  (e.g.  the  through- 
crack  in  a  finite  thickness  plate).  The  elective  zone  of  dominance  of  the  corner  singularity  comprises  a 
very  small  fraction  of  the  crack  edge.  Over  most  of  the  crack  edge,  the  stress  intensity  factor  associated 
with  the  inverse  square  root  behavior  governs  the  stresses  and  strains,  although  the  distance  from  the 
crack  tip  for  which  local  plane  strain  conditions  are  achieved  is  a  small  fraction  of  the  plate  thickness. 

The  effect  of  the  strong  corner  singularity  (3b)  on  the  mode  II  and  III  stress  intensity  factor 
distributions  for  the  problem  considered  here  will  be  apparent.  However,  no  attempt  has  been  made  to 
incorporate  the  corner  singularity  (3b)  in  the  representation  of  the  numerical  results  for  the 
distributions.  High  resolution  accuracy  at  the  corner  may  not  be  worth  pursuing,  in  any  case,  because 
the  geometry  where  the  crack  intersects  the  surface  is  expected  to  adjust  under  loading  so  as  to 
ameliorate  the  stronger  singularity. 


Fig.  2.  Dependence  of  the  singularity  exponents  (3)  for  stress  fields  at  the  comer  where  the  crack  intersects  the  surface  of  the  half 
space,  S,  for  the  mode  I  and  S„  for  mode  II  and  III,  respectively  [14]. 
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2.3.  Finite  element  meshes 

A  three-dimensional  finite-element  analysis  has  been  used  to  calculate  the  strain  energy  release  rate 
and  the  mode  II  and  III  stress-intensity  factor  distributions  along  the  surface  crack  front.  The  finite- 
element  mesh  for  a  semi-elliptical  crack  can  be  obtained  from  that  for  a  semi-circular  crack  by  an 
elliptical  transformation.  This  transformation  is  convenient  for  generating  the  mesh,  and  it  has 
advantages  for  the  evaluation  of  the  energy  release  rate  because  of  its  orthogonal  nature.  The  element 
sides  along  the  crack  front  are  perpendicular  to  the  front.  This  increases  the  accuracy  of  strain  energy 
release  rate  (for  crack  advance  in  the  plane  of  the  crack)  when  it  is  evaluated  numerically  using  the  J- 
integral  with  the  domain  integral  method  [16].  Specifically,  the  (x,  y,  z)  Cartesian  coordinates  of  a  node 
in  the  semi-circular  case  become  the  (x',  yf,  z')  coordinates  of  the  same  node  in  the  semi-elliptical  case 
when 


x  =  arjcos  (p 

(4a) 

y  —  at] sin  (p 

(4b) 

such  that 

x f  —  cos  <p(c2  -f  (t]2  -  1  )a2)l/ 

y'  =  y 

z'  —  z 

for  c/a  >  1.  The  relation  between  circular  arcs  and  radial  lines  in  the  (x,y)  plane  of  the  semi-circular 
crack  and  ellipses  and  hyperbolas,  respectively,  in  the  (x\  y')  plane  of  the  semi-elliptical  crack  is 
illustrated  in  Fig.  3(a).  While  the  total  energy  release  rate,  G,  was  evaluated  using  /-integral  method,  the 
individual  stress  intensity  factors  were  determined  by  fitting  the  near-tip  displacement  fields  for  mode  II 
and  III  to  the  crack  face  displacement  components  from  the  numerical  solution. 

A  general  purpose  finite  element  code,  ABAQUS  was  used  for  the  analysis.  Twenty-node  quadratic 
isoparametric  brick  elements  were  employed  to  model  the  problem.  Symmetry  and  anti-symmetry 
conditions  were  exploited  such  that  only  one  quarter  of  the  half  space  was  meshed.  Several  meshes  were 
used  to  gauge  accuracy  (see  Fig.  3(b)  for  a  representative  mesh).  The  coarse  mesh  used  in  the 
convergence  study  had  864  element  and  4698  nodes.  A  finer  mesh,  which  had  1728  elements  and  9002 
nodes,  was  used  to  generate  the  main  results  in  the  paper. 

To  evaluate  the  quality  of  the  mesh,  the  energy  release  rate  was  calculated  for  an  embedded  elliptical 
crack  in  the  full  space  under  uniform  remote  shear  stress  using  the  same  mesh  employed  to  produce 
solutions  for  the  surface  crack  problems.  The  results  were  within  0.5%  of  the  exact  solution  from  Eq. 
(1). 

Examples  of  the  numerical  solution  for  the  stress  intensity  distributions  are  presented  in  Fig.  4  for  the 
semi-circular  crack  ( c/a  =1).  Complications  at  the  corner  at  (p  —  0  do  not  appear  in  Fig.  4(a)  when 
Poisson’s  ratio  vanishes.  A  fine  mesh  has  been  employed  in  the  vicinity  of  the  corner,  as  revealed  by  the 
points  in  the  figure  where  the  stress  intensity  factors  have  been  evaluated.  The  solution  to  the  semi¬ 
circular  surface  crack  is  very  close  to  that  for  the  penny-shaped  crack  in  the  infinite  body  (1)  when  v  = 
0.  The  effect  of  the  corner  singularity  is  evident  in  Fig.  4(b)  for  v  =  0.3.  In  the  vicinity  of  the  corner,  Km 
does  not  go  smoothly  to  zero,  and  Kn  displays  distinctly  non-uniform  behavior  for  (p  <  0.1(^  5°), 
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consistent  with  the  existence  of  a  corner  singularity  Eq.  (3)  stronger  than  the  square  root  dependence  in 
the  interior.  The  effect  of  the  finite  element  mesh  is  also  evident  in  Fig.  4(b).  The  coarse  mesh  provides 
accuracy  almost  equal  to  that  of  the  moderately  fine  mesh  for  q>  >  0.35(“  20°),  but  provides  inadequate 
resolution  nearer  to  the  corner. 

Another  exploration  of  meshing  is  presented  in  Fig.  5,  which  shows  the  energy  release  rate  along  the 
front  of  a  semi-circular  surface  crack  normalized  by  the  corresponding  distribution,  Go(<p),  from  Eq.  (1) 
for  the  penny-shaped  crack  in  the  infinite  body.  The  rates  are  for  crack  advance  in  the  plane  of  the 
crack.  The  two  meshes  used  have  the  same  number  of  elements.  One  is  the  fine  mesh  described  above, 
and  the  other  employs  smaller  elements  near  the  free  surface  and  larger  elements  along  the  edge  in  the 
interior.  The  7-integral  has  been  used  to  compute  the  energy  release  rate  at  points  along  the  front.  For 
v  =  0.3,  the  evaluation  points  for  the  mesh  with  the  finest  resolution  at  the  corner  are  indicated  by  solid 
diamonds  in  Fig.  5,  while  a  curve  has  been  drawn  for  the  results  from  the  other  mesh.  The  role  of  the 
strong  corner  singularity  for  (p  <  0.1  (s  5°)  is  brought  out  clearly  by  the  trend  near  the  corner.  (The 
results  for  v  =  0,  which  have  not  been  plotted,  are  virtually  identical  to  those  for  the  penny-shaped 
crack  in  the  infinite  solid  with  G  going  smoothly  to  the  limit  at  the  corner.)  For  v  =  0.3,  both  meshes 
capture  the  upturn  in  the  energy  release  at  the  corner  for  q>  <  0.1  (s*  5°).  Apart  from  the  behavior  very 
near  the  corner,  the  distribution  for  the  penny-shaped  crack  is  within  5%  of  that  of  the  surface  crack. 
Whether  the  highly  localized  behavior  at  the  corner  has  important  physical  implications  will  have  to 
await  comparison  with  observations.  In  this  paper,  no  attempt  has  been  made  to  provide  accurate 


a)  Semi-circular 


Semi-elliptical 


b) 


Fig.  3.  (a)  Coordinates  used  to  generate  the  mesh,  (b)  Representative  finite  element  mesh  for  c/a  =  1.5. 
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Fig.  4.  Distributions  of  the  stress  intensity  factors  for  (a)  v  =  0  and  (b)  v  =  0.3  for  the  semi-circular  surface  crack  and  the  penny¬ 
shaped  crack  in  the  infinite  solid,  both  subject  to  nonzero  Comparison  between  predictions  of  coarse  and  fine  meshes  are 
shown  in  (b). 


0  0.2  0.4  0.6  0.8  1 

2cp/7l 

Fig.  5.  Energy  release  rate  of  semi-circular  surface  crack  normalized  by  energy  release  rate  of  penny-shaped  crack  in  an  infinite 
body  at  same  q>  for  v  =  0.3.  The  applied  stress  is  or°2.  A  comparison  is  shown  between  the  predictions  of  two  meshes  with  the  same 
number  of  elements  but  differing  refinement  near  the  corner  where  the  crack  meets  the  free  surface  at  (p  =  0. 
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resolution  of  the  intensity  factors  within  about  q>  =  0.05(=  2.5°)  of  the  corner.  The  fine  mesh  with  the 
more  uniformly  distributed  spacing  around  the  crack  front  was  used  in  the  following. 

2.4 .  Stress  intensity  distributions 


The  main  results  for  semi-elliptical  surface  cracks  are  given  in  Fig.  6  and  Fig.  8.  Stress  intensity  factor 
distributions  for  c/a  =  1,  1.5  and  2  are  plotted  in  Fig.  6(a)  for  v  =  0.2  and  in  Fig.  6(b)  for  v  =  0.3.  The 
intensity  factors,  Kn  and  ATm,  have  been  normalized  by  the  corresponding  maximum  values  for  the  full 
elliptical  crack  with  the  same  c/a  and  v  defined  in  Eq.  (2)  and  provided  in  Table  1.  The  corresponding 
normalized  distributions  for  elliptical  cracks  in  the  infinite  body  are  plotted  for  comparison  purposes  in 
Fig.  7.  Inspection  of  the  reference  solution  (1)  for  the  full  elliptical  crack,  normalized  by  the  respective 
maxima  in  Eq.  (2),  reveals  that  the  normalized  distributions  are  independent  of  v  (i.e.  all  the  dependence 
on  v  is  contained  in  the  normalizing  factors,  (A^)^  and  (A^)^^)-  The  dependence  on  v  of  the 
normalized  distributions  for  the  surface  crack  is  displayed  in  the  three  plots  of  Fig.  8  for  c/a=  1,  1.5 
and  2.  Now  the  role  of  Poisson’s  ratio  shows  up  as  a  fairly  strong  influence  on  the  stress  intensity 
distribution  near  the  corner  at  (p  =  0,  which  is  related  to  the  effect  of  v  on  the  corner  singularity 
discussed  in  Section  2.2.  The  influence  on  Km  is  by  far  the  largest,  but  this  occurs  in  a  range  of  cp  in 
which  Km  is  relatively  small. 

Away  from  the  corner,  the  role  of  v  on  the  normalized  distributions  is  relatively  small.  The  main 


Fig.  6.  Normalized  distributions  of  the  stress  intensity  factors  for  the  semi-elliptical  surface  crack  subject  to  nonzero  o°l2:  (a) 
v  —  0.2  and  (b)  v  =  0.3. 
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Fig.  7.  Normalized  distributions  of  the  stress  intensity  factors  for  the  elliptical  crack  in  the  infinite  body  subject  to  nonzero  a°]2. 
The  normalized  distributions  are  independent  of  Poisson’s  ratio. 


2(p/Ji 


Fig.  8.  Normalized  distributions  of  the  stress  intensity  factors  for  the  semi-elliptical  surface  crack  subject  to  nonzero  o°l2  for  v  =  0, 
0.2  and  0.3:  (a)  c/a  =  1,  (b)  eja  —  1.5  and  (c)  c/a  —  2. 
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dependence  of  the  intensity  factors  on  v  is  contained  in  the  normalizing  factors  (2).  Indeed,  comparison 
of  the  distributions  in  Figs.  6  and  8  with  those  in  Fig.  7  for  the  full  elliptical  crack  in  the  infinite  body 
indicates  that,  away  from  the  corner,  the  full  elliptical  crack  solution  (1)  provides  a  reasonably  accurate 
approximation  to  problem  for  the  semi-elliptical  surface  crack.  The  error  in  this  approximation  can  be 
displayed  by  expressing  the  intensity  factors  of  the  surface  crack  as  the  sum  of  the  reference  intensity 
factors  (1)  and  the  corrections: 

Ku  =  Ku  +  8KU  and  Km  =  ^nj  +  O 

Values  of  8Kn/(K^0  and  SKm/(K°a)^=n/2  are  presented  as  solid  points  in  Fig.  9  for  c/a  =  1.5.  The 
error  in  using  Eq.  (1)  for  the  surface  crack  is  less  than  10%  for  the  distributions  in  almost  the  entire 
range  of  <p,  except  for  Km  near  the  corner.  The  error  in  the  vicinity  of  the  maxima  of  the  respective 


Fig.  9.  Normalized  distributions  of  the  corrections  to  Eq.  (1),  defined  in  Eq.  (6),  for  the  semi-elliptical  crack  in  the  infinite  body  for 
the  case  c/a  =  1.5.  The  solid  points  are  the  computed  values,  and  the  curves  are  the  polynomial  fits  given  in  Table  2. 
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intensity  factors  is  well  below  5%.  The  trends  for  SKn/iK^)^  and  5Km / m)^— ?r/2  f°r  the  other  two 
values  of  c/a  are  similar  and  will  not  be  shown.  Accurate  polynomial  fits  to  the  normalized  corrections 
over  the  range  0.1  <  (p< n/2  are  presented  in  Table  2,  and  these  are  shown  for  the  case  c/a  =  1.5  as  the 
curves  in  Fig.  9.  The  numerical  results  for  the  cases  in  this  study  can  be  reproduced  using  Eq.  (6)  with 
the  polynomial  representations  in  Table  2. 

Murikami’s  [8]  estimates  of  the  stress  intensity  factors  for  the  mixed  mode  surface  crack  employs  what 
is  essentially  an  approximation  of  the  full  elliptical  crack  solution.  The  error  in  this  estimate  can  be 
somewhat  larger  than  that  in  using  the  full  elliptical  crack  solution  itself. 


3.  Trends  under  mixed  mode 

The  results  presented  in  the  previous  section  presenting  the  response  of  the  surface  crack  to  the 
applied  stress  component  cr°n  can  be  combined  by  superposition  with  the  results  of  Newman  and  Raju 
[5]  for  the  mode  I  contribution  due  to  giving  the  distribution  of  each  of  the  three  stress  intensity 
factors  along  the  crack  front.  (Recall  that  <r°u  has  no  effect  on  the  intensity  factors.)  Thus,  for  example, 
the  energy  release  rate  distribution  associated  with  crack  advance  in  the  extended  crack  plane  can  be 
computed  using  the  well  known  relation 

G  =  (1  -  +  Kl)/E+(  1  +  v)K2m/E  (7) 

The  general  solution  for  the  combined  modes  also  permits  one  to  compute  energy  release  rates  for  local 
crack  advance  in  directions  other  than  in  the  original  crack  plane.  In  principle,  the  mixed  mode  solution 
contains  the  information  required  to  implement  any  criterion  for  a  brittle  material  based  on  local 
conditions  in  the  immediate  vicinity  of  the  crack  front.  Several  such  mixed  mode  criteria  have  been 
widely  studied  and  employed  for  cracking  under  monotonic  loading.  None  are  well  established  when  the 
mode  III  component  is  significant. 

The  situation  with  respect  to  fatigue  cracking  is  less  certain  under  mixed  mode.  There  seems  to  be 
general  agreement,  a  few  exceptional  cases  aside,  that  the  local  crack  front  advances  under  mode  I 
conditions  once  it  has  begun  to  propagate.  However,  criteria  governing  threshold  conditions  for 


Table  2 

Polynomial  approximations  for  the  stress  intersity  factor  corrections  in  Eq.  (6)a 


K  v  cja  c0  Cj  c2  c3  c4  c5  c6  c7  c8 


y\\ 

0.2 

1 

ym 

0.2 

1 

yn 

0.2 

1.5 

ym 

0.2 

1.5 

Til 

0.2 

2 

Tm 

0.2 

2 

Tii 

0.3 

1 

Tin 

0.3 

1 

Tn 

0.3 

1.5 

Tin 

0.3 

1.5 

Tii 

0.3 

2 

Tin 

0.3 

2 

0.0134 

0.3141 

0.03585 

0.2476 

0.0542 

0.1949 

0.0153 

0.5177 

-0.0475 

0.3608 

0.02388 

0.3341 


-0.7898 

-2.851 

-1.706 

-2.258 

-1.214 

-1.452 

-2.494 

-4.421 

-0.3309 

-2.528 

-1.019 

-2.406 


4.893 

14.08 

15.22 

11.35 

6.921 

5.474 

27.32 

22.59 

1.041 

10.62 

3.102 

8.369 


-13.94  20.63 

-38.12  55.28 

-72.67  203.8 

-31.53  47.34 

-19.95  30.58 

-10.36  9.411 

-143.5  421.1 

-63.87  96.07 

-1.063  0.4011 

-26.41  36.99 

-3.975  2.401 

-14.63  12.35 


-15.25  4.436 

-40.23  11.53 

-342.6  338.9 

-35.81  10.67 

-23.44  7.041 

-3.250 

-723.8  723.8 

-71.99  21.13 

-26.72  7.715 

-0.5322 
-3.991 


-181.7  40.66 


-389.7  87.34 


a  where  y  =  c0  +  C\x  +  cix 2  +  c3x3  +  c4x4  +  csx5  +  C(,x6  +  c7*7  4-  c8x8,  x  —  2(p/n,  and  y  =  yn  =  SKu/iK^)^  or  y  =  ym  = 


12  M.Y .  He,  J.  W.  Hutchinson  {  Engineering  Fracture  Mechanics  65  (2000)  1-14 

initiating  fatigue  crack  growth  under  mixed  mode  cyclic  loading  are  not  established.  It  seems  reasonable 
to  expect  that  the  threshold  stress  intensity  factor,  (AA^th,  determined  in  a  mode  I  test  might  be  greater 
than  the  A/Ci  component  at  threshold  under  mixed  mode  cyclic  loading.  However,  there  is  little  data  on 
which  to  base  such  a  criterion.  For  example,  it  is  not  known  whether  the  decidedly  more  conservative 
criterion  based  on  a  threshold  energy  release  rate  provides  a  bound.  That  is,  does  a  threshold  value  of 
the  cyclic  variation  of  the  energy  release  rate  determined  in  a  mode  I  test,  provide  an  lower 

bound  to  A G  at  threshold  under  mixed  mode?  Some  recent  experiments  under  combined  mode  I  and  II 
on  an  alloy  with  a  very  fine  and  relatively  isotropic  micro-structure  [3]  have  suggested  that  (AGO™  may 
provide  a  lower  bound,  although  that  conclusion  must  be  regarded  as  tentative  until  more  data  is 
available. 

As  remarked  above,  the  present  results  for  the  shear  loading,  when  combined  with  those  for  the 
tensile  loading  [5],  can  be  used  to  generate  distributions  along  the  surface  crack  front  relevant  to  any 
potential  fracture  criterion.  As  an  illustration,  consider  the  surface  crack  oriented  at  an  angle  /?  to  the 
applied  tensile  stress  o  in  Fig.  1(b).  The  applied  stress  components  in  axes  aligned  with  the  crack  are 

(°n .  °22’  an)  =  cos2)?,  sin  /?  cos  /?)  (8) 

An  issue,  for  example,  is  whether  the  crack  orientation  perpendicular  to  the  tensile  stress  (/?  =  0)  is 
critical  for  threshold  fatigue  crack  growth  when  a  is  cycled,  or  whether  a  mixed  mode  orientation  gives 
rise  to  fatigue  crack  growth  at  the  lowest  a.  It  is  not  possible  to  answer  this  question  in  the  absence  of  a 


Fig.  10.  Distributions  of  the  energy  release  rate  along  the  crack  front  for  a  surface  crack  oriented  at  angle  fi  to  an  applied  tensile 
stress  cr:  (a)  c/a  —  1 ,  (b)  c/a  =  1 .5  and  (c)  c/a  =  2. 
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criterion  for  threshold  under  mixed  mode  conditions.  However,  examination  of  the  energy  release  rate 
(7)  distribution  at  various  orientations  can  provide  insight.  Both  Kn  and  Km  contribute  significantly  to 
this  measure  in  addition  to  Kh  and  it  is  plausible  that  (ACjOjh  might  provide  a  conservative  threshold 
criterion  under  mixed  mode.  The  energy  release  rate  G  has  been  computed  using  Eqs.  (7)  and  (8) 
together  with  the  distributions  of  Kj  due  to  a\2  fr°m  [5]  and  with  those  for  ATn  and  Km  due  to  a\2  from 
the  data  in  Figs.  6  and  8  (or,  equivalently,  using  Eq.  (6)  and  the  polynomial  expressions  in  Table  2). 

Plots  of  G/[ 4(1  —xP^a/inE)]  as  a  function  of  (p  are  shown  in  Fig.  10  for  four  orientations  of  the 
surface  crack  and  three  crack  shapes.  As  already  emphasized,  values  within  about  (p  =  0.05(~  2.5°)  from 
the  corner  at  (p  =  0  are  not  reliable.  In  any  case,  it  is  only  the  semi-circular  crack  for  which  the  largest 
values  of  G  occur  within  an  appreciable  vicinity  of  the  corner.  For  c/a  =1.5  and  2,  the  largest  values  of 
the  energy  release  rate  occur  at  the  point  of  deepest  penetration  of  the  crack  at  cp  =  n/2.  The  most 
notable  feature  for  each  of  the  three  crack  shapes  shown  in  Fig.  10  is  that  the  energy  release  rate 
distribution  for  the  crack  oriented  perpendicularly  to  the  tensile  stress  lies  well  above  those  for  the  other 
orientations.  At  a  given  point  along  the  crack  front,  the  energy  release  monotonically  decreases  as  ft 
increases.  Quantitatively,  similar  behavior  occurs  for  the  full  elliptical  crack  in  the  infinite  body.  If 
fatigue  crack  threshold  under  mixed  mode  were  governed  by  (AGO™,  the  critical  orientation  would  be 
P  =  0.  Based  on  the  seemingly  conservative  nature  of  the  criterion  based  on  (AGi)th,  it  would  be  most 
surprising  if  a  surface  crack  at  an  orientation  other  than  ft  =  0  were  critical  for  threshold  growth. 


4,  Summary 

Mode  II  and  III  stress  intensity  factor  distributions  for  semi-elliptical  surface  cracks  subject  to  remote 
shear  stress  have  been  obtained  for  a  limited  range  of  crack  ellipticity.  When  combined  with  existing 
results  for  the  mode  I  distributions  due  to  remote  tensile  stress,  these  results  make  it  possible  to 
compute  critical  conditions  for  brittle  fracture  initiation  or  fatigue  crack  growth  threshold  for  any 
criterion  requiring  stresses  and  strains  at  localities  near  the  crack  front.  The  mode  III  stress  intensity 
factor  distribution,  in  particular,  is  strongly  affected  by  a  corner  singularity  in  stresses  which  differs 
from  the  conventional  inverse  square  root  singularity  at  interior  points  along  the  front.  In  the  vicinity  of 
the  corner,  the  mode  III  factor  does  not  go  smoothly  to  zero  unless  Poisson’s  ratio  is  zero.  Apart  from 
behavior  in  the  vicinity  of  the  corner,  the  solution  (1)  for  the  intensity  factor  distributions  for  the  full 
elliptical  crack  in  an  infinite  body  provides  a  reasonably  good  approximation  to  the  surface  crack 
distributions  for  shear  loading  parallel  to  the  crack.  Corrections  to  Eq.  (1)  for  the  surface  crack  problem 
are  defined  in  Eq.  (6)  and  provided  by  polynomials  given  in  Table  2. 
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